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FOREWORD 


Dynamic analysis of rotating machinery has come a long way since Professor Stephen 
Timoshenko considered the case of a uniform shaft with a disk at each end in his first 
technical paper “O Yavleniyakh Rezonansa v Valakh (On Resonance Phenomena in 
Shafts)” in the Bulletin of the Polytechnical Institute of St. Petersburg. Modern turbo- 
machines have a large number of compressor and turbine blades. The design of turbo- 
machinery airfoils is far more complicated due to the complex configuration. The 
shape of the airfoils is designed from aerodynamics consideration, but the blades must 
structurally withstand constant changes in the loads imposed by the flow of fluids over 
its surface. 

When Abdulla S. Rangwala came to America in 1967 as a student he was influenced 
by the works of Professors S. Timoshenko and J. den Hartog, using Lord Rayleigh’s 
method for resolving vibration problems in engineering. His first job was with the Large 
Steam Turbines Department of General Electric Company in Schenectady, New York. 
His initial practical experience was with calculating fundamental periods of torsional 
and flexural vibrations of turbine rotor and journal bearing systems and in balancing of 
disks and rotors. At GE’s Aircraft Engines Group he gradually shifted his attention to 
the design and evaluation of compressor and turbine components. The experience with 
practical problems has culminated in his writing of Turbo-machinery Dynamics—Design 
and Operation. The book represents a unique compilation of a large number of topics 
in an organized manner that is closely associated with the design and evaluation of 
turbo-machinery. The author presents the latest technical developments in the areas of 
engineering, manufacturing, and operation for turbine engineers. 

With the advent of computers, many important developments in the design and devel- 
opment of turbo-machinery have occurred. Though computers do not fundamentally 
change the principles of fluid flow and structural vibration mechanics, they greatly influ- 
ence the choice of methods of calculation that are most attractive. To uphold the technical 
excellence and unique appeal while keeping pace with new developments in the field is 
no small responsibility, and the author is to be commended for his fine work. 


Mark BELLONI 
Brewster, Ohio 


xi 
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PREFACE 


Considerable interest in the application of the theory of structural dynamics to the 
design of compressors, steam and gas turbines, and pumps has existed for several 
years. The need for a comprehensive textbook on the dynamics of the rotating and sta- 
tionary blades and vanes and the associated disks and shafts incorporating the most 
recent developments of the subject has been strongly felt for a long time. 

Since the advent of the earliest water-driven power saw mills, problems of deformed 
and broken turbine blades, shafts, and bearings have plagued the operators and manufac- 
turers of the machines. Problems associated with the relative motion between the rotating 
and stationary parts and lubrication were so extensive that little effort was expended in 
understanding the impact of material fatigue, elevated temperature, and load cycling on the 
dynamic characteristics of the airfoils. Although very extensive research has been done 
and a great number of publications exist on the subject, little effort has been made to put 
together—in one concise publication—topics such as conceptual design, fluid flow, struc- 
tural dynamic analysis, design optimization, vibration measurement, and dynamic balance. 
Numerous other topics closely related to operation, manufacturing, and materials selection 
of turbo-machinery components and system have been covered extensively. Special empha- 
sis is placed on computer simulation using finite element methods, correlation of analysis 
with experimental test results, and procedures to improve performance efficiency and struc- 
tural integrity. 

The basic premise in the operation of all turbo-machines calls for an interaction 
between the fluid media flowing over the surfaces of the stationary and rotating airfoils. 
Hence, the aerodynamic and structural dynamic characteristics of the airfoils are closely 
intertwined. The overall profile of the blades must be contoured to maximize the aerody- 
namic efficiency, but at the same time the part must have adequate structural strength to 
withstand the many different dynamic excitations imposed on it. Dynamic loads arise from 
many sources, the predominant one being the source of the operating principles itself on 
which the machine is designed. When a rotor blade passes the stationary vanes of the noz- 
zle, it experiences repeated fluctuating lift and moment loads at a frequency dependent on 
the number of vanes and the speed of the machine. The rotating airfoils are flexible mem- 
bers, and possess a number of natural frequencies of vibration about their torsional axis, 
bending in and out of the plane of rotation of the disk. In addition to the steady centrifugal 
forces arising from its mass, the airfoil must also withstand the dynamic loads due to the 
aerodynamic excitation. Although the blades are designed to avoid resonance at its design 
speed, resonant vibrations are still encountered. A good example is an aircraft engine as 
the aircraft accelerates from ground to flight idle, cruise, and takeoff speeds. 

This book is written to meet the needs of students in engineering colleges and prac- 
ticing engineers in a large variety of industries where turbo-machines are used. All the 
material has been specifically tailored for college undergraduate and graduate level 
design engineering and vibration of rotating machine courses. Electronic spread-sheet 
type of calculations are used in example problems to calculate natural frequencies of 
vibration, dynamic response, fatigue life, and design parameters related to fluid flow and 
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xiv PREFACE 


component sizing. It is expected that the reader is familiar with basic- to medium-level 
calculus offered at the college undergraduate level. 

The book is split into three parts. The first part focuses on the many different applica- 
tions and forms of turbine engines and their special characteristics and operating features. 
The five chapters in this part look into the salient features of compressor, turbine, and com- 
bustor components for various applications of turbo-machines. The second part investigates 
the design aspects of the major components. The third part discusses associated topics such 
as material characteristics and manufacturing methods. Since the design features of a turbo- 
machinery and its parts play such an overwhelming role in establishing the dynamic behav- 
ior of the components, module, or assembly during operation, a close correlation has been 
maintained throughout the book between the design and dynamics disciplines. 

The first chapter of Part 1 provides some historical insights about turbo-machines, out- 
standing characteristics of aircraft engines and power-generation turbines, and the latest 
trends in compression, combustion, and turbine expansion processes. The second, third, 
fourth, and fifth chapters are devoted to applications of turbo-machines for propelling air- 
craft, power generation and related industrial usage, aviation technology derived marine 
and industrial turbines, and turbocharging for diesel and automotive engines. In Part 2, 
Component Design, structural integrity in the form of strength and component life man- 
agement issues for fan and compressor blades are discussed at length in Chapter 6, 
impellers and bladed disks in Chapter 7, turbine blades and vanes in Chapter 8, combus- 
tion systems for gas turbines in Chapter 9, and bearings and seals in Chapter 10. Super 
alloys and manufacturing methods are discussed in Part 3, Chapters 11 and 12. 

A list of symbols is provided mostly to facilitate identification with commonly used 
parameters in the equations and the associated text. However, because of the considerable 
number of topics the corresponding variables are adequately defined within each section. 
Oftentimes it is found necessary within the sections to redefine many of the symbols for 
convenience and better understanding of the subject matter. Thus, the list of symbols may 
be used only as a general guideline. 


ACKNOWLEDGMENTS 


I gratefully remember and appreciate past students of the course on this topic who have 
sent in comments and reported errors, and express my hope that those who work with this 
treatise will do likewise. I am indebted to Mr. Mark Belloni and Dr. Fred Ehrich of 
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element analysis and for valuable advice on the text and layout of the book. I greatly 
appreciate comments provided by Dr. Ahmad Kamel, Mr. George Robinson, and Dr. Raj 
Subbiah of Siemens-Westinghouse Power Corporation, who checked the problems and 
read the proof. 


A. S. RANGWALA 
Orlando, Florida 


The symbols provided here are mostly to facilitate identification with commonly used param- 
eters in the equations and the associated text. However, because of the considerable number 
of topics discussed in the text, the relevant variables are defined within each section, and 


LIST OF SYMBOLS 


may even be redefined for convenience and better understanding of the subject matter. 


a,A 


a 


wss AAS ATES 
a) 


Sa 
ao 
=] 
Qa 

og 


ax x 


> 


cross sectional area 

amplitude of support 

Fourier coefficient of Sin(na@f) 

Fourier coefficient of Cos(na@t) 
damping constant, clearance 

condenser capacity 

critical damping constant 

constants 

diameters 

eccentricity 

amplitude of pendulum support 
modulus of elasticity 

maximum voltage 

frequency = w/27 

natural frequency 

numerical factors 

force in general or dry friction force in particular 
acceleration of gravity 

shear modulus 

height 

station number, V(-1), imaginary unit of complex number 
moment of inertia 

polar mass moment of inertia 

\(-1), imaginary unit of complex number 
spring constants 

kinetic energy 

variation in spring constant 

length 

distance from nth station 

inductance 

mass 

moment or torque 

angular momentum vector 

magnitude of angular momentum vector 
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xvi LIST OF SYMBOLS 


station number, number in general, gear ratio 
p real part of complex frequency s, pressure 
Pp Pa parameters 
P maximum force 
P force, potential energy 
q natural frequency of damped vibration 
R electrical resistance 
sS complex frequency = p + jq 
r, R radius of circle 
load per unit length on beam 
condenser charge 
time 
period of vibration = 1/f 
maximum torque T = Torque, tension 
velocity 


x 


volume 
weight, work or work per cycle 
displacement 


Me SEE TN ATO 


maximum amplitude 


static deflection, usually, P Jk 


y, Sin(@t) = amplitude of relative motion 
lateral deflection of string or bar 
response 


Nw < Us 


impedance 


angle, bypass factor 
nth crank angle in reciprocating engine 


RRR 


influence number, deflection at m caused by unit force at n 


angular amplitude of vibration of nth crank 


small length or other parameter in general 


© nD 


static deflection 

eccentricity, parameter 

length, multiplier 

mass ratio m/M 

mass per unit length of strings, bars 


damping coefficient 
radius of gyration, density 
angle 


Ss DD Mr ET Yn 


S 


phase angle or some other angle 
phase angle between vibration of nth crank and first crank 


an angle 

circular frequency = 27f 
angular velocity 

large angular velocity 


S OSSE 


p 


natural circular frequencies 
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CHAPTER 1 


ADVANCED TURBINE 
TECHNOLOGY 


1.1 INTRODUCTION 


The successful development of modern aviation engines and industrial turbines is a classic 
example of engineering ingenuity, enduring leadership, and technical substance at their 
best. In the new order of globalization and an international market economy the role played 
by the turbine industry stands at the forefront. Turbine technology has given rise to the 
greatest inventions of the past century in the aviation and power generation industries. 
Brand new technologies have developed to satisfy the ever increasing demands and com- 
plexities of turbine parts. Superalloys have come into existence due to the need for turbine 
components to operate at very high temperatures. Airfoils for compressors and turbines are 
designed using aerodynamic theory to determine the concept of lift and losses arising from 
turbulent fluid flow. Safe combustion of fuels alleviates smoke, nitric oxides, and other 
harmful pollutants. New manufacturing processes have evolved to form the complex shape 
of the parts. 

The value of aviation and nonaviation gas turbines produced worldwide during the cal- 
endar year 2001 reached an all-time high, just short of $50 billion, exemplifying the long 
way the industry has come since its inception 100 years ago. The turbines span a wide range 
of capacities, starting with microturbines weighing little more than 100 Ib and producing 
25 kW to provide electrical power and heat for small or remote locations. At the other 
extreme, base load electric power gas turbines with power ratings up to 250 MW and 
weighing 300 tons drive electric generators and at the same time supply heat for steam tur- 
bines in combined cycle operations. 

Throughout the history of mechanical devices the power of rising hot air has been rec- 
ognized in performing useful work, as it became apparent that efficiency is related to the use 
of high temperatures. This observation has led to the development of the thermodynamic 
Brayton cycle with its basic physical tenet that higher operating temperatures (in conjunction 
with lower heat rejection temperatures) lead to enhanced efficiency. Applying the concept to 
rotating engines, improvements were introduced in steam turbines for power generation 
appearing in the 1800s, and to gas turbines in the 1900s. 

In the early stages of engine development and their use on airplanes, it was imperative 
to pressurize the air-fuel mixture for the internal combustion engines because of the lower 
ambient pressure at flight altitudes. One joint research effort between the U.S. Army, 
General Electric Company, and Cornell University succeeded in the development of a tur- 
bocharger for piston-driven engines. Advances in aerodynamics theory brought the real- 
ization that turbulence can cause a substantial loss of power at the tip of the propellers of a 
conventional piston-driven engine beyond set limits. This was coupled by the observation 
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4 APPLICATIONS 


that the weight-to-power ratio of reciprocating engines increases exponentially as the size 
and speed capability of the airplane increase. The two limitations provided the incentive to 
develop turbine engines to power larger aircrafts carrying a bigger load and flying at faster 
speeds. 

Progress in jet propulsion and power generation turbines has come at a steady pace, with 
the new technologies inexorably assuming immense importance. Steam and gas turbines 
now provide the most widespread and effective method for the transportation of passengers 
and goods by air and on the high seas, for the generation of electrical power to illuminate 
the furthest corners of the world and for mechanical power to drive other industrial 
machines. 

A major cause of breakdowns in steam and gas turbines is the failure of turbine blades. 
Blade failures due to fatigue are caused by resonant vibrations. Dynamic loads arise from 
many sources, the predominant one being the source of the operating principles on which 
the machine is designed. When a rotor blade passes the stationary vanes of the nozzle, it 
experiences repeated fluctuating lift and moment loads at a frequency dependent on the 
number of vanes and the speed of the machine. The rotating airfoils are flexible members, 
and possess a number of natural frequencies of vibration about their torsional axis, bend- 
ing in and out of the plane of rotation of the disk. In addition to the steady centrifugal 
forces arising from its mass, the airfoil must also withstand the dynamic loads due to the 
aerodynamic excitation. Although the blades are designed to avoid resonance at the design 
speed, resonant vibrations are still encountered as an aircraft engine accelerates from 
ground to flight idle, cruise, and takeoff speeds. Even in power generation turbines operat- 
ing at a near constant speed it is not infrequent to find a major shutdown of the machine due 
to the failure of the blades. Fleeting and Coats (1970) report experiences of blade failure in 
the high-pressure (HP) turbine of Royal Mail Ship (RMS) Queen Elizabeth II. The ship left 
the manufacturer’s shipyard on November 19, 1968 and failure occurred on December 24, 
1968 during the ship’s maiden voyage. The fractured turbine blade caused extensive dam- 
age to the ninth and tenth stages of the machine. The failure of the blade was attributed to 
the resonant vibration of the blade packets arising from nozzle excitation. 


1.2 HISTORICAL FIRSTS 


Hero of Alexandria is credited with developing the first steam turbine nearly 2000 years 
ago. Leonardo da Vinci portrayed a paddle wheel driven by a rising plume of hot air to rotate 
a barbecue spit. In the 1600s the Italian engineer Giovanni Branca employed a steam jet to 
run an impulse form of a turbine wheel. The Frenchman Burdin coined the word “turbine” 
in a technical publication to denote a water wheel designed by him in 1824, and in 1883 the 
Swedish engineer Patrick de Laval operated the first successful steam turbine using a noz- 
zle characteristic shape capable of producing supersonic velocity at the exit. A Parsons 
steam turbine was tested in England to power a ship for the first time in 1897, followed 
by the launching of the turbine-driven cruiser Lubeck in Germany 7 years later. 

Gas turbines, and more generally “turbomachinery,” emerged in the wake of early elec- 
trification. In 1867 Werner von Siemens presented the first dynamo after the discovery of 
the principle of electrodynamics. In 1879 Thomas A. Edison invented the light bulb, which 
eventually led to the creation of the powerful General Electric Company in 1895 to manu- 
facture power generation equipment. More than 100 years ago engineers at Switzerland’s 
Brown-Boveri Company made significant contributions to the development of today’s 
advanced gas turbine concept. And in 1891 Charles E. L. Brown succeeded in transmitting 
220 kW of power from Lauffen/Neckar to Frankfurt/Main, a distance of 175 km. This 
offered considerable prospects of not requiring power generation and consumption at the 
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same site. An electrical cable could now link the source of energy with the place at which 
it was used; thus, the times of large mechanical power transmission trains were over. 
Interestingly, these pioneering companies are still there among the leading players in the 
industry. 

In 1900 Brown-Boveri Company (BBC) made the momentous decision of manufactur- 
ing steam turbines. James Watt’s steam piston engines had triggered the first industrial rev- 
olution in the early nineteenth century. One hundred years later, steam turbines coupled with 
electrical generators were to play a role of similar import. Rotating turboengines subject to 
constant impingement by jets of steam replaced the venerable piston engine. The fast rotat- 
ing alternating current generator, a stroke of genius on the part of Charles Brown, led to the 
breakthrough of turbine generators and an inundation of orders for the equipment from 
around the world, one of them with an output of 3 MW. 

In the context of the evolution from pistons to rotating engines, first exercised in steam 
turbines, the design target for the coming gas turbine becomes clearer: partial replacement 
of the Otto (or diesel) piston engine’s linearly accelerating and decelerating pistons, con- 
necting rods, and cranks; and elimination of a steam plant’s boiler, condenser with circulat- 
ing water and condensate and feed water pumps. However, the first gas turbine patent of 
J. Barber in the United Kingdom and the subsequent development work of F. Stolze in Berlin 
at the end of the nineteenth century indicated a decisive difficulty on this path: A gas turbine 
with a net useful power output is possible only if the total expansion work of the turbine 
exceeds the compression work. 

The first stand-alone power generating gas turbine was built by the French R. Armengoud 
and C. Lemale in Paris in 1905-1906. While Stolze searched for an axial design, the 
Frenchmen took advantage of a proven radial compressor design. The first experimental gas 
turbine consisted of 25 radial stages (system Rateau) with two intercoolers and a single-stage 
turbine (also following Rateau’s design). The unit achieved self-sustaining operation by inject- 
ing steam into the turbine, generated from cooling of the combustor. The efficiency of the unit 
should only be in the 2 to 3 percent range, or 6 to 10 kW of equivalent power produced. The 
reason for the poor performance of this early design is the turbine inlet temperature of around 
830 K at the nozzles. The great volume of compressed air required to reduce the combustion 
temperature of around 2250 K to the value admissible for the turbine blades cannot be fur- 
nished by the radial compressor. With water injected into the combustion chamber, the tur- 
bine was able to supply merely the power for compressing the air. 

The difficulty in designing and building an aerodynamically satisfying axial compres- 
sor for large volume flows remained insurmountable during the first decades of the twen- 
tieth century. In the mid-1920s the Holzwarth principle fed the fuel (oil, blast furnace gas, 
or pulverized coal) into a closed combustion chamber filled with compressed air, and the 
exploding mixture raised the pressure to approximately 4.5 times the incoming pressure. 
The power consumption of the compressor was thus reduced considerably, with the com- 
bustion chambers, nozzles, and blades cooled by water. However, this constant volume 
combustion process was intermittently operating, and had further disadvantages of com- 
plexity and cost of the plant. 

The high heat transfer rate in the ducts of the Holzwarth turbine led to the concept of the 
Velox boiler with combustion under pressure, charged by the gas turbine driven compressor. 
This application rendered essential the creation of a compressor set operating at a high effi- 
ciency. The problem was solved as early as 1932 by the development of a 4-stage reaction 
turbine and an 11-stage axial compressor, with the design taking advantage of the then latest 
research in the field of aerodynamics. 

First ideas for an advanced compressor design were formed through a series of tests on 
windmills of 8 to 10 m in diameter. Practical transfer of the single airfoil theory toward the 
design of a multistage axial compressor was carried out by C. Seippel at BBC. The 
Gottingen airfoil no. 265 was selected as most appropriate, based on lift/drag polar plots 
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published by L. Prandtl, transformed by conformal mapping into a cascade flow, and fol- 
lowed by experimental verification. The tests permitted the reconstruction of the polar plots 
of the actual cascaded airfoil as a reliable design base. The world’s first utility gas turbine 
went into operation at the Swiss town of Neuchatel, with a simple overall configuration of 
a 23-stage axial compressor, a single-can combustor, a seven-stage axial turbine, and a syn- 
chronous generator mounted on the same shaft. This constant pressure design generated a 
maximum of 4 MW at a total thermal efficiency of 17 percent, compressor pressure ratio of 
4.4, adiabatic compressor efficiency of about 85 percent, turbine inlet temperature of 820 K, 
turbine efficiency of 88 percent, and mass flow of 66.2 kg/s (Eckardt and Rufli, 2001). 


1.3 AIRCRAFT PROPULSION 


Concurrent with the development for power generation, the application of gas turbine 
engines for propelling airplanes held even greater and exciting promise. In the time period 
between the two world wars piston engines were exclusively employed for propelling small 
aircraft, even today many light and medium-light aircraft use this engine. However, the 
requirement of low weight and the generation of inertia loads from the reciprocating parts 
caused excessive vibrations and consequent dynamic stresses in the engine and the air- 
frame. The advanced axial compressor designs finally became the key to the successful 
realization of the aero gas turbine after 1940. Both England and Germany went through ear- 
lier jet engine configurations with radial compressor designs, although evidence indicates 
Germany made the transition to an all-axial version faster. Flight lieutenant Frank Whittle 
of Great Britain’s RAF applied for a patent in 1930, where he describes a jet engine with a 
multistage axial compressor followed by a radial stage, annular combustor, single stage 
axial turbine, and an exhaust nozzle. An early gas turbine engine design with a gear set to 
match the shaft speed with that of the propeller is shown in Fig. 1.1, reflecting the inherent 
advantages of a mixed propeller/jet configuration. 

Jet-powered flight research was done in great secrecy due to the pressures and exigen- 
cies before and during World War IL, reflecting the fact that fighters and large bombers 
played a pivotal role in the war machinery of both sides. On August 27, 1939, four days 
before the start of the Second World War, the first jet airplane took off in Germany to begin 
a new era in aviation. Lasting a mere 6 min, the Heinkel He-178 aircraft reached a top speed 
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FIGURE 1.1 Turboprop engine design—1944. 
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of 400 mph, nearly 100 mph faster than conventional piston engine-propelled fighters. The 
wailing HeS3B 1100-1b thrust turbojet engine was the brainchild of Hans von Ohain. Many 
difficulties remained in developing the military jets. Experience led to essential design 
advances, such as replacing the standard tail wheel on piston engine aircraft with a nose 
wheel to stop the jet efflux from hitting the runway at takeoff. But the production of a suf- 
ficiently reliable jet engine proved time consuming and remained essentially experimen- 
tal. Later in the war, however, the jet engines were not without impact. In Germany the 
Messerschmitt Me-262 twin-engined fighter powered by the Jumo 004A engine first flew 
in June 1942. By the spring of 1945 almost 6000 Jumo 004A jet engines had been built. 

The development of military jets was a high-cost, high-technology business that was 
open to a few players. The Germans were clearly the leaders in jet aviation during the war, 
but were out of contention by defeat at the end of the war. Britain temporarily took the lead 
with its Gloster/Meteor and de Havilland Vampire fighters using modified Whittle engines 
made by Rolls Royce, but was soon matched by the French with their Dassault Ouragan 
fighter and Sweden’s Saab 29 Tunaan. Inevitably, though, it was the United States and the 
Soviet Union that devoted the greatest resources to military jet development and were soon 
reaping the rewards. 

The first U.S. jet fighter was constructed around Whittle’s jet engine that was licensed 
to General Electric to build. The Lockheed P-80 Shooting Star (later called F-80) came into 
its own when refitted with the Allison J33 engine, but was too late for the war. This led to 
the T33 jet trainer in which generations of American fighter pilots learned the basics of 
their trade. The Soviet Union also used British engine technology in its jet-powered MIG- 
15 fighters and the Ilyushin IL-28 jet bombers. 

Versatile energy converters, gas turbines produce thrust to propel most of the world’s mil- 
itary and commercial aircraft. The largest commercial jet engines can produce as much as 
120,000 1b (or 534,000 newtons) of thrust. Engines for the multirole Mach 1.5-plus Joint 
Strike Fighter will be made by Pratt & Whitney Company. The life of the U.S. Air Force’s 
fleet of giant four-engine C-5 Galaxy transport aircraft is expected to double by replacing 
the turbofan engines. 

Propulsive forces are generated by the reaction of exhaust gases from the nozzle in the 
turbojet and turbofan engines. Turbofan engines bypass a certain portion of the airflow 
around the engine to generate thrust from the fan through the fan’s exhaust duct. In turbo- 
prop engines the energy of the hot gas drives an additional turbine, and that in turn powers 
the propellers. A small percentage of the remaining hot gas energy also generates thrust. 

Additional thrust is required by combat aircraft for rapid maneuvering to quickly exit 
from an arena and when taking off from a reduced-length runway, for instance, the deck of 
an aircraft carrier. More powerful engines provide higher thrust, but they add weight and are 
not suitable for short operations. Afterburning is widely used to augment the thrust by 
nearly 50 percent. The flame is visible in the jet exhaust when the afterburner is activated, 
and is accompanied by a substantial increase in the noise level. Reheat of the exhaust gas 
is possible because sufficient quantity of oxygen is still available after the gases pass through 
the turbine. On reheating, the jet exhaust attains a higher level of available flow energy for 
subsequent expansion in the exhaust nozzle. 

The fan blades of a turbofan engine are noteworthy, being long enough to process a 
large amount of airflow. The airfoil’s outer section operates above Mach 1, hence circular 
arc shapes are used at the tip to conform to the characteristics of supersonic flow. The tita- 
nium blades have holes drilled to a controlled depth at the tip to maintain resonance fre- 
quencies outside the operating range and also to reduce weight (Fig. 1.2). Inlet guide vanes 
are not required. Downstream of the fan, the canted outlet guide vanes help to reduce the 
swirl velocity, and this aids in increasing the flow and in reducing the noise level emitting 
from the two ends of the duct. A sensitive area of the blades is in the region where the 
blades are attached to the rotating disk. Substantial forces are generated by the centrifugal 
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FIGURE 1.2 Fan blade tip of cF6-6 turbofan engine. (Courtesy: General Electric Company) 


effects of the rotating blade, and this calls for a proper fit of the dovetail at the root of the 
blade and the mating slot in the disk. Midspan shrouds were used in earlier designs for 
added protection during a bird strike, but are not used on new wide chord blades. 

To ensure the success of a modern high-performance aircraft, the task of integrating 
the engine with the airframe is of considerable significance. Engines may be installed under 
the wings, at the rear of the fuselage, or a combination of the two. Since the wings gener- 
ate the aerodynamic lift, locating the engine on the wing causes reduced bending moments; 
however, the airflow in the vicinity of the engine is disturbed, and leads to unfavorable 
interactions in the flow regime. This is particularly true of high-bypass turbofan engines of 
large diameter. The interference drag arises from scrubbing of the fan’s jet around the fan 
cowl and the pylon, resulting in a loss of thrust. Supersonic flow with its attendant shock 
waves may occur at the rear of the fan cowl, and cause a drag as the waves appear. The fan’s 
discharge pressure ratio of around 2.5 in high-bypass engines, flowing over the gas gener- 
ator’s geometry, can lead to a loss of thrust by accelerating the fan’s jet to supersonic levels. 
The Boeing 727 features rear fuselage installation, with an S-shaped duct providing the 
airflow. But the larger offset from the aircraft’s center of gravity may lead to improper bal- 
ancing of the aircraft due to payload variations. 


1.4 POWER GENERATION OVERVIEW 


Performance-driven competition often characterizes the choice between steam and gas 
turbines. The simple cycle gas turbine in many cases may be the right selection when the 
operation is restricted to meeting peak loads demand and where the fuel price is compet- 
itive. Construction of the industrial gas turbine is simplified by using higher power den- 
sity, a single shaft supported in two bearings, and the generator located at the compressor 
end. The combustion turbines also offer the benefits of low initial installation cost and 
build time. Turbine inlet temperatures have gradually increased over the years by intro- 
ducing thermal-barrier-coated superalloys with better corrosion resistance and by cooling 
of the airfoils through internal cooling ducts in the first turbine stages. Even with these 
increased temperatures, operation in the simple cycle mode cannot reach the efficiency of 
steam turbines. 

The combined cycle power plant attempts to resolve this by integrating the two thermal 
cycles in a single setup, the resulting efficiency achieved then being higher than that of one 
cycle alone. The gas turbine is the key component of the combined cycle plant, generating 
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approximately two-thirds of the total output. The turbine’s exhaust has adequate energy to 
generate steam in an attached heat exchanger that then drives a steam turbine to provide the 
remainder of the power output. General Electric Power System’s 480 MW H system gas 
turbine is designed for combined cycle operation at 60 percent thermal efficiency (Valenti, 
2002). In comparison, GE’s most advanced gas turbines to date, the F series, top out at 
between 57 and 58 percent thermal efficiency in the combined cycle mode. Since fuel rep- 
resents the largest operating expense, a high thermal efficiency has considerable economic 
implications. For instance, a single percentage point of efficiency gain represents cost sav- 
ings of between $15 and $20 million over the life of the unit. Along with fuel economy, the 
H series also offers improved environmental performance and greater power density. 

More than 50 percent of the United States’ electricity comes from coal. The additional 
needed capacity is built every year by burning modified fuels which are developed from 
newer coal technologies. The newer sites emit less sulfur dioxide, nitrogen oxide, and par- 
ticulate emission (Blankinship, 2002). Consumption of large quantities of waste coal by 
electric power plants offers the extra benefit of reducing watersheds in the surrounding 
regions. 

Over the last several years the design of steam turbines has focused on improving effi- 
ciency, reliability, and operating cost. Siemens Power Generation has focused on the opti- 
mization of steam conditions at the HP turbine inlet to improve steam flow over the entire 
stationary blade ring. A low-reaction first-stage blading reduces the thermal load on the 
rotor. Losses through the blade tip clearance are reduced by employing a ring seal to fix the 
stationary blade ring to the inner casing. Bowed designs for the airfoils of the first stages 
of the HP and intermediate-pressure (IP) turbines aid in reducing secondary flow losses. 
The single flow HP turbine has a stationary blade carrier on the inner case and a barrel-type 
two-piece outer casing to prevent asymmetric thermal expansion. The double shell con- 
struction of the casing permits steam flowing around the inner casing to exit the turbine 
through an exhaust nozzle located at the top of the outer casing. A thermal shield is installed 
in the inner casing to prevent the inner casing from deforming as a consequence of 
uneven temperature distribution between the upper and lower halves. The shield reduces 
radial clearances as also heat losses to optimize the steam’s flow path between the inner 
and outer casings. The low-pressure (LP) turbines are dual flow, with an outer casing 
made of side and end walls. The inner casing shells are supported on guides to accom- 
modate thermal growth. A shield protects the outer shell of the inner case from the high- 
moisture steam at the end of the LP turbine. Shrouds on the moving blades (or buckets) 
help to reduce leakage. On the last stage, however, the blades are freestanding to reduce 
centrifugal force from the shroud’s mass (Smith, 2001). The last row of rotating blades 
is protected from water erosion by providing the preceding hollow stationary blades 
with drain slots. Additional protection is obtained from flame hardening of the leading 
edge of the moving blades. Turbine bearings are supported on foundations separated 
from the casings. Only one bearing is used between the HP and IP turbines and between 
the IP and LP turbines. The outer casing of the HP and IP turbines and the inner casing 
of the LP turbine sections are supported by brackets resting on the bearing brackets to 
permit axial movement. The bearing between the HP and IP sections acts as a common 
fixed point for the complete turbine train. The feature eliminates transfer of growth in 
the HP turbine to the IP and LP sections. 

Welded rotors for steam turbines offer the advantage over an integral forged type by con- 
structing sections using materials most suitable for specific temperature zones. For instance, 
Mitsubishi Heavy Industries uses 12 percent Cr steel for high-temperature strength and 5 
percent Ni-Cr-Mo-V steel in the low-temperature region. The welded rotor improves capac- 
ity and efficiency in HP and IP turbine sections. Larger bores can be readily accommodated 
in welded components to cause lower thermal stresses during startup, thus enabling a faster 
start of the steam turbine. 
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1.5 MARINE AND INDUSTRIAL TURBINES 


Taking advantage of the lighter weight characteristics of aircraft engines, a new breed of 
derivative gas turbines has been developed expressly for ships, offshore oil platforms, and 
land vehicles. By eliminating the fan, the power generated by the turbine drives the ships 
propellers, electrical generator, or other equipment. Turbines rated at 1100 kW are slated 
to power the U.S. Army’s M1A2 Abrams main battle tank and the next-generation 
Crusader armored vehicle. Rolls Royce manufactured recuperated and intercooled gas tur- 
bines propel destroyers for the Royal Navy. The gas turbine-powered cruise ship 
Millennium went into service in 2001. 

In desert, arctic, and marine applications, gas turbine designs derived from aviation 
engine technology have demonstrated the flexibility to operate on a range of fuel and 
fuel—water combinations. The engines are also ideally suited for cogeneration and com- 
bined-cycle applications. Overall system efficiency can be greatly increased by using the 
exhaust gas heat to generate steam, which then may be used for other process requirements. 

General Electric Company’s LM6000 is derived from the highly successful CF6-80C2 
commercial aircraft engine, generating 54,000 shaft horsepower (shp) from either end of 
the LP rotor system at 3600 rpm. This feature eliminates the need for a conventional power 
turbine. It provides the power and unprecedented efficiency needed by users at an installed 
cost that is competitive with any gas turbine. The LM6000 is suitable for a variety of marine 
applications, including fast ferry and high-speed cargo ship applications. GE’s LM2500+ 
entered marine service in 2000 aboard its first cruise ship for Celebrity Cruises. Today, it 
is in service aboard Princess Cruises’ Coral Princess. The Coral Princess’s gas turbine is 
operated in a combined diesel and gas turbine configuration with four diesel engine-driven 
alternators. The LM2500+ has shaft horsepower of 33,600, specific fuel consumption of 
0.373 Ib/shp-h, 37 percent thermal efficiency and 6860 Btu/shp-h heat rate. All components 
incorporate corrosion-resistant materials and coatings to provide maximum parts life and 
reliability when operating in harsh environments. Its high efficiency and installation flexi- 
bility make it ideal for a wide variety of utility power generation and industrial applications, 
with high potential for marine applications. 

The new Rolls Royce MT30 marine gas turbine is designed to power the integrated 
power system for the U.S. Navy’s DD(X) multimission destroyer program. The 36MW tur- 
bine has 80 percent commonality with the Trent 800 aero engine. The MT30 is cost-effec- 
tive and efficient compared to existing marine gas turbines operating over 25 MW. It is 
available for service in either mechanical or electrical generator set applications for both 
commercial and naval marine markets. Offering improved power density and reliability— 
it is ideal for frigates, destroyers, and aircraft carriers requiring high-powered propulsion. 
It is also ideal for cruise ships and fast ferries. Since a single MT30 can replace two con- 
ventional boost turbines, it saves space and reduces operating and ownership costs while 
giving propulsion system designers greater flexibility. The MT30’s modular construction, 
a key element of all Rolls-Royce gas turbine technologies, combines reliability with 
maintainability (Fig. 1.3). 


1.6 SUPERCHARGING FOR DIESEL ENGINES 


Large vehicle and marine diesel engines are turbocharged expressly with the intent of 
increasing the density of air or air-fuel charge prior to intake into the cylinders. Compared 
to a naturally aspirated engine, the increased amount of oxygen thus induced permits a 
greater quantity of fuel to be combusted following the compression stroke. As a 
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FIGURE 1.3 Modular construction features of MT30 marine gas turbine. (Courtesy: Rolls Royce plc.) 


consequence, the power delivered by the engine is increased. Turbocharging is a special 
form of supercharging the air delivered to the cylinders in that the process uses a portion of 
the energy escaping into the atmosphere from the engine’ s exhaust to power a turbine wheel 
arranged in tandem with a centrifugal compressor stage on a single shaft. Extracting up to 
a third of the waste energy from the engine exhaust, the process results in improved volu- 
metric efficiency by raising the incoming flow velocity at higher cylinder pressure. 

Turbocharging of the engine is also beneficial in improving performance when opera- 
tion is at high altitudes above sea level where the air is less dense. The speed of the turbine 
is related to the pressure difference between the exhaust gas entering the turbine and its exit 
pressure, which is the same as atmospheric pressure. At high altitudes the ambient pressure 
is reduced, while the cylinder exhaust pressure remains essentially the same. Consequently, 
the enhanced pressure differential raises the turbine speed to provide a greater boost pres- 
sure from the centrifugal compressor. 

The exhaust manifold from the engine delivers the hot gases into the turbine’s circular 
volute with a gradually reducing cross-section passage. The flow is directed tangentially 
inward through the throat of the turbine, housing to impinge on the turbine blades. As it 
flows over the turbine blades, the kinetic and pressure energy of the hot gas is imparted to 
the turbine wheel. The gas flow path moves through a right angle to pass axially along the 
hub before leaving the turbine housing. 

The available energy for the turbocharger is obtained from the blowdown following the 
opening of the exhaust valve and the subsequent expansion of the gas to the atmospheric 
level. The transfer of a portion of the energy to the turbine wheel results in raising the back 
pressure in the exhaust manifold, thus penalizing the scavenge process of successive burnt 
gases from the cylinder and clearing the region for the next batch of incoming air. 

Higher peak pressure inside the cylinder causes increased mechanical loading on the 
components, while adding to the risk of detonation in petrol engines. This aspect may 
require reduction in the engine’s compression ratio by 10 to 15 percent when compared with 
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the normally aspirated procedure. Diesel engines with direct fuel injection may see the 
compression ratio deteriorate from 16:1 without supercharging to 15:1 when lightly tur- 
bocharged and to 14:1 for moderate charging. 

The level of compression in the radial stage varies with the centrifugal force imparted to 
the charge, increasing by the square of the impeller’s turning speed. The force pushes the 
flow radially outward, with its velocity and to some extent pressure increasing as the air 
moves further away from the axis of rotation. The air flows through the diverging passage 
between the impeller blades to the periphery where it is discharged at a high velocity. 
Exiting from the rim at a mostly tangential direction relative to the rim, the kinetic energy 
of the airflow is at a peak. Since the objective is to procure pressure energy, the air is 
directed into an annular shaped diffuser where the velocity falls sharply and the pressure 
increases. When engine operation is at low speed and light load the transfer of energy from 
the exhaust gases is limited, and causes the turbine to operate at a lower speed. Boost in the 
pressure from the impeller is also correspondingly reduced, and the engine experiences lit- 
tle improvement in torque and power output. And since the compression ratio of the cylin- 
ders is derated to account for the effects of supercharging, the net effect may be to provide 
inferior power and fuel consumption levels when the turbocharged engine is operating at a 
low speed. Another negative aspect of turbochargers is observed when the engine is sud- 
denly accelerated. Since a time delay is present before the additional energy is available for 
the turbine from the engine exhaust, the cylinder-filling process lags during the transition 
period and the operation of the engine is sluggish. 


REFERENCES 


Blankinship S., “Homeland security: U.S. brownfield,” Power Engineering, pp. 28-32, June 2002. 


Eckardt, D., and Rufli, P., “Advanced gas turbine technology: ABB/BCC historical firsts,” ASME 
Paper # 01-GT-395, New York, 2001. 


Fleeting, R., and Coats, R. “Blade failures in the HP turbine of RMS Queen Elizabeth II and their rec- 
tification,” Transactions, Vol. 82, p. 49, Institute of Marine Engineers, London, 1970. 


Smith, D. J., “Steam turbines remain the workhorse for power generation,” Power Engineering, pp. 4446, 
August 2001. 


Valenti, M., “Reaching for 60 percent,” Mechanical Engineering, pp. 35-39, April 2002. 


BIBLIOGRAPHY 


Boeing Commercial Airplane Development, “High speed civil transport study,’ NASA Contractor 
Report # 4233, Seattle, Wash., 1989. 


Cumpsty, N. A., Compressor Aerodynamics, Longmans, 1989. 


Douglas Aircraft Company, “Study of high speed civil transport,” NASA Contractor Report # 4235, 
Long Beach, Calif., 1989. 


Heisler, H., Advanced Engine Technology, SAE International, Warrandale, Pa., 1995. 


Hunecke, K., Jet Engines—Fundamentals of Theory, Design and Operation, Motorbooks International 
Publishers, Osceola, Wis., 1997. 


International Civil Aviation Organization (ICAO), Ann. 16, Vol. H, 1981. 

Kerrebrock, J. L., Aircraft Engines and Gas Turbines, 2d ed., MIT Press, Cambridge, Mass., 1992. 
Langston, L., “Electrically charged,” Mechanical Engineering, pp. 50-52, June 2002. 

Lefebvre, A. H., Gas Turbine Combustion, Taylor & Francis, Philadelphia, Pa., 1999. 


ADVANCED TURBINE TECHNOLOGY 13 


Pratt & Whitney Aircraft, The Aircraft Gas Turbine Engine and Its Operation (PWA Operating 
Instruction 200), May, 1974 (revised). 


Rangwala, A. S., Reciprocating Machinery Dynamics—Design and Analysis,” Marcel Dekker, New 
York, 2001. 


Rao, J. S., Mechanical Vibration, Addison-Wesley, Reading, Mass., 1990. 


Saravananamuttoo, H. I. H., Rogers, G. F. C., and Cohen, H., Gas Turbine Theory, Prentice Hall, 
Harlow, England, 2001. 


Schlichting, H., Boundary Layer Theory, McGraw-Hill, 1960. 


This page intentionally left blank. 


CHAPTER 2 
AIRCRAFT POWER PLANT 


2.1 INTRODUCTION 


Turbojet, turbofan, turboshaft, and turboprop engines drive a plethora of aircraft ranging 
from huge passenger and cargo planes to helicopters and cruise missiles, come in every 
conceivable size and shape, and fly to the remotest corners of the world. The engines have 
amassed a tremendously desirable record of reliability, flying billions of passengers safely 
and comfortably at speeds that were unheard of during the first half of the previous century. 
Newer gas turbine engines power the aircraft with ever reducing noise and pollution levels 
while burning less fuel, and are easily the most significant technological achievement in the 
history of aviation. 

Turbojet engines, with their relative simplicity of design and construction, are prede- 
cessors of the later breed of turbine propulsion systems for aircraft. Basically comprising a 
multistage compressor to pressurize air, a combustor to burn fuel, and a multistage turbine, 
the jet engine function is facilitated by an intake to channel smooth flow at the front and by 
an exhaust system at the rear. Besides pressure, the compression process also raises the den- 
sity and temperature of the air as it enters the combustor, where burning of the fuel adds 
considerable thermal energy to create intensely hot and pressurized gases. The charged 
gases now have the right characteristics to convert this energy into a mechanical form to 
drive the turbine. The turbine and compressor modules are rigidly connected by a shaft, the 
former supplying the power to drive the latter, and to a host of accessories required in the 
engine system. Energy level of the hot gases exiting from the turbine is not exhausted in 
turbojet engines; in fact, substantial pressure and thermal energy is still available to be 
expended in the exhaust nozzle for conversion into high velocity and consequent thrust 
generation. Figure 2.1 schematically illustrates the layout of a turbofan engine with a sec- 
ond turbine to drive a fan to pump air through a second fan nozzle. 

Propulsion power is obtained from the reactive forces of the exhaust gases in turbojet 
and turbofan engines. A large percentage of airflow in the turbofan principle does not pass 
through the main engine, and hence comes under the classification of bypass engines. 
When the energy of the escaping exhaust gases drives a separate turbine coupled to a pro- 
peller, the arrangement is called a turboprop engine. The kinetic energy yield from the 
escaping gases out of the nozzle is limited, since a considerable portion has already been 
absorbed by the turbine. Turboshaft engines, on the other hand, convert all of the thermal 
energy into mechanical power for a shaft, by means of a separate turbine, to drive, for 
example, a helicopter’s propellers or a compressor or an electric power generator in an aux- 
iliary power unit of an airplane. 

Thermodynamic laws control the conversion of thermal energy into mechanical energy, 
when establishing the limit on efficiency that depends on the temperature at which heat is 
added to and removed from the gases. Propulsive efficiency, on the other hand, is limited 
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FIGURE 2.1 Turbofan engine layout. 


by the laws of mechanics, mostly because it is based on the conversion of two forms of 
mechanical energy. Defined by the ratio of thrust power delivered to the aircraft and 
mechanical power delivered to engine mass flow, in principle it may approach unity. The 
efficiency of propulsion reduces as the ratio of gas exhaust velocity to flight velocity 
increases. For a given mass flow, the thrust is determined by the difference in exhaust flow 
velocity and flight velocity. Hence, a balance is necessary between the propulsion effi- 
ciency and the thrust per unit mass flow. 

Two general types of machines are in common use for performing mechanical tasks. 
One is the reciprocating type where the pistons reciprocate (move back and forth or up and 
down) as the engine operates, and the other is the rotary type. An important point comes up 
in the initial design stages of any piece of equipment, which is whether to choose the design 
based on the rotating or the reciprocating principle. A fundamental advantage of the recip- 
rocating internal combustion engine over a steam engine is the absence of heat exchangers, 
such as boilers and condensers. The absence of these components leads to mechanical sim- 
plification and also eliminates the loss inherent in the process of heat transfer through an 
exchanger of finite area. Reciprocating engines for small aircraft have the distinct advan- 
tage of cheaper materials and initial cost, which is perhaps the overriding factor for the 
average private aircraft owner. The combination of a reciprocating engine with an exhaust- 
gas-driven turbine driving a supercharger is in wide use. The internal combustion turbine 
has relative mechanical simplicity, making it very attractive for aircraft propulsion. The 
absence of reciprocating parts gives freedom from vibration. It also has the significant 
advantage of lower weight to power ratio, making it the only power plant available for large 
military and commercial aircraft. Cooling the turbine blades helps to increase inlet gas tem- 
perature, which in turn increases the efficiency and output from a given size unit. This 
requires sophisticated metals and manufacturing methods for the blades, and elaborate 
pipes, sensors, and valves to ensure adequate operational life of the components. Large 
engines are normally built for airplanes operated by the airlines or by the government, 
hence the original cost of the engine is not as important to the buyer as the efficiency of its 
performance over a long period of time. The use of techniques such as direct fuel injection 
and supercharging on small engines has greatly improved their efficiency, weight-to-power 
ratio, and specific fuel consumption. 

The engine that emerged as the most practical and dependable for aircraft use from 
before World War I until after World War II was the conventional piston, or reciprocating, 
engine; today many light and medium-light aircraft use this engine. The gas turbine engine 
has advanced to the stage where it has proved to be a superior power plant for both military 
and commercial aircraft for which high power and high speed are important. The gas turbine 
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engine can develop significantly more power for its weight than a piston engine. For exam- 
ple, a piston engine usually produces on average less than 1 hp/lb of engine weight, whereas 
some turboprop engines can produce more than 4 times that for 1 lb of engine weight. Since 
weight is a prime consideration in the design of any aircraft, the weight-to-power ratio of 
the engine is always an important factor in the selection of the aircraft power plant. The 
weight per horsepower depends in part on the size of the engine, but it depends also on 
the choice of metals and alloys, engine accessories, stress analysis factors, use of high- 
performance fuels, and the absence or presence of a supercharger in reciprocating engines 
to give improved performance accompanied by a lower consumption of fuel. Use of a 
power recovery turbine by which a portion of the exhaust energy is returned to the crank- 
shaft has proved to be a highly effective way of controlling weight-to-power ratio and spe- 
cific fuel consumption. 


2.2 MAJOR CONSIDERATIONS 


Aviation turbine engines generate thrust by accelerating the flow of air through the sys- 
tem, with energy increase accomplished in two consecutive steps. Air is pressurized by 
mechanical power in the compressor and is then heated in the combustor by the addition 
of fuel. The energized gas molecules have enough energy to turn the turbine and com- 
pressor rotor, and then discharged in the exhaust nozzle to convert the remaining heat 
energy for further acceleration. Gas is then ejected into the atmosphere at a high velocity 
to generate thrust. 

Four-stroke piston engines execute the process in the form of intermittent induction, 
compression, combustion, and expansion steps taking place in the cylinder. In a turbine 
engine separate components are assigned for the same process, with the exception that all 
steps are executed continuously. Other differences also exist between the two engine types. 
Combustion in a piston engine occurs at constant volume to develop maximum pressure on 
the piston crown, but in a turbine engine it takes place at constant pressure to permit oper- 
ation with lightweight combustor components. Exhaust from a piston engine does not play 
any useful role, while the main propulsive power of a jet engine is primarily derived from 
the high-velocity discharge. The absence of reciprocating masses and the nonintermittent 
execution of cyclic steps in a turbine engine result in vibration-free operation of the engine, 
thus considerably enhancing the durability of the components and the overall engine 
system. Another benefit accrues from the fact that low-octane fuels can be readily burned 
in turbine combustors. 

A unique feature of all aviation-related hardware, especially engines, is the weight 
requirement. For an aircraft to have the capacity to lift off from the ground and to stay aloft 
in the air, the engine system weight must be as low as physically and operationally possi- 
ble. This requirement poses interesting and considerable ramifications when compared 
with power generation and other land-based turbines. All components, whether rotating or 
stationary, must be thin walled to maintain weight and mass inertia properties within set 
limits. From engineering, manufacturing, and operation aspects this calls for unique solu- 
tions, even necessitating the development of brand new technologies. Engineering methods 
such as finite element techniques accurately determine stresses and strengths of the com- 
ponents. Because the parts have small wall thickness throughout, they lack adequate stiff- 
ness and have low natural frequencies of vibration, making them susceptible to metal 
fatigue. And since aircraft engines operate in a large speed range, synchronous vibrations 
must be determined and provided for to ensure structural integrity under many different 
load conditions. A number of superalloys possessing the right combination of strength and 
creep resistance are used extensively. Machining of thin-walled aircraft engine parts poses 
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a special problem, requiring extra precautions to achieve the specified dimensions while still 
avoiding gouging due to an improper cut size, speed, or feed rate. Special cutting tools that 
can withstand the tougher machining characteristics of superalloys require frequent replace- 
ment due to excessive wear, even when liberal amounts of cooling fluid are dispensed. New 
machining and fabrication methods such as electrodischarge machining, cold and hot rolling, 
and inertia welding trace their origin to the production of aircraft engine components. 

The philosophy behind the design and configuration of bearings used in aircraft engines 
very well illustrates the minimum weight concept. Hydrodynamic fluid film bearings are 
the norm in most other turbine designs. However, they tend to be axially long in order to 
provide the right length-to-diameter ratio. If they were to be used in aircraft engines, this 
requirement would translate into a longer and consequently heavier engine. Specially 
designed rolling element bearings are the rule for aircraft power plants. Ball bearings capa- 
ble of withstanding axial thrust and radial loads are used near the fan. Roller bearings are 
used at other locations. Three bearings are commonly required for each spool of the engine; 
a two-spool system would then call for six main engine bearings. When compared with 
equivalent power-generation turbines, the weight of an aircraft engine’s rotor is a small 
fraction of its industrial counterpart. This factor certainly facilitates the design of rolling 
element bearings when the static load-carrying capacity is evaluated. Dynamic loads due to 
rotating unbalance in engines for larger applications can be considerable, mostly because 
of the presence of vibration modes within the operating speed regime and because they 
operate at high and varying speeds. 

A bearing’s primary role is to provide support for the entire rotating system of the 
engine and hence it plays a crucial role in ensuring structural integrity in all conditions. 
Selection of parameters such as number and size of elements, raceways, and material char- 
acteristics requires close scrutiny. Special lubrication requirements include cooling, filter- 
ing, and spraying of oil to form a mist for a uniform deposition around the surfaces of the 
many different parts of a typical rolling element bearing. 

Hydrodynamic journal bearings have a distinct advantage over rolling element bearings 
because the lubricant film provides damping to dampen lateral shaft motion. Rolling element 
bearings inherently have a low coefficient of friction, and hence they dissipate less mechan- 
ical energy. But it also means less capacity to dampen vibratory shaft motion. In order to over- 
come this drawback, damping is introduced in the form of squeeze film dampers. Working 
in conjunction with the bearing, the damper is equipped with a squirrel cage or other form of 
centering device to provide the proper stiffness and damping characteristics. 

A number of other design, safety, and production issues set aircraft engines in a cate- 
gory wholly different from the stationary industrial gas turbine applications. Except for 
short durations during engine start-up and shutdown, power generation turbines operate at 
a near constant speed to permit the generation of electric power at 50 or 60 Hz. An aircraft 
engine must go through flight idle, ground idle, and cruise speed before the takeoff speed 
is reached. Thus, airplane engines have a large operating speed range running into several 
thousand revolutions per minute. In a two-spool construction, the high-pressure (HP) rotor 
operates independently of the low-pressure (LP) rotor. The two rotors are aerodynamically 
connected, without any form of mechanical coupling. Three-spool engines are also manu- 
factured, and offer the benefits of improved aerodynamics and component matching. 


2.3. HIGH-BYPASS TURBOFAN ENGINE 


Economy of operation is an outstanding characteristic of high-bypass turbofan engines for 
a flight velocity of Mach 0.8, equivalent to 500 knots at 40,000 ft altitude. The configura- 
tion also offers advantageous efficiencies at high subsonic cruise conditions required for 
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commercial airplanes, and is equally important for long-range combat aircraft cruise under 
the sound barrier. 

A basic turbojet engine comprises a compressor driven by a turbine, with a combustor in 
between the two modules. An air intake at the front end facilitates the delivery of a smooth and 
uniform stream of air into the engine, while an exhaust system at the other extreme is used for 
the turbine’s exhaust. The rotating compressor pumps the air to increase its pressure, in the 
process also raising the temperature and density—mixing with fuel and burning in the com- 
bustor steeply raises the temperature, and takes on the characteristics to produce mechanical 
work. The turbine performs the task of converting the energy, but enough energy is retained to 
convert the heat and pressure energy into velocity in the exhaust nozzle. High discharge veloc- 
ity is a prerequisite to the generation of thrust. The thrust may be augmented by the relatively 
simple, albeit expensive, method of burning fuel at the exhaust to add heat. General Electric’s 
J79 engine for the Phantom fighter aircraft is a prime example of a turbojet engine. 

The basic configuration of a bypass turbofan engine is similar to that of a turbojet, dif- 
fering mainly by: 


e An additional turbine driving a large diameter fan. 


e A two-spool rotating system. The second turbine downstream of the compressor’s tur- 
bine drives the fan by means of a shaft passing through the compressor and its turbine. 
Both General Electric and Pratt & Whitney use two rotating systems in their engines, but 
Rolls Royce designs call for three shafts. 


e An exhaust duct for the fan’s exhaust stream. Outlet guide vanes (OGVs) may be pro- 
vided for thrust enhancement by increasing the axial velocity of the flow. Propulsive effi- 
ciency is improved in a turbofan engine. 


The turbine section converts more mechanical energy from the hot gases than is needed to 
drive the compressor, hence the excess energy powers the fan located upstream of the main com- 
pressor. A portion of the air entering the main intake splits from the main flow after passing 
through the fan to bypass the main engine, expanding in a separate diffuser to furnish its own 
thrust. The bypass ratio determines the split between airflow in the core engine and the fan’s 
exhaust duct. Bypassing has the distinction of better fuel consumption characteristics over 
engines without this feature of comparable thrust. Lower values of the bypass ratio, in the range 
of 0.2:1 to 1:1, are more convenient for supersonic combat airplanes. Higher values of 5:1 are 
more suitable for higher capacity wide-body airplanes such as Boeing 747 and Airbus A300. 
The size of the C-5A Galaxy transport aircraft is so large that its stipulated propulsion charac- 
teristics of increased thrust at takeoff and low fuel consumption at cruise can only be satisfied 
by the use of four high-bypass thrust engines operating at a high turbine inlet temperature. 
Higher thrust levels are achievable, particularly during takeoff, as a consequence of the accel- 
eration of a larger mass of bypass air since the flow through the remainder of the engine may 
contribute as little as 15 percent of the combined total. Fuel is burned more efficiently by 
increasing the bypass ratio at the same flight speed, although the turboprop version is more eco- 
nomical to operate. Another benefit accrues from lower noise levels due to the low exit veloc- 
ities of the propulsive jets. Figure 2.2 provides a cross sectional layout of Pratt & Whitney’s 
2000 series of engine and Fig. 2.3 of the engine enclosed in its nacelle. 


2.4 CYCLE ANALYSIS TREND 


Stagnation temperature is the temperature at which a steadily flowing fluid comes to rest, 
or stagnates, adiabatically (without heat transfer). Stagnation pressure is reached when the 
process is also isentropic, or reversible. The two concepts are of significance in aircraft 


20 APPLICATIONS 


FIGURE 2.2 Pratt & Whitney’s 2000 series high bypass turbofan engine. 


propulsion. Note that when the flow is not steady, energy transfer may occur without heat 
exchange. If T, represents the stagnation temperature, T the static temperature, and u the 
flow velocity, energy conservation requires 


CT, = ¢,T + w2/2 (2.1) 


FIGURE 2.3 Pratt & Whitney’s series 2000 high-bypass turbofan engine. 
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If R is the gas constant and y= c,/c,, Mach number (defined as the ratio of the flow 
velocity u to the velocity of sound in fluid a) M = ul. YRT . Then 


T= ri Tae} (2.2) 


If the stream comes to a stop adiabatically and isentropically, the stagnation pressure p, 
is given by 


Y 


2- fı T m| (2.3) 


Stagnation temperature defines the temperature reached when a steadily flowing fluid is 
brought to rest adiabatically. Stagnation pressure is the pressure reached when this process 
is also isentropic. Denote stagnation pressure ratios by p, with subscripts across engine com- 
ponents, d for diffuser, c for compressor, b for burner, t for turbine, n for nozzle, and f for 
fan. t denotes the ratio of stagnation temperatures. Stagnation temperature and pressure 
divided by the corresponding ambient static values will be represented by q and d. 

In a turbofan engine a portion of the air from the fan directly discharges into a nozzle to 
create thrust, the remainder going into the compressor, combustor, high- and low-pressure 
turbines, and finally the primary exhaust nozzle (Kerrebrock, 1992). A key parameter is the 
bypass ratio œ that defines the proportion of airflow through the fan duct and airflow through 
the HP compressor. A higher value of œ means more power is absorbed from the primary jet 
and transferred to the fan’s jet, mean jet velocity is reduced, and propulsive efficiency 
improves. Using the station numbers of Fig. 2.1, primary jet thrust is given by the expression 


F = (dmldt)up(ugltp—1) 


where dm/dt is the airflow rate, or 


F _ [27,(0)7,7, -1 
(dm/dt)ag y-1 My 2a) 


Assuming that the fuel mass rate is small compared to the airflow rate, the power flow- 
ing to the fan is given by 


(dmldt)c,, (Try — T) = (dinldt)c, (T,, — T,) + Æ(dm/dt)c (Tg — Ta) (2.5) 
or 
ee: 1 1 (2.6) 
T,= =g eT +aæ(T,—1)] : 


Total thrust per unit of gas generator mass flow is given by 


F _ |20, (@T.T,-1) XOT; -1 54 
(dimldt)a, — (ae -M+ Pe -M, (2.7) 


Performance analysis and design optimization are facilitated through the concept of 
propulsion efficiency. Characterized in terms of specific impulse, it defines thrust produced 
per unit of fuel weight flow rate. This parameter directly enters into calculations for the 
fractional aircraft weight change of an aircraft during flight. a indicates the speed of sound, 
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g is the gravity constant, and A is the fuel heating value. Denoted by J, specific impulse is 
expressed as 


y = (aollgcy TLFN (dmldt)ag}| 


2.8 
(0,— 0T.) a 


Equations 2.6, 2.7, and 2.8 in combination provide the characteristics for a turbofan 
engine. To improve propulsive efficiency, the jets’ velocity must be more nearly equal to 
the flight velocity, and will be highest if the jets have equal velocity. This argument follows 
from the fact that jet energy varies with square of velocity, while thrust is proportional to 
velocity. For equal jet velocities, the fan temperature ratio is given by 


a 1+6,+6,1+a-T,)—(0,/0,T.) (2.9) 
f 0+) 


This choice of fan temperature ratio then yields thrust per unit of total airflow. 


M, (2.10) 


F = 0, —(0,/0T.)— OCT. -1)+æ(0 -1) 
(dm/dt)ay( + æ) (y —D/2]d +a) 


This equation is used to plot thrust per unit airflow and specific impulse as functions of the 
bypass ratio, with fixed @, and M, = 0.8 (Fig. 2.4). Thrust diminishes rapidly as a increases, 
but there is considerable improvement in 7. Initial versions of large commercial engines 
such as Pratt & Whitney’s JT-9D and General Electric’s CF6 achieved substantial gains by 
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increasing the bypass ratio from 0 to 5. Ideally the engine must have a fan pressure ratio of 
about 3, but this would call for two or more fan stages. In practice, only one fan stage is 
used to lower weight and fan noise, causing the core jet velocity to be much higher than the 
fan duct discharge velocity. Military engines such as TF-39 for C5A transport planes do not 
have such restrictions, have one-and-a-half fan stages, and hence a bypass ratio of 8 is used. 
Note that the best value for the bypass ratio of a given aircraft also depends on the engine 
and fuel weight, noise, and installation drag. 

Turbofan engines are ideal for subsonic applications. Supersonic conditions call for an 
afterburner, where the combustion of the mixed fan and gas generator exhausts occurs. The 
fan pressure ratio will then be subject to the conditions p, = pz, OF T= T.T, and T= T.T,. 
If aft combustion raises the mixed streams temperature to @,, the velocity at exhaust also is 
the same. Thrust expression then becomes 


F [2D yy (2.11) 
(dmldt)a,(1+ a) OTY -D ° 


Equation (2.6) is modified for 7, 


_ 6,+6,1+a-T,) (2.12) 
f Olt. + 08, 


Specific impulse takes the form 


(2.13) 


Engine performance for œ =1 and 7, of 24 at M, = 0 is shown in Fig. 2.5. For compari- 
son, the non-after-burning performance from Eqs. (2.7) and (2.8) is also shown. Note that 
T varies with My for the given matching items and @ = 1, but in reality @ also varies with 
Mo. The thrust ratio of afterburning (or thrust-augmenting) to non-after-burning case is 
large, which has merit if the requirement is for a subsonic cruise followed by a supersonic 
burst in speed. 

Turboprop engines have similarities with the turbofan version, but have a considerably 
higher bypass ratio and consequent propulsive efficiency. A number of qualitative differ- 
ences exist between them. The propeller does not have a diffuser, so the tips are exposed to 
the airflow that combines the velocity of aircraft and the blade’s own peripheral tip speed. 
Hence, the propellers reach sonic speed at the tip even at medium flight speeds. Aircraft 
driven by turboprop engines are generally limited to Mach 0.6, primarily because the pro- 
pellers tend to cause high noise levels and are inefficient during supersonic operation. 
Implementation of the propellers on the engine is through a gearbox. 

Thrust variation occurs with changes in altitude and speed in aircraft engines. The 
expression for thrust relies on total air mass flow through the engine, which changes with 
the flight Mach number, atmospheric density (hence altitude), and flow conditions within 
the engine. High-bypass engine thrust decreases with increases in the flight Mach number, 
as seen in Fig. 2.6, for different bypass ratios. Also, if takeoff requirements control the siz- 
ing of the engine, turbofan and turboprop engines will experience exponential decay in 
thrust with altitude. 

When a regenerative heat exchanger is added to a turboprop to withdraw heat from tur- 
bine exhaust and transfer it to the air entering the combustor, reduction in specific fuel 
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FIGURE 2.5 Turbofan engine with afterburner—variation of thrust (upper), 
specific impulse (lower) with Mach number. 
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consumption is obtained. But the high weight of the component rules out its usage where 
high compression capacity is required. 

In the preceding discussion the turbine inlet temperature 0, was not changed in order to 
evaluate the impact of other cycle parameters. In Eq. (2.10) as 0, increases, thermal effi- 
ciency, thrust, and specific impulse increase in turbofan engines, because jet velocity is 
reduced by increasing 0, for a given bypass ratio. This can be observed by holding u,/uy 
constant as 9, is changed. Thrust per unit of airflow then becomes 


F u 
Z e 2.14 
(dmldt)ay(1+ a) nf 7 ( ) 


and from Eq. (2.8), the specific impulse is 


_{ 2h 2 Jif 1 (2.15) 
8c, o AY -DMo J0, u,/Uy +1 


The effect of @, on specific impulse is displayed in Fig. 2.7. I increases continuously 
with 0, because cycle thermal efficiency also improves. The increased power produced by 
the gas generator portion is absorbed by the larger fan mass flow. Deviations from the ideal 
behavior discussed so far arise from factors such as imperfections in the diffusion of stream 
flow at the engine inlet, nonisentropic expansion and compression, incomplete combustion, 
under- and overexpansion in the exit nozzle, and bleeding of compressor air for turbine 
cooling. 

Specific heat c, in the compressor rises due to the increase in temperature, causing y= 
c,/c, to fall. Greater variations may be expected in the combustor because of the sharper 
rise in temperature and the formation of H,O and CO,. The application of tabulated values 
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FIGURE 2.7 Turbine inlet temperature and specific impulse: turbofan 
engines. 
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of thermodynamic properties of air and combustion gases in the cycle and performance cal- 
culations helps to alleviate the problem by including an accurate account of the effects. 

Free stream air reaches the inlet ahead of the aircraft. It may reduce in speed smoothly 
in subsonic inlet or may decelerate due to shock waves in supersonic conditions. Wall vis- 
cous shear in a subsonic flow causes the growth of the boundary layer, where the stagna- 
tion pressure of the fluid is low. Mixing this flow with the inviscid core flow drops the 
average stagnation pressure below p, of the free stream. In supersonic flight, compression 
through the series of shock waves causes further deterioration of the stagnation pressure. 
Losses vary markedly with Mọ, and for Mọ > 2 they are the prime source of diffuser pres- 
sure drop. 

Viscous shear on airfoils and end walls of flow passages is mostly responsible for losses 
in compressors and turbines and lower stagnation pressure occurring to a greater extent 
than in the inviscid flow in a diffuser. The reduced-level energy of this fluid then mixes 
with the base flow at the compressor and at the turbine exit. Shock losses in the fan and the 
first stage of the compressor are also prominent. The net result of these losses is to call for 
more energy input than for an ideal isentropic compressor. Compressor and turbine effi- 
ciencies 7, and n, are displayed in Fig. 2.8 for a range of polytropic efficiency values typ- 
ical of many turbofan engines. Losses in the compressor heat the air, requiring more energy 
to be put in, hence N, < Npolytropic: On the other hand, turbine losses make energy available 
for subsequent expansion, and so 1), > Nootytropic: 

Burners are subject to losses arising from combustion and pressure drop. Incomplete 
combustion of a mixture of air and fuel results in the formation of CO and soot. 
Characterized by burner efficiency 1,, it defines the change in enthalpy flux from the 
burner’s inlet to its exit and is divided by the energy content of the fuel flow. Heat value of 
the fuel, h, also plays a role, the lower value being more appropriate for gas turbines since 
water leaves the combustor in the form of vapor. Loss of stagnation pressure due to viscous 
effects, and to a limited extent by the addition of heat, will be represented in an expression 
for the burner stagnation pressure ratio 7,. 

When expansion in the exhaust nozzle is correct, it causes the flow to expand isentrop- 
ically to ambient pressure within the nozzle. When the flow is not fully expanded, as may 
happen if the nozzle pressure ratio is large enough to cause the exit velocity to exceed Mach 
1.0, further expansion occurs outside the nozzle without producing the corresponding 
thrust. The pressure ratio p,/pọ is controlled by the geometry of the nozzle and by the ratio 
of stagnation and ambient pressures. 
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FIGURE 2.8 Variation of compressor and turbine efficiencies with pressure ratio (Kerrebrock, 1992). 
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Expressions for thrust and specific impulse observe modification when losses are 
included in the analysis. Using the station numbers in Fig. 2.1, the thrust from the fan flow 


becomes 
R Ug Ugly Po 
= 14 1 (2.16) 
(dmldiyu, oft (athe Ps 
The core engine flow takes the form 
F, Us WTR, Po (2.17) 
=(1 1+(1 1 f 
CET I uny MER, \ Pa 
oh, 
where f=——_[(.+ f)0,- 67,1 (2.18) 
nyh 


Total thrust per unit of airflow is 


a ao P ag ae (2.19) 
(dm/dt)ay1+a)  1+a\ (dm/dt)u,  (dm/dt)uy 


Specific impulse is 


pe (2.20) 
g(dmidt),  (dm/dt)gayf 


High-bypass turbofan engines with one fan have a limit of 1.6 for the fan pressure ratio. 
In Fig. 2.9, gains in thrust and specific impulse can be obtained by using a fan pressure ratio 
of 2.0 with a fan bypass ratio below 8, since the core jet velocity is larger than the fan jet 
velocity in the given range of bypass ratios. Effects of changes in the compressor pressure 
ratio, compressor and fan polytropic efficiency, and turbine efficiency can be observed 
from similar comparisons with the aid of graphs. 


2.5 PERFORMANCE EVALUATION 


The performance of an engine system depends on the characteristics of the inlet, fan, com- 
pressor, combustor, turbine, and exhaust. Thermodynamic calculations given in the previ- 
ous section do not relate to the shape, size, and form of the parts. The behavior of individual 
components, on the other hand, is determined by their mechanical characteristics and lim- 
iting factors. 

Interaction between the fluid and the surface it flows over, thermal effects, and struc- 
tural integrity define the limits of operation of a component, and hence of the engine sys- 
tem. Dynamic forces are created by the gas flowing through the designed shapes of passage 
walls, shock waves, and boundary layers. Gently varying cross sections in the channels 
control the flow velocity along the axis and, to a lesser extent, perpendicular to the axis. 
Shock waves introduce step changes in pressure, temperature, and velocity; a drop in the 
stagnation pressure of the bulk flow over solid surfaces thus exerts considerable changes in 
supersonic flows. In the proximity of end walls of passages between blades and nozzles, 
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FIGURE 2.9 Thrust and specific impulse in turbofan engines with losses. 


the vane velocity must change rapidly from the mainstream value to zero due to the no-slip 
condition. Fluid behavior in the region near the walls is controlled by pressure and viscous 
shear forces because the momentum is negligible. The boundary layer theory may be used 
to define a correction factor for the passage and to predict the time when flow separation 
occurs. When the flow separates from a wall, the diffusing effect of the downstream por- 
tion of the passage is lost, and the walls no longer control the flow. Exertion of fluid vis- 
cous shear stresses on passage walls also causes transfer of thermal energy between the 
fluid and the wall (Kerrebrock, 1992). 

An inlet (or diffuser) performs the task of bringing air from ambient to conditions 
demanded by the fan or the compressor while efficiently capturing the flow over a wide 
range of free-stream Mach numbers. Diffusers for a subsonic flight considerably differ 
from designs for a supersonic flight to decelerate the airflow to subsonic levels. Mach num- 
ber M, at the fan is determined by the rotor speed and the air temperature, and is the largest 
at high altitude and full engine speed. Requirements are most significant when the aircraft 
takes off at full speed and high 7), but the variation in M, is not large from subsonic cruise 
when T} and rotor speed are low. A reduction of 20 percent from takeoff to high subsonic 
cruise may be generally expected. 

An internal compression diffuser takes the form of a convergent-divergent channel where 
supersonic flow is reduced in speed, by a series of weak compression waves, to sonic velocity, 
then down to subsonic condition. Pressure recovery is enhanced at high M, by taking advan- 
tage of the fact that a series of weak shocks produce much less loss of the stagnation pressure 
than one strong shock, and may be used to advantage in the external compression inlets to 
form an oblique shock. A combination of internal and external compression through an 


AIRCRAFT POWER PLANT 29 


oblique shock with internal compression inside the lip provides an added benefit of reduced 
drag from the cowling. Axisymmetric diffuser designs are popular for pod-mounted engine 
installations. Figure 2.10 conceptually illustrates a typical arrangement, where the condi- 
tions correspond to (a) ideal shock-free operation, (b) supersonic flow up to inlet lip fol- 
lowed by subsonic flow behind it, (c) flight Mach number increased to critical so that a 
normal shock stands just at the lip, and (d) back pressure adjusted so that the shock stands 
at the throat are shown in the diagram. Flow areas are denoted by A with appropriate sub- 
scripts. 

Figure 2.11 provides off-design performance characteristics of the simple internal com- 
pression inlet described in Fig. 2.10 due to varying airflow mass. When flow is supersonic 
up to the throat, the shock moves downstream into the divergent portion of the throat. This 
mode of operation is shown for Mọ = 3. For lower flow Mach numbers, the bow shock 
remains in front of the inlet. The most advantageous operating point is just above critical 
as marked by the circles in Fig. 2.11. External compression inlets do not face complications 
from starting and stopping, and hence their behavior is simpler. Characteristics for an exter- 
nal compression inlet are shown in Fig. 2.12. 

The temperature ratio across a fan or compressor stage depends on the tangential Mach 
number of the rotor, M;, axial flow Mach number, M, or M_,, and flow geometry as dictated 
by the blade configuration. Hence, parameters such as T, for the stage can be correlated as 
a function of M, and M,. This also implies that the stage efficiency n, is a function only of 
Mr, M, and flow geometry, and the stage pressure ratio 2, = 7,(M_,, My) if the Reynolds 
number is large enough, in the range of 3 x 10°, based on blade chord. Figure 2.13 illustrates 
the performance characteristics of a fan stage without inlet guide vanes for high axial Mach 
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FIGURE 2.10 Inlet arrangement (a) isentropic diffusion for M < 1, (b) operation with shock ahead of lip, 
(c) flight Mach increased to critical, (d) shock at throat (Kerrebrock, 1992). 
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FIGURE 2.11 Off-design performance of internal compression inlet (Kerrebrock, 
1992). 


numbers. A low tangential Mach number helps minimize noise; supersonic tip speed yields 
a higher pressure ratio. Interesting items may be observed in the maps. At a given speed, as 
the mass flow reduces, pressure ratio rises until it reaches a bound where the flow becomes 
unsteady, as indicated by the stall line. Pressure ratio is virtually unchanged by the mass 
flow at low corrected speeds due to the absence of inlet guide vanes. As NV@ increases, the 
constant speed characteristics become steeper. 

Multistage compressors consist of a number of stator and rotor stages placed in series on 
a single shaft. Hence they operate at the same mass flow and speed. Flow area reduces pro- 
gressively in the stages in order to maintain axial flow velocity, and may be accomplished 
by reducing the tip radius, increasing the root radius, or both simultaneously. The reduced 
tip radius decreases the tangential Mach number, reduces air temperature rise, and lowers 
the pressure ratio of downstream stages. The blade height is shorter when the root radius is 
increased, so tip clearances are more difficult to control. Stress in supporting disks below the 
blades also rises. Performance map of an HP ratio compressor is shown in Fig. 2.14. 

The discussion on compressors relates to turbines in several ways, except for two spe- 
cial items: (a) increased gas temperature at turbine inlet and (b) falling pressures as flow 
progresses through a turbine, as opposed to rising pressures in a compressor. High gas tem- 
perature leads to lower tangential Mach numbers for turbine blades than for compressor 
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FIGURE 2.12 Off-design performance of external compression inlet (Kerrebrock, 1992). 
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FIGURE 2.13 Highly loaded fan stage performance map—tangential Mach 
0.96 (upper); tangential Mach 1.5 (lower). 


blades, relatively easing the aerodynamic problems. Also, the falling pressure in turbines 
thins the boundary layers to reduce separation concerns. 

Compressor efficiency has a stronger impact on the overall engine system than turbine 
efficiency. Still, high-bypass turbofan engines rely heavily on turbine efficiency. As noted 
before, an increased turbine inlet temperature improves thermal efficiency, but generous 
provisions for cooling must be made. As a consequence, the previous definition of effi- 
ciency needs modification. The ratio of actual turbine work to the total airflow, including 
cooling and ideal work that would be attained in expanding that flow through the defined 
pressure range, defines the turbine efficiency. Cooling flow may also be assumed to 
expand through the same pressure differential as the primary flow. Cooling flow impacts 
the turbine efficiency in multiple ways. Cooling air exiting from the blades causes a higher 
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FIGURE 2.14 Compressor performance map. 


level of drag. It also suffers a pressure loss while traversing the cooling passage, so it has 
a lower stagnation pressure when mixed with the main downstream flow for a given T,. 
Note that the entropy of the total flow increases due to the heat transfer from the hot pri- 
mary flow to the cooling flow. 

Empirical representation of turbine efficiency in terms of corrected parameters follows 
on similar lines as that for a compressor. The corrected speed N/V indicates the tangential 
Mach number, where @is the inlet stagnation temperature divided by the standard reference 
temperature and N is the physical rotor speed. Corrected weight flow wô o represents the 
axial Mach number. Figure 2.15 provides details of the performance characteristics for a 
typical, single-stage 50 percent midradius reaction turbine. Because gas mass flow is 
mostly independent of speed for z, > 2.5, parameter (WSN ONINO) is used for the 
abscissa. All speed characteristics then compress into a single curve, so the turbine mass 


40 60 80 100 120 140 
(W5/VOV(N/V6), % of design 


FIGURE 2.15 Turbine performance map. 
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flow characteristic is similar to that for a choked nozzle. Choking for a simple nozzle is dis- 
similar to that for a turbine due to the extraction of energy by the rotor. 


2.6 COMPONENT AND SPOOL MATCH 


The operating performance of an engine depends on the characteristics of its individual 
parts. Interaction between the major component modules establishes their suitability when 
functioning as an assembly in an engine system. The objective behind matching compo- 
nents calls for the application of constraints that result from the special needs of modules. 
Performance maps of the fan, compressor, turbine, inlet, and exhaust nozzles determined 
in the previous section serve as the basis for matching, from which the performance of the 
resulting assembly may be predicted. 

Consider the performance maps of Figs. 2.14 and 2.15 for a compressor and a turbine 
mounted on a shaft, with a combustor placed in between to form the gas-generating module. 
A turbojet engine will need an inlet and an exhaust nozzle associated with the core gas gen- 
erator. Placement of a fan, with or without a separate fan turbine, creates a turbofan engine. 
The power turbine permits the use of a larger fan operating in its own favorable speed range. 
Using the station numbers provided in Fig. 2.1, matching of the compressor, combustor, and 
turbine modules implies satisfaction of the following relationships (Kerrebrock, 1992) 
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Turbine nozzles are usually choked at full power. Then (W, /A,5,)V 6, has a unique value 
as determined by the turbine nozzle geometry. Equation (2.22) may then be expressed in 
terms of p,7/p,, as a function of (W,/A,6,)V6, and T,,/T,,. 
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FIGURE 2.16 Gas generator pumping characteristics of 3.4 
and temperature ratio of 5.2 occurs at 100 percent corrected 
speed. 


Assuming a value of T,,/T,, = 6.0, 90 percent turbine efficiency, and using the com- 
pressor performance characteristics of Fig. 2.14, the pumping features of a gas generator 
may be represented as shown in Fig. 2.16. Stagnation of a pressure ratio of 3.4 and tem- 
perature ratio of 5.2 occurs at 100 percent corrected speed. 

Matching of a nozzle to the gas generator is considered next. The size of the exit nozzle 
A,, may need adjustment to ensure that the mass flow through the nozzle equals that of the 
turbine, or W, = W,(1 + f). Hence 


WO Pa [T (2.26) 
aa, = ven ôA, P;3 jet 


This equation establishes the ratio of areas between the nozzle and the compressor. Also, if 
A,/A, is fixed, the corrected speed at which it operates then becomes a function of T,,/T,,, 
which becomes the single control variable dependent on the fuel flow rate. 

Matching of spools is more complex, because inlet conditions to the HP compressor will 
be dependent on the corrected speed of the LP compressor. Pressure ratio of the LP turbine 
and core turbine exit pressure control this item. Matching of the LP spool follows on the 
same lines as shown in Eqs. (2.21) to (2.25), except for the substitution of a gas generator 
in place of the combustor. 

To illustrate, consider a turbofan engine with separate fan and core nozzles. Station num- 
ber 2.5 is added in Fig. 2.1 between the high- and low-pressure turbines and number 0.5 just 
aft of the fan in the core stream. Corresponding to Eqs. (2.21) and (2.22) the expressions are 
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Because of the bypass, W,/W,.; = 1 + a. Either the fan nozzle area or the pressure ratio 
of the LP compressor and the nozzle area of the LP turbine must be known. The power 
expression then takes the form 


Fs FMC Ty (7 1) (2.29) 
Tas AtAen Tos T 


tl 


Overall engine mass flow must also match that for the inlet. The corrected speed 
(N./V@;) for the core and the corrected weight flow (W, ;V) 5/5) 5) of the compressor are 
determined by T,,/T,.; for the fixed nozzle, so the inlet must provide a variable M, at the 
engine face. 

A turbojet is considered to determine the overall performance for convenience. Thrust 
is given by 


F = w0, OUN A, (a } f) Ue 7 } A, & i (2.30) 
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pressure ratio is given by 
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and the specific impulse takes the form 
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Estimated thrust, specific fuel consumption, air flow, and bypass ratio for the JT3D-1 oper- 
ating at 35,000-ft altitude is shown in Fig. 2.17 as an illustration. 


2.7 COMPRESSOR AND FAN SECTIONS 


Axial and radial centrifugal compressor types find wide acceptance in aircraft engines. 
Smaller engines can easily take advantage of the centrifugal impeller’s requirement of a 
reduced flow area at the inlet to obtain a pressure ratio as high as 5:1 in one stage while 
operating at nearly 80 percent efficiency. The rotating impeller’s mechanical energy is used 
to create centrifugal forces in the air stream. Engines are also designed with a row of two 
to four axial stages followed by a centrifugal stage. Two impellers turning at a high speed, 
exceeding 30,000 rpm, may also be employed in an opposed arrangement to increase the 
flow capacity (Hunecke, 1997). 

Figure 2.18 shows the impeller of a single-stage radial compressor. Air enters the eye 
of the impeller axially, then goes through a 90° rotation to exit at the periphery into the dif- 
fuser to go through another 90° turn, before discharging into the manifold. Adequate pre- 
cautions are needed to ensure that flow separation does not occur in the flow passage and 
to avoid the associated losses. The diffuser transforms the high flow velocity into pres- 
sure head through the gradually increasing cross sectional area of the passages within. 
Most engines, however, rely on the axial compressor for air pressurization to handle the 
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FIGURE 2.17 Performance characteristics of JT3D engine at 35,000-ft altitude (Kerrebrock, 1992). 


large mass flow rate necessary for high levels of compression and thrust generation. Since 
flow direction is mostly axial, turning of flow direction is eliminated. Also, the consistent 
external dimensions in an axial flow machine help hold down the aerodynamic drag. Axial 
compressors rely on the principle of lowering stream velocity to raise pressure, and hence 
are more susceptible to flow fluctuations. 

A considerably larger number of parts go into the building of an axial compressor, thus 
increasing the complexity of the design and manufacturing cost. Major components are 
support frames at the front and rear ends, an external casing with stator vanes attached to 
it, and a bladed rotor. Figure 2.19 provides details of an axial compressor module. 

The front support frame in a turbofan engine is made of 8 to 12 radial struts attached at 
the inner radius to a hub and to a case at the outer radius. The hub provides accommoda- 
tion for bearings for the fan and compressor rotors. Bypass engines are provided with an 
intermediate splitter ring to provide the inner flow path for air going through the fan duct. 
Bearing housings are attached to the frame. Since load-carrying requirements of the LP 
rotor are high, especially in the event of a blade loss, two bearings are provided at the front 
end, one of them close to the fan. A housing for the HP compressor rotor’s bearing is 


FIGURE 2.18 A single-stage cen- 
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FIGURE 2.19 Axial compressor module of General Electric J79 engine (Hunecke, 1997). 
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attached to the aft side of the frame. Casing for the compressor also is bolted on this end. 
An accessories package is attached at the bottom of the engine, and is driven by a radial 
shaft going through a frame strut, power being taken from the compressor rotor through 
bevel gears. 

Variable stator vanes find extensive usage in aircraft engines, primarily because of their 
large operating speed range. Starting with the inlet guide vanes, the next three to five stages 
may be equipped with vanes that may be set at a particular angle. Holes must be drilled in 
the casing for individual vanes, with a bushing provided to permit free rotation of the vanes. 
An actuating mechanism using many different parts is required for setting of the angle in 
the vanes for all the stages. The setup is complex, but it provides handsome returns in the 
form of improved efficiency. 

The compressor case has a cylindrical geometry with an axial split to permit the instal- 
lation of the rotor. Made out of lighter weight titanium or a stainless steel, the material must 
be capable of maintaining radial clearance at blade tips due to thermal growth during oper- 
ation. Fixed stage vanes are inserted as an assembly in T-shaped grooves machined in the 
casing. 

Since the engine’s front mount in bypass engines is located at the compressor case for- 
ward flange, engine thrust forces will be reacted at this point for an eventual transfer to the 
pylon and aircraft wing. Note also that the mount arrangement is mostly at the top of the 
casing, so thrust force along the engine centerline will set up bending moments in the cas- 
ing. Some compressed air is nearly always bled and transported through manifolds for 
cabin pressurization, deicing, and other assorted tasks. 

A combination of a drum and disks is the most common form of rotor construction, with 
a shaft segment at both ends to carry the bearings. Disks may be attached at either extrem- 
ity of the drum by spacer rings. Rotor blades are twisted in order to get the right flow inlet 
angle along the full length. Variation in magnitude of the inlet angle arises because the 
blade has a much lower tangential velocity at the root than at the tip, while the axial flow 
velocity must be maintained along the full face. The blade height reduces gradually as the 
airflow progresses through the stages, in nearly the same proportion as the pressure rises. 
Blade roots may be of the dovetail shape, or of the fir tree type if the loading is consider- 
able. Attachment of the blade to the disk must be firm, but still permit room for growth dur- 
ing operation. Longer blades tend to move a little in the seat, but lock under the action of 
centrifugal forces during operation. Axial entry of the dovetail in the disk or drum grooves 
is common in forward stages, but circumferential insertion is favored for the latter-stage 
blades. Blade retainers may be in the form of a key or a fitted bolt. 

The rear frame of a compressor is required to transfer the compressed air stream to the 
combustor, and so its configuration depends on the burner system type to be used in the 
engine. The cross-sectional area is made to increase gradually in the direction of the flow 
in order to reduce stream velocity and increase pressure. The center portion of the frame 
houses the gas generator bearings for absorbing axial and lateral direction loads. Frame 
struts must also accommodate tubes for oil lubrication and venting. If the primary engine 
mount is located at the compressor rear frame, as is the case in many combat aircraft, the 
structural integrity of the frame under the action of engine-operating loads is of signifi- 
cance. 

The operation of the engine during cruise is set by the equilibrium operating line. 
Acceleration of the engine is more crucial since more fuel is being injected and burned in 
the combustor. Since the turbine inlet temperature consequently rises, engine components 
downstream of the compressor are momentarily accepting less airflow. This will have the 
effect of raising the compressor pressure ratio and discharge pressure, and can be detri- 
mental to the compressor if the spike in the generated power causes the compressor to 
surge. Thus, a margin is necessary between the operating and surge lines to prevent the 
compressor from surging, and is usually kept at 20 percent. But a generous surge margin 
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may not be achievable over the full operating range of the compressor. At low corrected 
engine operating speed steady state operating line will likely come near the surge contour. 
Remedial action in the form of modulated airflow by adjusting the stator vanes or by bleed- 
ing midstage compressor air should help alleviate the situation. Lapses in the surge margin 
are likely to take place either at very low or high corrected speeds, which in turn are caused 
by very low or high temperature at the compressor inlet. 

Of particular interest in high-bypass turbofan engines are the fan blades. General 
Electric’s CF6-6 engine fan uses 38 titanium blades to generate a considerable portion of 
the total thrust. Weight and stiffness (and hence natural frequency) control of the blades 
may be achieved by the simple expediency of drilling holes in the tip (as shown in Fig. 1.2). 
Due to the large fan diameter, the root of the blade may be operating in the subsonic regime, 
but the tip peripheral velocity may exceed the speed of sound during maximum thrust con- 
ditions. A circular profile for the tip section of the airfoil aids in meeting the more rigorous 
demands of the supersonic flow, but conventional airfoil shapes are employed at the hub to 
serve the intended purpose. 

Air drag can be limited by reducing the outer diameter of the fan, and hence a smaller 
hub diameter is desirable. A varying distribution of energy along the length of the blade, 
reaching a maximum at the tip, aids in achieving efficiency and stall margin targets. A key 
consideration in the control of vibrations, dynamic stresses, and operating life is the blade 
length. Midspan shrouds promote structural integrity of the blades, and are also advanta- 
geous in the event of a bird strike. However, the shrouds come with a penalty in efficiency, 
since they act as an obstruction to the airflow. Erosion from rain, hailstone, and ingestion 
of ice are other factors to be kept in mind in the design of fan blades. Close matching of 
dimensions, both in the blade and in the mating disk dovetail, is of special significance 
because of the high centrifugal loads. The problem becomes even more acute since the 
blades must permit easy removal in the field. Fan disks must be designed to withstand axial, 
radial, and tangential direction loads arising from the aerodynamic and centrifugal forces 
on the blades. Titanium has proved to be a reliable material for the disk because of its 
advantageous strength and weight characteristics. The fan stage may be followed by one to 
four LP compression stages, located just aft of the split in the air stream for bypass engines. 
Figure 2.20 provides details of the fan module in a high-bypass turbofan engine. 


2.8 TURBINE MODULE 


Axial turbines are the norm in aircraft power plants because of the higher mass flow capa- 
bility. Besides meeting mechanical loads during power generation, turbine components 
must operate in a high-temperature environment. Turbine design will be controlled by the 
compressor’s pressure ratio, quantity of energy that is to be extracted from the hot gases, 
rotor speed, and maximum permissible diameter. Turbine stage designs tend to be based on 
a mixed combination of constant pressure and impulse principles. Selection of appropriate 
materials and cooling techniques is of fundamental importance in a successful turbine 
design (Hunecke, 1997). 

The rotor assembly consists of disks, blades, and shaft segments at both ends. At the 
compressor end, the shaft is of a conical design to permit attachment with the shaft driving 
the fan rotor (see Fig. 2.21). A splined joint with a lock nut is favored for the transmission 
of power from the turbine to the fan. The disks are bolted together, with spacers placed in 
between the disks. The varying thickness in the disks permits a safe distribution of stresses 
caused by the blade centrifugal forces at the periphery, with the hub axial length being two 
to three times the length at the rim. Bore sizing is crucial in that hoop directional stresses 
peak in the region, and must also permit the placement of a vent tube through the center hole. 
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FIGURE 2.20 CF6-6 Engine fan disk (National Transportation Safety Board, 1990). 


Blades are inserted in machined slots and are held in place either by clamps or retaining 
plates, with passage for cooling air directed toward holes machined in the base of the 
blade’s dovetail. 

A number of cooling methods are used to maintain metal temperatures well below those 
of the gas. Cooler air from the compressor flows through the inside of blades and vanes, 
exiting through holes drilled in the leading and trailing edges. Thermal barrier coating helps 
increase the resistance of the base metal to elevated gas temperatures, while also providing 
protection from corrosion. Provision of cooling air to the rotating blades is at best a diffi- 
cult proposition. Figure 2.22 illustrates the case for a gas generator turbine. Contamination 
of cooling air by dust particles poses a serious problem in that the exit holes may get 
clogged, thus creating hot spots and premature metal fatigue. In this respect aircraft engines 
face an entirely different situation when compared with industrial land-based gas turbines 
provided with intake manifold filters to keep out the offending contaminants. One solution 
calls for cooling air to go through sharp turns before entering a swirl separator in which dust 
particles are whirled in the direction of shaft rotation, thus causing the particles to fly out 
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FIGURE 2.21 GE79 Turbine rotor (Hunecke, 1997). 


due to centrifugal action. Cooling air then proceeds through traps to separate the particles 
before entering the passages inside the blade. 

Specially designed seals are required to prevent leakage of hot gases in the confined 
space where a shaft meets a stationary component. Relative thermal growth between the 
components aggravates the problem. Labyrinth seals have been expressly developed to 
resolve the problem (Fig. 2.23). A number of grooves are machined into the rotor, separated 
from one another by a ridge with a knife-edged crest. The mating location on the station- 
ary part has a flat cylindrical surface. Knife-edges cut into the stator’s rub surface to pro- 
vide the sealing. When hot gases leak past the gap, throttling reduces the pressure from one 
knife-edge to the next. At the last location the throttled pressure equals the pressure on the 
aft side, thus effectively reducing the leakage rate to zero. The method may be applied at 
the blade tips as well as at the inner interstage locations. Blade shrouds are designed with 
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FIGURE 2.22 Cooling air provision in gas generator turbine (Hunecke, 1997). 


42 APPLICATIONS 


Turbine casing 


Shafi 


Airfoil 


Interstage scal Blade tip scal 


FIGURE 2.23 Labyrinth seal. 


the cutting tip to control leakage flow. Softer honeycomb materials are more suitable in the 
turbine casing. 

The horizontally split casing design facilitates servicing of turbine components. On the 
other hand, General Electric’s CG6-80C engine uses a 360° casing, thereby eliminating a 
number of parts required for joining the upper and lower halves at the horizontal flange. 
The turbine module is assembled by stacking the nozzle vane and rotor disk assemblies in 
sequential order. The removal of the complete turbine module and its replacement with 
another takes care of the field-related problems, with the module then serviced at the fac- 
tory. Bore scope holes are conveniently placed, usually for each stage, on the casing shell 
for inspecting the internal parts of the turbine. Thus, if an engine is experiencing excessive 
vibrations or out-of-range exhaust gas temperatures, the internal inspection with a light 
probe facilitates the diagnosis of the problem. 

The control of radial clearances between blade tips and the casing is achieved by blow- 
ing cooler air on the external surface of the case in order to shrink the casing. Air is directed 
from holes in tubes placed around the case in the plane of the rotor stages. In the active 
clearance control system, generally employed for the gas generator turbine, temperature 
sensors and valves are employed to control the flow of the cooling air during periods of 
varying temperature operation. Passive cooling systems for the LP turbines merely blow 
cooler air on the shell. The expense of installing sensors and valves is not required in the 
latter approach, but the cool air is being continually robbed from the system. In either 
case performance gains are achieved, because leakage of hot gases past the blade tips is 
minimized. 


2.9 NACELLE DESIGN CONCEPTS 


An aircraft engine is typically placed in a nacelle housing for protection from the environ- 
ment, to reduce aerodynamic drag by providing a streamlined surface and to reduce noise. 
A large number of appurtenances in the form of tubes, linkages, and accessories are 
attached to the casing, and the nacelle protects the components during the flight. Nacelle 
aerodynamic technology arguably offers less opportunity for refinement than does rotating 
aerodynamics. Numerous ideas for reducing installation losses or drag are available, but the 
cost implications of the changes must be considered. Possible influences on fuel burn and 
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TABLE 2.1 Impact of Change in Engine Parameters and Operating Costs 


Percent changes in parameter and operating cost 


Parameter 1000 nmi 5000 nmi 
Specific fuel consumption 3.4 2.4 
Drag 3.7 2.6 
Power plant weight 16.0 25.0 
Power plant price 8.9 8.7 
Maintenance cost 23.0 27.0 


direct operating costs are of major interest to commercial airline operators, and deciding on 
the extent of integration between the wing and the engine plays a major role in the design 
features for an engine’s nacelle. 

Changes in specific fuel consumption, drag, power plant weight, price, and maintenance 
cost directly affect the cost of operation. Interrelationship between the factors is also of sig- 
nificance. A reduction in the specific fuel consumption, for example, will require the air- 
craft to carry less fuel, and hence the overall fuel system for the aircraft can be downsized, 
with attendant and additional synergistic economies. The sensitivities are also specific to a 
particular operating mission and a specific airplane. An advanced medium range twin- 
engine aircraft may be flown over a 1000-nmi range and a long-range quad-engine aircraft 
may have a 5000-mi mission. The specific fuel consumption and drag exert a greater influ- 
ence, but the weight is of lesser significance, on the operating costs for the longer-range 
mission. Table 2.1 shows the impact of engine-operating parameters and costs. 

A reduction in drag may be obtained when the flow is laminar, and considerable suc- 
cess has been achieved on test flights with a hybrid laminar flow nacelle. External fric- 
tion drag on the conventional nacelle represents 4 to 5 percent of the total aircraft drag. 
The source of the improvement lies in the development of laminar flow over the leading 
40 percent of the inlet and fan cowl, thus reducing drag from friction at the skin. This calls 
for recontouring the nacelle, in conjunction with a limited amount of boundary layer suction 
(Fig. 2.24). The recontouring provides an extended region with a favorable pressure gradient. 
Suction at the boundary layer is necessary to ensure compatibility of the laminar flow 
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FIGURE 2.24 Laminar flow nacelle for aircraft power plant (Smith, 1995). 
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FIGURE 2.25 Variable area fan nozzle and thrust reverser (Smith, 1995). 


at the lip of the nacelle with the low speed and the high angle of separation, and to avoid 
attack separation during free operation. Aft of this region, the natural laminar flow can be 
maintained by tailoring the curvature. The suction can be obtained from a small ejector 
connected to the compressor bleed. 

In one of the more widely used arrangements for the thrust reverser, the aft segment of 
the cowl translates rearward, exposing a cascade that redirects the bypass stream to a for- 
ward direction and thus generates reverse thrust. In a modified form, the first part of the 
cowl’s rearward movement is designed to increase the fan nozzle area by redesigning the 
profile of the nozzle and the core cowl. Further rearward movement deploys the blocker 
doors to expose the rearward cascade (Smith, 1995). If the larger fan nozzle is used for the 
takeoff and cruise operating modes, an increase in the thrust is achieved at the top of the 
aircraft climb, above that of a fixed nozzle engine by closing the nozzle and raising the fan 
operating pressure ratio. A relatively small change to a conventional thrust reverser allows 
the moving parts to perform a dual role and offer useful growth in engine thrust. Figure 2.25 
identifies the changes required for the component, which include lengthening the travel of 
the translating cowl, modifying the blocker door operation to keep it stationary for the first 
part of the cowl movement, and designing the nozzle profile to increase the flow area. 

A shorter inlet has advantages of reduced nacelle drag, weight, and material cost. 
Adequate precautions are necessary to ensure that the wave-drag increase at a high cruise 
Mach number is not triggered by the increased nacelle curvature associated with the shorter 
nacelle. Also, inlet distortion effects in crosswinds operations cannot be accentuated 
beyond the tolerance capability of the fan. Wide chord fan blades of the type used in 
advanced engines exhibit greater distortion tolerance than higher aspect ratio fans, which 
tend to mitigate the crosswind risk. The drag of the intake alone is reduced, but the overall 
nacelle drag remains unchanged. 

The nacelle and the pylon may both be recontoured to account for the local flow field, 
as shown in Fig. 2.26. Minimizing local regions of high velocity induced by the flow field 
around the wing, nacelle, and pylon will lower the overall propulsion drag. A properly 


Baseline pylon Streamlined design 
FIGURE 2.26 Streamlining of pylon (Smith, 1995). 
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Common lobe mixer 


(a) Baseline design—wider pylon, mount (b) Redesign—narrower pylon, mount 


FIGURE 2.27 Improvement in mixer flow from pylon and mount changes (Smith, 1995). 


designed nonsymmetric fan cowl and nacelle, together with a cambered pylon, can lower 
the lift-to-drag ratio by improving the flow around the wing and the pylon. 

The pylon fairing usually surrounds the rear engine mount located on the rear turbine 
frame. Since the structure is broad, this causes the fairing around the pylon to delete one or 
more of the mixing lobes. Tests have indicated that the mixer and nozzle performance can 
be improved if the pylon is slimmer. A narrower pylon width at the trailing edge upstream 
of the mixer then permits a full complement of mixer lobes, while also reducing the scrub- 
bing and the associated drag (Fig. 2.27). The reconfigured aft mount and pylon geometry 
provide 0.5 percent improvement in specific fuel consumption, but the consequent changes 
in the nozzle, mixer, and pylon system increase their weight by 3.8 percent. 


2.10 EXPERIMENTS IN VARIABLE 
GEOMETRY INTAKE 


Extended flight envelopes in super and hypersonic aircraft necessitate the use of a variable 
geometry intake for the LP compressor in a turbofan engine, mostly because the inhomo- 
geneous flow generated by the supersonic portion of the intake may lead to separation and 
cause a secondary flow in the geometrically complex duct. This may lead to nonsymmetric 
vortices and sectorwise changes in total pressure and temperature. When adapting the 
intake to a different operating point, the moving ramp of the subsonic diffuser causes a sim- 
ilar effect, resulting in a transient distortion that is mostly described by an increasing vortex 
that produces a swirl at the compressor’s inlet. 

In experiments on hypersonic flight designed by a German research program, the air- 
craft (Fig. 2.28) is equipped with an air-breathing combined propulsion system for opera- 
tion in the turbo and RAM modes (Leinhos, Schmid, and Fottner, 2000). From takeoff to a 
flight Mach number of 2.8, the transport system is powered by a LARZAC twin spool tur- 
bofan engine with a 1.13 bypass ratio (see Fig. 2.29). The engine generates 13,000 N thrust, 
and is provided with a two-stage transonic LP compressor, a four-stage high-pressure com- 
pressor, and single-stage high- and low-pressure turbines. The turbine entry temperature is 
1403 K, mass flow is 27.64 kg/s, compression ratios for low- and high-pressure compressors 
are 2.26 and 4.6, and speeds of low- and high-pressure systems are 17,500 and 22,550 rpm, 
respectively. Operation of the LP compressor from its steady state working curve is achieved 
by reducing the bypass nozzle area by the radial motion of circular segments to continu- 
ously throttle the flow. 
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Expansion ramp 


Intake duct 


FIGURE 2.28 Propulsion system for hypersonic aircraft (Leinhos, Schmid, and Fottner, 
2000). 


The test engine is equipped with two different types of instrumentation. Low-frequency 
thermocouples and pressure sensors enable the calculation of mass flow and gas path para- 
meters, together with spool speed, thrust, and fuel flow. High-frequency static wall and 
free stream total pressure probes are installed at a number of locations in the compressors 
to track pressure fluctuations during the onset of stall. Miniature piezo-resistive transduc- 
ers are attached into the front end of the probes to provide a minimum of time lag and damp- 
ing during the sampling. 

Steady inlet distortion is generated by a nonsymmetric delta wing under a high angle of 
attack. A transient nature of distortion is obtained by changing the angle of attack of the 
delta wing at a rate of 1.5°/s, comparable to a pace at which real inlet geometries are 
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FIGURE 2.29 LARZAC turbofan engine (Leinhos, Schmid, and Fottner, 2000). 


AIRCRAFT POWER PLANT 47 


Sensor 3 


o= 116° Sensor 3 = 2a 

Sensor 2 Verossrel= 1-0 $= 116 Sensor 2 osszel 

= 044° 
$. DLpc 

Sensor 4 

— 1.03 
1.02 
1.00 
0.99 
0.97 
0.96 
0.94 
0.93 


Sensor 5 


Sensor 5 
o = 260° = 260° 


FIGURE 2.30 Distortion flow pattern with rotation (left); against rotation (right) (Leinhos, Schmid, and 
Fottner, 2000). 


adapted to increase a single vortex. Two mirror image setups of the distortion generator for 
the experiments are built to produce flow patterns rotating with and against the shaft direc- 
tion. Distortion coefficients are calculated within a sector of 60° in a plane located one 
compressor radius upstream of the first stage. For a fixed position of the delta wing at a 20° 
angle of attack, maximum value of the swirl coefficient is determined to be 0.19, and 0.50 
for the total pressure coefficient for both co- and counter-rotating flow patterns. Figure 2.30 
provides the flow patterns relative to sensor locations viewed upstream at 76 percent of the 
LP compressor speed. 

Pressure signals are analyzed in the time domain using digital finite impulse response 
bandpass filters, and may be tracked around the annulus in order to identify sectors of 
damping or amplification. A fast Fourier transformation is applied to each pressure trace 
while the set of signals is subjected to a spatial Fourier transformation (McDougall, 
Cumpsty, and Hynes, 1990; Garnier, Epstein, and Greitzer, 1990) for detecting dominant 
rotating spatial disturbances. A full spectrum of spatial disturbances is obtained by calcu- 
lating the power spectral density of the spatial Fourier coefficients. Based on this principle 
the concept of traveling wave energy is employed as an indicator for the disturbance energy 
present in the flow (Tryfonidis et al., 1995). 

An LP compressor map is shown in Fig. 2.31, where clean inlet flow characteristics are 
shown in lighter color, and darker curves represent the distorted inlet flow. Interesting indi- 
cations are also provided by the power spectral density of the second harmonic of the spa- 
tial Fourier transformation (Fig. 2.32). At 79.5 percent of the low pressure rotor speed and 
a rotating disturbance at 50 percent of the rotation frequency, a spike occurs, growing to 
50 revolutions (0.22 s) prior to stall. The second harmonic does not develop smoothly into 
stall, suggesting the presence of a long- and short-scale disturbance activity. This leads to 
the strong possibility that modal disturbance interacts with the distortion and produces 
spikes that finally trigger the stall. 

A few inferences may be drawn from this experimental investigation. The surge mar- 
gin of the LP compressor is not adversely affected by the transient distortion because of 
its slow speed relative to the spool speeds. Differences exist in the nature of the stall pre- 
cursor and the capability of methods for the early detection of instabilities. Spikes in the 
total pressure distortion are present in the midspeed range, but they do not grow into a 
rotating stall. 
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FIGURE 2.31 Low-pressure compressor map (Leinhos, Schmid, and Fottner, 2000). 


2.11 ATTACHMENT WITH AIRCRAFT 


Installation under the wings is perhaps the most popular form of attachment of aircraft 
engines, and is the logical choice since the weight of the engine is placed where the aero- 
dynamic upthrust is created. Thus, bending moments are considerably reduced in the 
wings, providing savings in its weight. But airflow around the wing surface experiences 
considerable disruption in the proximity of the engine. Interference in the air stream due to 
this interaction between the engine and the wing can adversely affect high-bypass turbofan 
engines. And the increased possibility of foreign object ingestion from the ground must 


Pfrotation 


FIGURE 2.32 Power spectral density, 2nd harmonic spatial Fourier transformation (Leinhos, 
Schmid, and Fottner, 2000). 
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FIGURE 2.33 European airbus A340. (Courtesy: European Airbus Industries) 


also be contended with, especially when the landing strip is not fully prepared. Figures 2.33 
and 2.34 highlight many of the features of an underwing installation (Hunecke, 1997). 

Drag forces generated by scrubbing from the fan’s jet against the pylon, spillage of 
excess air, and friction will add to the losses. Engine nacelle and the underside of the wing 
form an open-ended duct on the sides. Excessive flow velocity in the duct causes lower 
pressures to act on the wing underside, resulting in a downward force on the wing that is 
designed to provide upthrust for the aircraft. The effect may be minimized by locating the 
engine as far away from the wing as physically possible. If the engine is too far away from 
the wing, aerodynamic ground interference effects may reduce thrust developed during 
takeoff and longer struts may be required in the landing gear. As a rule, the engine center- 
line is placed one nacelle diameter below the leading edge of the wing, and the lip is posi- 
tioned three-fourths of nacelle length upstream of the wing’s leading edge. Another 
consideration is the location of the engine along the length of the wing. If the engine is 
located farther away from the fuselage, the plane’s rudder must be capable of steering in 
the event of loss of operation in an engine. 

The pylon provides the interface between the wing and the engine, with fuel, hydraulic, 
pneumatic, and compressor bleed lines routed within its boxed form of structure. Actuator 
and sensor wires between the cockpit and the engine also pass through the pylon. But the 
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FIGURE 2.34 Underwing installation of bypass turbofan engine (Hunecke, 1997). 
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FIGURE 2.35 Integration of engine with airframe in combat aircraft. (Courtesy: 
SAAB) 


pylon’s primary function is to permit attachment of the front and rear engine mounts within 
its structure, while the pylon itself is connected to mount points in the wing. In this context, 
it may be noted that pylon design is unique for a given combination of engine and aircraft 
types, hence it is possible to use a different manufacturer’s engine on a specified aircraft 
type. It is tacitly assumed here that the different engines are suitable for the aircraft. 

Engine installation at the rear of the fuselage provides the advantage of not disturbing 
airflow around the wings. The method also permits flaps to be installed along the full span 
of the wing. Engine weights are then positioned at a considerable distance from the air- 
craft’s center of gravity. Payload distribution then has to be carefully matched in order to 
maintain the right balance of the aircraft. A Russian airliner is reported to have required car- 
rying of sand bags in the front of the airplane if the gross takeoff weight was inadequate. 
The Lockheed Tristar is equipped with three engines at the rear fuselage. Two engines are 
located at the sides and the third engine is installed within the airframe. The horizontal tail 
plane may be mounted on top of the vertical stabilizer to avoid interference with the 
engine’s hot exhaust. But the arrangement may run into problems when the aircraft angle 
of attack is high, since the separated flow from the wing may cause the tail plane to stall. A 
combination of underwing and rear installation of large and heavy engines may be prefer- 
able in some applications. For example, on the Boeing 727 two engines are wing mounted, 
the third engine is installed in the rear of the fuselage, and the horizontal tail plane is located 
in the fuselage below the rear engine. 

A combat aircraft is characterized by small size and high maneuverability. High-thrust 
engines operating at low specific fuel consumption are a prerequisite for their successful 
operation, since they operate over a wide spectrum of altitude and speed range. Special 
methods of integrating the engine with the airframe are employed to enhance aerodynamic 
efficiency. Figure 2.35 provides some details on the mounting arrangements of a single- 
engine fighter plane. 


2.12 ENHANCED POWER FOR FIGHTER 
AIRCRAFT 


Low-risk technology may be used to develop enhanced thrust and operating life of compo- 
nents in aircraft engines. General Electric’s F110-GE-132 engine for Lockheed Martin’s 
F-16 fighter plane is a prime example, with rated thrust level increased from 28,000 to 
34,000 lb without sacrificing reliability (Wadia and James, 2000). The F110 engine, in 
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operation since 1986, has a distinguished history of stall-free operability and unrestricted 
throttle movement that allows the pilot to concentrate on the mission instead of the 
machine. Other F110 engine developments include successful demonstration of thrust vec- 
toring, endurance under extreme levels of airflow distortion and flawless operation while 
executing super maneuvers, such as the Cobra and J-turns. 

New features in the improved engine include a three-stage long-chord blisk fan, a nine- 
stage compressor driven by a single stage HP turbine, an annular combustor, and a close 
coupled radial augmenter. Figure 2.36 shows a comparison of the present and improved fan 
module with the two configurations placed on opposite sides of the engine’s centerline. A 
striking feature is the complete interchangeability of the section without modification in the 
airframe and engine interface. Fan blisks replace the current bladed assemblies for all three 
stages, resulting in considerably fewer parts. Midspan shrouds on the first stage blades have 
been eliminated, but the long chord blades can still withstand strike from a bird weighing 
2.5 lb. Blisk construction has also added benefits of eliminating potential sources of high 
stress concentration at dovetails and at the midspan shroud. The fan duct is made of filament- 
wound composite material. A leaned vane design in the front module from another engine 
program has been employed. 

The cornerstone of the new engine is the higher flow, long-chord blisk fan, and is tech- 
nology leveraged from the F118-GE-110 engine used to drive the B-2 bomber. Lessons 
learned from the F110 engine’s field experiences have been incorporated to obtain high 
efficiency, improved durability, and performance. The inlet-corrected flow is increased 
from 269 to 294 lb/s, tip speed from 1400 to 1483 ft/s, and pressure ratio from 3.4:1 to 
4.2:1. The robust airfoils have thicker leading edges than their predecessor. Laser shot peen 
technology is used for the blades for a reduced crack propagation rate and for an enhanced 
foreign object damage tolerance. Hub end-wall contours are customized to reduce the 
impact of the increased airfoil thickness needed for the elimination of the midspan shroud. 
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FIGURE 2.36 Comparison of new and current engine’s fan module (Wadia and James, 2000). 
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FIGURE 2.37 Radial augmenter features (Wadia and James, 
2000). 


To make the long-chord fan adaptable in the airframe, the OGVs are packaged closer to 
the fan frame, but this reduction could lead to undesired backpressure, with the potential to 
hurt performance and stability. To eliminate this risk, a three-dimensional design approach 
to the closely coupled OGVs and fan frame is used. Circumferentially restaggered stator 
vanes are implemented to guide the exit flow aerodynamically from the vane trailing edge 
smoothly around the frame strut leading edge. The design evolves into a unique set of swept 
and leaned OGVs without calling for the complexity of local tailoring. Test verifications 
indicated no loss in fan performance or stability of the design. 

The radial augmenter concept is embodied in GE’s F120 and F414 programs. Figure 2.37 
shows the comparison between currently produced augmenters and new augmenters. The 
center plug is truncated to facilitate the removal of the heat shields, while also cutting down 
weight. As in the fan blisk and the OGVs, three-dimensional computational fluid dynam- 
ics is employed for the augmenter. Liner screech and cooling holes are treated as porous 
media flow cells. Validation of the analysis is carried out with an online gas analysis of a 
current augmenter. 


2.13 LIFE PREDICTION 


Aircraft engine parts have a definite operating life, mostly because stringent weight 
requirements call for the parts to perform their assigned tasks in a highly stressed condition. 
However, the parts must be retired before failure occurs. At the same time retirement of 
parts with available residual life has substantial economic consequences for airline opera- 
tors. Discarding of partially used parts therefore cannot be justified. 

But this brings up the bigger problem of establishing the life limits of an aircraft oper- 
ating many different trips of varying length and duration, and with the engines executing 
a wide spectrum of takeoff, cruise, landing, and flight idle cycles. Note that all flight 
cycles do not follow an identical pattern. Besides distance and time duration, an airplane’s 
flight is also characterized by ambient conditions during takeoff and system gross weight. 
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The engines have to work considerably harder when an aircraft has to take off from an 
airport located in a desert at a high altitude on a hot day with a complete passenger and 
cargo load and full gas tank than if it were to take off at sea level on a cool day and a par- 
tial load. Add to this the uncertainties of corrosion from suspended particles in the air and 
uncertain fuel characteristics, and the problem of life prediction becomes even more 
complex. 

Satisfaction of the twin requirements of safety and maximum part life calls for consid- 
erations of high cycle fatigue due to vibrations, low cycle fatigue due to thermal, pressure 
and centrifugal cyclic loading, and stress creep and rupture when the parts are operating at 
elevated temperatures. Analytical methods are required to obtain precise and detailed 
knowledge of thermal stress and vibration characteristics. The results must be correlated 
with experimental bench and engine tests. The U.S. Air Force first developed the Engine 
Structural Integrity Program to establish and improve structural integrity and durability 
while minimizing maintenance costs. Subsequently, durability in the form of achieving 
required that life at a specified cost of ownership was added to this program. Lessons 
learned from operational history of engines operating at top performance but requiring 
costly and frequent overhaul and maintenance were added and incorporated in the MIL- 
STD-1783 (USAF) dated November of 1984. Hence, as performance of the engines con- 
tinues to improve, design criteria must also reflect the criteria of cost of owning and 
operating equipment. 

Component testing and verification of analytical results start during the design phase, 
and continue even after the engine is certified for regular operation. Endurance tests are 
designed to identify problem areas and for product improvement. Engine tests must deter- 
mine response of the system due to events anticipated to occur during service. Production 
of engine may require 10,000 or more hours of planned tests taking place over a period of 
3 to 5 years. The total elapsed time from concept to final production may extend over sev- 
eral more years. For example, General Electric’s F404-400 called for 14 test engines and 
9532 h for the full development and demonstration of safety and durability. 

A major cause of failures in components may be attributed to metal fatigue. Vibratory 
loads generally lead to low dynamic stresses at high frequencies, so failure from high-cycle 
fatigue can occur from the rapid accumulation of cycles. The application of cyclically vary- 
ing loads results in the formation of hairline type of cracks, even in a smooth specimen. 
Cracks may initiate at locations of material imperfections due to manufacturing shortcom- 
ings and in areas where stresses tend to concentrate, such as a sudden change in cross sec- 
tion at a corner and around bolt holes. Reduction in nominal and peak stress levels is 
effective in the elimination of high-cycle fatigue failures. Increasing the material’s ultimate 
tensile stress through heat treatment may also provide some relief, although ductility and 
toughness may be adversely affected. Shot peening increases fatigue resistance by intro- 
ducing compressive stresses on the surface. Figure 2.38 provides a good example of a stress 
versus number of cycles (S/N) graph for determining high-cycle fatigue characteristics of 
IN718 at 1000°F for various stress ratios. Many ferrous and titanium alloys possess an 
endurance stress limit in high-cycle fatigue, estimated at around 50 percent of the ultimate 
tensile strength for a smooth specimen. The material may go through indefinite number of 
load cycles below the endurance limit. Aluminum alloys and composite materials do not 
reach their endurance limit, with their fatigue limit usually in the range of 107 or 108 cycles. 

The combination of steady and alternating stresses may be assessed with the aid of a 
modified Goodman diagram (see Fig. 2.39). A well-defined criterion of fatigue or static 
failure may be obtained with this method. 

Note that the diagram assumes cyclic loading of constant amplitude. Engine compo- 
nents will be experiencing different load spectra of varying frequencies and amplitudes. If 
it is assumed that damage from individual loads accumulates in a particular manner, fail- 
ure may be predicted when the underlying assumptions are satisfied. For example, the 
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FIGURE 2.38 S/N characteristics of IN718. 


Palmer—Minegren rule is based on a linear accumulation of damage, but the results do not 
agree with experimental results. Many different theories based on the method of damage 
accumulation have been proposed for the prediction of failure, but shortcomings are inher- 
ent. Damage accumulation based on comparative values between analytically predicted and 
experimental tests under similar conditions may provide a better estimate of the fatigue life. 

High stress levels, often beyond the yield point, characterize low-cycle fatigue. 
Considerably lesser number of load cycles may be necessary before failure initiates. Buildup 
of centrifugal and thermal stress in rotor disks during engine start and their decline when 
the engine is shut off represent a typical example. Low-cycle fatigue failures may take 
place at as few as 10,000 cycles. In the inelastic regime of the stress-strain characteristic, 
the low-cycle fatigue data find better correlation with strain cycling than with stress 
cycling. Manson—Coffin law is useful for relating inelastic strain range with the number of 
cycles to failure from low-cycle fatigue. Logarithmic values of both plastic strain and load 
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FIGURE 2.39 Modified Goodman diagram. 
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cycles are essentially linearly varying, with a negative slope of between 0.4 and 0.8. The 
governing equation for the total fatigue curve (method of universal slopes) is expressed as 
follows: 


Ae, = Ae, + Ae, = D'S N26 +320 zl N22 (2.33) 


where A£, AE 


p 


Ag, = total, plastic, and elastic strain ranges 

D = 1n{100/(100 — RA) } = measure of fatigue ductility 
RA = reduction of area in a tensile test 

N,= number of cycles to failure 

o, = ultimate tensile strength 

E = Young’s modulus 


Preliminary estimates may be made using this approach, but verification with experimen- 
tal strain data is recommended for the final design. With modifications, the method may 
also be applicable to high-cycle fatigue evaluation. 

Hot path components often see prolonged periods of near constant loading at increased 
temperature levels, for example, when the aircraft is operating at cruise. Material creep may 
interact with low-cycle fatigue, parameters of interest being applied load, rate of load appli- 
cation, and hold time load. Creep damage is defined as the ratio of time spent at a stress 
level to time required to rupture at that stress, while fatigue damage provides the ratio of 
cycles applied to cycles required to fatigue in the absence of creep. Effects of interaction 
between fatigue and creep may then be estimated from the sum of creep damage and fatigue 
damage equals D, the damage sum. D generally assumes unit value, but may be noncon- 
servative and may need test verification. 

Thermal fatigue has similarities with low-cycle fatigue, with strains resulting from tran- 
sient thermal loads. Thermal shock can cause failure in a brittle material, so ductility is 
desirable in the material. Fatigue from a combination of mechanical and thermal loads is 
more complicated, hence experimental methods are preferable to analytical results. 


2.14 PROPELLER BLADE SEPARATION INCIDENT 


In August 1995 an Embraer airplane on a scheduled passenger flight experienced the loss 
of a propeller blade from the left engine propeller while climbing though 18,000 ft at 160 
knots. The aircraft crashed during an emergency landing half an hour after departing from 
Atlanta, Georgia. The aircraft was destroyed by ground forces and subsequent fire, with the 
pilot and seven passengers succumbing to fatal injuries. 

Government authorities determined the probable cause of the accident as in-flight 
fatigue fracture and separation of the propeller (National Transportation Safety Board, 
1996). The resulting distortion in the engine’s nacelle caused excessive drag, loss of lift on 
the wing, and diminished control of the airplane. The fracture was attributed to a fatigue 
crack from multiple corrosion pits in the propeller. The manufacturer, Hamilton Standard, 
provides a family of composite propeller blades for use on turboprop airplanes. Figure 2.40 
illustrates the design of the blade. A central solid forged aluminum alloy spar is used to 
carry the primary load. The airfoil shape of the blade is formed with glass fiber filled epoxy 
and foam, bonded to the spar with an adhesive. A tapered hole is bored in the center of the 
spar from the inboard end for installation of balance weights, while providing some reduc- 
tion in weight. Earlier production runs of this design called for shot peening of the taper bore, 
but was deemed unnecessary and was discontinued. But the manufacturer’s statistical data 
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FIGURE 2.40 Propeller blade design (National Transportation Safety 
Board, 1996). 


from field service experience indicate that blades without shot peening of the bores are sus- 
ceptible to earlier corrosion and cracking. The blade involved in this accident was not shot 
peened. 

It is also interesting to note that prior to certification the Federal Aviation 
Administration of the United States required the airplane to be capable of successfully com- 
pleting a flight during which likely structural damage may occur as a result of a propeller 
blade impact. However, the agency exempted the airplane manufacturer from complying 
with this requirement on condition that all practical precautions are taken in the design 
phase to take account of all features of the propeller to reduce the hazard that might arise 
from the failure of a hub or a blade. Embraer’s analysis indicated that the nacelle would not 
withstand the loss of a half- or a full-blade segment. 

To comply with airworthiness requirements, the propeller manufacturer is required to 
demonstrate vibration characteristics of the assembly to ensure that the resonant frequen- 
cies responsible for producing critical vibration stresses do not occur within the normal 
operating range of use. Each propeller must be shown to have vibration stresses that do not 
exceed the values that have been shown by the propeller manufacturer to be safe for con- 
tinuous operation (see Fig. 2.41). This must be demonstrated by the measurement of 
stresses through direct testing, comparison with similar installations for which measure- 
ments have been made, or service experience that proves the safety. A fatigue evaluation 
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FIGURE 2.41 Propeller blade Campbell diagram (National Transportation Safety Board, 
1996). 


must be made and limits established for each metallic hub and blade. All reasonably fore- 
seeable vibration load patterns must be considered. Fatigue limits must account for per- 
missible service deterioration such as nicks, grooves, galling, bearing wear, and variations 
in material properties. Variable pitch propellers (while engine is operating) must be sub- 
jected to a 100-h test with the same power and speed settings when the blade experiences 
severe vibration characteristics. Flight tests are recommended if propeller diameter exceeds 
13 ft. 

Visual examination of the failed blade revealed a portion of the spar fracture was on a 
flat transverse plane, and contained crack arrest positions typical of fatigue cracking. 
Fracture faces were examined with a scanning electron microscope before the faces were 
cleaned. Near the origin area of the fracture, a layer of heavy oxide deposits extending to a 
depth of 0.049 in from the surface was observed. Fatigue crack initiated around at least two 
adjacent locations on the taper bore surface. Below the surface the cracks merged to form 
a single crack that propagated toward the face side of the blade, and then progressed cir- 
cumferentially around both sides of the taper bore. The crack spread to 75 percent of the 
spar’s cross section. In areas beyond the terminus of the fatigue rough features with a matte 
appearance indicated typical overstress separation. After cleaning of the fracture surface 
additional examination revealed fatigue crack initiating from several corrosion pits in a line 
of pits extending over a distance of 0.070 in. 

Prior to this accident, two other incidents of failures of the composite propeller blades 
from this manufacturer have been recorded. On both occasions the cracks originated from 
inside the tapered bore. In the first case, analysis indicated forces induced from the rotation 
of the other three blades resulted in propeller assembly imbalance and loads on the engine’s 
forward mount that exceeded the ultimate limits. This resulted in the separation of the pro- 
peller and the reduction gearbox assembly from the airplane. The flight’s crew was able to 
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accomplish a safe landing, and injuries to passengers were avoided. In the second case, 
causal findings were similar in nature. The three remaining blades and the fourth blade stub 
had moved to the feathered position, with the propeller and gearbox assembly remaining 
within the nacelle area, partially attached to the airframe. Laboratory examination of the 
failed blades indicated the presence of corrosion pits in the tapered bore in both instances. 
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CHAPTER 3 


INDUSTRIAL GAS AND 
STEAM TURBINES 


3.1 INTRODUCTION 


Considering the dramatic increase in the cost of energy over the past few decades, accep- 
tance of inefficient power generation is not an option. The implication of a turbine’s oper- 
ating at 30 percent thermal efficiency is that it wastes 70 percent of the energy put into it. 
Energy losses are encountered as the fluid flows over nozzle vanes and moving blades, 
when fuel is not burned completely in the combustion system, and when frictional forces 
between a rotating shaft and the bearings must be overcome. Exhaust gases leaving the 
stack in a boiler take away considerable amounts of thermal energy into the atmosphere 
because of their elevated temperature. 

Fierce and nontraditional competition in the energy markets has resulted from market- 
place dynamics. Privatization of government-owned utilities and competition in hitherto- 
regulated sectors translates into a totally different market in the first quarter of the twenty-first 
century compared to the last quarter of the 1900s. Earlier, electrical energy utilities used to 
generate power and transmit it over large regions before distributing it to the users. In the new 
environment the generation, transmission, and distribution of electrical power is performed 
by three separate commercial entities. Transmitting companies are free to purchase from a 
number of generating companies, and distributing companies likewise can buy from any 
transmitting company. The upshot of the competition will be to encourage new and efficient 
systems for conversion from fuel to electricity. As a consequence, the incentive to improve 
thermal and mechanical efficiencies of industrial turbines definitely exists. 

If the trend of growth in power consumption in the past decade is any indication, an 
increase of 20 percent may be anticipated in the next decade worldwide. Large hydroelec- 
tric projects have been built, essentially for flood control and irrigation, but they also pro- 
vide substantial amounts of electricity. Venezuela’s Guri dam on Rio Caroni was completed 
in 1986, providing 10,000 MW of electric power. An equivalent energy in petroleum would 
call for 300,000 barrels in a year. China’s Three Gorges Dam will produce 18,000 MW 
when completed in 2009. 

Many parts of the world have abundant coal available, and consequently steam plants 
play a major role in power generation. By some estimates, 42 to 45 percent of power is 
derived from steam-generating plants. Coal is a main prop of Kentucky’s economy, trailing 
only Wyoming and West Virginia in production. The state generates more than 95 percent 
of its electricity from coal burning. Electrostatic precipitation of suspended particles in 
effluent gases has made considerable strides in recent years to assure an ecologically 
friendly environment when compared with plants built in earlier years. East Kentucky’s 
Power Cooperative employs circulating fluidized beds for clean burning of a variety of 
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fuels, ranging from biomass to hard and soft coals, petroleum coke, and coal washery 
wastes. The system includes a flash dryer absorber, and combines flue gas desulfurization 
to remove 98 percent of sulfur from the coal. Selective catalytic reduction in the pulverized 
coal boiler helps curb NO, emission. Advanced coal technology has successfully demon- 
strated the methods of integrated gasification and combined cycle power generation. 

Because of its clean burning characteristics and harmless residuals, natural gas is easily 
the preferred fuel. When the price is affordable, natural gas—as a fuel for power generation— 
has the advantages of creating minimum pollution, while requiring minimal maintenance 
of machinery. Comparative prices of uranium used for nuclear power and of coal for fossil 
fuel power plants have not changed substantially over the years, and are the lowest. Oil and 
natural gas generated electrical power is, on the other hand, costly in the simple-cycle mode 
of operation. But when power generation in the combined cycle mode is used, where gas 
and steam turbines operate in conjunction, the cost proves to be quite effective. Natural gas 
fuels the turbine to produce electricity; the turbine exhaust enters a heat recovery boiler for 
producing steam that runs another bank of turbines for a second kick from the first burn. 
Cogeneration of two or more forms of energy, such as steam and electric power, in a plant 
also finds wide applications. Chemical and process plant facilities use exhaust gases 
directly from a gas turbine or other prime mover for preheating air in furnaces, absorption 
cooling systems, and raising the temperature of fluids during production. New and novel 
concepts for energy conversion in combined cycle plants are being developed for the 
modern day marketplace, resulting in constantly improving heat rates. Simple-cycle gas 
turbines with a firing temperature of 2400°F, recuperative gas turbines, combined cycle 
power plant, advanced combined cycle power plant, and hybrid power plants represent 
some of the latest developments. 

When a turbine’s power output is below 350 kW, it may be placed in the category of 
microturbines. Powered either by diesel oil or natural gas and making use of existing tech- 
nology they may be characterized by compactness in size, low manufacturing cost, high 
efficiency, quiet operation, quick start, and low emission. Under proper circumstances they 
may be ideal for providing the base load, and also cogeneration of power, in many differ- 
ent applications. Microturbines may be configured either with an axial- or radial-flow com- 
pressor and turbine. A combination of regenerator and absorption cooling promotes overall 
thermal efficiency, permitting it to find wider applications for distributed power systems in 
the future. Lilliputians when compared with power plant turbines, they nevertheless find 
many different applications—their usage in tandem with fuel cells, a device for combining 
hydrogen and oxygen to produce electricity, heat, and water has also been proposed. 

In the combustion of fuel, either in a boiler or in the combustor of a gas turbine, some 
of the air—fuel mix remains unburned, releasing hydrocarbons as well as oxides of nitrogen 
into the atmosphere, two primary precursors of ozone. Federal and state environmental pro- 
tection agencies (EPAs) have ordered considerable reductions in the amount of emissions 
that may be discharged. California Air Resources Board has set pretty aggressive emission 
standards for that state. In emission regulations, it is old hat that as California goes, so goes 
the nation. In 1990 the EPA got the authority to enforce emission standards through an 
amendment to the federal Clean Air Act. 

Conversion of the heat energy of the fuel to the mechanical energy of a turbine-generator 
rotor can be facilitated in many different ways in order to reduce operating losses and to 
obtain more power. Careful consideration of fluid flow characteristics over the stationary 
nozzle vanes and rotating blades of the compressor and the turbine improves aerodynamic 
performance. Ensuring more complete combustion of the fuel produces increased thermal 
energy for doing useful work. Controlling the radial clearance to preset limits between the 
rotor and the stator at the blade tip and at the inner vane seal prevents gases from escaping, 
which contributes to improved performance and power. At the same time, however, precau- 
tions must be taken to prevent rubbing between the rotating and static components. 
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In order to improve thermal efficiency, a turbine’s hot path components are exposed to 
gases at extraordinarily high temperatures, sometimes beyond the capability of the mater- 
ial. Sophisticated cooling methods are required in the combustor and the turbine to 
avoid degradation of the material’s strength and durability characteristics. New breeds of 
superalloys are constantly under development to deliver the required characteristics, and 
still can be formed to the required component dimensions during manufacturing. The dif- 
ferential thermal growth between mating rotating and static parts must be predicted with a 
high level of precision. Besides normal operating conditions, dynamic loads arise from 
rotating unbalance, fluid flow forces, and misalignment. Manufacturing techniques have 
also seen vast changes in the past 20 years to allow machining and fabrication of highly 
contoured airfoils to close tolerances. 


3.2 SIMPLE-CYCLE GAS TURBINE 


A gas turbine operates on the Brayton cycle. The Brayton principle consists of two isobaric 
and two isentropic processes, as shown in Fig. 3.1. The former take place in the gas tur- 
bine’s combustor and in the steam generator’s gas side, and the latter represents the com- 
pression of air and expansion of gases in the turbine. Gas turbine cycle efficiency depends 
on the compression ratio and turbine firing temperature, increasing with both parameters 
according to the relation shown in Eq. (3.1). It is assumed in the derivation that the pres- 
sure ratios in the compressor and the turbine remain the same, the fuel flow rate is consid- 
erably smaller than that for air, the specific heat of the gases stays constant, and that all 
components operate without incurring any losses: 


n=1-| 3.1) 


r 


where 17 is the ideal cycle efficiency, r represents the compression ratio, and yis the ratio of 
specific heats at constant pressure and constant volume. Turbine and compressor efficiencies 


Air intake 


Exhaust 


FIGURE 3.1 Standard Brayton cycle for gas turbine. 
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FIGURE 3.2 Compression ratio and thermal efficiency. 


will have a moderating effect on the overall efficiency. Figures 3.1 and 3.2 demonstrate the 
impact of the two parameters. Work performed per pound of air occurs at a lower pressure 
ratio than the point of maximum efficiency for a given firing temperature. The overall cycle 
efficiency is improved with the increased pressure ratio, cooler compressor inlet tempera- 
ture, and higher turbine inlet temperature (Fig. 3.3). Evaporative cooling, direct water fog- 
ging, and refrigerated cooling are some of the methods used to cool the air at the inlet. The 
impact of efficiencies in the compressor, combustor, and turbine, as also system-related 
pressure losses in a simple-cycle turbine is shown in Fig. 3.4. 

Since the gas temperature at the turbine exit is higher than that at the compressor exit, 
the insertion of a regenerator to preheat the air between the compressor and the combustor 
with the turbine’s exhaust gases will reduce the fuel requirement. If T}, T,, T}, and T, rep- 
resent inlet temperatures of the compressor, regenerator, combustor, and turbine and T; is 
the exit temperature from the turbine, ideal regenerator efficiency (assuming no pressure 
loss) may be expressed in the following form: 


-B-b (3.2) 
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FIGURE 3.3 Optimized pressure and temperature for maximum thermal efficiency. 
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FIGURE 3.4 Simple-cycle gas turbine performance map. 


System cycle efficiency then takes the form 


T, -T,)-(G -T, 
Nre g-Cyc = ( 4 oa 1) (3.3) 


Regenerator efficiency will depend on the available surface area for heat transfer, but 
increased area will call for higher cost, pressure loss, and space. Heat exchangers may be 
of regenerative or recuperative type. Regenerative systems call for another medium to 
effect the transfer of heat between the turbine exhaust gases and compressed air. Thus, 
heat flows into and out of the intermediate fluid. Recuperative heat exchangers have heat- 
transferring elements at a constant temperature, with the air and gas paths arranged in coun- 
terflowing directions (Boyce, 2002). 

Power output from a gas turbine can be increased in a number of ways. Intercooling of 
air between the stages in a compressor may be used to reduce the work done to pressurize 
the air. Temperature reduction of the partially compressed air causes its volume to shrink, 
consequently less work is required to compress it to the next pressure level. Thermal effi- 
ciency of a simple cycle is decreased by the addition of an intercooler, but the addition of 
an intercooler to a regenerative gas turbine cycle increases thermal efficiency and power 
output. The explanation is that a larger portion of the heat required for regeneration now 
comes from the turbine exhaust instead of additional fuel consumption. 

When turbine expansion is split into two or more steps, with constant pressure heating 
taking place before each expansion, the process is referred to as reheat cycle. As in inter- 
cooling, the thermal efficiency of the simple cycle is reduced by reheat, while work output 
rises. In combination with a regenerator, reheat can be made to increase thermal efficiency. 
Performance curves for a simple-cycle gas turbine that includes provision for intercooling, 
regeneration, and reheat are shown in Fig. 3.5. Figure 3.6 provides details of a single-shaft 
gas turbine supported on two bearings. 
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FIGURE 3.5 Simple-cycle gas turbine with intercooling, regeneration, and reheat per- 
formance map. 


FIGURE 3.6 W501F compressor and turbine components on a single shaft. (Courtesy: Siemens 
Westinghouse) 
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3.3 INDUSTRIAL COMBUSTION TURBINE 


Gas turbines are a practical and economic way for utility and industrial service. Advanced 
design units offer high firing temperatures, low NO,, and improved efficiency. For example, 
the 60 Hz 200 MW class W501G engine has been jointly developed by Westinghouse 
Electric Corporation, Mitsubishi Heavy Industries, and FiatAvio (Southall and McQuiggan, 
1995). This machine continues a long line of large heavy-duty single-shaft combustion tur- 
bines by combining the proven efficiency and reliability concepts of the W501F with the 
latest advances in the aero technology. Designed for both simple- and combined-cycle 
applications, the turbine can operate on all conventional turbine fuels and on coal-derived 
low-Btu gas produced in an integrated gasification plant. 

The general configuration of the combustion turbine calls for a bolted construction rotor 
supported in two bearings (Fig. 3.7). The 18-in-diameter bearings have compounded form, 
with tilting pads in the lower half and a fixed arc element on the upper side. The compres- 
sor segment of the rotor is assembled from spigotted disks bolted together by 12 through 
bolts. Alignment and torque transmission are assured by employing radial pins between the 
disks. The turbine rotor section is made up of disks provided with curvic clutches (see 
Fig. 3.8), and are bolted together by 12 through bolts. The curvic clutch is machined in the 
form of uniformly spaced teeth protruding axially from the flat face of the disk. The teeth 
engage and interlock with a similar pattern machined on the face of the adjacent disk, pro- 
viding a slippage-free joint under the action of the clamping load from the through bolts. 

The combustion system consists of 16 cans arranged in an annular pattern. Stability of 
the flame and uniformity in the distribution of fuel flow between the combustors are mon- 
itored by thermocouples located downstream of the last turbine stage. Malfunctions in the 
combustor when at load and sensing of ignition during the startup mode can also be detected 
with the aid of ultraviolet sensors. 

The casings are split horizontally to permit maintenance with the rotor in place. The 
inlet and compressor casings are made of nodular cast iron and cast steel, while the com- 
bustor, turbine, and exhaust casings are of alloy steel. The inlet end bearing housing is sup- 
ported from eight radial struts. At the exhaust end the bearing is supported by tangential 
struts that respond gradually during transient conditions, and maintain alignment between 
the rotor and the bearing through rotation of the housing about its axis to accommodate 
thermal growth. The arrangement provides an additional benefit of reducing thermal 
stresses in the struts. The fairings around the struts are configured in the form of an airfoil 
to enhance aerodynamic performance. Individual blade rings are employed for each com- 
pressor and turbine stage to control leakage past the blade tips. The rings have a relatively 
high thermal response independent of the outer casing, and are provided with features to 
obtain concentricity with the rotor to prevent rubbing from the blade tips, minimize radial 
clearance, and thus maximize performance. 

Since the turbine operates at extremely high inlet temperatures, cooling air for the rotor 
is extracted from the compressor discharge, and is externally cooled and filtered before 
returning to the torque tube casing to cool the disks and the first-, second-, and third-stage 


FIGURE 3.7 Westinghouse W501G combustion turbine (Southall and McQuiggan, 1995). 
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FIGURE 3.8 Turbine rotor disks with curvic 
coupling. (Courtesy: Siemens Westinghouse) 


blades and vanes (Fig. 3.9). Filtration is deemed essential for eliminating blockages by sus- 
pended particles of the intricate cooling passages inside the blades. Bleed air from the com- 
pressor is also used to cool the blade ring cavities and to cool and purge the interstage disk 
cavities to prevent ingestion of hot blade path gases. 

Compressor diaphragms are coated to improve aerodynamic performance and to obtain 
protection from corrosion. The stationary vanes and rotating blades for the first two stages 
of the turbine are provided with a thermal barrier coating. The operating firing temperature 
level of 1425°C is selected to be commensurate with the capabilities of the superalloys for 
the components in the hot path and with the cooling schemes. The cycle pressure ratio is 
chosen to maximize power output during simple-cycle operation and efficiency in the com- 
bined cycle mode. With a compression ratio of 19.2:1, the potential-combined cycle effi- 
ciency is 58 percent. The cycle airflow rate is controlled through the annular flow area at 
the turbine exit, since the last-stage blade stress level is directly proportional to it. A flow 
rate of 1200 lb/s results in a conservatively stressed blade and higher power output. 

The 17-stage axial flow compressor is patterned from the proven design for the W501F 
engine. Flow and pressure coefficients are similar in the two designs, with the mean diam- 
eter of the stages increased to accommodate the 25 percent increase in flow. Bleeds for 
starting and cooling flows are located at the 6th and 11th stages, and the 14th-stage bleed 
is used for the hot path components. The compressor is also equipped with variable inlet 
guide vanes (Fig. 3.10) for improving the low-speed surge characteristics and to enhance 
part-load performance in combined cycle applications. The rotating blades are controlled 
diffusion airfoils, made of multiple circular arc forms. Stationary blades are fabricated in 
two 180° segments for easy removal, and are provided with sealing at the inner shroud. 

Moderate aerodynamic loads are used for the four turbine stages operating at a higher 
peripheral speed than the W501F engine. Aerodynamic airfoil shapes are obtained from a 
fully three-dimensional viscous analysis code. The third- and fourth-row blades are 
shrouded. The first-row stationary vanes are individual precision cast of IN939 alloy, and 
can be removed from access manways without lifting the cylinder cover. Inner shrouds are 
supported from the torque tube casing to limit flexural stresses and distortion. Vane seg- 
ments for the other rows are supported in a separate inner ring. 

The cooling scheme maintains the NiCrMoV turbine disks under 400°C, within the creep 
range for long life. Row-1 vane cooling is done by the methods of impingement, convection, 
and film cooling, as shown in Fig. 3.9. Impingement inserts are used in combination with an 
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FIGURE 3.10 Compressor inlet variable guide vanes. (Courtesy: Siemens Westinghouse) 


array of film cooling holes and a pin fin at the trailing edge. Pin fins help to increase tur- 
bulence and the surface area. Film cooling is provided at the leading edge on the pressure 
and suction sides. This limits thermal gradients and external surface temperatures at the 
walls of the vane. Special attention is paid to the inner and outer shrouds because of the flat 
temperature profile from the dry low NO, combustor. The shrouds are cooled by impinge- 
ment plates, film cooling, and by convection through drilled holes. 

The cooling arrangement for the row-1 blades consists of serpentine passages with 
angled turbulators (Fig. 3.11). Film cooling uses fan-shaped cooling holes, and is used 
extensively at the tip to reduce the metal temperature of the squealer tip. The airfoil is 
coated with a vapor deposited thermal barrier coating. For the row-3 blade the cooling is 
unique in that it positively cools the blade tip shroud (Fig. 3.12). Because of the flat profile 
from the combustor and because of leakage past the tips of row-1 and row-2 blades, posi- 
tive cooling for the tip shroud is deemed essential. 


Turbulators 


FIGURE 3.11 Turbine row-1 blade cooling scheme (Southall and McQuiggan, 1995). 
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Shroud cooling feed hole 


Shroud cooling hole 


Airfoil cooling hole 
FIGURE 3.12 Cooling for row-3 blade shroud (Southall and McQuiggan, 1995). 


The rotating blades are made from CM247 for all four rows. The blades are provided 
with long root extensions, or transitions, to reduce the stress concentration as the load trav- 
els through the airfoil into the shank. The blade roots are of multiple serration type, with 
four serrations on the first three rows and five on the last-stage blades. 

The dry low NO, combustor operates at 25 ppm NO, level at 1260°C turbine inlet tem- 
perature. Steam cooling is used for reduced emissions at higher firing temperatures. By 
eliminating the transition cooling air virtually all the combustion air is introduced into the 
primary zone of the combustor to maintain the flame temperature at nearly the same level 
as in the W501F engine. 


3.4 CLASSIFICATION AND CHARACTERISTICS 
OF STEAM TURBINES 


Steam turbines remain the workhorse of power generation worldwide. Hero of Alexandria 
is credited with developing the first steam turbine 2000 years ago. Dr. de Laval demon- 
strated driving of a paddle attached to a shaft by expanding steam through a trumpet-shaped 
steam jet in the latter half of the nineteenth century. In 1894, Sir Charles Parsons invented 
the multistaged steam turbine. Today, steam turbines are the favored choice in the driving 
of electric generators, mostly due to the extensive availability of coal. 

A steam turbine converts the thermal energy of steam into kinetic energy by expansion 
in nozzles, the resulting jet then forcing rows of blades mounted on a rotor. Steam turbine 
power plants may be split into three groups: (/) heat sources such as boilers or steam gen- 
erators, feed water pump, and heater; (2) power generation components that include turbine 
and generator; and (3) condensers and condensate pump. Rankine cycle is most commonly 
employed, with water-steam as the working medium. Water is pressurized isentropically by 
the feed-water pump before entering the boiler, where it evaporates to steam and is even- 
tually superheated. The cycle requires substantial amount of heat to raise the temperature 
of water at pump discharge to steam temperature at turbine inlet. Using high-temperature 
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Condenser 


FIGURE 3.13 Regenerative—reheat steam turbine plant schematic. 


exhaust gas for this purpose partially offsets the amount of external heat required by mini- 
mizing the temperature difference between the two points. This is the concept behind 
regenerative heating. A more common practice calls for intermediate pressure steam to per- 
form the function of heating the feed water. 

Steam tends to increase in moisture content as it progresses through the stages of a tur- 
bine. Wet steam tends to affect the buckets, since the higher density of water impacting its 
leading edges causes erosion. A reheat of steam withdrawn after partial expansion is required 
to overcome the situation (Boyce, 2002). 

A regenerative and reheat steam arrangement is shown in Fig. 3.13 and the correspond- 
ing temperature-entropy diagram in Fig. 3.14. The compressed liquid at D is heated to sat- 
uration point (D1), evaporated to steam (D2), and finally superheated (D3). After isentropic 


Temperature, T 


Entropy, S 


FIGURE 3.14 Regenerative—reheat steam turbine temperature/entropy diagram. 
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expansion in the ideal engine to point E (point E’ after accounting for losses), some of the 
steam is extracted from an intermediate stage in the turbine to heat the pressurized con- 
densate in the feed-water heater. The rest of the extracted steam is reheated and then 
returned to the turbine (point F). After further expansion to point G’ for the real case the 
steam passes to the condenser, converting it to saturated liquid at point A. 

Heat rate, a modified reciprocal of thermal efficiency, defines the heat chargeable in 
Btu/kW-h for a straight condensing or a noncondensing turbine, and may be expressed 
as 


Heat rate = [(h, — hy) x 3415]/W,., Btu/kW-h (3.4) 


net 


where h; is the enthalpy of throttle steam, h, is the enthalpy of liquid water at exhaust pres- 
sure, and W,,, is the available work output at the generator coupling, Btu/Ib of steam at 
throttle. 

Among the many different ways of classifying steam turbines, fluid flow direction spec- 
ifies the engine type as axial, radial, or mixed flow. In axial flow machines, steam flows 
virtually parallel to the machine axis; medium and large turbines are configured with this 
arrangement. Some small turbines have a radially outward flow among the blades. Axial 
flow machines may be split into two categories—impulse and reaction. The former uses a 
system in which all steam expansion occurs in fixed nozzles; pressure drop is absent in the 
passages between the moving blades. The change in enthalpy in the nozzles increases the 
steam’s kinetic energy, which is then imparted to the blades. Reaction, or Parsons, turbines 
call for the expansion of steam in both the nozzle vanes and in the moving blades. Steam 
turbine manufacturers most commonly use a combination of the two methods. The initial 
stages are usually of the impulse type, while the subsequent stages are based on the reac- 
tion principle. The degree of reaction is defined as the ratio of change of enthalpy reduc- 
tion in the blades to the total enthalpy change in the stage. 

Two forms of losses play a major role in the design of steam turbines. For high flow 
Mach numbers, the loss factor remains constant up to 1.0. To avoid choking of passages 
and severe shock, the Mach number is limited to 1.15. The other source of loss arises from 
the arrangement of nozzles along the periphery at the turbine’s admission. At the high- 
pressure (HP) end the nozzles are placed in selected locations around the circumference. 
This form of partial arc admission facilitates operation of the turbine at part load, but it also 
causes loss in energy. As the flow progresses, the increased volume of steam necessitates 
larger circumferential arcs to be occupied by the nozzles. A balance between the flow Mach 
number and the partial arc length determines the design layout in steam turbines. 

Most power plants employ turbine sections designated as high-pressure, intermediate- 
pressure (IP), and low-pressure (LP). The number of stages in each section is based on pres- 
sure, temperature, and the amount of steam available from the boiler, as also the stage 
percentage reaction. Basic rotor and casing configurations can be made in selected ways 
(see Fig. 3.15). Steam enters at one end, flows through the nozzles and blades parallel to 
the shaft axis, and exits into the condenser at the other end in a single casing machine. 
Tandem compound turbines call for steam expansion in two or more separate units, with a 
single coupled shaft driving the generator. Exhaust from the high pressure may be reheated 
before entering the intermediate section. Figure 3.16 provides a layout for a compound flow 
unit, with high and intermediate sections in one casing and LP turbine in the second casing. 
Exhaust from the intermediate unit is carried to one or more LP units by the crossover pipe. 
The path through the LP turbines is split into parallel flows because of limitations on the 
blade length and for the need to balance axial end thrust. 

Low volumetric flow in the HP and IP turbines causes their blades and vanes to be 
shorter in length. Generally straight, HP, and IP turbine blades still tend to have some lean- 
ing and bowing, creating some three-dimensional characteristics. Shrouds at the outer tip 
help in sealing steam flow radially, thus contributing to improved efficiency. Structurally, 
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c. Compound system with reheat IP and double flow LP turbines 


FIGURE 3.15 Basic steam turbine configurations. 


the shrouds also constrain tip motion in the axial and tangential directions, which reduces 
vibratory stresses and improves fatigue life by damping elastic motion of the blades. LP tur- 
bine blades are considerably longer and may require one or two midspan interlocking con- 
strain mechanisms (such as tie-wires) in addition to the outer shroud. LP turbine blades may 
be connected in groups of two to eight blades, or all blades in a row may be connected con- 
tinuously. At the blade tip a protruding tenon aids in attaching the shroud in the form of a 
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FIGURE 3.16 Compound turbine layout (Boyce, 2002). 
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cover with a rivet. Tie wires may take the form of integral forged stubs welded or brazed 
together, or may be rods inserted through a hole with a boss in the blade. 

Figure 3.17 shows a typical LP turbine blade. Attachment of the blades to rotor or disk 
can be made in different ways. The fir tree configuration is widely used for HP turbine 
blades since its side entry feature permits easy replacement. But this form may result in 
vibration modes with frequencies close to nozzle wake frequency. Longer blades may be 
equipped with triple pins for attaching to the wheel. Serrated and T-shaped roots allow 
insertion into individual axial slots, or may be introduced tangentially at a gap in the disk to 
form a continuous assembly. Male or female forms for the dovetail roots may be designed. 
Figure 3.18 provides some illustrations. 

Stationary nozzle vanes in steam turbine construction are of wheel and diaphragm type 
or of the drum form. Used in impulse stages, the diaphragm (Fig. 3.19) consists of stationary 
vanes, an outer ring to locate in the casing and a web reaching into the cavity between the 
discs where the labyrinth seals are located. In the first control stage, the nozzles are sepa- 
rated into segments, with each group in individual nozzle chest or box. Control valves for 
each box are used to get the desired engine power output. Pressure variation causes the vanes 
and diaphragm to bend in a plane perpendicular to the turbine’s axis. Pressure differential is 
greatest for HP turbine blades, but they are shorter, resulting in lower bending stress. 

Varying operating conditions in the HP and LP sections demand appropriate material 
requirements for the blades. Creep strength and associated fatigue are of special interest 
in the higher-pressure regions, but corrosion resistance due to operating environment 
gets greater premium for LP turbine blades. Partial arc admission in the HP turbine also 
calls for increased material damping. Erosion resistance from solid particle ingestion in 
the HP section is desirable, while condensed droplets in the LP region impose a similar 
need. 12-chrome martensitic stainless steel is the preferred choice for HP and IP rotating 


Tenon Shroud/cover band 


Erosion shield 


Tie-wire/lashing 


ae Steam flow 


Trailing edge Leading edge 


Platform ———L__ kf] 


Root serrations 


FIGURE 3.17 Low-pressure steam turbine blade. 
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FIGURE 3.18 Blade root forms for steam turbines. 


and stationary blades. American Iron and Steel Institute (AISI) 422 for HP blades and 
AISI 403 and AISI 410 for LP blades find wide application. Austenitic stainless steels (for 
example, AISI 300) have higher tungsten and chromium content for higher temperature 
environment, but are more prone to stress corrosion when operating in wet steam. 
Differences in thermal coefficient of expansion must be taken into account. Thus, clear- 
ances at the attachment of an austenitic blade and a martensitic disk will be affected by the 


FIGURE 3.19 Steam turbine 
diaphragm [McCloskey, 1999(a)]. 
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relative thermal growth. HP and IP diaphragms are mostly made from stainless steel; 
carbon steel is an option if the steam temperature is below 650°F. Titanium with 6 percent 
aluminum and 4 percent vanadium for LP blades offers some distinct advantages. Lower 
density, about half that of chrome steel, reduces centrifugal stress, permitting the use of 
longer blades for increased flow area and performance. The alloy also has favorable 
mechanical properties at low temperature, and corrosion and impact resistance from water 
droplets. The last feature helps to eliminate the erosion shield. Titanium alloys, however, 
are expensive, more difficult to work with in manufacturing, have low resistance to wear 
from sliding, and lower high-cycle fatigue endurance. 

Steam turbines for electric power generation offer some unique advantages. The work 
required to increase the fluid pressure in the liquid phase in the feed water pump is consid- 
erably less than that needed to compress gas. Steam boilers have the ability to burn a wide 
spectrum of fuels without the steam coming in direct contact with the products of combus- 
tion. Fuels range from natural gas to heavy residual fuel and solid fuel such as coal and 
refuse. Consequently, production costs compare favorably against production by gas tur- 
bines. However, a large amount of equipment is required, raising the initial capital invest- 
ment and cost per installed kilowatt of power. Indirect heating in a furnace necessitates 
large heat exchangers to obtain pressurized and superheated steam. The boiler requires sub- 
stantial land area for installation, involves many different auxiliary components, and takes 
a long lead time for erection. Finally, it takes several hours for a boiler to raise steam and 
put the turbines on line; the cool-down sequence for the boiler is also considerably long. 
The system is designed to operate continuously for long periods of time rather than for 
meeting short-duration surges in demand. 


3.5 ADVANCES IN STEAM PATH TECHNOLOGY 


The thermodynamic performance of a steam turbine is primarily determined by the design 
of the steam path components such as valves, inlet, nozzles, buckets, steam leakage con- 
trol devices, and exhaust. Because the efficiency of the entire power plant cycle is highly 
dependent on the efficiency of the steam turbine, it is important to minimize aerodynamic 
and steam leakage losses in the path of both the rotating and stationary components. 
Figure 3.20 shows the various losses experienced in a typical turbine stage. Nozzle and 
bucket aerodynamic profile losses; secondary flow losses; and tip, root, and seal leakage 


Carryover 4% Nozzle profile 15% 


Rotation 3% 
Root leakage 4% 


Nozzle secondary 15% 


Packing seal leakage 7% 


Tip leakage 22% 


Bucket secondary 15% 


Bucket profile 15% 


FIGURE 3.20 Typical high-pressure turbine stage losses (Cofer, 1995). 
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losses can be significant if the airfoil shapes are not optimized for the given set of operating 
conditions. Profile losses are driven by the surface finish, total blade surface area, airfoil 
shape, and velocity distribution. Attention to adequate matching between the nozzle vanes 
and buckets is also necessary to control incidence losses (Cofer, 1995). 

Equally significant losses can be caused by the complex secondary flows that develop 
as the viscous boundary layers along the inner and outer sidewalls of the steam path are 
turned through the rows of blades. Steam leakage through the seals between the stationary 
and rotating components does not contribute to the work output of the stage, and the losses 
can be quite significant, especially at the bucket tips. In the shorter HP stages the tip leak- 
age loss is driven by the pressure level and the relatively larger clearance when compared 
with the blade radial height. In the taller IP and LP stages, this loss is controlled by the 
higher level of reaction at the bucket tips, which increases the pressure drop across the tip. 
Steam leakage through the diaphragm shaft packing and the shaft end packing also causes 
losses, but generally not as severe as at the outer tip. 

Development programs to better understand and reduce the losses have focused on four 
key elements: 


1. Better computational fluid dynamics (CFD) computer codes for an accurate prediction 
of the complex behavior of the steam flow throughout the turbine. 


2. Refined design concepts to integrate improvements in component configuration with 
manufacturing capabilities. 


3. Extensive laboratory tests to validate the predicted results from the CFD codes. 


4. A suite of powerful design automation and optimization tools to permit the implemen- 
tation of advanced aerodynamic design features on a custom basis to maximize effi- 
ciency for specific applications. 


The available energy of the steam can be more completely used by simulating the three- 
dimensional flow field with CFD tools. In particular, an improved understanding of the effects 
of wet steam, viscosity, and unsteady rotor—stator interactions is needed to check the losses. 
Unique flow visualization tools are developed to aid in understanding the physics of secondary 
flows. One method to obtain low-particle trajectories is by shining a strobe light on helium- 
filled zero buoyancy soap bubbles injected into the flow. Figure 3.21 shows one leg of the 
“horseshoe” vortex spiraling around the nose of a nozzle cascade with parallel sidewalls. 

The viscous Euler code is widely used for a variety of steam turbine design problems. 
A calculation grid can be developed for a blade-to-blade plane, with a similar one for the 
nozzle passage. A complete stage solution is obtained by automatically iterating between 
the nozzle and bucket solutions as they run in parallel on separate workstations. Up to 
250,000 grid points may be required for each blade passage to resolve the secondary flow 
details. The code permits accurate solutions of the fully three-dimensional viscous Navier- 
Stokes flow equations, independent of the free vortex restrictions. Some of the outstanding 
features of this concept are as follows: 


e Radial flow distribution is tailored to maximize efficiency based on individual stage 
geometry and operating conditions. 


e Nozzle surface area is reduced by using fewer vanes with aerodynamic profile shapes 
around the circumference without affecting the mechanical strength. 


Variable tangential or compound lean is used in the nozzles to obtain larger gain in over- 
all stage efficiency. 


e Root reaction is increased in varying degrees to improve bucket root performance, and 
tip reaction is generally decreased relative to reduced tip leakage. 


INDUSTRIAL GAS AND STEAM TURBINES 79 


Stream surface 


Endwall 


Passage vortex 
(= “Horseshoe” vortex) 


Counter vortex 


Endwall crossflow 


FIGURE 3.21 Secondary flow in turbine nozzle cascade (Cofer, 1995). 


The last-stage bucket is perhaps the most important contributor to the performance 
and reliability of the steam turbine, ranging in size from 20 in for 3000 rpm applica- 
tions to 48-in titanium for 3600 applications. Some salient features of the blades are as 
follows: 


e Improved vane profile, including a convergent—divergent supersonic passage, and high 
solidity 

e Enhanced mass flow distribution 

e Improved tip leakage control for moisture extraction 

e Continuously coupled covers, with side or over and under entry 


e Self-shielding erosion protection 


With the last-stage buckets typically developing 10 percent of the total unit output, and 
up to 15 percent in combined cycle applications, improvements in their efficiency can con- 
siderably impact the total power generated by the unit. A bladed disk using 40-in titanium 
last-stage buckets for a 3600-rpm turbine is shown in Fig. 3.22. 

Contouring of the sidewalls must aim for reduction in secondary flow losses by reduc- 
ing the cross-channel pressure gradients, thereby reducing the strength of the flow. The 
contour also reduces the size of the loss region near the inner sidewall, and also diminishes 
nozzle profile losses due to the lower velocity at its inlet. Contoured sidewalls are com- 
monly used in the first stage of the turbine. 

Bucket tip leakage control mechanisms typically rely on a single spill strip mounted on 
the upstream side of the bucket, or two spill strips attached on either side of the bucket 
cover tenon. Leakage along the shaft is controlled by the packing, which contains multiple 
teeth located between the diaphragms and the shaft. Flow past the teeth is controlled by the 
reduced radial clearance and by the torturous path between the rotating and stationary com- 
ponents. Last-stage buckets may be provided with a radial spill band on the cover to main- 
tain a tight clearance. 
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FIGURE 3.22 Forty-inch titanium last-stage buckets (Cofer, 1995). 


3.6 COMBINED CYCLE MODE 


The Brayton-Rankine cycle combines a gas turbine with a steam turbine and has many ben- 
efits for electric utilities and for process industries requiring steam. The hot gases from the 
exhaust of the gas turbine are employed in a fired boiler to generate superheated steam to 
drive a steam turbine (Fig. 3.23). 
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FIGURE 3.23 Combined gas and steam cycle plant. 
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From the first law of thermodynamics, work done by the compressor and gas turbine is 


Wo =(dm,/dt)(h, —h,) (3.5) 

Wor = (dm, /dt+dm,/dt)(h, — hy) (3.6) 

Work done by the steam turbine is Wor = (din, /dt)(h; — hg) (3.7) 
Steam generator heat input is Qsc = hs — he (3.8) 
Work done by the pump is W, = (dm,/dt)(hg — ho)! Np (3.9) 
Total work output is Woye = Wor ~ We + Wer — W, (3.10) 
and input is Q=(dm,/dt)x LX HXV,,, (3.11) 
Then overall cycle efficiency is Neye = a (3.12) 


The net work done is in the same range as the work done in a steam injection cycle but 
less fuel is required, which increases thermal efficiency. The cost of a heat recovery steam 
generator (HRSG), steam turbine, condenser, and pump tends to considerably increase the 
first cost associated with this cycle. The NO, content of the exhaust gases depends on the 
gas turbine. The main attraction of this cycle is the substantial advantages it offers in oper- 
ating performance and fuel costs. Figure 3.24 provides performance curves for a typical 
combined cycle plant (Boyce, 2002). 
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FIGURE 3.24 Performance curves for a combined cycle plant. 
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The power produced by a gas turbine can also be increased by injecting humidified and 
heated compressed air or steam into the compressor discharge or directly into the com- 
bustor, and by water injection in the midcompressor stages. Heating of air or water may 
be accomplished in a heat recovery steam generator, together with a separate compressor 
or pump. Flashing of water in the form of a spray mist in the middle rows of the com- 
pressor to cool the air aids in obtaining an isothermal compression process. Evaporation 
of the water through the consumption of latent heat lowers the temperature of the air 
stream as it enters the succeeding stage, and lowers the work done during compression. 
The technique has been successfully applied in many HP gas turbines (for example, 
General Electric’s LM6000 gas turbine engine), and may be combined with other methods 
described earlier. A more elaborate system is required to inject the external humidified 
and heated air at a point upstream of the combustor. A supplementary compressor for air 
pressurization, a saturation column for humidification and preheating, a water heater, and 
a balance of plant equipment in the form of pipes, valves, and controls are required for the 
setup. 

Water or steam may also be injected at the compressor discharge to augment the gener- 
ated power. For example, if the injected steam is 12 percent of the airflow, power increase 
will be in the neighborhood of 25 percent. If steam can be generated from the gas turbine’s 
exhaust, the procedure also yields higher efficiency. 

When a gas turbine is equipped with nozzles to burn dual fuels, steam is injected into 
the combustor with the primary intent of controlling NO, formation. Combustion concerns 
will limit the amount of steam injected, but 3 percent of the airflow will provide a boost of 
4 percent in the power output. Steam would come from the HRSG. 

A number of power plant operators are faced with inadequate power-generation capac- 
ity during the summer, especially in the daytime when air conditioning and industrial 
requirements reach a peak. Peaking units designed to operate for only a few hours in the 
day and started and put on line quickly have to be installed expressly for the purpose. But 
the investment is not particularly attractive since the return is not high. To alleviate the sit- 
uation, Alabama Electric Cooperative (Brown, 2000) operates a plant based on a cycle 
involving storage of compressed air. During off-peak hours excess power drives a train of 
compressors, and stores compressed air into solution-mined underground caverns. The 
compressor train includes a combination motor and generator with clutch mechanisms. 
When compression is required the motor is engaged to pressurize and store air in the 
bunker, while also disengaging the expansion mechanism. To boost capacity, the compres- 
sor may be split into two or more modules with intercoolers in between them. Conversion 
from compressed air to electric power takes place in high- and low-pressure air expanders 
and generators. For this mode of operation, the clutch disengages the compressor train. Air 
returning from the bunkers may be heated regeneratively in a recuperator using the exhaust 
gas from the LP expander and additionally burned in combustors before entering the HP 
expander. From the HP expander, the air is further reheated in combustors before entering 
the LP expander. Can combustors are used. With the aid of two combustors the HP expander 
produces a quarter of the power, the remaining three quarters coming from the LP expander 
with its eight combustors. The plant has dual fuel capacity, natural gas and No. 2 distillate 
fuel oil, and is capable of producing between 100 and 110 MW. 

Many configurations for combined cycle plants are designed. In most applications the 
gas turbine cycle is the topping cycle, and the steam cycle is the bottoming cycle. Thermal 
efficiencies reach close to 60 percent in the combined cycle, with the gas turbine producing 
60 percent of the power and the steam turbine contributing 40 percent at design point. 
At off-design conditions the inlet guide vanes in the compressor control the amount of air 
entering to maintain temperature levels in the HRSG. Steam may be formed at one or at 
three different pressure levels. Steam generation at multiple pressure levels decreases 
losses at the exhaust stack. 
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FIGURE 3.25 GE gas turbine rotor during assembly (Valenti, 2002). 


Breakthroughs in energy efficiency continue to be made by the power-generation indus- 
try. General Electric Power System’s H turbine is designed to operate at 60 percent thermal 
efficiency in a combined cycle mode, the equivalent of a four-minute mile (Valenti, 2002). 
The F series, for example, tops out at 57 to 58 percent. Performance gains are derived from 
advanced materials and a new cooling system. This enables the H turbine to operate at 
2600°F firing temperature, nearly 200°F hotter than the F technology. Since fuel expense 
is easily the main component of cost of the electric power, the increase in efficiency has 
significant economic implications. 

The H design calls for an 18-stage compressor with a 23:1 pressure ratio and 1500 Ib/s 
airflow. The design of the compressor uses many features of GE’s CF6-80C2 aircraft 
engine compressor. A dry combustion system premixes air with fuel prior to ignition, cre- 
ating under 9 ppm of NO,. Steam is used to cool the first- and second-stage vanes and buck- 
ets (or blades). Steam cooling has the advantage over air cooling of reducing the 
temperature gradient, and consequently thermal stress, in the cooled part. Closed-loop 
steam used for this purpose is delivered to the stationary vanes by tubular seals, and then 
recycled to the HRSG. The third-stage nozzles and blades are cooled by air, the fourth stage 
not being cooled. A proprietary single-crystal superalloy with a dense, vertically cracked 
thermal barrier coating is used for first-stage blades and vanes to increase heat resistance. 

The gas turbines are teamed with a GE D-10 steam turbine. This three-admission reheat 
steam turbine has 33-in last-stage buckets. The gas turbine, steam turbine, and electric gen- 
erator are solidly coupled to generate 480 MW of power. The gas turbine is equipped to 
carry thrust created in both units. An auxiliary 2.3 MW diesel generator set is used to start 
the rotating train. Figure 3.25 shows a picture of the gas turbine rotor during assembly. 


3.7 COMBINED CYCLE FOR PERIODIC DEMAND 


Cyclical demands present unique design challenges for medium-sized (200-300 MW) util- 
ity power plants. Black Hills Energy’s Las Vegas Cogeneration plant employed some inge- 
nious techniques, equipment, and operating principles to attain its stated objectives 
(Chmielewski et al., 2002). Four GE LM6000 gas turbines, four unfired waste heat once- 
through steam generators (OTSG), and two steam turbines operate for 16 h in a day. GE’s 
7F frame type of machines are more suitable for combined cycle plants, but are slow to start 
and shut down since they require longer warm-up and cooling time. Aero-derived 40 MW 
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capacity LM6000’s rapid response characteristics minimize the starting and shutting peri- 
ods. Use of spray intercooling, fogging, and chilled water systems further enhances gas tur- 
bine operating performance. The configuration also offers other advantages: 


e Improved thermal efficiency when an engine is undergoing shutdown. 


e Power loss is limited in the event of failure of one gas turbine, thus improving overall 
plant efficiency. 


The plant faced some interesting obstacles during the design phase. The available sur- 
face area was limited to 4 acres, with restricted depth along the drive-axis train. Exhaust 
stack height could not exceed 100 ft. The conventional HRSG design was determined to 
be unsuitable on both counts. The vertical design of the OTSG reduced the land space 
requirements, calling for 75 ft length compared to 115 ft for the HRSG design (Fig. 3.26). 
Three pressure levels violated the stack height limitation, so one level was omitted. Heat 
recovery is maximized by providing the coils with an increased surface area. The OTSGs 
also provide an additional benefit in that blowdown is not required, thus saving makeup 
water, not an insignificant detail when the plant is located in a desert. The use of fogging 
and chilling systems in tandem for the gas turbines helps save floor space. Permissible 
emission levels in the region are 2-ppm NO, and CO (15 percent O, dry). The catalytic 
agents are incorporated into the OTSG, positioned horizontally downstream of the first 
pressure coil. 

Though carbon steel for the tube material is common in the HRSG design, the material 
loses strength at elevated temperatures. This necessitates the installation of bypass stacks 
and diverter valves to prevent damage to the tubes during the dry running condition. High- 
nickel Incoloy 800 and 825 alloy tubes maintain considerable strength and corrosion resis- 
tance at high temperatures, permitting dry running and eliminating the bypass stack and 
diverter valves. The OTSG is then free to operate dry for longer periods of time when the 
gas turbines are running at full load. The gas turbine can also be started at a high tempera- 
ture under full flow conditions. Loss of feed water (freezing or problems in steam supply 
are some examples) does not then require shutting down of the gas turbine. Catalytic 
agents, however, may impose temperature limits when steam flow to the OTSG is absent. 
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FIGURE 3.26 Comparison of heat recovery systems (Chmielewski et al., 
2002). 
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TABLE 3.1 Plant Performance Data—Turbine Cooling Techniques 
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Inlet Gas turbine Gas turbine Steam 
Cooling temperature heat rate output turbine Auxiliary Net output 
method (°F) (Btu/kW-h) (MW) output (MW) load (MW) (MW) 
Fogging 71 8793 160.5 53.6 7.0 207.1 
Fog + chill 50 8639 176.2 54.6 9.2 221.6 
Chilling 50 8639 176.2 54.6 9.4 221.4 
No cooling 116 9560 127.3 48.7 6.7 169.3 


Table 3.1 provides a numerical comparison of plant performance for the four different 
cooling methods. The figures are calculated for ambient conditions set at 116°F dry-bulb 
and 71°F wet-bulb temperature. The chiller is rated at 2200 tons, delivering 3300 gal/min 
for two gas turbines. Operation of the fogging and chilling systems is split into three oper- 
ating zones (see Fig. 3.27). 
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FIGURE 3.27 Psychrometric chart with zones of operation (Chmielewski et al., 2002). 
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3.8 COGENERATION 


Since a greater part of a fuel’s thermal energy is lost in the exhaust gases of a prime 
mover, converting the waste energy to electric power or steam improves the efficiency 
of the system, which provides the underlying concept for cogeneration. Waste heat can 
be recovered economically in many different processes. Petrochemical plants, iron and 
steel foundries, and paper and pulp mills require modified power generation units to 
directly convert the wasted thermal energy into useful mechanical and electrical power. 
The use of heavy crude, pulverized coal, sawdust, and many other by-products of indus- 
tries supports the use of externally fired gas turbines, permitting the protection of hot 
gas path components from chemical and particulate corrosion. Many cogeneration facil- 
ities also tie into electric utility grids, obtaining comparable rates for power generated 
by the utilities. Cogeneration conditions are ideal when there is a balance between power 
and thermal needs. Though seasonal changes call for greater heating requirements in 
winter, electric power needs are highest in summer because of air-conditioning (Boyce, 
2002). 

Gas turbine cogeneration is far more efficient than a standard steam utility plant, 
with 75 percent of the thermal energy utilized to generate power and heat. In compari- 
son, fossil steam plants average 35 percent thermal efficiency, with 45—48 percent con- 
sumed as losses in the condenser and 13-15 percent in the boiler. Typically, exhaust gas 
from the turbine produces steam in an HRSG or a waste heat boiler (WHB). The steam 
is then used in an extracting condensing steam turbine; extracted steam at low pressure 
is used in various chemical processes. The remaining steam then goes to the second part 
of the turbine, and finally to the condenser. Gas and steam turbines may be configured 
to drive either separate or one common electric generator. Dampers may be provided 
between the gas turbine and HRSG in the event operation is desired in the simple cycle 
mode. The use of regenerators with gas turbines is common, helping reduce the heat 
input in the combustor when operating at a low-pressure ratio and a low firing temper- 
ature. 

Classification of cogeneration systems is not facilitated by the many different possibil- 
ities. Lack of fresh water, for example in the deserts of North Africa and the Mojave, calls 
for desalination plants. Cogeneration and hybrid processes may be combined to generate 
electric power and desalt seawater. A gas turbine’s exhaust can be used for steam genera- 
tion; the steam may then be gainfully employed to drive a steam turbine, or used in the dis- 
tillation’s brine heater. 

In an interesting twist, cogeneration may be used to cool the inlet air to the gas turbine 
for improving its power output when the ambient temperature during the daytime is higher. 
At night when the air temperature falls, the additional turbine output drives a chilling and 
refrigeration plant, and the resultant ice is used to cool the intake air during daytime. The 
process is well adaptable to desert areas where air temperature at midday approaches 
120°F, and then plunges to 40°F at night. The intake air may be cooled by evaporation, 
refrigeration chilling, or inlet fogging. The effectiveness of the systems varies with the rel- 
ative humidity of the inlet air. Absorption chillers have a low coefficient of performance, 
but can extract heat at temperatures as low as 250°F. Merchant power plants generally have 
mechanical chillers with a higher performance coefficient. A centrifugal screw or recipro- 
cating compressor pressurizes the refrigerant for complete condensation in a condenser. 
After passing through a pressure reduction valve, the liquid refrigerant is partially vapor- 
ized. The latent heat of vaporization then cools water to form ice flakes, which in turn cool 
the turbine inlet air. Under appropriate conditions, ice formation may be bypassed to 
directly cool the incoming air (see Fig. 3.28). Storage facility for the ice is required during 
the night, for use during the day. 
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A. Turbine 

B. Compressor 
C. Combustor 
D. Generator 
E. HRSG 

F. Chiller 

G. Chiller compressor 
H. Chiller turbine drive 
I. Pressure reducing valve 
J. Water pump 


Exhaust gas 


FIGURE 3.28 Intake air cooling system. 


3.9 HEAT RECOVERY STEAM GENERATOR 


Recovered heat in an HRSG may be gainfully employed in a cogeneration plant for process 
needs and to generate electric power in a steam turbine, and in combined cycle plants solely 
to drive the turbines. The amount and quality of the required steam will be decisive in deter- 
mining if the HRSG takes the unfired, supplementary fired, or exhaust fired form. 
Additional fuel is introduced to increase the quantity of the produced steam. Other major 
considerations come into play in the overall system configuration. When operating at a sin- 
gle pressure level, the controlling factor will be the temperature difference between exhaust 
gases and steam saturation temperature. Operation at multiple pressure levels sidesteps the 
issue. As the difference between the temperature of exhaust gases leaving the evaporator 
and the steam saturation temperature (sometimes referred to as the pinch point) reduces, 
heat recovery increases. But it also calls for increased backpressure, heat transfer surface 
area, and overall size. A higher pinch point, on the other hand, means less generated steam 
and efficiency. A pinch point in the 40 to 60°F range is usually favored. The approach tem- 
perature defines the difference in temperatures of saturated steam and incoming water. 
Once again, reduced approach temperature increases steam quantity but raises costs. 
Typical approach temperatures vary between 20 and 50°F. Figure 3.29 provides pinch, 
approach, and overall gas and water/steam temperature profiles in the economizer, evapo- 
rator, and super heater sections (Boyce, 2002). 

Many vertically configured HRSGs are designed with inner insulation on a cold casing 
with the natural circulation of exhaust gases. Hot casings with external insulation are used 
when forced circulation is specified. Forced circulation permits the use of smaller tube 
sizes. Stability of flow must be checked. Redundant recirculation pumps provide an extra 
degree of reliability. New gas turbines have high exhaust temperatures, and hence alloy 
materials are required to provide the necessary strength characteristics. 

Heat transfer occurs mostly by convection. Finned tubes facilitate the process of heat 
transfer. Natural gas firing requires 5 to 7 fins per inch length. If heavier fuel is used in the 
gas turbine, 3 to 4 fins per inch of piping aid in the removal of deposits. When the exhaust 
gas backpressure is excessive, a drop in turbine efficiency will result, while LP drop will 
increase the size of the heat exchanger. 
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FIGURE 3.29 Temperature profile in HRSG. 


Supplementary firing in a heat recovery unit has the advantage of maintaining better 
control over fluctuations in demand for steam. A gas turbine exhaust is generally designed 
for base load demand; supplementary firing helps meet spikes in demand. Heating inlet 
water to the boiler will permit reduced heat transfer area and size of the equipment. Oxygen 
content of a gas turbine’s exhaust can generally accommodate the burning of additional 
fuel. Supplementary fired HRSGs are equipped with duct burners for this purpose; exhaust 
fired systems may use conventional burners. The gas temperature may be raised to a max- 
imum of 1650°F through supplementary firing. Figure 3.30 shows the linkage between heat 
recovery and heat input through supplemental firing. An increase of 50 percent in the heat 
input increases the output by 95 percent, with the recovery ratio going up from 50 to about 
77 percent. Special alloys for the super heater and evaporator tubes may be needed to with- 
stand the consequent elevated temperatures. The inlet duct length must be adequate to 
ensure complete combustion and to avoid direct contact of the flame on the tubes. 

When the gas flows over a bank of tubes, vortices are formed and shed behind the wake 
of the tubes. These flow-induced excitation forces cause the tubes to vibrate laterally, leading 
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FIGURE 3.30 Supplemental firing—heat recovered and input. 
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to the phenomenon of singing tubes. The frequency of vibration is obtained from the 
Strouhal number—a function of tube geometry and spacing. The frequency of vortex shed 
depends on the gas pressure and temperature and on the flow velocity. Resonance occurs if 
the natural frequency of the tubes coincides with the shedding frequency; and if the inten- 
sity of the fluid-flow forces is considerable, dynamic stresses will be large enough to fail 
the tubes or pull out at the joints. 


3.10 COMPRESSOR ROTOR AND STATOR 


Continuous flow compressors for gas turbines come in two forms for transferring dynamic 
energy of the rotor to the incoming stream of air. Medium flow and pressure compressors 
call for centrifugal flow, while LP and high-flow requirements use the axial flow design. 
The pressure ratio for industrial applications tends to be low in order to accommodate a 
wider load-operating range between the surge and choke points. A surge point defines the 
threshold of flow reversal initiation. Fluid flow forces arising from flow reversal may be 
severe enough to cause considerable damage in the rotor, sometimes to the point of destruc- 
tion. Special attention is required during the design and development phase of a compres- 
sor to establish and avoid the surge regime. Choke conditions prevail when flow reaches 
Mach = 1.0, at which point additional flow cannot get through the machine. Substantial loss 
of efficiency is encountered when choke conditions prevail. As the number of stages and 
pressure ratio increase, the operating range of a compressor may be expected to narrow. 
Smaller gas turbines may be able to use a combination of axial and radial compressor 
stages. One or more centrifugal stages are generally employed after the axial stages. Air or 
any other working fluid is first accelerated and then diffused to obtain the right pressure incre- 
ment in an axial compressor stage. Rotating airfoils mounted on the shaft impart kinetic 
energy to the fluid; stationary nozzle vanes then convert it into potential energy in the form 
of increased pressure. Multiple stages are required to attain the proper compression, each row 
of stationary and moving blades constituting a stage. Nozzle vanes also perform the important 
task from fluid flow considerations of directing the air at a right angle into the next row of 
moving blades. Figure 3.31 shows a picture of the components of an axial compressor. 


FIGURE. 3.31 Axial compressor rotor and stator. (Courtesy: Siemens Westinghouse) 


90 APPLICATIONS 


A stationary row in the form of inlet guide vanes is located at the start of the passage. 
Many manufacturers offer variable inlet guide vanes to modulate the flow for protection 
against surge, especially when operation is at part load condition. A change in the setting 
of the inlet vanes may also be exercised to control the flow of air during shutdown; the 
objective is to reduce the rate of change of cooling in the hot path components of the engine. 
Differential growth due to unexpected disturbance in airflow can result in interference 
between the rotating and static parts. 

Production of pressure increments in each stage is relatively low, of the order of 
110-140 percent, and is designed to yield high operating efficiency. A constant rate of pres- 
sure increase in each stage is preferable in many designs. Multiple stages may then go on 
to obtain an overall compression ratio of up to 40:1. A steady increase in air temperature 
may be expected along with the pressure as the flow progresses through the stages. Flow 
velocity, on the other hand, will keep gaining and falling between nearly fixed limits as the 
flow goes through the moving and static blades. 

Relatively small increases in the stage pressure justify the use of incompressible flow 
theory for the design of compressors, simplifying the calculations considerably. Advantage 
of axial symmetry may be taken to perform two-dimensional calculations in the cylindrical 
coordinate system for many different tasks. Changes in pressure, temperature, and enthalpy 
may be assumed to occur only in the rotating stage. 

As the pressure increases, the annulus area available for the flow reduces to compensate 
for the reduced volume, thus allowing steady axial velocity. It is necessary to understand 
the significance of absolute and relative velocities. Since air flows over rotating blades, it 
is convenient to carry out flow calculations in a moving coordinate system; flow velocity 
then comprises two vector components—one relative to the blade and the other the veloc- 
ity of the blade itself. Velocity of the moving blades and also of air in the stationary vanes 
requires only a fixed coordinate system. An example of a velocity diagram relating relative 
and absolute flow and blade velocities is shown in Fig. 3.32. 

Cooling air for hot path sections in the turbine is extracted at two or more points from 
the compressor. For example, the sixth-stage bleed air may be used to cool the third row of 
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FIGURE 3.32 Typical velocity diagram for axial compressor. 
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turbine blades, while the air extracted from the 12th stage may cool the first two turbine 
rows in a 16-stage compressor, a four-stage turbine machine. Cool air is also needed for the 
combustor, mostly obtained from the compressor discharge. 

Shrouding of axial flow compressor blades is rarely needed, even in LP stages with its 
long blades. Larger units tend to favor dovetails with side entry, with locking keys embed- 
ded in the spool engaging with a matching partial cutout in the platform at the base of the 
airfoil. Figure 3.33 illustrates a rotor for a large engine. LP nozzles may be fabricated in 
groups of three or four vanes, and then assembled into the casing as a sector. HP vanes gen- 
erally require only two sectors. A relatively simple and reliable construction needs an inner 
and an outer ring, with the vanes welded or brazed at the ends. To ensure a snug fit, grooves 
machined in the casing allow the rings to be admitted by rolling into place. The casing is 
split into upper and lower halves with bolted flanges at the horizontal split line. On larger 
machines the compressor case may need to be divided even further into two segments with 
circular flanges at both ends. This arrangement will result in two horizontal and two verti- 
cal flanges meeting at one point. Special attention is needed during machining and assem- 
bly of the casing segments to ensure proper fit. 

Figure 3.34 shows details of an inlet bellmouth and rotor support frame. The support 
frame at the cold end of the engine has unique features, calling for performing the vital task 
of carrying the dynamic loads acting on the rotor while allowing a free flow of air from the 
intake to the inlet guide vanes. Radial struts connect the inner hub with the outer casing just 
aft of the bellmouth. The struts may be flat steel plates covered with sheet metal fairing for 
providing a smooth flow path. Tubes for delivering and scavenging lubrication oil and 
wiring for sensors may be placed with some struts. The inner hub of the support frame 
accommodates the bearing. Tilting pad and split half elliptical bearings are commonly found 
in industrial gas turbines. Tilting pad bearings have the distinct advantage of damping out 
lateral vibrations of the shaft, but impose additional mechanical losses due to friction. 
A thrust bearing to resist axial forces arising from the flow of air and gases in the compres- 
sor and turbine sections is also included. The struts in the support frame must also provide 
resistance to distortion due to the radial forces and overturning moments transferred from 
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FIGURE 3.33 Compressor rotor assembly. (Courtesy: Siemens Westinghouse) 
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FIGURE 3.34 Inlet bellmouth and support frame. 
(Courtesy: Siemens Westinghouse) 


the rotor. Stiffness characteristics of support struts play a major role in determining the 
vibration aspects of the rotating system. 

Figure 3.35 provides illustrations of the front section of the compressor cylinder and the 
nozzle diaphragms. 

The use of centrifugal stages is confined to smaller gas turbine compressor trains, pri- 
marily due to the small frontal area requirement. Extensively used in the petrochemical 
industry, centrifugal compressor stages are known for their smooth operation and ability to 
withstand large process fluctuations. Achievable compression ratios are around 12:1, but 
small gas turbines are generally limited to 7:1 per stage. Highly loaded compressors require 
a special diffuser design to handle a flow velocity exceeding Mach 1. 

A centrifugal compressor stage consists of an impeller mounted on a shaft and a sta- 
tionary diffuser. The impeller is made of curved blades located on a disk, with the air enter- 
ing axially. The blades gradually curve upward, so the air exits at the periphery of the 
impeller in a radial direction. Air is forced through the passages between the rotating blades 
primarily by centrifugal action. Conversion of the consequent kinetic energy into pressure 
occurs in the stationary diffuser as also in the passage between the impeller blades. In the 
diffuser the inner edge of the vanes are in line with the direction of the airflow exiting from 
the impeller. From the diffuser air undergoes another 90° turn in the scroll to resume its 
axial flow. Radial flow compressor stages are slightly less efficient than axial stages since 
the flow orientation changes, but display greater stability of operation. This last trait 
implies a greater operating range when considering the margin between surge and choke 
points. 

Guide vanes may be provided at the intake to give the entering air swirl to impart some 
tangential velocity. When axial entry is not feasible, the guide vanes may be located radi- 
ally in an intake duct. The guide vanes decrease the relative Mach number at the impeller 
eye, thus avoiding shock waves and consequent losses if the flow is close to sonic velocity. 
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FIGURE 3.35 Compressor cylinder and nozzle diaphragms. 
(Courtesy: Siemens Westinghouse) 


But the positive whirl poses a disadvantage in the form of reduced pressure head produced 
by an impeller of given diameter running at a specific speed. For the same reason a nega- 
tive prewhirl increases the relative Mach number and imparted pressure head. 

As the air travels from the hub to the outer tip, changes in the flow direction lead to vari- 
ations in the velocity and are accompanied by changes in density as the air compresses. 
Blade types for impellers are dictated by the angle at entry and discharge points, which also 
define the developed head (see Fig. 3.36). 


Radial Swept back Swept forward 
FIGURE 3.36 Impeller blade styles. 
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TABLE 3.2 Impeller Blade Operating Characteristics 


Blade type Characteristics 


Radial . Good balance between energy transfer and exit velocity 
. Low-bending stresses 
. Uncomplicated design is easy to manufacture 


. But design provides poor surge margin 


Swept-back . Reduced kinetic energy at exit 

. Inlet velocity also limited 

. Provides maximum surge margin 
. But yields low energy transfer 

. Higher bending stresses 


. Design and manufacture is complex 


Swept-forward . Provides maximum energy transfer 
. But has high inlet and exit flow velocities 
. Higher bending stresses 


. Design and manufacture is complex 
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Radial blades have 90° angle with peripheral velocity at both ends. Swept-back, or 
backward curved, impellers are inclined at less than 90°, and forward curved rotors are 
inclined at greater than 90°. Swept-back blades are widely used because they have the low- 
est discharge velocity. Table 3.2 provides pros and cons of different impeller blades. 


3.11 TURBINE CONSTRUCTION FEATURES 


Operating requirements for industrial and power-generation gas turbines call for continu- 
ous running, long component life, and long time periods between overhaul. Durability must 
be built into the components and system, so heavy design of rotating and nonrotating com- 
ponents is the rule. Failure modes must be carefully identified; failure analysis in presently 
operating machines probably provides the most useful information. Primary failure con- 
siderations in turbine blades are high-cycle fatigue, creep, stress rupture, and corrosion, 
with thermal fatigue playing a secondary role. Burst and low-cycle fatigue are important 
causes of failure in turbine disks, but high-cycle fatigue, creep, and corrosion must not be 
ignored. Vanes are susceptible to failure arising from creep, thermal fatigue, and corrosion. 
Whirling of shafts poses major challenge in their design, together with creep and fatigue. 
Dynamic unbalance in load must not lead to rubbing between the rotor and case or in the 
interstage seals. Engine casings must be capable of containing blades; LP turbine blades in 
a turbine are long and are subjected to considerable centrifugal force when operating at full 
speed. Catastrophic failures of disks are infrequent. 

Field prototype testing plays a major role in the development of gas turbines installed at 
a customer’s location. A series of tests is required to verify the design and performance 
parameters. Measurement of pressures, temperatures, and vibrations under steady and tran- 
sient conditions can be compared with analytical predictions for cycle design, emissions, 
and component performance. Figure 3.37 shows details of a four-stage turbine rotor 
assembly. 

Creep rupture is a major problem in turbine blades and disks continuously operating at 
elevated temperatures. Increasing the inlet temperature to the turbine module improves 
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FIGURE 3.37 Turbine rotor. (Courtesy: Siemens Westinghouse) 


cycle efficiency. But alloys commonly used for the parts fail rapidly when the metal tem- 
perature goes beyond 1800°F. Stress-rupture properties dictate permissible stress at a given 
temperature and time to rupture. Design life then normally runs to approximately 20,000 h 
for industrial applications. Creep strain is another consideration, adversely affecting radial 
clearances at the blade tip and in interstage seals, and must be limited to 1 percent of the 
component life. 

Cooling of blades and vanes permits operation of turbines with an enhanced inlet tem- 
perature. Many different cooling techniques are available. Cooling by convection intro- 
duces air at the root of the blade, passing through multiple passages within the blade and 
exiting at the tip. Film cooling calls for airflow through directionally drilled holes near the 
trailing edge, exiting along the surface of the blade to provide a film of cooler air that sep- 
arates the blade from the main gas flow. Impingement cooling directly impinges on the 
internal blade metal wall at the leading edge. A combination of these methods helps to 
lower the metal temperature considerably, to the extent that the turbine can operate safely 
even when gas temperature at the turbine inlet exceeds the melting point of the material. 

Regardless of cooling effectiveness, a variation in steady-state stresses arising from 
centrifugal forces and temperatures along the span of the blade will be encountered. The 
estimation of minimum rupture or creep life of turbine blades is facilitated by integrating 
the effects of temperature, stress, and time as represented by the Larson-Miller parameter. 
Thermal gradients are set up chordwise in the cooled blades, and may exceed centrifugal 
stresses by 100 percent or more. Thus, three-dimensional finite element heat transfer and 
stress analyses are necessary to evaluate the impact of thermal transient conditions. Low- 
cycle thermal fatigue can then be assessed by checking inelastic deformations and stresses 
throughout the blade. High levels of compressive strain on the surface and tensile strain in 
the core of the blade appear when the turbine warms up during start. As the temperature in 
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the core rises, the surface stresses gradually reverse to leave residual tensile stress. Absence 
of a core in cooled blades is beneficial from thermal fatigue considerations, since it permits 
expansion of surface layers to create lesser stress. Localized hot or cold spots may be present, 
however, setting up high thermal stresses and consequent cracking. 

Resonant vibration of blades and discs poses a major hazard. Failure of a single rotat- 
ing blade is significant not so much due to the replacement cost but because of the damage 
created in the following stages by the kinetic energy of the fragments. Vibratory stress lev- 
els of each turbine stage must be checked experimentally for the most severe operating load 
set and its structural integrity demonstrated. Considerable effort and money is expended in 
establishing the adequacy of the blades during an engine’s development process, but the 
incentive to guard against catastrophic failure exists. 

Coincidence of natural and exciting frequencies leads to resonance. Exciting forces in 
turbines arise mainly from variations in pressure distribution in the gas stream because of 
obstructions. Nozzle vanes, frame struts, and bleed ports set up these obstacles. As a blade 
goes through one revolution, it passes by the same number of consequent pressure varia- 
tions. In one second the blade will then experience pressure fluctuations equal to the prod- 
uct of the number of obstructions and the rotor speed. And by chance, if the natural 
frequency of vibration—a function of blade geometry and material properties—coincides 
with this excitation frequency, then resonance conditions are met. Note also that the non- 
rotating components, particularly nozzle vanes will see a similar effect caused by the rotat- 
ing blades. But the absence of centrifugal force makes the problem more amenable in 
stationary components. It should also be added that a number of bending and torsional 
vibration modes are present in a turbine blade. Compounding the problem, each one of the 
obstructions will set up its own aerodynamic excitation force because of the turbulence set 
up in its wake. 


FIGURE 3.38 Turbine rotor, exhaust end, and support system. (Courtesy: Siemens 
Westinghouse) 
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Industrial gas turbines are provided with support frames at the two ends of the rotating 
system. Design features of the hot end supporting frame contrast in many ways with the com- 
pressor end frame. Two major considerations must be taken into account. High temperature 
levels during operation lead to thermal distortion. At the same time, the frame must provide 
adequate stiffness for radial direction forces and overturning moments along the lateral direc- 
tion of shaft axis. By inclining the struts of the frame away from the radial direction by about 
30°, growth in the length of the struts can be accommodated by permitting the inner hub to 
rotate relative to the outer case. The variation in metal temperatures from the cold condition 
to base load is high enough to develop substantial thermal stress in the struts and in the 
attaching frame rings at the inner and outer diameters. Sometimes referred to as tangential 
struts, the inclination and the consequent room for growth of the struts lead to reduced thermal 
stresses. But there is a drawback in the capability to resist deformation due to mechanical 
loads. Inclining the struts diminishes the stiffness characteristics of the support frame due to 
radial forces and lateral direction overturning moment. Both characteristics play a major role, 
in conjunction with the bearing lubricant film’s stiffness, in establishing the natural frequen- 
cies of vibration of the rotating structure. Reduced support frame stiffness can in many cases 
push down the vibration frequencies into the operating speed range. Thus, the twin require- 
ments of reducing thermal stresses and maintaining support stiffness must be weighed in 
order to obtain a well-balanced design. Stiffness properties can be enhanced to some extent 
by using thicker struts. Wider struts achieve the same objective, but will increase the overall 
length of the turbine. Figure 3.38 shows a typical turbine’s rear end. 


3.12 PERFORMANCE UPGRADE 


The opportunity to upgrade an engine’s output power and cycle efficiency often exists after 
machines of similar design are operating for a period of time, without compromising relia- 
bility and durability. The user needs to improve profits, hence puts pressure on design engi- 
neering and manufacturing of turbines to reduce fuel consumption and improve cost per 
unit power, both first and life cycle costs. Noticeable reductions in reliability, availability, 
and maintainability are not acceptable for customers, hence upgrades that risk durability 
cannot find acceptance in the marketplace. Dimensional scaling, improved component effi- 
ciency, and an increase in the air mass flow, cycle pressure ratio, and turbine firing tem- 
perature are some available options. 

A popular method calls for scaling to obtain a larger (but may be smaller) engine, call- 
ing for minimal development while retaining the proven durability of the existing engine. 
In its simplest form all linear dimensions are linearly scaled by a constant factor. The rotor 
speed scale varies inversely with the constant factor; flow and power scales will be pro- 
portional to its square, while weight and volume will depend on the third power of the same 
factor. Following this scheme most of the original aerodynamics and mechanical safety 
margins will remain intact. Thus, flow Mach numbers, velocity triangles, gas temperatures, 
and pressures in the flow path are maintained. Component stresses and dynamics may also 
be retained to some extent. Heat transfer characteristics, however, will be an exception, 
especially in the cooling of hot path components, and may require reanalysis and modifi- 
cation of cooling flow percentages and airfoil passages. The scaled combustor shell and 
liner will probably work fine, but the number and size of dilution holes may need adjust- 
ment if the radial temperature profile entering the first stage is to be maintained. The type 
and number of fuel injectors may need changing for maintaining or improving the original 
combustor exit pattern. Redesigning a dry low NO, system is perhaps preferable to scaling. 

It will be found that the scaling of component dimensions does not yield power output 
according to theoretical predictions, because assorted items such as surface finish on airfoils 
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and tolerances do not scale. Blade tip and seal clearances are based on a number of factors: 
rotor sag, thermal distortion, bearing alignment, and rotor unbalance. In scaling up airfoils 
there is often a chance to reduce the leading and trailing edge thickness as a percentage of 
chord, thus improving efficiency. But the edge thickness at both ends of the airfoil must 
have minimum values for manufacturing convenience, pointing to a subtle trap in dimen- 
sional scaling. A complete scaled design may also not be advisable from other factors. 
Improvement in design technology calls for changes that cannot be avoided. 

Many other factors are not scalable, recurring manufacturing cost being a good exam- 
ple. Cost is a difficult factor to predict, and must be independently evaluated. It stands to 
reason, however, that when scaling up the cost per unit, power should go down. This aspect 
also explains why advanced and more expensive technologies find application in bigger 
engines first, where it is more cost effective to use. 

Mature engine designs can also benefit from advances in analytical tools, design, and 
manufacturing processes to gain improvements in efficiency. As an example, consider 
Solar Turbine’s upgrade project on the Taurus engine (Van Leuwen, 1994). Model T6500 
was upgraded to T7000, with an increase of 7.1 percent in power output and a 3.1 percent 
reduction in heat rate. This was accomplished primarily by reducing radial clearances in 
compressor and turbine blades and by a 3.4 percent increase in airflow from improved aero- 
dynamics of compressor row-1 blades. The upgrade was successful in providing improved 
performance without compromising the durability of the engine. Contributing factors were 
low recurring manufacturing costs since only a few parts were redesigned, with no change 
in the firing temperature. 

If the airflow can be increased without a significant falloff in component efficiencies, 
the power of the engine will increase without affecting its durability. Increasing the flow 
path height in the first few compressor rows can help attain this objective. Redesigning the 
first stage airfoil and setting the first stage blades at an increased broach angle are other 
means of achieving a high-flowing compressor. Sometimes, opening the inlet guide vanes 
also helps to increase the airflow. These forms of up-rate are usually limited to less than 
10 percent flow increase without considerable changes in the hardware, if adequate restric- 
tions are in place. The surge margin on the compressor must be large enough to accommo- 
date the increased pressure ratio occurring with the increased airflow. If the gas producer 
turbine remains unchanged and firing temperature is maintained, engine pressure ratio will 
increase in proportion to the airflow change. This could diminish surge margin in the com- 
pressor to an unacceptable level. Other consequences of the increased pressure are 
increased load on thrust bearing and slightly higher cooling air temperature. 

An often-overlooked aspect of this high-flowing method of upgrade is the impact on 
performance at elevated ambient temperature. The front end of the compressor can be 
redesigned to provide additional airflow without compromising compressor efficiency at 
design point, but not at all off-design points. In the compressor map of Fig. 3.39, a slight 
increase in compressor efficiency is observed when moving down the operating line. 
Figure 3.40 provides similar operating characteristics with the compressor front end 
redesigned to accommodate the increased airflow, but the remaining stages are not modi- 
fied and thus operate off-design. Compressor efficiency actually drops slightly as operation 
moves down the line. A high-flowed compressor also affects the turbine. Flow rate into the 
turbine goes up, with the pressure also increasing. Since firing temperature is unchanged, 
the Mach number entering the turbine will also remain essentially the same. Nearly all of 
the increased pressure in the gas producer turbine is expended to drive the higher pressure 
ratio compressor. The power turbine will experience increased flow at an enhanced Mach 
number and consequent increased losses. The same holds true for the exhaust diffuser, but 
the gas temperature will reduce. Thus, in evaluating the high-flow concept for performance 
improvement, component losses must not reach a point where design modification does not 
make sense. 
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Adding a stage in front of a compressor, sometimes called zero staging to avoid renum- 
bering, may be tried to increase power output of an engine with negligible changes to the 
center core. Usually the most expensive and durability limiting portion, addition of a stage 
to the core of a proven engine may then be matched with a suitable power turbine. 
Generally, the twin tasks of stage addition in the compressor and modification of power tur- 
bine are relatively low risk and predictable. Mechanical speed of the core engine shaft may 
be increased so that the corrected speed ((cpm)/Vtemperature) at the original first stage is 
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FIGURE 3.40 Modified high-flow compressor performance map (Ragland, 1997). 
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not altered. Velocity triangles and corrected conditions throughout the compressor then 
remain the same. This would require the original design to have about 3 to 4 percent speed 
margin in the core engine. If the margin is not available, maintaining the mechanical speed 
with the addition of zero stage will still deliver an increased airflow of 20 percent without 
a falloff in design point efficiency. 

Several issues resulting from the zero stage design’s increased airflow must be 
addressed. The list includes increments in thrust load, cooling temperature, and increased 
intake filtration and exhaust silencing requirements, as also decrements in exhaust temper- 
ature and power output at high ambient temperatures. For the same firing temperature, 
cycle pressure ratio in the HP turbine increases in proportion to the airflow, causing a small 
reduction in efficiency. But the power turbine is heavily impacted due to the increased 
velocities throughout. Addition of a stage and reducing speed may help restore its effi- 
ciency. A reduced output shaft speed may also benefit driven machinery at a higher power 
setting. The combustor will operate at a higher pressure, Mach number remaining the same. 
Fuel injectors may need modification, as also dry low NO, combustors. 

Solar Turbine Company’s Taurus 60 engine is created by zero staging the Centaur 50 
compressor, together with a new power turbine (Ragland, 1997). Airflow is reported to have 
increased 17 percent and compression ratio from 9.5:1 to 11:1. Power output increased by 
1000 HP (18.2 percent), and the heat rate reduced by 5.3 percent. 

Perhaps the most common method of upgrading a gas turbine’s performance, increas- 
ing the firing temperature, does not entail changes in an engine’s external dimensions. 
From manufacturing considerations this represents a risky proposition, primarily due to the 
absence of field experience to identify weak areas in the hot section. The firing tempera- 
ture of an existing engine may be increased after improved heat resistant materials for life 
limiting parts in the hot section are used. For example, if first-stage blades are limited by 
operational life, it may be changed from a normally cast to a single-crystal alloy. 
Substantial increase in the firing temperature will call for the core turbine and its cooling 
system to be redesigned. Involving extra cost and risk, redesign of the turbine’s aerody- 
namics, cooling for additional airfoil rows and material upgrading may be necessary. An 
increase in cooling air requirements will hurt efficiency. The optimum aerodynamic speed 
will increase to obtain maximum speed, but will likely be beyond the mechanical speed limit 
of the turbine. Figure 3.41 shows an extreme case of what a single-stage turbine efficiency 
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FIGURE 3.41 Comparison of possible full load against speed 
(Ragland, 1997). 
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may experience in a thermal upgrade. Two stages in the turbine may be the solution, but 
will run slower and change engine dimensions to impact retrofitting options. The higher fir- 
ing temperature will also raise exiting velocity from the turbine, going against diffuser and 
collector system efficiency. 

Thermal upgrades in one form or another have been pursued aggressively by most 
engine manufacturers over the years. The compressor is mostly unaffected, but the com- 
bustor and turbine modules will need major modifications. The payoff comes in terms 
of improved performance. In one instance a manufacturer raised the turbine inlet tem- 
perature from 1660 to 1850°F. With nearly identical dimensions, power output went up 
by 21 percent, heat rate was lowered by 3.9 percent, and the exhaust gas temperature 
increased by 120°F. 
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CHAPTER 4 


DERIVATIVE ENGINES 
FOR MARINE AND 
INDUSTRIAL USE 


4.1 INTRODUCTION 


There are a number of industrial situations where the lightweight characteristics of an air- 
craft engine can be advantageously applied to generate mechanical power. The power, 
however, is mostly for driving other machines instead of developing aerodynamic thrust. 
Hence, the fan is no longer needed, and the developed mechanical power drives an electric 
generator, a compressor, or a ship’s propellers. Derivative engines based on aircraft engine 
technology have been developed expressly for such a situation for producing mechanical 
energy. 

Electrical power generation on an offshore oil platform is a good example. A tremen- 
dous amount of mechanical energy is required to operate drills, pumps, compressors, and 
rigs on exploratory and production oil platforms. The geometry of a typical rig calls for a 
platform weighing several hundred thousand pounds located 50 to 100 ft above the surface 
of the water, with the superstructure supported by four legs resting at the bottom of the sea. 
Strictly from stability considerations, it is of vital importance to limit the weight of the 
overall structure above the water line, as well as that of the individual components located 
on the platform. The weight of a typical industrial gas turbine is prohibitively large, and 
hence a design derived from aircraft engine technology would be ideal. Pipeline pumping 
and gas compression applications also require a large operating speed range, as opposed to 
a fixed speed requirement of a power-generation gas turbine. Add to that the capability of 
a combustion system to burn liquid or gas fuels that are abundantly available on an oil plat- 
form, and the suitability of a derivative engine becomes readily apparent. 

Shipboard prime movers and many other marine applications have similar weight 
restrictions. Low-speed reciprocating diesel engines have been traditionally employed for 
marine propulsion, but the engines tend to be physically large. For example, a supercharged 
and after-cooled 12-cylinder direct drive diesel engine of 30 in bore can produce 18,700 hp 
and weigh 74 lb per brake horsepower, for a total of 1,383,800 lb. The engine is 25 ft high, 
8 ft wide, and 45 ft long, occupying a total volume of 9000 ft?. In comparison, an LM2500 
derivative engine housed in its own 12-ft high, 11-ft wide, and 32-ft long module can 
develop 19,500 hp and have a gross weight of 50,000 Ib, or 2.56 Ib/bhp. 

Smaller bore reciprocating engines have a definite advantage over larger ones if weight 
is a prime consideration. In the above example, an eight-cylinder engine of 12 in bore may be 
employed, with gearing to the propeller shaft. The gearing is expected to weigh 20 percent 
as much as the engines and add 15 percent to the floor space of the engine to which it is 
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connected. To estimate the new dimensions and floor area required, assume that the smaller 
engines operate at the same stress level. For the same output at the same piston speed and 
mean effective pressure, the number of 12 in bore cylinders required will be 12 x (30/12)? = 
75. Since there will be some losses in the gears, take 10 eight-cylinder engines, or total 80 
cylinders of 12 in bore. Total engine weight calculates to be 18,700 x 74 x (12/30) x 
(80/75) = 590,400 Ib, and this compares favorably with 1,383,800 lb for the single 
engine. To this must be added 20 percent for the gears, so the total weight of the engines 
and gears will be 590,400 x 1.20 = 708,480 lb. The height of the engines will be 25 x 
(12/30) = 10 ft, which will allow two more useful decks over the engine room. The floor 
area covered by the engines plus the gears will be 15 x (80/75) = 16 percent greater than 
that of the single engine because floor area is proportional to the piston area with engines 
of similar design. 

By eliminating the fan of an aircraft engine a few stages may be added to the low-pressure 
compressor. The axial compressor is split into low- and high-pressure modules, each pow- 
ered by individual turbine sections mounted on the same shaft. The power turbine is con- 
nected to the low-pressure compressor at the forward end and to a driven equipment at 
the other end. With concentric shafts the speed of both compressor sections offers more 
flexibility for optimizing. Three shaft derivative engines call for a separate power turbine 
that is directly connected to the driven machinery. All three shafts operate in their desig- 
nated speed range. Design innovations are incorporated to obtain the required long-life 
characteristics of most industrial applications (Fig. 4.1). 

Derivative engines offer a number of benefits. The size and weight of the complete 
engine lend them to assembly and packaging as a complete unit within the manufacturer’s 
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FIGURE 4.1 Solar Turbines Titan 130 engine for offshore oil production platform. 
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facility. A generator or a compressor may be included in the package, together with the 
accessories purchased by the customer. Installation may also proceed at the job site by fac- 
tory personnel specially trained for debugging and performance matching. Because most 
customers strive to control operational costs, the engines may be readily adapted for remote 
control and automation. Offshore and remote pipeline pumping stations are normally 
designed for unattended operation. When auxiliary systems are uncomplicated, oil-to-air 
exchangers are used in place of water cooling. Starting devices requiring little energy are 
reliable. Hence, aviation-technology-derived engines lend themselves to automatic control 
from a distance. Aeroderivative engines can run continuously without inspection, until the 
monitoring equipment indicates a fault or sudden performance variation. Such an incident 
can best be handled by removing and replacing the gas generator section with a spare, so 
that the module can be inspected, evaluated, and repaired more efficiently at the factory. 
Under these circumstances, offsite maintenance plans offered by a number of manufactur- 
ers and leading service organizations play a useful role. Technical servicing is then mostly 
restricted to conducting minor running adjustments and related routine tasks. 


4.2 SHIP PROPULSION PLANT 


A combination of diesel and gas propulsion arrangements has been selected by the Royal 
Netherlands Navy for its fleet of frigates (Broekhaus and Rand, 2002). A frigate is designed 
to act as an area air defense ship within a task group and as a command platform, and is 
capable of prolonged operation at sea. Each ship is equipped with two Rolls Royce Spey 
gas turbines and two Wartsila cruise diesel engines. The gas turbines are resilient- 
mounted in the forward section of the engine room, while the diesel engines are placed 
in the aft portion. The engines drive a controllable pitch propeller through a conventional 
gearbox with a clutch (see Fig. 4.2). Electrical load for the ship is generated by separate 
diesel generators. 

Spey gas turbines are developed from the TF41 military aviation engine. Proven by 
500,000 h of marine operation, maximum power from the turbine is 19.5 MW. The turbine 
has two spools, operates on a simple cycle, uses modular construction, and enables Rolls 
Royce to compete with General Electric’s LM2500 engine in the marine market. Selection of 


Rolls royce spey 
gas turbines 


FIGURE 4.2 Propulsion plant arrangement (Broekhaus and Rand, 2002). 
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the engine is based on low initial purchase and operating costs, proven reliability, and 
acceptable technical risk. LM2500 engine was ruled out by the developers mostly because 
of the Navy’s preference for the Rolls Royce gas turbines used on their earlier frigates. 
Commonality of parts and the Navy’s familiarity with the earlier engines thus put General 
Electric’s engines at a disadvantage. 

Naval vessels have a number of unique requirements for onboard placement of the 
propulsion equipment. The ship’s outer surfaces must be sloped to reduce the radar cross 
section. The sides of the ship where the engine intakes are positioned are flared outward to 
facilitate maintenance chores such as filter replacement, cleaning, and installation of cov- 
ers. Another important consideration is impingement of exhaust gases upon the air intake 
manifolds; inadequate precautions may result in fouling of the filters. Air separator clean- 
ing may be needed if the problem persists. 

Gas turbines are required to meet contractual requirements for visible smoke during sea 
trials. Excessive emissions are noted mostly because of effusion holes in the canned com- 
bustor walls for increased cooling. A corresponding reduction in the number of air blow- 
holes maintains the pressure balance within the can. But this modification leads to an 
excessive reduction in primary zone combustion air, resulting in generation of smoke. The 
effect is observed when power output exceeds 14 MW. Additional design changes in the 
combustion cans are underway to increase primary air to reduce smoke emission. Power 
output of the gas turbines will then be increased to 18 MW. This brings into question the 
manufacturer’s power-setting guarantees. The difference in top speed of the ship between 
18 and 19.5 MW power output is !/. knot, which may be acceptable. 

In the absence of other proven propulsive technologies, gas turbines compare favorably 
with their rival, diesel engines. Gas turbines offer greater power density than a diesel 
engine, but have higher specific fuel consumption and initial purchase cost. Another impor- 
tant consideration is the use of integrated propulsion and electric power generation as 
opposed to the more traditional separate approach. In the final reckoning, operating costs 
for maintenance (material and labor) throughout the engine’s life against the cost of fuel 
burn represent the crux of the financial argument in either engine’s favor. 

Based on this experience from the Royal Netherlands Navy, the following rules may be 
shaped for future prime mover selection: 


e Diesel engines offer a better fuel burn argument over simple-cycle gas turbines through- 
out the operating regime. But when the turbines are loaded up to their top capacity, or 
when advanced cycle gas turbines are employed, the diesel engines’ superior fuel econ- 
omy is challenged. 


e Diesel engines provide a cheaper initial propulsion plant and lower fuel burn cost, but 
experience higher through life cost because of higher maintenance requirements. 
Exceptions to this trend do come up occasionally. 


e Diesel engines are a must for the export market from a commercial angle, where the 
higher technology risk may play against its adoption. 


e During operating profiles calling for sprinting and loitering, diesel engines achieve lower 
cost compared to gas turbines, but this must be weighed against increased damage and 
maintenance costs incurred in operating partially loaded diesels. Thus, it would be prefer- 
able to install two 4-MW diesel engines for part load running than a single 8-MW unit. 
Note, however, that the weight and space requirements of the two engines do not differ 
from each other substantially. Also, gas turbines have greater specific power output, and 
do not suffer penalties when running at part load. 


e Diesel engines require a large maintenance envelope on all sides. Gas turbines, on the 
other hand, need accessibility from only one or two sides for the removal of modules. 
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e Diesel engines do not have a high air consumption rate, so large intake and exhaust man- 
ifolds and stacks are not needed. Some treatment of exhaust gases is needed to meet emis- 
sion regulations, but space requirements are not large. 


e Infrared emissions are lower in diesel engines than in gas turbines. 


Gas turbine compressors used to be cleaned by crank soak washing or by injecting solid 
compounds such as nutshells or rice husks at full speed with the unit on line. With the 
advent of coated blades for compressors, this method of online cleaning by soft erosion was 
no longer preferred because it caused pitting. Additionally, unburned solid cleaning com- 
pounds and ashes cause blockage of the carefully designed turbine blade cooling systems 
if ingested into the stream. Wet cleaning with detergents was introduced in the 1980s, and 
time intervals between online washing and a combination with offline washing required 
establishment. 

An airflow reduced by 5 percent due to fouled compressor blades will reduce the out- 
put by 13 percent and increase the heat rate by 5.5 percent (Hoeft, 1993). Marine engines 
are particularly susceptible to the phenomenon of fouled compressor blades. The intake of 
sea air near shorelines and further away in the ocean increases a gas turbine’s specific fuel 
consumption because of soot, salt, and dirt adhering to the surface of compressor blades and 
vanes. Aerodynamic performance of the airfoils is reduced by the restricted airflow, while 
also increasing frictional losses from the associated surface roughness. Cleaning the blades 
by spraying a detergent solution while motoring the gas turbine using the starter mechanism 
has been reported to restore compressor performance to a certain level. Even with the wash- 
ing after specific periods, compressor performance continues to degrade. 

Fouling rates vary considerably, and are specific to each application (Stalder, 1998). 
Surrounding environment, climatic conditions, and plant layout play a role in the frequency 
required for washing. Site weather parameters probably have the most impact on the foul- 
ing rate and consequent performance degradation. Most fouling deposits are mixtures of 
water-wettable, water-soluble, and water-insoluble materials. The deposits progressively 
become more difficult to remove if left untreated, as the aging process bonds them more 
firmly to the airfoil surface, thus reducing the cleaning efficiency. Water-soluble com- 
pounds tend to promote corrosion when chlorides are present. Water-insoluble compounds 
may be from hydrocarbon residues or from silica. Demineralized water is preferable for 
online cleaning, and the detergent must fulfill the fuel manufacturer’s specifications. Hot 
wash water (140 to 170°F) will soften the deposits better than cold water, and will prevent 
thermal shocks; however, equipment must be available for heating the water. 

One method of arresting the rate of deterioration calls for the application of a fouling 
resistant coating on the compressor airfoils (Caguiat, 2002). In a series of tests conducted 
by the U.S. Navy, two different coatings were selected to determine their effectiveness in 
eliminating surface roughness. Made by Sermatech International, one coating was used for 
the first two stages and the other for the remaining stages, with both possessing an inert top 
layer and an anticorrosive aluminum-ceramic base coat. A chemical similar to Teflon was 
added for improved fouling resistance. The tests were designed to focus primarily on the 
effects of high levels of concentration of salt in the air. The salt was injected by means of 
air atomized spray nozzles mounted at the turbine inlet. The ingestion rate of salt is based 
on 0.01 ppm of air. 

The average mass flow rate for the test engine is 38 Ib/s. Using 0.05 Ib of salt per pound 
of water, the flow rate from the nozzles was set at 3.0 gal/h over a period of 0.25 h. 

It may be assumed that in the accelerated test environment, salt would have a propen- 
sity to deposit in the same locations on the blades as it would in a nonaccelerated shipboard 
environment. The assumption has validity since salt tends to adhere to the stagnation points 
on the compressor blades as the air stream moves through the compressor. 
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FIGURE 4.3 Temperature variation due to compressor blade fouling 
(Caguiat, 2002). 


The test engine speed and load from the mechanically coupled generator are held nearly 
constant during the evaluation. As fouling progresses, the compressor discharge pressure 
will decrease from the clean engine level, while the fuel consumption rate will need to 
increase in order to maintain the load. Increased surface friction losses will increase tem- 
perature at the compressor discharge and at the turbine inlet. Figures 4.3 and 4.4 provide 
results from the test. The fuel consumption and compressor discharge temperatures indi- 
cate a mostly linear upward trend as the salt ingestion increases, while the compressor dis- 
charge pressure shows a nearly linear downward trend. The combination equates to a 
downward trend in adiabatic efficiency. A loss of 7 percent in the compressor discharge 
pressure and an increase of 3 percent in fuel consumption required merely 0.065 1b of salt. 
Comparisons were also made between coated and noncoated blades in a similar manner. 
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FIGURE 4.4 Compressor performance degradation due to blade fouling 
(Caguiat, 2002). 
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A clear reduction in degradation of each of the parameters is observed with the coated 
blades. The results were verified at a number of load levels. 


4.3 GAS COMPRESSION SYSTEMS 
FOR PIPELINE PUMPING 


Gas turbine driven compression systems may be used for many different situations. Some 
examples are: gas transport in pipelines, pressure boosting, reinjection of natural gas into 
oil wells, gas lift to support oil production, storage and withdrawal of gas from storage 
facilities such as caverns, and gathering from diverse areas of gas fields. Often the fuel gas 
for the turbine is withdrawn from the line. Although fuel efficiency is an important goal in 
transport applications, the reinjection gas is virtually cost free since it would have to be 
flared if it were not reinjected. Even in pipeline applications the gas appreciates in value the 
further along the line it travels. And for pressure boosting the prime consideration might be 
the capability to attain the desired level. Consequently, most applications tend to focus on 
the capability to provide acceptable performance over a range of operating scenarios rather 
than at a well-defined operating point (Kurz and Fozi, 2002). 

Since each project has operating conditions that are critical to the success of the project, 
effort is expended in meeting that goal rather than achieving often-contradictory objectives. 
The criteria may not be performance related—rotor dynamic stability, reliability, and avail- 
ability are some examples. A typical plant may opt for extreme guarantee points such as 
near surge or deep in choke conditions of the compressor. Little emphasis is then placed on 
performance at operating points that are seldom used and have minimal impact on the oper- 
ating cost. Those parameters that most affect profitability must then be analyzed. Some typ- 
ical situations will be reviewed. 

In gas transport applications, operating costs are linked to the amount of fuel used and 
the maximum amount of gas that can be compressed for a given operating condition. Note 
that efficiency and maximum power output of the gas turbine and efficiency and head 
developing capacity of the compressor will affect the outcome of the required criteria. 
None of them alone will determine the outcome. 

Gas gathering is another example. Costs in this form of operation hinge around the capa- 
bility to produce heavier hydrocarbons that are part of the associated gas. The preference 
for gas turbine fuel is at the lighter end of the associated gas. Hence, fuel efficiency of the 
compression system has little impact on the operating costs. In fact, a premium is placed on 
the reliability and availability of the unit. Another important parameter is the maximum 
flow that can be achieved by the package, but this may be redundant if the flow rate from 
the source is not high. The operating characteristics of a gas compressor for pipeline oper- 
ation and for a gathering and storage situation are shown in Fig. 4.5. 

The key issue in gas reinjection application is the ability to operate safely and reliably 
at a significantly high discharge pressure of up to 700 bars, or 10,000 Ib/in?. Performance 
and efficiency issues may then be almost irrelevant when compared to the rotor dynamic 
stability and structural integrity. 

When multiple operating points are defined, the compressor design may not be opti- 
mized for best operation at the usual point, and compromises may then be needed to cover 
the array of points within the operating envelope. Efficiency-related points should not be 
defined at the edges of the operability of the compressor, but rather at the most likely oper- 
ating points. The number of identical units operating at a station also plays a role. Two or 
more compressor sets may operate at a location, with another unit as a spare for increased 
operating and maintaining flexibility (Fig. 4.6). 
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FIGURE 4.5 Gas compression characteristics: pipeline operation (upper); 
gathering and storage (lower) (Kurz and Fozi, 2002). 
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FIGURE 4.6 Multicompression train. 
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4.4 OPERATIONAL EXPERIENCE 
OF LM2500 ENGINE 


An integrated electric propulsion and power service system provides for greater flexibility, 
efficiency, and survivability of naval ships. Examples of this concept include the type-45 
destroyer program for the Royal Navy and DD (X) program for the U.S. Navy (Harvey, 
Kingsley, and Stauffer, 2002). 

The U.S. Navy system comprises a General Electric LM2500 gas turbine engine 
directly coupled with a Brush Electric Company synchronous generator. The unit is capa- 
ble of producing 21.6 MW at 0.8 power factor. To determine system response during start- 
up, aramp load is conducted during the system test to characterize power system interface, 
stability, and control performance. Step loads are in the form of propulsion motor acceler- 
ation at an average of 4 percent power per second up to steady-state condition. System oper- 
ating conditions are 25, 50, 75, and 100 percent of shaft output power of the propulsion 
motor. Figure 4.7 provides details of turbine performance during the 100-percent ramp. 
Turbine performance and voltage regulation were exceptionally well controlled. The gen- 
erator power turbine speed followed the U.S. Navy’s 3.33 percent droop curve standard 
with very little deviation during each ramp-up operation. Since motor load is proportional 
to the third power of speed, motor acceleration was shaped to provide a linear power ramp 
and a cubic speed profile. 

Ramp unloads were also carried out during the system test to a similar set of charac- 
teristics as in the ramp-up mode, but with the engine decelerating. Since the motor con- 
verter is nonregenerative, the motor’s deceleration is restricted, and it ramps down at a rate 
of 2 percent power per second. Figure 4.8 illustrates this feature, with the deceleration time 
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FIGURE 4.7 Turbine generator and propulsion motor characteristics—ramp acceleration. 
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FIGURE 4.8 Turbine generator and propulsion motor characteristics—ramp deceleration. 


period more extended than the period during acceleration. The motor slows down in a lin- 
ear speed profile as opposed to a cubic acceleration schedule. 

Step unloading of the power generating system represents a considerably more severe 
situation than a gradually unloaded ramp operation. The engine is driving at a constant 
mechanical power and the generator exciter is providing a constant excitation when the 
electrical load is suddenly lost. The frequency and voltage of the machine overshoot 
momentarily, hence mechanical power input to the generator must be reduced rapidly to 
prevent overspeed and return the power turbine to normal speed. This is accomplished by 
adjusting the fuel-metering valve. In a similar manner the automatic voltage regulator must 
rapidly reduce the excitation current to the generator to return the voltage to a normal level. 

On the loss of motor load at 100-percent power, the frequency of the LM2500 genera- 
tor rises from its initial steady-state droop setting of 58.0 Hz, or 3480 rpm, as is shown in 
Fig. 4.9. The upper steady-state tolerance limit is 63 Hz (3780 rpm) or 5 percent, which is 
met. The final frequency is 60 Hz (3600 rpm), which represents the no-load frequency. 

A high-power propulsion motor trip may result in a flameout condition in the turbine 
engine. Step response tests of the fuel-metering valve from the maximum to the minimum 
positions indicated some undershoot in the metered flow rate, but it is not enough to cause 
a flameout in the engine. The problem lies more in the control algorithms. The imple- 
mented core software may not have sufficient deceleration limitation to prevent a flameout 
on rejection of the full load. By changing the logic to allow fuel flow to be maintained at 
or above the minimum schedule while keeping the gas generator’s deceleration rate within 
acceptable limits, a flameout can be prevented. The main protection against reignition is to 
shut down when a flameout occurs. In this connection ultraviolet-based detection sensors 
have been proved to be fast enough to indicate a flameout. The detectors will then initiate 
a shutdown of the turbine, if a loss of flame is detected following a step unload. Instances 
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FIGURE 4.9 Turbine generator and propulsion motor characteristics—100-percent step unload. 


of overshoot in the fuel valve have also been observed during a partial step unload. A loop 
simulation for the valve may then be required to minimize both the over- and undershoot- 
ing traits. 


4.5 POWER FOR HEAVY MILITARY VEHICLES 


Heavy military vehicles, such as the U.S. Army’s Abrams Main Battle Tank and the Crusader 
self-propelled howitzer, require an efficient hybrid propulsion system to meet large and con- 
tinuous power needs. The LV100 recuperated turbine engine is well suited to provide electric 
power for advanced armored motor vehicles where volume and weight are a premium 
(Koschier and Mauch, 1999). Mission requirements may call for sustained high power to 
maintain speed, even on a slope. To avoid easy detection, low emissions and noise charac- 
teristics of the vehicle are mandatory. To top it all, since the fuel tank uses valuable under- 
the-armor volume, low fuel consumption over a wide range of power settings helps in 
reducing the size of the tank. 

Aircraft engines are designed for the lowest possible weight and best performance in the 
80 to 100 percent power range for fixed wing and helicopter applications, where operation at 
low idle speed is of little relevance. Vehicular engines need to be optimized in the idle 
mode to 60 percent of maximum power output range. A recuperated cycle is advantageous 
when the engine spends a considerable amount of time in the idle mode of operation. In 
terms of cyclic usage, vehicular operation subjects the engine to cycle counts many times 
higher than for aviation applications. Another interesting feature calls for military vehicles 
to be designed for continuous medium-to-high ground shocks during field exercises. 
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Besides a good volume-to-shaft horsepower (shp) ratio, the turbine must contain turbo- 
machinery components to address a number of constraints and needs: 


e Means for power augmentation to cover short-term needs 
e Components with wide-operating mass-flow range 
e Parts designed for high thermal cycle count and shock loads 


e Durability and ease of maintenance of engine systems 


Figure 4.10 provides a performance comparison of simple and recuperative cycles of 
operation, with enhanced component efficiencies obtainable for engines in the 1500-shp 
capacity. At maximum power the recuperated cycle has significant advantages over the 
nonrecuperated type, but during part load operation the benefits are even higher. The latter 
advantage accrues because the pressure ratio tends to decrease, and higher temperatures can 
be maintained, by using variable-geometry components. To illustrate this point, the LV100 
engine burns 25 percent less fuel at idle power than a similar power class T700 simple- 
cycle turboshaft engine. 

Goals of improvement in specific power and fuel consumption as outlined in the U.S. 
military’s Integrated High Performance Turbine Engine Technology program for simple- 
cycle aircraft engines can be obtained by pushing to ever-increasing levels of temperatures 
and pressure ratios. Cycle temperatures approaching stoichiometric limits and pressure 
ratios of 60 have been proposed. The extrapolation in Fig. 4.10 suggests that at maximum 
power the simple cycle could get close to reaching the performance levels of the recuper- 
ated cycle, but at a much higher specific power output. Since vehicular recuperated engines 
optimize at much lower pressure ratios, the feature reduces engine complexity, reduces the 
number of stages, and results in comparatively higher component efficiencies. 
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FIGURE 4.10 Simple and recuperated cycle performance comparison (Koschier 
and Mauch, 1999). 
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A temperature level of 2800°F will call for additional cooling, but this adds to the geo- 
metric complexity in the parts. Efficiency of a component tends to decrease when the 
engine is scaled down to a lower flow size. While flow passage dimensions may be scaled 
to obtain the right Mach number in flow areas, operating clearances do not scale propor- 
tionately. Running clearances have a strong impact on efficiency, and depend on the radial 
growth from centrifugal forces, thermal effects, and structural deflection of the supporting 
structure. 

If the LV100 engine’s combustion system can be modified to operate on natural gas and 
is equipped with a catalytic device, NO, emissions may be expected to fall into the ultra- 
clean regime, levels that cannot be reached with diesel engines. The system may then be 
attractive for commercial applications. Of particular interest are space- and weight-sensitive 
installations such as oil drilling platforms, emergency power supply, supplementary power 
generators in rural areas, and helicopter airlift. 


REFERENCES 


Broekhaus, K. O., and Rand, M. J., “The design and layout of the propulsion plant of the RNLN air 
defence and command frigate,” ASME Paper # GT-2002-30673, New York, 2002. 


Caguiat, D. E., “Rolls Royce/Allison 501-K gas turbine anti-fouling compressor coatings evaluation,” 
ASME Paper # GT-2002-30261, New York, 2002. 


Harvey, E., Kingsley, J., and Stauffer, M., “United States navy integrated power system gas turbine 
generator set test experience,” ASME Paper # GT-2002-30260, New York, 2002. 


Hoeft, R. F., Heavy Duty Gas Turbine Operating and Maintenance Considerations, GER-3620B, 
General Electric I & PS, Schenectady, 1993. 


Koschier, A. V., and Mauch, H. R., “Advantages of the LV 100 as a power producer in a hybrid propul- 
sion system for future fighting vehicles,” ASME Paper # 99-gt-416, New York, 1999. 


Kurz, R., and Fozi, A. A., “Acceptance criteria for gas compression systems,” ASME Paper 
# GT-2002-30282, New York, 2002. 


Stalder, J. P., “Gas turbine compressor washing state of the art: Field experiences,” ASME Paper 
# 98-GT-420, New York, 1998. 


BIBLIOGRAPHY 


Benvenuti, E., “Design and test of a new axial compressor for the Nuovo Pignone heavy duty gas 
turbines,” ASME Paper # 96-GT-145, New York, 1996. 

Benvenuti, E., Bianchi, D., Gusso R., and Sabella D., “The PGT10 heavy duty gas turbine,” ASME 
Paper # 88-GT-319, New York, 1988. 

Bird, J., and Grabe, W., “Humidity effects on gas turbine performance,” ASME Paper # 91-GT-329, 
New York, 1991. 

Boyce, M. P., Handbook for Cogeneration and Combined Cycle Power Plants, ASME Press, New 
York, 2002. 

Chmielewski, R., Jacobucci, S., Harkins, W., Kuten, P., Wu, S., Berruti, A., and McArthur, J., “Unique 
combined cycle design caters to plants with cyclical demand profiles,” Power Engineering, January 
2000. 

Driscoll, M., McFetridge, E., and Arseneau, W., “Evaluation of at sea tested LM2500 rainbow rotor 
blade coatings,” ASME Paper # GT-2002-30263, New York, 2002. 

Hibner, D. H., “Dynamic response of viscous damped multi-shaft jet engines,” Journal of Aircraft 
12(4), 1975. 


116 APPLICATIONS 


Kaya, H., “Catalytic combustion technologies,” Journal of Gas Turbine Society of Japan 25(98): 
48-51,1997. 

Nagaraj, B., and Katz, J., “Evaluation of high pressure turbine blade coatings on LM2500 rainbow 
rotor,” ASME Paper # 95-GT-360, New York, 1995. 

Nakazawa, N., Ogita, H., Takahashi, M., Yoshizawa, T., and Mori, Y., “Radial turbine development 
for the 100 kW automotive ceramic gas turbine,” ASME Paper # 96-GT-366, New York, 1996. 

Rangwala, A. S. Reciprocating Machinery Dynamics: Design and Analysis, Marcel Dekker, New 
York, 2001. 

Tarabrin, A. P., Schurovsky, V. A., Bodrov, A. I., and Stalder, J. P., “An analysis of axial compressor 
fouling and a cleaning method of their blading,” ASME Paper # 96-GT-363, New York, 1996. 

Thompson, B. D., and Badgley, R., “Application of an advanced hybrid rotor dynamics model to the 
complete structure of a marine gas turbine engine,” ASME Paper # 88-GT-123, New York, 1988. 

Thompson, B. D., and Wainscott, B., “Systematic evaluation of U.S. navy LM2500 gas turbine con- 
dition,” ASME Paper # 00-GT-667, New York, 2000. 

Wadia, A. R., Wolf, D. P., and Haaser, F. G., “Aerodynamic design and testing of an axial flow com- 
pressor with pressure ratio of 23.3:1 for the LM2500+ gas turbine,” ASME Paper # 1999-GT-210, 
New York, 1999. 

Yee, R., Myers, L., Braccio, K., and Dvornak, M., “Enhanced TF40B gas turbine engine development 
program,” ASME Paper # GT-2002-30264, New York, 2002. 

Yoshida, Y., Oyakawa, K., Aizawa, Y., and Kaya, H., “A high temperature catalytic combustor with 
starting burner,” ASME Paper # 00-GT-087, New York, 2000. 


CHAPTER 5 


DIESEL AND AUTOMOTIVE 
ENGINE TURBOCHARGERS 


5.1 INTRODUCTION 


An internal combustion engine cycle is a series of events that the engine goes through while 
it operates and delivers power. In a four-stroke, five-event cycle these events may be 
described as intake, compression, ignition, combustion, and exhaust. Since the events occur 
in a certain sequence and at precise intervals of time, they are said to be timed. Most piston 
engines operate on the four-stroke, five-event cycle principle developed by August Otto, 
which is named after him as the Otto cycle. Other cycles for heat engines are the Carnot 
cycle, the Diesel cycle, and the Brayton cycle. They differ in the particular engine theories 
developed by the scientist whose name is associated with the cycle. 

The four strokes of a four-stroke cycle engine are the intake stroke, the compression 
stroke, the power stroke, and the exhaust stroke. In a four-stroke-cycle engine the crank- 
shaft makes two revolutions for each complete cycle, so the ignition of the fuel-air mixture 
takes place only once in two complete revolutions of the crankshaft. In a two-stroke engine, 
on the other hand, the complete cycle takes place during one revolution of the crankshaft. 
The sequence of events during the up and down strokes may be described as follows. 
During the intake stroke the piston starts at top dead center, the intake valve is open, the 
exhaust valve is closed, the piston moves downward, the fuel-air mixture is drawn into the 
cylinder, and at its end the intake valve closes. During the compression stroke both valves 
are closed, and the piston moves toward the top dead center while compressing the work- 
ing fluid. Ignition takes place near the top of the stroke. In the power stroke both valves are 
closed, the ignited gases build up a lot of pressure and cause it to expand while forcing the 
piston toward the bottom dead center. The exhaust valve opens well before the bottom of 
the stroke. During the scavenge stroke the exhaust valve is open and the intake valve is 
closed, the piston moves toward the top dead center, forcing the burned gases out through 
the open exhaust valve, and the intake valve opens near the top of the stroke. 

Naturally aspirated reciprocating engines are designed to induce outside air, or a 
mixture of air and fuel, at nearly atmospheric pressure. The concept of supercharging— 
supplying pressurized air to an internal combustion engine—increases the mass flow rate 
of the air induced into the cylinders. A greater amount of air crammed into the cylinders 
permits an increase in the fuel introduced into the system than would be possible if the air 
is aspirated into the cylinders without the benefit of precompression. This leads to an 
increase in the engine’s power output as well as an improvement in thermal efficiency 
(Heisler, 1995). 

Turbocharging is a particular form of supercharging in which a compressor is driven by 
an exhaust gas turbine to pressurize the incoming air. Turbochargers are extensively used 
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FIGURE 5.1 Effect of engine speed on exhaust smoke and fuel consumption (Heisler, 
1995). 


on large compression ignition engines, and find increasingly greater applications on auto- 
motive engines as well. In diesel engines the process can reduce the specific fuel con- 
sumption from about 3 to 14 percent in the engine’s speed range. The reduction in fuel 
consumption becomes more marked as the engine’s load is reduced, as can be seen in Fig. 5.1 
from the family of constant load curves ranging between !/4, !/2, 3/4, and full engine load. 
However, at full load below 1400 rpm and 3/4 load below 1000 rpm the specific fuel con- 
sumption is inferior to that of the naturally aspirated engine. Thus, the improvement in the 
fuel consumed becomes more effective as the engine load is reduced. With the tur- 
bocharged engine, the level of exhaust smoke emission is considerably reduced with 
increasing engine speed, as excess air is supplied to the cylinders, which is in contrast to 
the naturally aspirated engine. In the upper speed range the naturally aspirated engine finds 
it difficult to clear and fill the cylinders with sufficient quantities of fresh air. Frictional 
losses rise rapidly with an increase in the engine speed but do not rise in direct proportion 
to the engine load output. 

Supercharging of spark ignition engines involves a compromise with efficiency, and 
can be justified in only a few cases, including 


e Aircraft engines. Supercharging is used here to provide both high-specific power output 
for takeoff and to compensate for lower air density at operating altitudes. All but small 
engines for light aircraft are supercharged. The problem of detonation is solved by the 
use of high-octane fuels. 


Automobile engines. With the advent of small, efficient turbosuperchargers and reliable 
electronic controls, many luxury and sports-type automobiles are supercharged. This 
usually lowers fuel economy in comparison with the same engine naturally aspirated. The 
decision to use supercharging is more one of marketing than one of utility. 


e 


Racing engines. Here specific output has exaggerated its importance, and supercharging 
is used wherever it is allowed. 


e Large natural gas engines. In this case the saving in weight and bulk by means of super- 
charging is great, and the fuel used has a high resistance to detonation. Nearly all natural 
gas engines above 500 hp are supercharged. No limit on supercharging in diesel engines 
is imposed by combustion. 
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The decision whether or not to use supercharging, and if so how much, depends on a 
balance between the relative simplicity of the nonsupercharged engine together with its 
generally lower mechanical and thermal stresses and the smaller size of a supercharged 
engine with the same rating. The initial cost may be in favor of either type, depending on 
the cost of the supercharging system and the reduction in cost due to the decreased engine 
size (Taylor, 1985). 

On the other hand, diesel engines use the compression ignition concept for trucks, 
buses, and locomotives. Medium and large marine engines are almost always super- 
charged. The same is true for stationary applications such as power generation, except in 
the smallest sizes. The allowable amount of supercharging in diesel engines depends on the 
question of reliability and durability, plus economic factors such as the cost of the super- 
charging equipment as a function of its capacity and pressure ratio. 

Supercharging without aftercooling increases the inlet temperature as well as the inlet 
pressure, and both of these changes shorten the delay period. Thus, supercharging is actu- 
ally favorable to low rates of pressure rise and to maximum pressures lower in proportion 
to the inlet pressure than is the case with the same engine not supercharged. But exactly the 
reverse is true for spark-ignited engines due to the increased risk of detonation. Detonation 
may lead to overheating of spark plug points with resultant preignition, that is, ignition 
before the spark occurs. Severe preignition may lead to the loss of power and economy, 
rough and unsatisfactory operation, and often damages the engine. In contrast, in diesel 
engines no definite limit to supercharging is set by the combustion characteristics. In prac- 
tice, supercharging limits must be set by the less easily determined characteristics of relia- 
bility and durability. Excessive supercharging reduces these characteristics because of the 
high maximum cylinder pressure and rate of heat flow. 

Figure 5.2 compares some test results on three pressure ratings of four-cycle diesel 
engines, where performance variation with the compressor pressure ratio is shown. The 
curve for the engine variable compression ratio shows that gains in output can be made at 
the cost of fuel economy. 


5.2 SUPERCHARGING METHODS 


Compressors for pressurizing the intake air can be divided into two classes, positive dis- 
placement and dynamic (or nonpositive displacement) types. Examples of positive dis- 
placement compressors include the Roots, sliding vane, screw, reciprocating piston, and 
Wankel methods. These compressors can be more readily driven from the engine crank- 
shaft, an arrangement often referred to as a supercharger. Axial and radial flow compres- 
sors are of the dynamic type. Because of internal flow characteristics, their rotational speed 
is of an order of magnitude higher than that of the internal combustion engine. Axial and 
radial compressors can be more adequately driven by a turbine to form a turbocharger. The 
turbine can also be of the axial or radial flow type. The advantage of turbochargers over 
superchargers stems from their use of the recovered exhaust gas energy during the engine’s 
blowdown stage. 

Another form of a supercharger is the Brown Boveri Comprex pressure wave type. A 
paddle wheel type of rotor is driven from the engine crankshaft. However, the air is com- 
pressed by pressure waves from the exhaust. Some insignificant mixing of the cold inlet 
and hot exhaust gases is inevitable in this process. 

Three primary components form the sliding vane supercharger: cast casing, rotor drum, 
and vane blades (Fig. 5.3). The casing is a nickel-iron casting, with external circumferential 
ribs to assist in heat dissipation. The steel drive shaft is mounted eccentric to the bore axis 
of the casing, with an aluminum rotor drum directly cast on it. To control rubbing friction 
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FIGURE 5.2 Performance of turbocharged diesel engines vs. pressure ratio. 


between the vanes and the casing four equally spaced slots for the vanes are machined tan- 
gential to a base circle, the diameter of which is about half that of the rotor. Tangential vane 
slots are preferable to the radial orientation, since part of the centrifugal load on the vanes is 
transferred to the outer slot wall. Hence, there will be less normal load acting between vane 
tips and casing walls. Curved blade tips have been known to reduce contact frictional force 
at high rotor speeds, where the charge inward reaction pressure counteracts the centrifugal 
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FIGURE 5.3 Sliding vane type compressor (Heisler, 1995). 
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effect. The vanes are made from laminates of linen impregnated with phenolic resin. 
Lubrication of the vanes and the slots is achieved by a controlled drip from an oil reservoir. 
The lubricator feed is adjustable to ensure adequate but not excessive supply, which might 
impede vane movement or foul the engine’s spark plugs. Engine to blower drive ratio is 
generally about 1:1 but may be increased to 1.5:1 for low-speed engines (Heisler, 1995). 

The semiarticulating sliding vane supercharger has four semiarticulating sliding vanes 
slotted into an eccentrically mounted drum located inside a cylindrical case. Each vane is 
mounted radial to the case by means of two widely spaced ball races attached to a station- 
ary carrier shaft, with the shaft supported by the rear end plate centrally to the casing inte- 
rior. The vanes pass through slots in a drum mounted eccentrically to the case by a race at 
the front and rear end plates. The drum, driven by a belt driven pulley, rotates the vanes 
about their central axis. The offset between the drum center and vane carrier shaft causes 
the drum and vanes to revolve about separate axes. The vanes slide in their slots, and the 
slots swivel to accommodate the small amount of air circulation. 

As the drum rotates, the vanes slide and the slotted trunnions swivel to align themselves. 
This results in an automatically maintained fine vane-tip to cylinder-wall clearance. The 
crescent-shaped space created by the eccentrically positioned drum relative to the internal 
cylindrical wall is divided into four separate cells by the equally spaced vanes projecting 
from the drum, which come close but do not touch the casing walls. 

The Roots rotating lobe blower contains a pair of externally located meshing helical 
gears. Their function is to drive the pumping members, consisting of specially shaped twin 
contra-rotating rotors turning at the same speed without touching each other. The rotors 
have two or three lobes of identical design, with their outer convex contour being of an 
epicycloidal form, while the inner concave profile is a hypocycloidal curve. This form 
ensures that at all angular positions the high-pressure discharge space is sealed, except for 
a small working clearance from the low-pressure inlet space. This working clearance is 
maintained by strictly controlling the backlash on the external helical cut timing gear. 
Clearance between the lobes when at right angles to each other, between the lobe and cas- 
ing, and also the axial clearance between the rotor lobe and the end casing should be con- 
trolled between set limits. The radial and axial clearances are obtained by shimming during 
initial installation, and by the adjustment of the support bearings. The blower tends to be 
noisy, since compression does not take place until the leading lobes suddenly uncover the 
discharge port. The procedure produces pressure pulsations and turbulence, which gener- 
ate loud sound waves. The noise level can be reduced by arranging the discharge port at an 
angle to the rotor axis instead of parallel to it, thus uncovering the port progressively, or by 
using helical lobes that are more expensive to manufacture. The three-lobe rotor gives a 
more uniform pressure output than the two-lobe configuration since there is an extra air 
delivery per revolution. Also, better sealing of the charge in the passage is obtained with 
three lobes. Figure 5.4 provides details of the components. 

The screw-type supercharger has twin magnesium alloy screws with male and female 
forms to ensure positive air compression. The teeth, or lobes, are of helical form. The male 
screw has four convex-shaped lobes, while the female screw has six concave spaces 
between its lobes. The concave and convex parts of the two screws mesh without their pro- 
files touching each other or the screw tips and ends in contact with the outer casing and end 
walls. A small clearance is maintained between the Teflon-coated screws by two external 
helical timing gears. These gears mesh such that their backlash is kept to a minimum. Radial 
lobe-to-casing and axial lobe-to-wall clearances are obtained by the supporting single and 
double row ball bearings. The maximum speed of female screw is around 15,000 rpm, and 
of the male screw (with speed ratio of 3:2) is about 22,500 rpm. 

A toothed belt pulley drives the screws. The charge is drawn through the inlet port to 
fill the expanding space between the intermeshing lobes as the male and female rotors 
turn counter to each other. As the trailing lobe of each screw moves beyond the inlet port, 
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FIGURE 5.4 Spiral lobe Roots blower with three 
lobes (Heisler, 1995). 


the charge will be trapped between the consecutive lobes and the cylindrical case. The cells 
move around the periphery of the casing until the leading lobe of each cell arrives at the dis- 
charge port. The progressive circular movement of the trapped charge is shown in Fig. 5.5. 

The oscillating spiral displacer compressor consists of two half-circular aluminum alloy 
casings. Each half is die-cast with two separate G-shaped lands protruding perpendicularly 
to the flat side of the casing wall. The spirals in each casing half are a mirror image of one 
another. The projected lands in each casing segment do not meet since a gap is required in 
the middle to accommodate a central magnesium alloy spacer disk. This displacer disk has 
similar spiral-shaped lands attached on either side intermeshing with the fixed spirals. The 
spiral land chambers formed between the fixed and moving spiral lands are sealed into 
recesses formed in the land outer edges. Low rubbing speeds eliminate the need for oil mist 
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FIGURE 5.5 Screw type compressor (Heisler, 1995). 
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FIGURE 5.6 Oscillating spiral displacer type supercharger. (Courtesy: Volkswagen) 


or wet lubrication. The central hub of the disk displacer is mounted on the eccentric drive 
shaft. Additional support and directional control of the displacer motion is provided at one 
end by an eccentric pin attached to the auxiliary shaft. The two shafts have the same eccen- 
tricity, rotating at the same speed through a toothed belt drive (see Fig. 5.6). The operating 
speed is about 1.7:1 engine speed. Typical maximum charge air pressure is 0.72 bar. 
Initially, shaft eccentricity is in its TDC position, so the pair of moving spirals on the dis- 
placer touch the fixed spirals at the ends and at the middle. This divides the two fixed spi- 
ral lands into two chambers open to the atmosphere: a large outer crescent-shaped chamber 
and a smaller semicrescent-profiled inner chamber. A 90° turn of the eccentric shaft from 
its highest position induces fresh charge to fill the newly formed space. A 180° rotation of 
the eccentric shaft closes both the inner and the outer chambers, compressing the trapped 
charge as it is swept clockwise in the contracting chamber. A 270° rotation sweeps the inner 
and the outer trapped charges until both the chambers open to the four central outlet ports. 


5.3. FLUID FLOW AND THERMODYNAMIC 
CONSIDERATIONS 


A turbocharger uses a portion of the energy contained in the engine’s exhaust gases to drive 
a turbine wheel that propels a centrifugal compressor. A typical gasoline engine may har- 
ness nearly 30 percent of the energy contained in the fuel under optimum conditions. The 
remaining 70 percent is lost, the breakdown being as follows: 7 percent to friction, pump- 
ing, and dynamics motion; 9 percent to the surrounding air; 16 percent to the engine’s 
coolant system; and 38 percent to the outgoing exhaust gases. The turbocharger relies 
solely on extracting up to a third of the wasted energy passing out from the engine’s cylin- 
ders. However, this produces a penalty in the form of increased manifold backpressure, 
making it more difficult for each successive burnt charge to be expelled from the cylinders. 
The ideal available energy that may be used to drive the turbocharger comes from the blow- 
down energy transfer that occurs when the exhaust valve opens and the gas expands to 
atmospheric pressure (Heisler, 1995). 
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Turbocharged engines produce higher cylindrical volumetric efficiencies compared 
with normally aspirated induction systems. Hence, there will be higher cylinder peak pres- 
sures. This increases the mechanical loading of the components, and could cause detona- 
tion in gasoline engines. So it is customary to reduce the engine’s compression ratio from 
10:1 for a naturally aspirated engine to 9:1 for a low boost pressure or 8:1 for a medium to 
high boost pressure turbocharged engine. In a direct injection diesel engine having a nor- 
mal 16:1 compression ratio, the turbocharged engine compression ratio may be lowered to 
15:1 or 14:1. 

The fundamentals of supercharging are based on changes in pressure exerted on the gas 
being delivered to the cylinders, therefore it is worth defining some of the terms normally 
used. Atmospheric pressure is the pressure exerted at sea level by the air and gas layers sur- 
rounding the earth’s surface. Atmospheric pressure at sea level may be taken as being 
equivalent to 14.69 lb/in?, 760 mmHg, or 1 bar. The intensity of supercharging may be 
broadly classified as shown in Table 5.1. The power developed in the cylinder is propor- 
tional to the rotational speed of the engine and the mass of charge compressed in the cylin- 
ders. Thus, assuming that the engine’s speed is fixed, the only other way the engine power 
can be increased is by raising the mass of charge entering the cylinder. Thus, for a given 
cylinder volume V, 


Mass of charge = constant x (pressure/temperature) 
or 
m = (VIR) x (PIT) 


where R is the universal gas constant. The mass of charge that can enter a cylinder is pro- 
portional to its pressure P and inversely proportional to its absolute temperature T. Hence, 
the greater the charge pressure the greater will be the mass entering the cylinder per induc- 
tion stroke. Conversely, raising the temperature of the charge before it enters the cylinder 
reduces the mass of charge occupying the cylinder space and vice versa. Similarly, the mass 
of charge that can enter a cylinder will be equal to the swept volume of the cylinder multi- 
plied by the density of the air or air and fuel mixture. 

A correctly matched supercharger will raise the cylinder’s brake mean effective pres- 
sure (b.m.e.p.) to well above that of a naturally aspirated engine without creating exces- 
sively high peak cylinder pressures; the actual increase in the brake mean effective pressure 
is basically determined by the level of the boost pressure the supercharged system is 
designed to deliver. The advantage in raising cylinder b.m.e.p. is partly offset by having to 
transfer some of the engine’s power to driving the supercharger (see Fig. 5.7). The power 
absorbed is dependent on its displacement capacity per revolution and speed for a given 
boost pressure. 

As mentioned earlier, turbocharging diesel engines can substantially reduce the specific 
fuel consumption. The general performance characteristics of engine torque, power, and 


TABLE 5.1 Intensity of Supercharge 


Degree of charging Boost pressure (bar) Pressure ratio 


Naturally aspirated 0.0 or less 1.0:1 or less 
Low 0.0-0.5 1.0-1.5:1 
Medium 0.5-1.0 1.5-2.0:1 


High 1.0 and higher 2.0:1 and higher 


Cylinder pressure, bar 


FIGURE 5.7 Naturally aspirated and supercharged engine PV diagrams. 
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specific fuel consumption against engine speed are shown in Fig. 5.8 for three different 
stages of engine tune: (1) naturally aspirated, (2) turbocharged, and (3) turbocharged and 
intercooled. The specific fuel consumption curves indicate that there is very little difference 
between noncooled and cooled charging on either side of the 1400 to 1800 rpm speed band, 
but the difference is more significant toward maximum speed. Turbocharged petrol engines 
generally have reduced compression ratios to accommodate the high cylinder pressures, 
and under load the ignition timing is automatically retarded to prevent detonation from tak- 
ing place, while at full load a rich mixture is necessary. Consequently, the turbocharged 
petrol engine’s efficiency may not equal that of an equivalent-sized naturally aspirated 
petrol engine, although the engine’s torque and power will be far superior. 


S.F.C. 


FIGURE 5.8 Supercharged engine performance curves (Heisler, 1995). 
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The density of air charge is of importance since squeezing more mass into the cylinder 
increases the power generated in the cylinder. With supercharged engines the air charge 
entering the cylinder will be above the normal atmospheric density of air, so a comparison 
must be made between the actual density of charge in the cylinder and the air density under 
normal temperature and pressure (NTP) conditions (in which the temperature is taken as 
16°C and the pressure as 101.3 kN/m? or 1 bar). 

The ratio of different air densities in the cylinder to a known air density at NTP condi- 
tions is the air charge density ratio. Air charge density ratio D/R is defined as the ratio of 
densities of the charge in the cylinder under operating conditions and that of the charge in 
the cylinder under NTP conditions. The relationship between the pressure ratio and the air 
charge density ratio, if the air temperature is held constant at three different levels, is shown 
in Fig. 5.9. The graphs show that as the boost pressure ratio increases, the air density ratio 
increases likewise; however, the more the air is intercooled and its temperature reduced, the 
greater will be the rise in the air charge density. Thus, if the air temperature is maintained 
at 30°C, the density at a pressure ratio of 2.2:1 will be about 2.1:1, whereas if the air tem- 
perature is kept constant at 90°C, the air density ratio only rises to around 1.64:1. Well- 
designed intercoolers can hold the compressed air temperature to about 60°C. 

The effects of the boost pressure ratio on the b.m.e.p. developed in the cylinder are also 
substantial (Fig. 5.9) when there is no intercooling, so that the compressed air temperature 
is allowed to rise uncontrolled, then as the boost pressure ratio increases from the naturally 
aspirated condition to 2.2:1, the b.m.e.p. also rises from 7.4 bar to 10.6 bar respectively. 
The intercooler has very little effect on the b.m.e.p. below a pressure ratio of around 1.4:1. 
However, if the air charge is intercooled by an air-to-liquid intercooler, so that the temper- 
ature is maintained at about 80°C, then there is a marked increase in b.m.e.p. for a boost 
pressure ratio of 1.4:1 to 2.2:1, which raises the b.m.e.p. from 9 to 12.6 bar. Even better 
results can be obtained if an air-to-air intercooler is used, where the compressed air can be 
cooled down to 30°C. Here, with a 1.4:1 pressure ratio, the b.m.e.p. rises to 11.0 bar, and 
as the pressure ratio reaches 2.2:1 the b.m.e.p. will be as high as 14.4 bar. 

The cooling of the delivery charge after it has been compressed contributes consider- 
ably to the recovery of the charge’s density ratio (Heisler, 1995). The benefit of an inter- 
cooler is to reduce the charge’s temperature and thereby raise its density ratio. However, 
the ability to increase the density of the compressed charge for a given pressure ratio by 
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FIGURE 5.9 Pressure ratio and charge density (Heisler, 1995). 
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cooling the heated charge is dependent on the effectiveness of the intercooler. Intercooler 
effectiveness e is defined by the ratio of actual and maximum possible heat transfer 


e=(T,-T,MT,-T,) (5.1) 


where T, represents the coolant temperature, T, is the charge output temperature from the 
compressor, and T; is the charge output temperature from the intercooler. 

Reducing the intake temperature to the cylinder produces a corresponding reduction in 
the exhaust temperature; thus, if the intercooler lowers the charge temperature entering the 
cylinder from say 120 to 40°C, then there will be a roughly similar fall in the exhaust gas 
temperature. This can be significant. Hence, if the full-load exhaust gas temperature is 
approximately 750°C noncooled, then an 80°C reduction in the intake temperature will 
reduce the exhaust gas temperature to 670°C, which can be very important in prolonging 
the exhaust valve life. With the overall operating temperature of the engine reduced, the 
combustion chamber pressure for a given b.m.e.p. will also be lower. Consequently, there 
will be a similar reduction in the thermal stresses imposed on the engine components. 

In summary, supercharger intercoolers provide a means of reducing the charge inlet air 
or air-fuel mixture temperature between the compressor outlet and the engine’s inlet ports. 
This achieves several objectives: 


e It keeps the cylinder head temperature low even under heavy load conditions, thus reduc- 
ing thermal stresses and thereby prolonging the life of the engine’s components. 


It increases the mass of charge that can be crammed into each cylinder during each induc- 
tion stroke, thereby increasing the engine power. 


It reduces the oxides of nitrogen (NO,) emission due to the lower combustion tempera- 
ture. 


It reduces diesel engine black smoke emission at low engine speeds and high loads due 
to the reduction in the charge temperature. 


It raises the knock limit for petrol engines, and therefore permits a higher mean effective 
pressure. 


The charge leaving the compressor can be passed through many small but long pas- 
sageways surrounded by a cooling medium in the cooler, which is itself well below the 
compressed output charge temperature. Consequently, heat will be transferred from the hot 
moving charge through the metal passage channel walls to the outside cooling medium, be 
it air or liquid. By the time the charge arrives at the cylinder entrance its mean temperature 
will be substantially reduced, and thus the function of the intercooler is to transfer heat from 
the compressed charge to another source. This component is therefore also known as a heat 
exchanger. There are two basic approaches to intercooler heat exchanger design, the air-to- 
air heat exchanger and the air-to-liquid heat exchanger. 

In air-to-air coolers, exchange of heat is achieved by passing the compressed hot charge 
through many vertically mounted elongated flat cross-sectional tubes, whereas the cooling 
atmospheric air flows between and across the tubes. Heat is dissipated from the hot charge 
to the air stream by conduction through the copper or aluminum alloy walls of the tubes and 
then by convection current and radiation to the atmosphere. To increase the efficiency of 
the heat exchanger the external surface area of the tubes is greatly increased by attaching 
fins made from corrugated copper sheet between the vertical columns of the tubes. 
Atmospheric air will either be drawn by the engine’s cooling system fan, or by the ram 
effect caused by the vehicle’s movement, through the spaces formed between adjacent 
tubes. Thus, air on the cold side of the tube matrix will be forced to enter the small but rel- 
atively long triangular passages created by the zigzag pattern of the copper sheet fins and 
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the vertical columns of the tubes. Heat will be effectively transferred from the fins to the 
air stream as it continuously scrubs the walls of the triangular channels on its way from the 
front of the matrix to the rear before returning to the atmosphere. 

Air-to-liquid heat exchangers of this type have a number of horizontally mounted cir- 
cular tubes through which the coolant liquid passes, while the compressed and heated air 
charge flows around and across them. Heat transfer takes place between the heated air and 
cooling liquid by conduction through the copper-nickel alloy walls of the tubes and by con- 
vection current as the coolant is forcibly circulated from and to the engine’s cooling sys- 
tem. To speed up the heat transfer process, many closely spaced copper cooling fins are 
stacked perpendicular to the axes of the tubes. The hot pressurized charge therefore flows 
between pairs of parallel thin copper sheets, thus causing the heated air to skim across and 
over the flat and relatively large surface areas. Heat is thus readily transferred to the coolant 
liquid via conduction through the fins and tubes and by convection current as the liquid 
coolant flows along the internal walls of the tubes. The compact surface area of the tube 
and fin matrix is capable of dissipating heat so that the hot air charge temperature of 120— 
150°C can be lowered to 85—90°C with an engine coolant jacket temperature of around 
80°C. Thus, cool liquid coolant is pumped from the water pump outlet to the intercooler 
tube matrix where heat is extracted from the hot charge, and then passed back to the engine 
radiator header tank to be cooled. 


5.4 TURBOCHARGER MECHANISM 


A turbocharger comprises an exhaust gas driven turbine and housing, a centrifugal com- 
pressor wheel with its housing, and an interconnecting shaft mounted on a pair of fully 
floating plain bearings. The bearings are encased in a single bearing housing. Construction 
of a typical system is shown in Fig. 5.10. 

The impeller, or compressor wheel, is an aluminum alloy casting in the form of a disk 
mounted on the hub, with curved radial blades (about 12) projecting from one side. This 
causes the air surrounding the impeller to be divided into an equal number of cells. The hub 
is contoured such that air enters the cells formed between adjacent pairs of blades axially. 
The enclosed air then travels along the flow path in the back wall of the impeller disk, caus- 
ing the air to be expelled radially from the cells. Once air reaches the impeller periphery, it 
passes to the parallel gap diffuser formed between the bearing housing and compressor 
wheel housing. From the diffuser gap the air flows into a circular volute shaped collector, 
which provides a constant expansion passage for the air (Heisler, 1995). 

The exhaust gas temperature at the inlet to the turbine wheel, under light-load to full- 
load high-speed operating conditions, may range between 600 and 900°C. Consequently, 
the turbine is usually made from a high-temperature heat resistant nickel-based alloy such 
as inconel. The turbine wheel (shown in Fig. 5.11) takes the form of a hub supporting a disk 
at one end and a number of radial blades projecting axially and radially from both the hub 
and the disc. The outer edges of the blades are curved backward to trap the impinging 
exhaust gases. Exhaust gases from the manifold enter the spherical graphite cast-iron tur- 
bine housing flange entrance. The gases then flow around either a single or twin volute pas- 
sageway surrounding the turbine wheel. The gases are then forced tangentially inward from 
the throat of the turbine housing and also move through at a right angle, so that they come 
out axially from the center of the turbine hub before impinging on the blade faces. The flow 
path then directs the gases gradually through, and they are then expelled into the exhaust 
pipe system. 

In most turbocharger designs the turbine and spindle are joined together by a welding 
process (inert gas welding, resistance welding, or electron beam welding). Inertia friction 
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FIGURE 5.10 Turbocharger (Heisler, 1995). 
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FIGURE 5.11 Rotor assembly (Heisler, 1995). 
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welding is also used, where the turbine and spindle are brought together under load, with 
one part revolving against the other so that frictional heat is generated at the interface. 
When the joint area is sufficiently plastic as a result of the increase in temperature, the rota- 
tion is stopped and the end force increased to forge and consolidate the metallic bonds. 

The turbine wheel and steel spindle can be welded together in vacuum by an electron 
beam. The hollow space between the turbine wheel and the spindle prevents heat being 
transferred through the center of the spindle. Thus, heat is carried away along the outer sec- 
tion of the spindle, which can readily be cooled by the lubricating oil. The spindle is sup- 
ported by a pair of free-floating phosphorus bronze plain bearings. Around the outside of 
each bearing shell are six radial holes, and there may be a circumferential groove machined 
to distribute the lubrication oil. The rotation of the spindle assembly, in conjunction with 
the speed and load conditions of the oil supply from the engine’s lubrication system pro- 
duces a certain amount of end thrust as the spindle will want to move axially first in one 
direction and then in the other. Both radial plain bearings and the axial end thrust bearing 
are supplied with ample oil from the engine’s lubrication system by drillings made in the 
bearing housing and in the bearings themselves. The oil supply has two major functions: 
first, to lubricate the bearings so that a hydrodynamic oil film can be established and 
second, to remove excess heat from the bearing assembly. 

The impeller may be closed or shrouded, that is, the impeller is cast so that the cells or 
channels are completely enclosed. This construction eliminates direct leakage as the 
induced air is flung radially outward in the cells. However, it is difficult to cast radial cells 
so that they curve backward and also provide an axial angled inlet at the eye of the impeller. 
Other important disadvantages that must be considered are the mass of the shroud sup- 
ported by the blades, such that at high rotational speeds the blades are subjected to severe 
centrifugal stresses. In addition, the shroud is away from the central hub, hence it raises the 
impeller wheel’s moment of inertia, thus impeding its ability to accelerate or decelerate 
rapidly. This design has been virtually replaced by one without a shroud. 

With an open impeller and scroll diffuser (Fig. 5.12) the impeller is cast with blades 
forming the walls of the cells. These blades can be shaped so as to provide the best induce- 
ment for the incoming air, and the radial flow path can be curved backward to optimize the 
flow discharge at high rotational speeds. However, there is a clearance between the outer 
edges of the blades and the internal curved walls of the housing, which encloses the rotat- 
ing cells. This gap will be responsible for leakage losses under high boost pressure operat- 
ing conditions. With this arrangement, the kinetic energy of the air at the blade tips is 
converted to pressure energy by directly entering into the relatively large scroll volume. 
Thus, the air flung out at the rim of the impeller enters the scroll and into the circular pas- 
sageway. 

If a more positive method of converting the kinetic energy to pressure energy is 
required, a parallel annular space between the impeller and the volute or scroll will enlarge 
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FIGURE 5.12 Compressor with vaneless scroll diffuser (Heisler, 1995). 
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the circular passage from the entrance at the impeller rim to where it merges with the dis- 
charge volute. Thus, as the air moves outward in a semispiral and radial direction it will 
expand, thus causing its speed to reduce and pressure to rise. To reduce the maximum diam- 
eter of the volute or scroll housing, the circular volute passageway can be cast to one side 
of the parallel diffuser with a considerably reduced diameter. Looking at the sectional view 
of the compressor, the wall between the diffuser and volute resembles a tongue, and hence 
its name—parallel tongue diffuser. This produces a right-angled flowpath similar to the 
normal parallel wall diffuser design. 

It is important for effective cylinder scavenging that pulsed exhaust gas energy is intro- 
duced to the turbine wheel, in contrast to a damped steady flow of exhaust gas. With a four- 
cylinder engine provided with a single-exhaust manifold, this is possible as there is an 
exhaust discharge every 180° so that there is very little exhaust gas interference between 
the cylinders. However, for more than four cylinders the exhaust gas will discharge at 
shorter intervals than 180°. That is, for five-, six-, and eight-cylinder engines the intervals 
between exhaust discharges will be 144°, 120°, and 90° respectively. To overcome exhaust 
gas interference in the manifold, manifolds are subdivided so that in the case of an in-line 
six-cylinder engine, cylinders 1, 2, and 3 are grouped together and, similarly, cylinders 4, 
5, and 6 are grouped together, and there is now an extensive exhaust interval between sub- 
divided manifolds of 240°. The exhaust discharge from each half-manifold is then fed to 
the turbine wheel through two separate passageways. If the exhaust gas in the branch pipes 
is permitted to discharge in the form of a pulse, the initial blowdown from the open exhaust 
valve port will produce a rapid pressure rise until it peaks. The exhaust pressure then 
quickly decreases to a minimum value before the next cylinder, sharing the same common 
manifold gallery, and discharges another batch of exhaust gas. This cycle of events will be 
continuously repeated. By reducing or even eliminating exhaust gas interference between 
the cylinders and by subdividing the manifold if need be, the exhaust pressure in the man- 
ifold will fall toward the end of the exhaust stroke to a value below the mean compressor 
pressure. Thus, during valve overlap near the end of the exhaust period and at the begin- 
ning of the inlet period, a positive pressure difference will exist between the cylinder intake 
and the cylinder exit, which will cause a blow-through of fresh charge from the intake man- 
ifold to the exhaust manifold. If there is sufficient pressure difference, the fresh charge will 
rush into the cylinder and push out the residual exhaust gases still remaining in the non- 
swept combustion chamber space. The effectiveness of this scavenging action will also 
depend on the engine speed and the actual valve opening area during the time of valve 
overlap. 

The transient response time depends on the inertia of the rotating parts and the efficient 
projection of the exhaust gas onto the turbine blades. Immediately after the engine throttle 
is opened, there will be an increased flow of mixture entering the cylinders with a corre- 
sponding exit of the exhaust gas, which is directed onto the turbine blades causing the 
wheel assembly to accelerate rapidly. The time taken for the turbine and compressor assem- 
bly to attain the maximum operating speed is dominated by the overall efficiency of the tur- 
bocharger and the polar moment of inertia of the rotating assembly. 

Turbocharger lag will depend to some extent on the excess torque available from the tur- 
bine wheel over that required to drive the compressor with the air flow and boost pressure 
existing at that instant. Therefore, a small turbine volute housing attached directly to a 
short- and small-diameter passageway manifold is desirable, as this will provide an 
undamped exhaust gas pulse directly and effectively to the turbine blades, thereby produc- 
ing the least time lag. 

The speed and acceleration of the turbine and compressor wheel assembly is influenced 
by a number of factors, but one of the most critical and important controlling parameters is 
the A/R ratio. The A/R ratio is the smallest cross-sectional area A of the intake passages in 
the turbine housing before the flow path spreads around the circumferential throat leading 
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to the turbine wheel divided by the distance R from the center of the turbine wheel to the 
centroid of area A. 

A large A/R ratio reduces the turbine spin speed for a given exhaust gas flow. 
Conversely a small A/R ratio raises the turbine-wheel spin speed for a similar exhaust gas 
delivery. A/R ratio values tend to range between 0.3 and 1.0. A large radius R of the intake 
passage will slow down the turbine wheel, just like a large intake passage cross-sectional 
area A. A small A/R ratio will speed up the turbine wheel for a given engine speed and throt- 
tle opening, whereas a large A/R ratio will slow it down under the same operating condi- 
tions. 

The turbocharger has to be prevented from overspeeding and overheating since this can 
have two disastrous consequences: first, excessively high compressor and turbine wheel 
rotational speeds, when subjected to high operating exhaust gas temperatures, can very 
quickly destroy the revolving components; and second, an excessively high boost pressure 
will produce a correspondingly high cylinder pressure and temperature over a period of 
time, which can do considerable damage to the various supercharging components of the 
engine and, in the case of a petrol engine, will certainly promote cylinder detonation dur- 
ing acceleration conditions. 

To safeguard the turbocharger from overspeeding and overheating, a portion of the 
exhaust gas expelled from the cylinders under high engine load and/or speed conditions is 
deliberately made to bypass the turbine housing and instead flow directly to the exhaust 
pipe. Under extreme operating conditions, 30 to 40 percent of the exhaust gas can be 
diverted away from the turbine throat with the effect that the turbine will not increase its 
speed and the output boost pressure will remain approximately constant with any further 
rise in engine speed. The exhaust gas bypass passage opening is controlled by a waste gate 
in the form of either a poppet or a swinging flap type of valve. Both types of waste gate 
valves are normally operated by a diaphragm actuator controlled by either the boost pres- 
sure from the volute impeller housing or by the exhaust manifold gas pressure. With the 
poppet valve waste gate, the long stem of the valve is connected directly to the diaphragm 
actuator, with the stem usually enclosed in a finned housing to improve the heat dissipation 
from the valve and actuator assembly. Conversely, the swinging-flap type waste gate is 
operated by a short external lever, which is linked to the diaphragm actuator by a long push 
rod, so that the actuator is practically insulated from the exhaust gas heat. The waste gate 
and bypass passageways for small turbochargers can be integral to the turbine-wheel hous- 
ing or, for the larger turbochargers, the waste gate unit and the bypass passages can be 
mounted separately, away from the turbine-wheel housing. 

Boost pressure can be controlled by blowing off either the surplus exhaust gas from the 
turbine inlet through a waste gate valve or surplus air from the compressor delivery via a 
blow-off valve. Blowing off surplus air from the compressor discharge results in higher tur- 
bocharger speeds than the exhaust waste gate method. This is because the compressed air 
delivery load is reduced, but there will be very little change in the amount of gas energy 
passing through the turbine wheel. Consequently, the excess energy input to the turbine will 
raise the rotor assembly spin speed to a higher level. Since a portion of the compressed air 
delivery is discharged back into the atmosphere and energy has been spent in driving the 
turbine wheel, there will be some reduction in the engine’s thermal efficiency during this 
period when the compressed air is blowing off. Thus, because of the turbocharger’s rela- 
tively low overall efficiency during the compressor discharge blow-off period (which may 
be prolonged under certain operating conditions), the waste gate method of diverting the 
exhaust gas away from the turbine wheel has been universally adopted. However, the 
blow-off valve’s simplicity has encouraged the incorporation of this form of pressure-relief 
valve between the compressor and the inlet manifold as a secondary means of limiting 
boost pressure in the event of its build-up rate exceeding the waste gate’s ability to divert 
sufficient gas energy from the turbine wheel. 
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5.5 PERFORMANCE UNDER PULSATING 
CONDITIONS 


In a four-cycle reciprocating engine burnt gases exit the cylinder during the exhaust stroke 
occurring once every two full revolutions of the crank. Hence, the gas entering the tur- 
bocharger volute is characterized not by the bulk flow velocity but by pulsations. The pul- 
sating flow from the engine follows from the inlet pipe of the turbocharger and around the 
volute, with the pulse propagating close to the speed of sound. 

The flow entering and exiting the blades may be quantified on a mixed turbine by laser 
Doppler velocimetry measurements (Karamanis, Martinez-Botas, and Su, 2000). Mixed 
turbines, so called because the exit flow vector from the wheel has radial as well as axial 
components, can achieve improved exhaust energy recovery since they have the additional 
freedom in the form of a modified inlet leading edge configuration, as shown in Fig. 5.13. 
The effect of this change is to obtain peak efficiency on the turbine map at an increased 
pressure ratio, or a decreased velocity ratio. This leads to a more effective recovery of the 
energy concentrated in regions of high exhaust manifold pressure. The mixed flow turbine 
geometry offers an added benefit of maintaining the requirement of radially directed mate- 
rial fibers in the wheel to achieve the desired stress levels. 
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FIGURE 5.13 Mixed flow turbine rotor (Karamanis, 
Martinez-Botas, and Su, 2000). 
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The turbine inlet flow is normally not influenced by blade passing if the measuring loca- 
tion is sufficiently upstream. In small turbochargers, however, this influence can be notice- 
ably predominant, especially when the computational fluid dynamics theory is employed 
in the design of the rotor. Flow on the downstream region of the rotor necessitates taking 
blade-to-blade measurements to capture the main flow structure. And the highly pulsating 
nature of the flow makes it imperative to measure all turbine performance parameters (inlet 
pressure, mass flow rate, rotational speed, and torque) as a function of time. The intention 
is to observe the periodic nature of the flow parameters, with the period relating to rotor 
revolution and to frequency of pulsation. 

The experimental setup consists of a turbine system, air supply, a power absorber in the 
form of a centrifugal compressor, and a data acquisition system. A pulse generator con- 
sisting of two counterrotating chopper plates with special cutouts controls the frequency 
and characteristics of the pulsating intake flow. Table 5.2 provides details of the flow and 
rotor geometry. Inlet into the turbine rotor is without a nozzle, and is of single entry and 
asymmetric type. 

Steady-state performance is evaluated by an energy balance method, where the turbine 
actual power output is estimated by measuring the power absorbed by the loading device 
and the heat dissipated by the bearing lubricant oil. Unsteady performance efficiency 
requires the ratio of rate of work done by the turbine at any time point and the rate of change 
of kinetic energy of mass flow using isentropic expansion velocity during the pulse cycle. 
Hence, the following quantities are measured: time-averaged turbine inlet temperature, tur- 
bine inlet and exit instantaneous pressure, mass flow rate and speed, polar moments of iner- 
tia of rotating components, pulse frequency, and time-averaged shaft speed. 

The laser Doppler velocimetry system is an optical system used to divide the laser beam 
into two segments of equal intensity, and then combining them in a photomultiplier and a 
frequency counter. Measured parameters are correlated to the rotation of the rotor blade to 
observe the periodic nature of the flow. Hence, the results emphasize the variation of the 
quantities from one blade to the next. Similarly, the pulsating flow measurements may be 
referenced with the revolution of the shaft to observe variations during the engine cycle. 
Optical windows are installed at selected intermittent points in the volute for observing the 
flow, as shown in Fig. 5.14. At the rotor exit a glass tube measures the radial distribution 
of axial and tangential velocities. 

Droplets of silicone oil created by an air blast atomizer may act as a source of uncertainty 
in the measurements. On an average the droplets follow the flow fluctuations if their size is 


TABLE 5.2 Mixed Flow Turbine Performance Test 


Parameter Value 
Rotor tip mean diameter 83.58 mm 
Rotor inlet blade height 18.0 mm 
Number of blades 18 
Exducer tip diameter 78.6 mm 
Exducer hub diameter 27.0 mm 
Blade angle at exducer root —52° 
Inlet total temperature 344 K 
Mass flow rate 0.678 kg/s 
Rotor speed 59,828 rpm 
Pressure ratio 2.91 


Velocity ratio 0.616 
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FIGURE 5.14 Laser Doppler velocimetry setup (Karamanis, Martinez- 
Botas, and Su, 2000). 


within set limits. Statistical uncertainty is determined to be less than 1.8 percent for mean 
velocity and 4.4 percent for root mean square velocity, with 95 percent confidence level. 
Steady-state performance is established at five different design equivalent speeds, ranging 
from 50 to 90 percent. Figure 5.15 depicts total to static efficiencies, with peak efficiency 
(0.72 at 90 percent speed) taking place at a velocity ratio of 0.62. This contrasts with known 
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FIGURE 5.15 Steady-state performance (Karamanis, Martinez-Botas, and Su, 2000). 
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FIGURE 5.16 Unsteady flow performance—instantaneous torque 
(Karamanis, Martinez-Botas, and Su, 2000). 


results for radial flow turbines where efficiency maximizes at 0.70 velocity ratio. This 
aspect has implications on the level of attainable exhaust gas energy recovery, and is impor- 
tant in understanding recent advances in diesel engines. Together with an intercooler, a 
high air-fuel ratio required for reduced fuel consumption results in a lower engine exhaust 
temperature. Hence, the engine exhaust stream has lower energy and higher density. 
Consequently, the turbine must extract sufficient power from this low energy exhaust to 
drive the compressor for high boost pressures, and this can be achieved by a smaller tur- 
bine running at a higher speed. But turbine speed is limited by stress. The alternative is to 
employ a large expansion ratio corresponding to a low velocity ratio. Also, since exhaust 
manifold size must meet power-to-weight ratio limits, exhaust pulses are largely not 
damped at the turbine inlet. Thus, the flow through the rotor is highly pulsating in nature. 
Unsteady flow performance tests are carried out at peak efficiency points correspond- 
ing to equivalent design speeds of 29,400 rpm and 41,300 rpm. It is necessary to shift the 
torque signal forward in time to achieve the appropriate flow conditions. The physical 
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FIGURE 5.17 Unsteady flow performance—instantaneous power and efficiency 
(Karamanis, Martinez-Botas, and Su, 2000). 
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quantities are measured simultaneously at the same location for obtaining a representative 
performance map. Air pulse frequencies of 40 and 60 Hz are produced to represent engine 
speeds of 1600 and 2400 rpm, simulating operation of a four-stroke, six-cylinder diesel 
engine with a single-entry turbine for supercharging. Flow characteristics may be evaluated 
with the aid of Figs. 5.16 and 5.17. Measured values of instantaneous turbine inlet static 
pressure, mass flow rate, torque, power, and efficiency are provided for one shaft revolution. 
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CHAPTER 6 


FAN AND COMPRESSOR 
AIRFOILS 


6.1 INTRODUCTION 


Air flowing through the annulus of an axial compressor performs the relatively more diffi- 
cult task of going against an adverse pressure gradient. As the compression ratio increases, 
the danger of stall troubles rises correspondingly, which is all too prevalent in axial com- 
pressors. In individual airfoils stalling is encountered when the difference between the flow 
direction and the blade’s angle of incidence becomes excessively large. The stability of the 
flow is jeopardized by the very fact that the movement is taking place in the same direction 
as that of the increase in pressure. Flow reversals occur under the right conditions of mass 
flow and rotor speed, which vary from those for the blade’s design. 

The assumption of a two-dimensional flow in the compressor’s annular area, mean- 
ing that radial flow of the fluid is ignored, is reasonable for stages in which the blade 
height is small relative to the mean diameter of the annulus. The ratio of diameters at the 
hub and at the tip is greater than 0.8 in the later stages of a compressor. The front stages, 
however, have lower values of hub-to-tip ratio, and may be as low as 0.4 for the first stage 
of an aviation engine to accommodate a large mass flow through the machine with a lim- 
ited frontal area. Consequently, the annulus also has a gradually reducing cross section 
and so the streamlines will not lie on a surface of revolution parallel to the axis of the 
rotor. The result is that the flow must have a radial component, although it is usually 
small when compared with the axial and whirl components. Radially directed movement 
also occurs because the pressure must rise with the radius up the blade height to provide 
the force associated with the centripetal acceleration of the air. As the flow adjusts itself 
toward equilibrium between the pressure forces and the inertia forces, some radial 
motion also takes place. 

Air is first imparted acceleration by the rotating blades, and is then decelerated in the 
stator passages where the kinetic energy is converted to static pressure. A series of diffu- 
sions take place in both the rotor and stator passages. The absolute velocity of the working 
fluid is increased in the rotor, but the relative velocity will decrease. It is imperative for the 
flow area to diminish moderately in a diffusing flow, hence a single compressor stage can 
only deliver a small increment in the pressure, considerably less than what a turbine can 
advantageously use with its efficient pressure gradient, converging blade passages and 
accelerating flow (Fig. 6.1). This explains why a few turbine stages can power many more 
stages of the compressor. As fluid density increases with progression of the flow, axial 
velocity does not change appreciably. During operation at lower speeds, density in the lat- 
ter stages deviates further from the design point, causing the flow velocity to reach a point 
where the blades may stall and the compressor to surge. 
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FIGURE 6.1 Flow path configuration. 


Inlet guide vanes are now dispensed with in aircraft engines since they lead to high 
mass-flow capability and to save weight, but variable systems are employed in many indus- 
trial units to allow the flow angle entering into the first stage to be modified with rotor 
speed. The modification improves off-design performance, while easing noise emanation 
and icing-related problems. Aviation power plants favor variable stator vanes over a num- 
ber of stages in the initial stages of the compressor to overcome the onset of stall. 

Airfoil sections are designed to maximize efficiency; hence the need to pass greater 
flow of air at high pressure ratio calls for increasing the Mach number. In the first stage the 
larger tip radius increases peripheral speed, raising a significant issue. Often compressor 
blades are required to operate over a transonic range, meaning that flow over a portion of 
the blade exceeds unity Mach number. Blade sections based on circular arcs, sometimes 
referred to as biconvex blades, have been found to be effective in the transonic mode of 
operation. With even greater Mach numbers parabolic sections are required. Mach numbers 
higher than 1.5 are now employed in compressors of industrial gas turbines and for fans of 
high bypass ratio turbofan engines. At entry velocity below the critical Mach number the 
performance of the blades does not exhibit much variation with speed. Above the critical 
speed the losses mount rapidly to a point where an appreciable increase in pressure is not 
experienced, and the blade loses the capacity to provide diffusion for the flow. At zero 
incidence the Mach numbers are in the region of 0.7 to 0.85. Increased Mach numbers 
also reduce the range of the incidence angle for which losses may be at an acceptable 
level. 

At the inlet the air temperature, and hence the acoustic velocity, is lowest; so com- 
pressibility effects play a major role in the front stages of the compressor. The blade tip 
velocity is the highest at the first stage, and is significant if shock losses and noise are to be 
controlled. Because of the increased flow whirl and the speed required to obtain constant 
work input at all heights, Mach number in the stator at the hub radius will be the maximum. 
In the first stator stage Mach number may vary from 0.55 at the root to 0.45 at the tip, while 
in the rotor the corresponding values are 0.70 and 1.2, and 0.9 at the mean radius. Diffusion 
factors generally correlate well with measured losses for subsonic conditions, and are sub- 
stantially higher with supersonic losses. 

Even at low spin speed the fan tip velocity tends to be high in modern turbofan engines, 
mainly because of the large diameter required, and may be in the range of 1.4 to 1.6 Mach 
number. Double circular based airfoil profiles do not perform satisfactorily under these cir- 
cumstances, and must be specially developed. Supersonic diffusion must then be provided 
to a Mach number of 1.2 prior to the normal shock at entry to the passage between the 
blades. For diffusion to occur above the acoustic speed, it interestingly calls for a reduction 
in the flow area, and may be accomplished either by decreasing the annulus area or by 
making the suction side slightly concave. A combination of the two methods may add 
to the benefit. A fan blade section with little curvature is shown in Fig. 6.2. Losses as a 
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FIGURE 6.2 Fan airfoil profile for supersonic flow. 


consequence of shock are only a part of the problem, since interaction between the bound- 
ary layer and shock waves magnifies the viscous losses (Saravananamuttoo, Rogers, and 
Cohen, 2001). 

A damper at part span is required in long and flexible fan blades to control torsional 
and flexural motion, and also proves advantageous in the event of ingestion of a foreign 
object during the takeoff roll of the aircraft. However, the performance of the portion of 
the blade in the proximity of the damping device is diminished, especially if it is located 
where the Mach number is high. Wide chord fan blade development has eliminated the 
need for dampers, but improvements in manufacturing and stress analysis techniques 
have played no small role in bringing about this progress. A fan rotor with integral wide- 
chord blades machined from a single forging has been developed by some aircraft engine 
manufacturers. A hollow core with stiffeners helps to cut the weight of some very large 
fan blades. 


6.2 STALL AND SURGE 


To understand the phenomenon of surging, consider a compressor operating at a constant 
speed. The machine is connected to a chamber. A throttle valve, placed in the discharge 
line from the chamber, is gradually opened. As the airflow rate increases, air pressure also 
rises from the initial point as a result of the built-up energy within the chamber. Maximum 
efficiency is reached at some point, and further flow leads to a decline in the pressure. 
With further opening of the valve, the flow rate reaches a point beyond the compressor’s 
capability. The airflow is not continuous and the efficiency drops off rapidly. In reality, 
most of the pressure between the initial valve opening and the point of maximum effi- 
ciency cannot be delivered because the flow tends to surge. A sudden drop in pressure, 
accompanied by considerable swings in the flow, rapidly spreads through the compressor 
during the process. When the compressor is operating at a point where the pressure is still 
rising, then a decrease in mass flow will cause the pressure also to reduce. If the pressure 
decline on the downstream side of the compressor occurs after a momentary delay, air will 
tend to flow back toward the source due to the positive pressure gradient. The pressure 
ratio then falls quickly. At the same time on the downstream side the pressure also falls, 
so the flow once again turns around away from the source. When the operating speed and 
flow rate are at a high level, the frequency at which the flow switches directions will also 
be high. 

In an aircraft engine the chamber represents the combustor at the end of the core com- 
pressor, and the turbine nozzles take the place of the throttle valve. There are two aspects 
in the discussion of stability, one pertaining to the flow in the compressor itself, the other 
of the overall system that includes the compressor. Stability-related issues may be studied 
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FIGURE 6.3 Compressor characteristic (Kerrebrock, 1992). 


with the aid of characteristics relating pressure rise with mass flow, and may be divided into 
separate regions (Fig. 6.3). In the normal operating region the flow is reasonably uniform 
around the annulus, without the flow separating from the end walls. In a central region of 
rotating stalls the flow breaks into cells, so some parts of the annulus have nearly normal 
flow, while others have negligible flow, the pattern turning at a speed less than the rotor’s 
angular velocity. In the last region flow separation is widespread. In the normal operating 
regime a positive perturbation in the mass flow results in a lower pressure rise, which 
results in a deceleration of the flow, correcting the initial excess mass flow and returning 
the stream back to its stable operating point. Flow perturbation in the central region follows 
on similar lines in the positive slope portion of the curve, and where the slope is zero the 
operation may be considered neutrally stable. Once it commences, the instability then 
develops into a rotating stall. The instability may even start when the slope is slightly neg- 
ative, possibly due to a nonzero disturbance in the compressor (Kerrebrock, 1992). 

As the onslaught of instability progresses, mass flow in the unstable embedded cells 
reaches to a near zero, while in the nonstalled cells it is normal. A single-stage fan or com- 
pressor may even experience unstable cells originating in a part of the blade span. With further 
throttling the cell may propagate to cover the whole blade and spread to fill more of the annu- 
lus. Rotating stall cells cover the full blade in multistage compressors. Progression of stall 
along the blade row may be explained by considering the direction of the flow. With a given 
passage partially blocked by the stall, flow is diverted to the neighboring passages. This 
results in an increase in the incidence angle in the next blade in the direction of stagger and a 
decrease in incidence in the adjacent blade in the opposite direction. This causes the stall region 
to push in the direction of stagger, propagating at a speed of 40 to 60 percent of the blade tan- 
gential velocity. The limit of stability in compressors may be defined by rotating stalls. Further 
pressure gains result in unsteady flow, causing considerable vibrations in the blades. 

With the onset of instability as established by the rotating stall due to the pressure rise 
in the compressor, the system’s behavior largely depends on the interaction with the com- 
bustion chamber into which the flow discharges. A parameter based on the time periods to 
raise the pressure in the combustor from a minimum to the normal operating (AP nin to 
AP gesion iN Fig. 6.3) and for the flow to go through the compressor helps in the understand- 
ing (Greitzer, 1976). If Vo and V, are flow velocities in the combustor and the compressor, 
the expressions for the time periods are 


= [(Ap/RT)V,,]/Compressor mass flow (6.1) 


Toharge 


Tow = (PV,)/Compressor mass flow (6.2) 
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The ratio of the time periods is 


= T charge _ (Ap/p)V, (6.3) 


Tow R TV, 


A detailed study of the problem reveals that the parameter 


B= > = (6.4) 


identifies the onset of instability, and also indicates if the situation progresses into a stable 
rotating stall or deteriorates into a full-scale surge. a is a dimensionless flow parameter 
when Ap is minimal. Pressure rise depends on p(ar)’, hence time ratio Tis proportional to 
B?. To understand how T impacts the flow instability establishment, consider operation of 
the compressor close to a point near the beginning of the stable part of the curve in Fig. 6.3. 
Unstable operation in the form of a rotating stall initiates at this point, leading to a reduc- 
tion in pressure buildup. Two extreme cases, T>>1 and T<< 1, may be reviewed. 

In the case of T assuming much larger values than 1, the mass stored in the combustor 
is considerable, hence flow in the compressor is mostly eliminated and degenerates into a 
rotating stall. Pressure at the compressor discharge is almost constant, thus flow in the com- 
pressor reaches a point of reversing, so the system quickly moves in a time period close to 
Tow and to a point in the unstable region of Fig. 6.3. Discharge from the combustor takes 
place over time Thargo» tO a pressure level that the compressor may be able to support in a 
rotating stall. Then in another time 7,,,,, the flow rises to a point in the stable region, and 
the combustor plenum gets replenished in the time period T,harge- The cycle becomes repet- 
itive and sustains itself if corrective action such as reducing fuel flow is not taken. Repeated 
surging cycles take a heavy toll on the durability of the whole engine system. Reduction in 
the fuel admitted has a similar effect as permitting more airflow through the combustor and 
into the turbine, so the compressor returns to the stable operating regime. 

If t << 1, the time required to enter and exit the combustor chamber is small enough to 
allow the compressor to provide airflow as the rotating stall develops. As a consequence, 
the compression process sets into a state where the compressor operates in a rotating stall 
condition steadily in the neutrally stable region of Fig. 6.3. 

Flow through the compressor, combustor, and past the turbine nozzle may be mathemat- 
ically formulated by first-order differential equations using the component’s characteristics, 
pressures, velocities, and mass flows at the selected locations. The time period required for 
the rotating stall pattern to settle to a steady form may run over several turns of the rotor. 
Parameter B plays a substantial role in determining the solution of the equations. Geometric 
features tend to make the compressor characteristics, and hence the equations, considerably 
nonlinear. 

Physical effects of a surge in an aircraft engine’s compressor can be grave. A sudden 
stoppage in the airflow, with the engine emanating a loud noise, is common during such 
an event. When repeated a number of times, damage to the engine structure may be 
expected, particularly in the compressor and fan areas. Generally, the aircraft is capable 
of recovering from the stall and continue to proceed, albeit at a lower speed. If the aircraft 
is operating above Mach one, the consequences may be more severe. Unusually large 
pressure generated at the inlet due to the shock wave may result in distortion and damage 
to the structure. Loss of thrust experienced under such circumstances, although only for a 
short period of time, may cause the aircraft to go out of control under certain operating 
conditions. 
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6.3 AIRFOIL DESIGN CONSIDERATIONS 


To understand the energy transfer between moving blades, recall the first two laws of ther- 
modynamics. For a unit mass, 


de = dw — pd(1/p) 


where e = internal energy 
W = mechanical work 
p = pressure 
p = density 


The second law is given by the expression p(Du/Dt) = — grad p, where 


De NN 
Dio u- gra 


Introducing the enthalpy term h = e + p/p and combining the equations yields the rela- 
tion (Lieblein, 1965): 


pD(h+ u?/2) 2 op (6.5) 
Dt ot 


According to this equation, in an inviscid, nonheat conducting limit, the stagnation tem- 
perature and pressure of a fluid may only be changed by an unsteady compression or expan- 
sion. The energy-transfer process provides a mathematically easier approach. Apply 
control surfaces on the upstream and downstream sides of a cascade, assume steady flow 
across these surfaces and identify a tube of stream in the direction of flow. Next, apply the 
laws of conservation of total fluid energy and of momentum in the direction of blade 
motion. If ær is the velocity of the blades, power delivered by the blades is P = Far, where 
F = (dm/dt)(v, — v,) is the force on the rotor from the tube of stream. Here, the tube mean 
radius is r,, u, is the inflow velocity, and the tangential velocity is v, on the upstream side 
of the nozzle vanes. Corresponding parameters r,, u,, and v, are on the downstream of the 
rotating blades. Torque due to the tube of stream T = (dm/dt)(r,v, — r,v,), so P = œT. Thus, 
the energy equation takes the form 


(mtt) [n E] =rv,) (6.6) 
5) 5) 2ra k ` 


This expression based on energy considerations is commonly referred to as the Euler 
equation for turbines, and relates changes in the enthalpy of the fluid in the rotor. For a per- 
fect gas c,T,=h + u°/2, and for an incompressible fluid p is constant, then the Euler equa- 
tion takes the form 


Pn Pu = (HV, = ny) 


p 


(6.7) 


Flow past a row of compressor stator vanes and rotor blades may be conveniently rep- 
resented by a velocity diagram. Figure 6.4 illustrates the scheme to develop the diagram for 
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FIGURE 6.4 Generation of stage velocity diagram. 


two nozzle vanes and a single blade stage. Flow velocity angles, denoted by ĝ with a 
numerical subscript, are measured from the axial direction. A prime indicates the angle is 
in the moving coordinate system with the rotor. Velocities represented by solid arrows are 
in the fixed coordinate system, while dashed arrows are in the rotor frame. Hence, the first 
stator vanes turn the airflow to the angle p, in the process raising the Mach number from 
M, to M,. Rotor blades receive the flow at the relative angle p3, relative Mach number M3, 
turning it to B4, and diffusing it to M4. The stator then receives the flow at angle B, and 
Mach number M,, turns it to B, and diffuses it to M4. 

Low-pressure ratio compressors can take advantage of the efficiency of one stage by 
duplicating the geometry in the successive stages by choosing the blading, such that M, ~ M, 
and p, =~ P. The stages may even be identical. High-pressure compressors may require 
some modifications since Mach numbers tend to decrease with increases in air temperature 
(Kerrebrock, 1992). 

A composite velocity diagram for the stator and rotor may also be obtained by combin- 
ing the data, as shown in the lower part of Fig. 6.4, so the variations in the rotor and stator 
velocities can be readily observed. The combined diagram indicates that the flow turn intro- 
duced by the first stator vanes allows the rotor and stator to be mostly mirror images of each 
other about the shaft axis, or p4 ~ p, and 64 ~ By. 
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In closely spaced blades, the angle of the flow exiting the blade is nearly equal to the 
angle of the trailing edge, the difference referred to as deviation. Blade chord is indicated 
by c, spacing between the blades by s, and ratio c/s = o is called solidity. Aircraft engine 
blades mostly have high solidity ratio, approaching 1.0. 

When the ratio of hub to tip radii is small, blade speed will change considerably from 
the root to the tip, causing a large effect on the velocity triangles and the corresponding air- 
flow angles. At the same time, variations in pressure (and so density) will cause the veloc- 
ity vectors to change in magnitude. Thus, velocity triangles at the mean blade height will 
not be representative of the whole blade. To maximize efficiency, the blade angles must 
also change over the length of the blade to match the flow angles, and so the blade will take 
a twisted form (Saravananamuttoo, Rogers, and Cohen, 2001). 

Inertia forces acting on an element of fluid arising from the whirl and axial flow com- 
ponents of the velocity are influenced by a number of factors. In the radial direction the 
forces are generated by: 


e Centripetal force arising from circumferential flow 
e Radial component of the centripetal force due to flow along the curved streamline 


e Linear acceleration along the streamline creating a force with a radial component 


Design flow conditions that are conducive to satisfying equilibrium in the radial 
direction may be described as (/) constant specific work, (2) constant axial velocity, and 
(3) free vortex variation of whirl velocity. Blades using the free vortex concept have a 
disadvantage arising from variation in the degree of reaction from root to tip, but find 
widespread usage in axial-flow combustion turbines. Even if the stage has a desirable 
50 percent reaction at the mean radius, it is likely to be low at the root and high at the tip 
for maximized efficiency. A larger diffusion rate is called for at the blade’s root due to 
the lower tangential speed, so a low reaction rate aggravates the situation, and the prob- 
lem increases in severity as the blade height increases. The constant specific work con- 
cept is helpful in delivering a better distribution of pressure ratio along the blade height. 
It is also possible to vary parameter values in the constant specific work concept that 
offers some of the features of the free vortex method, while still satisfying the radial 
equilibrium condition. 

In the matter of whirl velocity distribution along the height of the blade, for the first 
stage, the absence of inlet guide vanes precludes any whirl component as the air enters 
the compressor, and flow velocity will be constant around the annulus. For the other 
stages, axial velocity and prior stator outlet angle provide more flexibility in setting the 
whirl velocity. 

Air angle distributions for work done by a given stage must next be converted into 
blade angles along the length of the blade to establish the geometric form. Items to be pre- 
scribed for the purpose are the angle through which the airflow should turn (B ut — Bin for 
the rotor blade and @,,, — On for the stator vane). Losses during the diffusion process must 
be held to a minimum. It is difficult to make the air exit the blade edge at the precise angle, 
while at the inlet the compressor is required to operate over a range of speed and pressure 
ratios. Flow angles are determined at design speed and compression pressure, hence it fol- 
lows that at other operating conditions varying blade speed and flow velocity will change 
the air angle. 

The presence of the large array of parameters requiring definition inherently means that 
experience from a similar compressor will play a role in the selection of values, at least for 
some items. Correlated experimental and field verification also helps in the process. 
Cascade tests on rows of blades are now being passed over for results obtained from com- 
putational fluid dynamics. Figure 6.5 shows the parameters in a row of blades. Blade 
camber angle 0, chord c, and pitch s are fixed for a given cascade group, and relative air 


FAN AND COMPRESSOR AIRFOILS 


$ 


| > 
a 
D 
Point of maximum 
i camber 


149 


Bı = blade inlet angle 
£2 = blade exit angle 

c = chord 

¢ = blade stagger angle 
s = pitch 

€= deflection = &) — G2 
& = air inlet angle 

où = air exit angle 

Vı = air inlet velocity 
V2 = air exit velocity 


i= œ — Bi = incidence angle 
ô= œ% — f = deviation angle 
8 = Bi — fo = blade camber angle 


FIGURE 6.5 Airfoil parameter identification. 


inlet and outlet angles a; and œ; are determined by the selected stagger angle ¢ Angle of 
incidence i is then determined by a choice of suitable air inlet angle, because i = a, — a7. 
Deflection of the air stream £= a, — œ, may be obtained from observations on other blades 
of similar type, from computations or from cascade tests. Nominal values of € are mostly 
dependent on the pitch spacing to chord ratio, s/c, and air outlet angle œ,. The impact on 
the deflection € due to other factors such as camber angle is not significant. Figure 6.6 pro- 
vides representative values for nominal deflection values. These data are of consequence in 
the design process if two of the parameters are known, so the third item can then be estab- 
lished. The procedure is good for both stator vanes and rotating blades. 

Deviation in the flow at the blade exit angle may be calculated from the empirical rule 
ô= m@N(s/c), where m = 0.23(2a/c)* + 0.1(@,/50), a is the point of maximum camber from 
the leading edge of the blade. If a circular arc is selected for the mean camber line, then 
2a/c = 1. This set of information is now mostly adequate to establish the primary geomet- 
ric parameters for the rotor blade. Blade chord may be placed relative to the axial direction 
by the stagger angle ¢. Particular details concerning the specification of the base profile are 
provided in Probs. 6.1 to 6.4. The National Advisory Committee for Aeronautics (NACA) 
series of blade profiles are extensively used in the turbine industry. 


Nominal air deflection €, degrees 


Air outlet angle œ, degrees 


FIGURE 6.6 Airflow deflection curves (Saravananamuttoo, Rogers, 
and Cohen, 2001). 
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6.4 UNSTEADY VISCOUS FLOW 


Unsteady turbomachinery flow computations are necessitated for the understanding and pre- 
diction of aeroelasticity phenomena, such as blade flutter and forced response. Nonlinear 
unsteady flow evaluation by the time marching method is useful for gaining insight into 
phenomena associated with finite amplitude excitation, boundary layer displacement, and 
large shock excursion, but become prohibitively expensive for large models. Methods 
based on nonlinear aerodynamics do not meet the immediate needs in turbomachinery 
design, where computationally efficient procedures for routine parametric calculations are 
the norm. 

A good compromise is offered by the linearized frequency domain procedure. A two- 
dimensional steady-state flow is obtained from the nonlinear potential equations. Three- 
dimensional effects are introduced by adding the stream tube thickness and changes in 
radius, then resolved by the linearized Euler method. When correctly formulated, shock 
capturing schemes become simpler to implement in three dimensions. 

Viscous flow effects are important in shock-boundary layer interaction, flow separation, 
and recirculation. Such flows are important for unsteady flow, since the investigations are 
conducted at off-design conditions. Generally speaking, fan blades encounter flutter at 
part speed, where the behavior of the flow is dominated by viscous effects. For a three- 
dimensional blade row the unsteady compressible Favre-averaged Navier-Stokes equation 
can be cast in absolute velocity, but solved in a relative non-newtonian reference frame 
rotating with the blade. The governing equations are linearized around the steady-state 
solution by expressing the conservative variables and the coordinates as a sum of a mean 
steady-state value and a small perturbation. The system of equations is linear in the sense 
that all coefficients of the unsteady flow terms depend on the steady-state flow and geo- 
metric properties, but not on time. 

Five different boundary conditions may be considered. Flow tangency at the solid walls 
is expressed by the requirement that there is no flow through the surface of the moving wall, 
hence the local fluid velocity relative to the wall has no component normal to it. No slip- 
page at the solid walls calls for the local fluid velocity relative to the moving wall to be zero. 
Periodic boundary conditions are somewhat more complicated. In a flutter application, the 
blade may oscillate with a nonzero phase shift in reference to its neighbors. Similarly, in an 
interaction between wake and rotor there is a phase shift in the unsteady pressure distribu- 
tion experienced by the rotating blades if there is no one-to-one correspondence between 
the wakes and the blades. Unsteady flow computations require nonreflecting boundary con- 
ditions to prevent spurious inward reflections of outgoing waves at inflowing and outflow- 
ing boundaries. Single frequency nonreflecting boundary conditions may be used here 
(Giles, 1990). 

Consistent numerical implementation for the viscous and nonviscous fluxes requires lin- 
earization of the artificial dissipation and of the turbulence model. Artificial dissipation is a 
blend of second- and fourth-order differences to damp numerical oscillations in the vicinity 
of the discontinuities and to ensure stability of the scheme in smooth regions of the flow. 
Viscous fluxes contain contributions due to gradients of the unsteady flow velocity and tem- 
perature at constant viscosity, while also accounting for the variation of the unsteady vis- 
cosity. The evaluation requires linearization of the turbulence model used in the steady flow 
solver, but if it is neglected, the linearized viscous terms may still be represented using mean 
flow values for the eddy viscosity, sometimes called the frozen turbulence approach. 

A number of integration approaches are available when solving linearized equations 
using time marching algorithms. Marshall and Giles, (1997) use an explicit Runge-Kutta 
technique with a local time stepping. Montgomery and Verdon, (1997) propose a two-point 
backward implicit difference and expansion of the residual about the nth time level. 


FAN AND COMPRESSOR AIRFOILS 151 


FIGURE 6.7 Computational grid (Sbardella and Imregun, 2001). 


The process is illustrated for flow over a transonic turbine blade, referred to as the 11th 
International Standard Configuration. A subsonic attached flow and a transonic flow 
exhibiting a separation bubble on the suction surface are considered. Figure 6.7 shows the 
computational grid used for the viscous calculations. Quadrilateral elements are deleted in 
the boundary layer for inviscid calculations. 

For the subsonic case the inlet flow angle is —15.2°, outlet isentropic Mach number is 
0.69, and inlet Reynolds number based on blade chord is 650,000 (Sbardella and Imregun, 
2001). On the suction surface both viscous and inviscid calculations overpredict the Mach 
number distribution in the midchord region, but the steady flow is captured adequately to 
initiate the linearized unsteady flow. The isentropic Mach number distribution along the 
chord is shown in Fig. 6.8. 

For the transonic off-design case the inlet flow angle is 34°, outlet isentropic Mach number 
is 0.99, and inlet Reynolds number based on chord length is 860,000. A noteworthy feature of 
the flow, the recirculation bubble on the suction surface, is indicated in Fig. 6.9. Because 
of the significant viscous features, the Navier-Stokes analysis shows good agreement with 
measured data reported by Fransson et al. (1999), with the exception of behavior at the 
trailing edge. 

However, the differences noticed in the steady-state flow lead to major discrepancies 
for unsteady flow predictions. Unsteadiness arising from the bending of the blade nor- 
mal to the chord serves as a good example. The reduced frequency is 0.21 for the sub- 
sonic case and 0.15 for the transonic case. The amplitude of the pressure distribution for 
the subsonic case is in good agreement with the measured data, although deviations are 
noticeable in the phase. A similar comparison for the transonic case overpredicts the 
unsteady pressure coefficient on the suction side in the 0 to 30 percent chord region and 
around the trailing edge. Thus, the linearized viscous flow approach for the turbine 
blade provides useful data for the subsonic case, but discrepancies are evident in the 
transonic condition. 


152 COMPONENT DESIGN 


1.0 


0.8 ae bibs ite paa eae eE 


0.6 


0.4 ——---| | ype} | 


0.2 a ~ O TEOSES 


Isentropic mach number 


Inviscid | f ed laea VISCOUS 


0 
0 0.1 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9 1.0 


L.E. Chord ratio x/c T. E. 
FIGURE 6.8 Isentropic Mach number distribution—subsonic case (Sbardella and Imregun, 2001). 


6.5 FLOW CHARACTERISTICS 
AT STALL INCEPTION 


The inception of two forms of rotating stalls has been observed in axial compressors. One 
of them, called modal stall, is characterized by waves with length scale on the order of the 
compressor’s circumference, and propagates at a speed of one-fourth to one-half the speed 
of the rotor (Haynes, Hendricks, and Epstein, 1994; Tryfonidis, 1995). Another consider- 
ably different rotating stall is characterized by disturbances with a dominant length scale 
much shorter than the circumference, on the order of several blade pitches, and a propaga- 
tion speed of 70 to 80 percent of the rotor speed. 

In contrast to the inception of a modal stall, mechanistic description of this phenome- 
non is difficult due to the shorter length, and may best be referred to as spikes. Experiments 
indicate that this rotating stall inception possesses a radial structure (ref: Silkowsky, 1995), 


FIGURE 6.9 Transonic case separation bubble (Sbardella and Imregun, 2001). 
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and may be affected by clearance at the tip of the blades. The observations imply that a 
different and detailed approach is essential to capture the development of such short- 
length inception. More specifically, it is necessary to include a description of the tip 
clearance flow structure within individual blade passages. It is hypothesized that the 
unstable motion of the tip clearance vortex forward of the compressor leading edge is a 
mechanism for the development of short scale length disturbances leading to a com- 
pressor stall. 

Consider the flow through the clearance at the tip. Leakage is very nearly a pressure- 
driven cross flow, with viscous effects having minimal consequences on the overall 
leakage pattern. Hence, computational requirements may be decreased by treating the 
clearance as an inviscid region. In a computational evaluation of three-dimensional flow 
structures within a compressor blade passage, a number of physical features need to be 
addressed: 


Multiple blade passages are involved in a rotating stall cell, thus a potentially larger range 
of length scales must be captured by the numerical method than for flow in periodic blade 
passages. 


The wavelike unsteady flow characteristic with a large length implies a similar range of 
time scales. 


Viscous effects that give rise to separate flow must be included; a related consideration 
is the division of the flow into viscous and inviscid regimes. 


The computational investigation is based on the low-speed version of the E? com- 
pressor, which has been observed experimentally to exhibit the short length form of stall 
inception (Hoying et al., 1998). This compressor has a set of inlet guide vanes and four 
geometrically identical stages with a hub-to-tip ratio of 0.85. Rotor blades have an 
aspect ratio of 1.2 (compared to 1.34 for stator vanes) and a maximum tip Mach num- 
ber of 0.2. Airfoil profiles are selected to effectively increase loading in the outer span. 
Steps in the overall procedure called for computations to determine the axisymmetric 
performance using a single periodic blade passage with no throttle transient, followed 
by multiple blade passage calculations. The primary focus is on characterizing flow 
features that participate in the development of a short-length scale stall. The discussion 
of the investigation may be split into three categories: (1) demonstrate that the com- 
puted stall inception has the same physical features as observed in many experiments, 
(2) identify flow structures that are important in defining the process, and (3) analyze 
the development of these structures to provide a physical description of the inception of 
rotating stall. 

The direct indication of the evolution of the rotating stall disturbance can be seen 
from the velocity distribution ahead of the compressor. Figure 6.10 shows traces of the 
axial velocity parameter as a function of time in units of rotor periods at eight evenly 
spaced circumferential locations across the blades at 10 percent radial immersion from 
the outer case, located axially one-quarter chord ahead of the rotor. The traces indicate 
a rapid growth in large amplitude, short-wavelength disturbances in the time interval 
from —5.34 periods to 0, and the two straight lines providing propagation speed of the distur- 
bance. Points A, B, C, and D represent four time samples during the growth of the disturbance. 
Corresponding flow fields are plotted in Figs. 6.11 (a) through (d). The shape and develop- 
ment of these disturbances are qualitatively the same as the ones measured by Day 
(1993). The defining characteristics of the short-wavelength disturbances are the small 
circumferential extent, high growth rate, and localization near the tip. To compare the 
size and shape of the disturbance, the upstream velocity near the tip is shown in Fig. 6.12 
for the computations and for the experiment conducted by Silkowsky (1995) on the E° 
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FIGURE 6.10 Traces of inlet axial velocity (Hoying et al., 1998). 


compressor at 20 percent immersion. The origin of the time scale is arbitrary, and the total 
elapsed time is four periods. An interesting feature is the similarity in the shape of the 
disturbances of the two results; the computed rotor speed of the disturbance (70 percent 
of rotor speed) also matches the experimental results. 

The short-scale stalling process may be scrutinized more closely with the aid of Figs. 
6.11(a) to (d). Just prior to the stall, the tip clearance vortex stretches from the leading edge 
of the rotor blade to the same position on its nearest neighbor: 1.8 periods later, as the non- 
axisymmetric flow begins to develop, the flow in the lower 3/4 span of the compressor 
shows no reversal, even though the flow reverses near the tip. Two to three incipient stall 
disturbances develop, as evidenced by the presence of the tip clearance vortex forward of 
the leading edge. At time —0.19 one of the disturbances becomes dominant at the distur- 
bance’s leading edge, which then propagates farther upstream while also increasing in 
width. With more time periods the flow situation is similar, but the stall cell grows both axi- 
ally and circumferentially. 

Quantitative analysis of the two other characteristics of a tip vortex, circulation, and 
blockage, is also worth looking into. Blockage may be viewed as a reduction in the effec- 
tive area associated with the velocity defect introduced by the low-momentum tip leakage 
forming the vortex (see Sec. 6.17). As the throttle is closed toward stall the blockage 
increases, and it is this increase that has been linked to the onset of a rotating stall. The 
connection between tip vortex circulation is more fundamental and is explored in depth in 
Sec. 6.6. 

For the case under consideration, the short-length scale inception procedure is linked 
to the behavior of the structure of the blade passage flow field, particularly the tip clear- 
ance vortex. This contrasts with modal stalls, where a description of flow structures 
within the blade passages is not required for a useful description of rotating stall incep- 
tion and development. 
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(a) Time =—5.9, point A in Figure 6.10 (b) Time =—4.1, point B in Figure 6.10 


(c) Time = -1.9, point C in Figure 6.10 (d) Time = 1.0, point D in Figure 6.10 


FIGURE 6.11 Flow fields corresponding to disturbance samples (Hoying et al., 1998). 


A criterion for the inception of a local stall of the short-length variety may thus be 
identified in axial compressors, and takes the form of a trajectory of the tip vortex per- 
pendicular to the axial direction. The origin of the process may also be described in 
terms of kinematics of the tip clearance vortex. The vortex moves out upstream of the 
blade passage, and occurs when the trajectory is aligned with the blade’s leading edge 
plane. The evolution of the exit blockage with time is a consequence of this motion. 
Using this line of argument, a breakdown in the flow field may be expected in any com- 
pressor that experiences a forward spilling of the tip clearance vortex. But this does not 
preclude the possibility of other modes of instability that also rely on structures within 
the blade passage. 
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FIGURE 6.12 Comparison of inlet axial velocity during stall disturbance (Hoying et al., 1998). 


6.6 ROTATING INSTABILITY FROM VORTEX 
AT BLADE TIP 


Aerodynamic rotating instability is responsible for intensifying tip clearance related noise 
and for setting up the excitation of blade vibrations. This flow characteristic may be due to 
a group of superimposed modes or a part span stall with fluctuating cell numbers. In pres- 
sure or velocity frequency spectra the instability appears in the form of a significant 
increase in amplitude within a frequency band that is well below the blade passing fre- 
quency, and is superimposed by lesser peaks with nearly constant spacing in the frequency. 
The pattern is marked in a group of consecutively numbered modes. 

Primary parameters associated with instabilities in axial compressors vary over a wide 
range of values. Mode orders of one-third up to twice the number of rotor blades have been 
reported with the corresponding circumferential wavelength of the disturbance half to 
three times the blade pitch spacing. The rotational speed of the instabilities in different 
machines varies between 25 and 90 percent of the rotor peed. Tip clearance of the rotat- 
ing blades may be considered a major influencing factor in the initiation of the instability. 
Pressure difference across the blade row and the axial component of flow velocity also 
play a substantial role. 

Mailach, Lehman, and Vogler (2000) carried out an experimental investigation to deter- 
mine the influence of the blade tip vortex on the origination of rotating instabilities. A four- 
stage compressor preceded by inlet guide vanes with a hub diameter of 1260 mm and 
hub-to-tip ratio of 0.84 is used for the tests. The design point speed is 1000 rpm, mass flow 
is 25.35 kg/s, and Mach number at inlet midspan is 0.22. The instrumented row has 63 
blades of 110-mm chord length at midspan and 116-mm at the tip, solidity of 1.55 at the 
tip, and stagger angle of 40.5°. Nominal clearance at the tip is 1.55 mm. The stator has 
83 vanes with a chord length of 89 mm. Signs of instability for the nominal clearance were 
not observed, hence it was enlarged to 2.3, 3.5, and 5.0 mm in steps. A two-dimensional 
laser Doppler anemometry system determines the axial and circumferential velocities of the 
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FIGURE 6.13 Compressor characteristics at design speed (Mailach, Lehman, and 
Vogler, 2000). 


flow field within the rotor blade passage. Kulite sensors acquire unsteady pressures on the 
suction and pressure surfaces of two adjacent blades. 

Within the clearance volume measurements can be made only for the biggest magni- 
tude. Postprocessing of data is done by the ensemble-averaged method. An array of micro- 
phones distributed circumferentially in one axial plane determines higher-order modes of 
the rotating instabilities. Simultaneously acquired signals permit correlation between vari- 
ous sensors. 

The first indication of unstable operation occurs with a tip clearance of 3.5 mm, and a 
more complete development appears with a 5.00-mm clearance. The signs are observed at 
a number of speed points between 50 and 100 percent. Figure 6.13 provides details of the 
compressor characteristics. At the 0.87 mass flow rate point, a narrow band of indications 
appear in the frequency spectrum at 30 percent blade passing frequency. As the flow is 
throttled, the stability limit is approached and the instability shifts to a slightly lower fre- 
quency while the perturbation amplitude grows. Figure 6.14 shows a typical frequency 
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FIGURE 6.14 Frequency spectrum at casing wall (Mailach, Lehman, 
and Vogler, 2000). 
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FIGURE 6.15 Propagation of rotating instabilities in blade tip region (Mailach, Lehman, and Vogler, 
2000). 


spectrum measured at the casing wall for an operating point near the stability limit; the 
blade tip clearance is 5.0 mm, the machine is operating at design speed, and the mass flow 
coefficient is 0.82. The largest disturbance amplitude occurs at 265 Hz, which is one-quarter 
of the blade passing frequency. Other notable spikes are seen at the blade passing frequency 
and at the sum of the frequencies of blade passing and the rotating instability. During the 
operation the first two modal waves are noted throughout the compressor, appearing as dis- 
crete peaks at considerably lower frequencies than those attributable to the rotating insta- 
bilities (1 percent of the blade passing frequency for the first mode, and 50 percent of the 
rotor speed for the second mode). 

Rotating instabilities propagate in the blade’s tip region in the form of a wave front. 
Since the dominating mode order is about half the number of blades, the process repeats 
itself at every other blade at the same time. Direction of the propagation in the tip region is 
determined by correlating the signal from the pressure transducers on the pressure and suc- 
tion sides of adjacent blades. In Fig. 6.15 the “+” and “—” marks indicate maximum and 
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FIGURE 6.16 Rotating instability propagation in blade tip region (Mailach, Lehman, and Vogler, 2000). 
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minimum pressures. In the rotating frame of reference the propagation occurs against the 
direction of the shaft, and is directed downstream. The phase difference between the lead- 
ing and the trailing edges of the profile is about 180°. Thus, disturbances spread in a spiral 
form (Fig. 6.16). 

The pressure difference between the pressure and suction sides along the chord is 
nearly constant at the design point; hence the time-averaged tip vortex intensity is not 
dependent on the axial position. But at an operating point near the stability limit the driv- 
ing pressure difference at the leading edge initiates, indicating a propensity toward inten- 
sification of the vortex. This trend is also verified by the anemometer signals. Large 
regions of reversed flow can be observed due to the axial velocity component and the rel- 
ative flow angle rolling up of the blade tip vortex. The positive pressure gradient across 
the rotor blade row intensifies this reversed flow in the plane inside the tip clearance. In the 
front part of the blades a zone of low axial velocity suggesting an underturning of the flow 
can be seen in the middle of the blade passage. The relative flow angle remains positive. 
The reversed flow region within the tip clearance is limited to the rear part of the blades 
and extends over the whole circumference. Minimum axial velocities and relative flow 
angles appear between the middle of the blade passage and the pressure side, mostly due 
to the large vortex at the tip. 


6.7 PROSPECTS FOR ACTIVE STALL CONTROL 


In an effort to understand generic features of stall inception in aircraft engine compressors, 
Whittle Laboratory of Cambridge, England performed the task of theoretical and experi- 
mental work on four different engines (Day et al., 1997). In addition to learning more about 
the initiation of the phenomenon, the project aimed at evaluating data analysis techniques 
and assessing the range of incoming signals with which an active control system might be 
expected to cope. Earlier low-speed work at the laboratory has shown that stage matching 
and radial flow distribution are perhaps far more important than tip clearance in the stall 
inception process, especially the mechanism associated with modal oscillations of the 
entire flow field. In high-speed compressors the stage matching not only depends on the 
design of the blades, but also on the rotation speed and disposition of any variable stator 
vanes. This assignment for the laboratory called for providing stall inception measurements 
covering the full speed range from ground idle to overspeed. 

Figure 6.17 shows the four compressor designs, each representative of the aeroengine 
practice. The MTU’s three-stage compressor develops intermediate pressure at first stage 
tip Mach number of 1.08, overall pressure ratio of 2.5, 20 percent true chord interblade row 
axial spacing, and no variable vanes in the stator. The SNECMA compressor has four 
stages for high-pressure design: relative first rotor tip Mach number of 0.798, overall pres- 
sure ratio of 2.0, variable inlet guide vanes, and 50 percent chord interblade axial spacing. 
DRA’ s five-stage compressor is from a military core engine, first rotor tip Mach number of 
1.001, overall pressure ratio 6.0, variable inlet guide vanes, and 60 percent chord interblade 
axial spacing. The Rolls Royce Viper engine compressor has eight stages, single shaft, 
first rotor tip Mach number of 0.929, overall pressure ratio 5.0, no variable guide vanes, 
and 30 percent chord interblade axial spacing. 

High-frequency transducers are placed in circumferential arrays, and are placed equally 
within the limit of mechanical restraints. Closer spacing is possible where blade rows are 
limited. In addition, speed, mass flow rate, stage-to-stage and overall pressure increment, 
and operating temperatures are recorded using standard test-bed instrumentation. Guide 
vane scheduling, inlet distortion, and reduced Reynolds number tests are set in accordance 
with test speeds. 


160 COMPONENT DESIGN 


RL tts 


BS 


que Es 
mp S Es 


Rolls Royce Viper 


FIGURE 6.17 Compressor designs (Day et al., 1997). 


The occurrence of modes and spikes in the compressors is considered first. Although 
their incidence is not particularly noteworthy, the role of stage matching in determining the 
pattern of stability in a given situation is of interest. Representative examples of modes and 
spikes are shown in Figs. 6.18 and 6.19. The distinction between the two is that in a modal 
type stall inception flow becomes unstable due to a large-scale circumferential oscillation, 
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FIGURE 6.18 Modal style stall in MTU compressor (Day et al., 1997). 
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FIGURE 6.19 Localized spike stall inception in SNECMA compressor (Day 
et al., 1997). 
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while in a spike style stalling flow breakdown originates from a distinctly localized distur- 
bance. The physical features of the two processes may be described as follows. The modal 
perturbations rotate comparatively slowly at about 50 percent of the rotor speed, and appear 
as gentle waves, or undulations, in the pressure traces. Spike type disturbances are charac- 
terized by sharp peaks in the time traces, and generally rotate faster when first detected, at 
70 to 80 percent of the rotor speed, then slow down rapidly as they grow in size. In Fig. 6.18 
the modal perturbations rotate at 33 percent rotor speed, while spikes in Fig. 6.19 rotate at 
70 percent rotor speed, where a spike is visible at the first rotor nearly a full turn before 
detection in the second rotor. 

Both modes and spikes can occur in the same compressor, and stage matching is one of 
the parameters that can change one stall pattern to another. In high-speed compressors, 
stage matching changes with operating speed. Compressibility effects shift the position of 
the highest loading from the front to the rear of the compressor as the speed of rotation 
changes. Front stages are heavily loaded at low speeds, whereas rear stages are more likely 
to stall at high speeds. Even matching of all the stages near the stall point is achieved in the 
medium speed range. 

The spike form of stalling is a localized disturbance, initiating as a small incident in just 
one row. Hence, it may be assumed to occur at all speeds of rotation where the individual 
stages at the front or rear of the compressor are more highly loaded than the rest. At mid- 
dling speeds of rotation, where all stages are evenly matched, it might likewise be assumed 
that modal type stall inception would occur where the perturbations, being of larger pro- 
portions, can grow evenly throughout the machine. These concepts concerning the impact 
of compressor speed on stall inception pattern are supported by tests at Whittle Laboratory. 

A clear example of changing stalling patterns with a change in speed is seen in the MTU 
compressor (Fig. 6.20), where a spikelike stall occurs at low speed and modal type in the 
midspeed region. A similar trait is exhibited by the Rolls Royce Viper in the change from 
a spike to a mode as the speed increases. Spikes are observed in Fig. 6.21 at 70 percent 
speed and the modal type activity at 85 percent speed. At 100 percent speed where spikes 
might be expected in this compressor, a rotating pattern does precede surge, but the struc- 
ture of the pattern is ill-defined. The DRA compressor follows this trend, but again the 
stalling process is too complicated at full speed to permit distinguishing between spikes and 
modes. The SNECMA machine behaves differently from others, where the stall is initiated 
by spikes throughout the speed range. This observation cannot be explained, except that 
this compressor has relatively large interblade row axial spacing and a low overall pressure 
ratio. 

To determine the impact of inlet guide vanes, the DRA and SNECMA compressors 
were tested throughout the speed range with different settings. Stall inception was not 
affected in the DRA compressor, despite large (9°) changes in both positive and negative 
directions. In contrast, the SNECMA compressor is very sensitive to the closing and open- 
ing of vanes. Modal activity is not exhibited at any speed, but the vane setting does play a 
role in the axial location of stall inception. At the design setting of the vanes, spikes appear 
at the front of the compressor at low speeds and at the rear at high speeds. But a small 
change in the inlet guide vane (IGV) setting is sufficient to reverse this pattern. The reasons 
for the observations on the two machines cannot be readily explained. 

At low rotational speeds of around 40 to 60 percent most compressors tend to display 
stall-like characteristics when the unit is started. The occurrence is natural, with operation 
taking place in the stable stall regime. This front-end stalling comes about because the ini- 
tial stages of a long compressor suffer through flow velocity at low rotational speeds, and 
the blockage created by the stall cells is a self-correcting mechanism for reducing the 
frontal area of the compressor, thus improving the matching. The behavior is confined to 
the first few rows, and the stall cells are nearly always of the part-span type. Characterized 
by multiple cells, in the event of throttling they organize themselves in a circumferential 
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FIGURE 6.20 MTU compressor displaying spikes at a low speed changing to 
modes at a middling speed (Day et al., 1997). 


pattern, and then coalesce through a merging process to give rise to a single stall block of 
larger proportions. Figure 6.22 from the Viper compressor reveals this process of three cells 
coalescing into one group. While the cells retain their multicell form, they are relatively 
benign, doing little harm to compressor or engine performance. The larger full-span cell, 
when it forms, has a bigger effect on performance because it spreads throughout the com- 
pressor and necessitates engine shutdown. 

At full speed it is difficult to make a clear statement of generic trends. All compressors 
surge at this speed; in most cases the surge event is preceded by a brief period of rotating 
stall. The stalling process is rapid, with less than three revolutions separating the appear- 
ance of the first stall cells and the establishment of reversed flow. The number of revolu- 
tions mentioned here compares with about five at lower speeds. In the DRA compressor 
10 ms divides the forward flow from the reversed flow. Flow breakdown seems to initiate 
at a fixed circumferential location in the annulus. This is true of the SNECMA engine and 
to a lesser extent in other machines. 

Circumferential bias is also a feature of another interesting observation in these tests. 
Sometimes the compressors display signs of protracted nonrotating, prestall flow disruption. 
In the DRA, MTU, and Rolls Royce compressors a gentle rise in pressure appears over three 
or four rotor turns prior to stall. The slow ramp occurs over a wide circumferential area. An 
example of this fixed location stall from the DRA compressor is shown in Fig. 6.23. 
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FIGURE 6.21 Spike and modal stall inception in viper engine (Day et al., 1997). 


High-frequency signals between 10 and 13 times the rotor frequency are observed in the 
DRA and SNECMA compressors, the disturbances occurring at or near top speed. The 
somewhat audible disturbances are not considered a consequence of aliasing in data acqui- 
sition. An example of the signal for the SNECMA compressor is shown in Fig. 6.24. The 
perturbations are the strongest at the rear, but detectable throughout the compressor. In a 
unit with a large number of blades in each row, signals of higher frequency than rotor pass- 
ing may be generated by an array of considerably small cells. In general, the smaller the 
stall cell, the faster it rotates, rotor speed being the upper limit. 

Shaft order perturbations are present to a greater or lesser extent in all compressors, the 
effect magnifying at high speeds. The lack of concentricity of rotor and casing, tip clearance 
size, and nonuniformity of the blade angles throughout the compressor area are contributing 


FAN AND COMPRESSOR AIRFOILS 165 


Front end stall (3 cells) ` ' ' ‘Full stall (T cell) 
i 


Speed 4496 rpm Speed 33% rpm_| 


0 7 14 21 28 35 
Time, rotor revolutions 


Pressure at 5 circumferential positions 


FIGURE 6.22 Multicell front-end stall developing into full-span stall, viper engine 
(Day et al., 1997). 


factors. The point of interest, however, is not the existence of the perturbations but whether 
or not the disturbance actually participates in the stalling process. It has been suggested 
(Hendrick, Dabinis, and Feulner, 1997) that high-speed modal perturbations may lock into 
shaft-order disturbances with the combined effect of triggering a stall, but these tests do not 
support the premise. 

From the conducted tests a pronounced link exists between the Reynolds number and 
compressor behavior. A comparison of stalling traces does not indicate an appreciable dif- 
ference when the average Reynolds number is reduced from 7 x 10° to 4 x 10°, but the lat- 
ter number is still above the threshold at which an effect on the blade row’s performance 
may be detected. The impact of inlet distortion on specific changes in the stalling behavior 
is likewise difficult to determine, especially at high speeds where the stalling process is in 
any case difficult to categorize. 

In the classical sense of the word, active control makes use of real-time measurements 
in the compressor to detect stalling disturbances, and to take action to suppress them. 
System response is then tailored to the particular disturbance in the compressor at the time. 
The control system must then be capable of identifying and responding to all forms of stall 
inception. The misinterpretation of the incoming signals will lead to inappropriate instruc- 
tions, which could possibly result in the exactly opposite direction of the compressor 
stalling prematurely. 

The structures of both modal and spikelike stall inception disturbances are reasonably 
well understood, and algorithms are available to detect their presence. Modal stalls are 
easier to detect because the whole compressor is affected at the same time, and so all 
measuring probes contribute to the identification. In contrast, the spike form of distur- 
bance occurs mostly at low rotational speeds. Its localized appearance makes it more dif- 
ficult to track than the modes. The disturbance originates, in a small way, from flow 
breakdown in a particular blade passage, and has no discernible impact on the rest of the 
circumference. It is even possible for a small disturbance to travel from one probe to 
another and remain undetected. Thus, early detection above the background noise is a 
difficult proposition at best. 
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FIGURE 6.23 Nonrotating pressure ramping prior to stall at full speed in dra unit (Day 
et al., 1997). 


Besides modes and spikes, other forms of stall that could have an influence on the reli- 
able application of active control are front-end start-up stall, high-frequency stall, abrupt 
stall at full speed, fixed location stall, shaft order disturbances, and distorted inlet flow. 
This list is an indication of the variety of signals that may be observed during the operation 
of high-speed compressors. An individual compressor, of course, is not going to be sus- 
ceptible to all these problems, but it is useful to have foreknowledge of the possible range 
of signals that might be encountered. 

An alternative approach to active control is to disregard the physical details of the flow 
generating signals and to concentrate on deriving a stall risk index from the sum of all 
inputs. Reliability of the index would be essential for a scheme of this type, but the prob- 
lem of identifying the necessary corrective action in the variable vanes or operating speed 
or both still remains. Thus, the goal of active control still seems to be some way off. 
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FIGURE 6.24 High-frequency stall in SNECMA compressor at full speed 
(Day et al., 1997). 


6.8 CASCADE FLUTTER ANALYSIS 


Susceptibility of rotor blades to flutter instabilities is a major consideration in the design of 
turbomachines. Flutter is caused by an interaction between the vibratory motions of an 
assembly of blades and the aerodynamic forces resulting from these motions. Resonant 
vibration is caused when a vibratory pattern in the rotating system of the blades matches 
both in time and space a distortion pattern in the stream. Experimental data obtained from 
tests conducted on an advanced engine over a wide range of realistic operating conditions 
have revealed the complex nature of cascade flutter modes. The latter are characterized by 
the presence of several harmonics at the flutter frequency, underlining the influence of 
nonuniformities of the blade properties around the rotor. The resulting system modes of the 
assembly depend on several important factors arising from the extent of aerodynamic and 
mechanical coupling. 

Modern fan and compressor blades resemble highly twisted and bent plate-type config- 
urations, whose cross sections vary from root to tip. An assembly of such blades with or 
without part-span shrouds mounted on a support structure such as a hub or disk and sub- 
jected to a centrifugal and aerodynamic environment leads to an aeromechanical system of 
extreme complexity. The aerodynamic modeling of a vibrating cascade of blades must be 
analyzed under flow regimes typical of several operating conditions. 

The cascade flutter problem may be formulated by using the modal characteristics of 
individual blades (frequencies, mode shapes, and damping) that may be available from a 
detailed finite element analysis or from direct experimental measurement ( Srinivasan and 
Fabunmi, 1984). Flow conditions may also vary along the span. The formulation includes 
considerations important in design so that parametric studies of real blade profiles can be 
made. Thus, coupling between the torsional and bending degrees of freedom at each span- 
wise location of the blade and coupling among blade modes through either aerodynamic or 
mechanical means are inherent in the development. Numerical results are obtained for an 
assembly of 12 aerodynamically coupled blades on a rigid disk (Fig. 6.25). A parametric 
study is made in which the strength of coupling (between bending and torsional degrees of 
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FIGURE 6.25 Cascade of cantilevered blades (Srinivasan and Fabunmi, 1984). 


freedom) in a given blade mode, mass ratio, reduced frequency, and mechanical damping 
are varied. Studies of flutter modes involving more than one blade mode are conducted to 
investigate the strength of coupling between the participating blade modes. Both selective and 
random mistuning procedures are used with and without mechanical damping to establish 
trends of behavior with regard to flutter. The blade profile chosen represents an advanced 
research fan whose mode shapes are used in baseline calculations as well as in forming new 
modes to vary the bending-torsion coupling. 

Figure 6.26 shows the results of computation for determining the influence of introduc- 
ing more or less coupling between bending and torsion in a blade mode. The plot of imag- 
inary part of the spanwise blade mode number p = (Aj — œ@?)/œĝ and the complex number 
A, are shown as a function of the real part of p. Here A and @ are the reduced and circular 
frequencies of vibration. Three sets of calculations are made for a fixed frequency parame- 
ter A=0.15 and varying amounts of bending and torsion loads. Either method can be used 
in practice to improve stability conditions. A combination of these, i.e., both mistuning 
and damping arranged in a random manner increases, as expected, the stability even more. 
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FIGURE 6.26 Influence of coupling in the same mode (Srinivasan and Fabunmi, 1984). 


FAN AND COMPRESSOR AIRFOILS 169 


A set of calculations is made for the same system to compare the improvement in stability 
between using random arrangement of blade frequencies and a selective arrangement of the 
frequencies. The latter is chosen to be a condition in which four blades in a system of 12 
blades had frequencies of 15 and 30 coefficients (C;/C; = 0, 0.5 and 1). The calculated 
points in the left diagram represent eigenvalues associated with a distinct circumferential 
distribution of amplitudes and phases around the periphery of the assembly, and the most 
negative value of Im(p) pertains to the most unstable mode for that value of C;,/C;. A strik- 
ing feature of this analysis is that the stability characteristics show a definite improvement 
when some bending deformation accompanies torsion deformation. The implication is that 
blade designs that are prone to flutter in an essentially torsion mode could be improved by 
a design modification that leads to the introduction of bending deformation into the vibra- 
tory mode. In the figure, œ= blade rotation, ô= modal damping, n = eigenvector, c = chord, 
h = blade translation, / = length of blade segment, r = circumferential mode number, L = 
unsteady aerodynamic lift, M = unsteady aerodynamic moment, C = matrix of unsteady 
aerodynamic coefficients, D = hysteretic damping, and S = gap. In the right diagram the 
flutter characteristics are for several values of A with C,/C,. At any given frequency param- 
eter a purely torsion mode tends to become stable with any addition of bending to that 
mode. Since aerodynamic damping tends to increase as C;,/C, increases, no instability is 
predicted for a pure bending mode, as expected. Further, the frequency of flutter @ is close 
to the frequency of the blade by itself for large values of A, irrespective of the strength of 
coupling. The implication for an essentially aerodynamically coupled system is that for low 
Mach numbers and large reduced frequencies the influence of aerodynamic coupling is 
negligible. Therefore, if flutter does take place, it will occur at a frequency close to the 
blade frequency. 

Figure 6.27 shows the eigenvalue loops resulting from a random arrangement of blade 
frequencies arising from mistuning and damping. The indications are clear that either 
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FIGURE 6.27 Effects of random mistuning and damping (Srinivasan and Fabunmi, 1984). 
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method can be used in practice to improve stability conditions. The blades are placed sym- 
metrically around the rotor. While the mistuned systems show a decided improvement over 
the corresponding tuned system, results indicate that the stability characteristics of the 
selectively mistuned system can be slightly better than the randomly mistuned system. 


6.9 FAULT IDENTIFICATION IN VARIABLE 
STATOR VANES 


Incorporating variable geometry into the stages of axial compressors is a practice followed 
by engine manufacturers to improve operational behavior and efficiency. However, opera- 
tion of the system is susceptible to a number of faults, leading to maladjustment of one or 
more vanes. A number of bushings, links, bolts, and nuts are required in the actuation 
assembly. Figure 6.28 illustrates the setup of one vane. The fit and clearance between mat- 
ing parts tend to deteriorate after a number of cycles. If extraneous particles are lodged, for 
example, between the bushing and the pin at the end of the vane, turning of the vane may 
be restricted. The occurrence of such faults may very well lead to reduced efficiency or 
pressure surge. 

A number of methods are available for predicting the influence of variable geometry 
on compressor performance. The stage stacking method (Muir, Saravananamuttoo, and 
Marshall, 1989) is implemented to determine compressor performance within an overall 
engine model. A model-based technique for detecting performance faults due to variable 
geometry malfunction is presented by Merrington, (1994). Individual vane mistuning is 
examined by Stamatis, Mathioudakis, and Papailiou, (1990). 

Faults in stator vane settings of differing magnitudes in multiple stages have been 
investigated experimentally by implanting the defects. Identification of the fault is based 
on measurement of aerodynamic data. Monitoring the circumferential temperature dis- 
tribution at the turbine exit provides information for an adaptive performance model to 
characterize the pattern and magnitude of the fault (Tsalavoutas et al., 2000). The vanes 
are controlled and actuated by an engine controller, with the actuator position determin- 
ing the angle setting of the vanes. If loose bolt tightening or progressive wear in the link- 
ages causes a drift from their calibrated schedule, it is not practical to examine the 
position of each vane. The first six compressor stages of General Electric’s CF6-80C tur- 
bofan engine, for example, are equipped with variable stator vanes. Figure 6.29 schemat- 
ically represents the process. 


FIGURE 6.28 Variable geometry vane. 
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FIGURE 6.29 Schematic representation of individual vane mistuning. 


When a set of measured data from an engine is available, a preliminary indication of the 
performance may be gauged by comparison with reference values. But the approach does 
not necessarily suggest the source of the problem. The method of adaptive modeling assesses 
measured data to determine parameter characteristics to the performance of each component, 
and provides some flexibility to suggest the severity of the problem. 

The Tornado gas turbine consisting of a compressor, combustor, core turbine, and 
power turbine is used for the experiment. The compressor employs inlet guide vanes and 
four stages of variable stators to provide a pressure ratio of 12:1 at the design speed of 
11,000 rpm. The stators start to close progressively at speeds below 10,000 rpm, and are in 
the fully closed position for all speeds below 8000 rpm. Aero- and thermodynamic perfor- 
mance measurements are acquired through standard instrumentation. 

The test sequence commences with the establishment of engine performance in the 
nominal condition. This step is necessary to ensure that the reference condition is adapted 
to a particular engine configuration. The test schedule is then repeated for each fault con- 
dition, with measurements obtained at each step. Vane faults are implanted by adjusting the 
link elements associated with one or more vanes. Adjustments performed are restricted in 
magnitude to be within operational limits. Thus, the implanted faults represent small faults, 
and are intended to examine their effects on engine performance. A series of tests is con- 
ducted at the same compressor mechanical speed in order to maintain similarity in the 
engine operating condition. 

The impact of faulty guide vane setting on compressor performance is shown in Fig. 6.30. 
For a given controller setting the faults lead to a reduction in engine load and fuel flow rate. 

A proportionate reduction in the airflow rate, compressor discharge pressure and tem- 
perature, and turbine exhaust temperature is also observed, with the deviations exhibiting 
a similar pattern for all fault cases. The magnitude of the deviations may be split into two 
cases: 


e When the fault is restricted to vanes of a single stage (as in Figs. 6.30a and c), the mag- 
nitude of the deviations tends to relate with the degree of vane mistuning. 


e A fault in the first stage has a greater impact on compressor performance than at stages 
further downstream. 


In the case of a single-shaft engine, as in this experimental investigation, the number 
of operating parameters needed for evaluation is five: airflow rate, compressor discharge 
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FIGURE 6.30 Effects of variable guide vane fault on compressor performance 
(Tsalavoutas et al., 2000). 


pressure and temperature, fuel flow rate, and turbine exhaust gas temperature. Compressor 
speed and engine load define the engine operating point. 

Although a trend of larger deviations for more severe faults is observed, a clear con- 
nection between deviation magnitudes in proportion to fault severity is not identified. All 
faults are manifested as a decrease in the pumping capacity of the compressor, while its 
efficiency remains practically unaltered. In all test cases a fault signature exists that can 
be used for fault identification. It is difficult, however, to distinguish the particular 
faulty vane configuration. The implanted mistunings belong to a class of compressor 
faults, hence only compressor modification factors may be expected to exhibit a system- 
atic change. 

It may be possible to extract some more information from the temperature patterns. The 
pattern of variation also depends on the blade design. A change in the compressor blade 
configuration, just as mistuned guide vanes, will result in the alteration of the flow field 
at the compressor exit. Hot gases from the combustion chamber go through the turbine, 
hence the turbine’s blade rows act as filters on circumferential nonuniformities. So the 
question then becomes one of nonuniformities persisting at the turbine exit to permit the 
observation of meaningful variance. A sample of measured temperature distribution is shown 
in Fig. 6.31. Corrected temperature profiles downstream of the turbine in the reference con- 
dition and for the case in which three vanes of the first stage are mistuned by 5° and 10° are 
shown in the figure. 
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2000). 


The modification in the temperature pattern is observable. An increase in temperature is 
registered by a number of thermocouples. Extraction of additional diagnostic information 
from a possible systematic change of the temperature profile may be made by a reduced tem- 
perature deviation factor introduced by Tsalavoutas et al., (1996): 


dT! = dT, = (6.8) 


where dT, =T,- T, „is the difference between the current and reference temperatures, dT, 


ire: 


is the average absolute temperature deviation: 


_ xh aq 6.9 
ar, == (6.9) 


and dT, is a measure of the maximum expected temperature deviation due to the presence 


of random measurement errors. The effectiveness of this method for identifying small alter- 
ations in temperature profiles and subsequent diagnosis is considered good. 


6.10 END-WALL BLOCKAGE 


Flow in the end region of an axial compressor has a strong influence on the overall per- 
formance and stability. Wisler (1985) suggests more than half the loss is associated with 
flow in this region. Koch (1981) presents data to emphasize the detrimental effect of 
increasing tip clearance on the pressure rise obtainable within a blade passage. With a 
larger clearance height, as the mass flow decreases the pressure rises briefly, then 
declines. The peaking is due to a reduction in the effective flow area at the blade passage 
exit, and is associated with the formation of regions of substantial velocity defect or with 


174 COMPONENT DESIGN 


deviation. The former is commonly referred to as blockage and appears to be of signifi- 
cance. The expression generally refers to a reduction in the effective stream or core area 
due to local velocity defects, and is analogous to the displacement thickness associated with 
boundary layers, as illustrated in Fig. 6.32. 

Rotating stalls also trace a clear line between a route to stall inception and peaking of 
the pressure rise. In compressors where the flow in the tip region is primarily responsible 
for the blockage growth, rotating stall onset is thus linked to this flow. Motivation to under- 
stand the key features of the end wall flow field and develop techniques to modify it defi- 
nitely exists. Primary issues to be addressed are: 


e Define a physically based model for end wall blockage. 
e Determine the relative sensitivity of the blockage to various compressor design parameters. 


e Develop quantitative criteria for blockage management. 


Khalid et al. (1998) present trends to identify the underlying mechanisms that affect 
blockage generation and a quantitative means of assessment. A method to define block- 
age and application to a low-speed rotor and a transonic compressor is introduced. Flow 
field in a compressor blade row is multidirectional and the free stream is nonuniform, 
thus raising questions concerning the relevance of the velocity component in defining 
blockage and identification of the defect region edge, given the presence of strong gra- 
dients in free stream flow properties. Some features are common for many situations. The 
core free stream flow has a distinguishable main flow direction that may be used in the 
selection of the velocity component. Also, the core flow may be nonuniform, but the flow 
in the region near the end walls or the blades experiences considerable gradients in flow 
properties than those in the core region. These aspects may be used to define the bound- 
ary of the defective region. 

An expression for flow in a blocked area of a compressor blade row is 


Aoa = [Í (i - 2) dA (6.10) 


where u and U denote the velocity component and magnitude, p is the density, subscripts e 
and m stand for blockage edge and main flow direction, and the integral is taken over the 
defect region. The edge is defined by the magnitude of the vector formed by the radial and 


tangential components of V(pu,,). Figure 6.33 shows contours of (pu,,,) and magnitude of 
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FIGURE 6.32 Blockage schematic (Khalid et al., 1998). 
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FIGURE 6.33 Blockage region definition using velocity gradients (Khalid 
et al., 1998). 


V(pu,,) for a transonic fan with a hub-to-tip ratio of 0.67 using normalized values of veloc- 
ity and tip chord. Although the free stream velocity varies by nearly a factor of two, the gra- 
dient magnitude provides an unambiguous indication of the defect region. 

Estimates of the blockage area may also be obtained from low-speed compressor tests, 
Navier-Stokes computations and tests in a wind tunnel to capture the essentials of leakage 
flow past the tip. Tests were performed on a Deverson compressor at the Whittle 
Laboratory of Cambridge University. The bellmouth inlet is provided with flow straight- 
eners, the rotor has 51 controlled diffusion blades with tip chord = 119 mm, tip solidity = 
1.26, tip camber = 25.4°, and hub-to-tip ratio = 0.8. Inlet guide vanes are 3.2 rotor chords 
upstream of the rotor leading edge to impart swirl to the flow, but permit circumferential 
nonuniformities due to the wakes. Data are collected primarily with a slant hot wire tra- 
versed radially 15 percent chord downstream of the rotor trailing edge. At each radial loca- 
tion phase-locked measurements are taken and ensemble-averaged for eight different wire 
orientations. The accumulated data are used to calculate all three velocity components at 
the rotor exit. Two clearance levels (clearance/chord = 0.0124 and 0.03) and two stagger 
angles (40.5° and 44.7°) are used in the tests to measure the relative velocity at a distance 
(0.15’ chord) from the trailing edge. Representative contour plots of relative velocity mag- 
nitude normalized by midspan blade speed are shown in Fig. 6.34 for datum stagger and 
clearance at two flow conditions. Triangles along the right-hand edge indicate radial mea- 
surement locations. Highest blockage points are at near stall conditions. 

A key feature of the growth of blockage may be attributed to tip leakage as the clear- 
ance vortex negotiates the rise in pressure. To evaluate this concept, results from a wind 
tunnel test may be examined closely. In this experiment the compressor tip clearance flow 
is represented by an axial slot jet entering a free stream within an adverse pressure gradi- 
ent. The slot produces a symmetric vortex pair similar to a wall-bounded single vortex, with 
an image vortex set by boundary conditions on the casing wall. The test section is con- 
structed to produce an adverse pressure gradient representative of that found in an axial 
compressor with simultaneous turning and diffusion, a local minimum in the pressure as 
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FIGURE 6.34 Measured relative velocity contours (Khalid et al., 1998). 


the flow accelerates around a bend, and followed by an increase in pressure. A plot of 
blockage against a blade loading parameter, from the rotating rig and wind tunnel tests, is 
shown in Fig. 6.35. The highest loading points occur at near stall conditions. An evident 
aspect is the asymptotic trend of the blockage area as the pressure loading parameter 
increases. 

Results from numerical and experimental studies provide quantitative information 
about the impact of design parameters and flow conditions on end-wall blockage. Cases 
examined include inlet boundary layer thickness between zero and 3.5 clearance heights, 
blade stagger angles between 35° and 65°, clearances between 1.4 and 3.5 percent of chord, 
solidities of 1.1 and 1.6, and jet pressure coefficient varying from free stream to 60 percent 
of free stream. 

When the inlet displacement thickness is changed from 0 to 3.5 clearance heights, nor- 
malized blockage increases from 0.8 to 1.2 of the datum value. The inlet boundary layer 
affects the clearance jet total pressure, and hence the depth of the initial velocity defect, 
resulting in a lower limiting static pressure rise for a thicker boundary layer. Stalling static 
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FIGURE 6.35 Blockage of flow area vs. blade pressure loading (Khalid et al., 1998). 


pressure rise coefficient is 4 percent higher when the boundary layer changes from zero to 
the thick boundary layer. 

End-wall blockage is approximately proportional to the clearance height. Note, how- 
ever, that Storer and Cumpsty, (1991) show that for tight clearances below 1 percent of 
chord end-wall performance is increasingly affected by three-dimensional separation in the 
end-wall suction side corner. 

As the blade stagger angle is increased, both the clearance mass flux and clearance leak- 
age angle decrease. The combined effect of the two is a reduction in the exit plane block- 
age as the stagger angle increases. 

For a 50-percent increase in solidity the blockage is reduced by 5 to 30 percent for stag- 
ger angles ranging from 35° to 65°. Increased solidity decreases blade loading for the same 
overall passage pressure rise, reducing the leakage jet angle and clearance mass flux. 
Consequently, the leakage jet has an effectively higher initial total pressure, and hence a 
reduced normalized blockage. When the tip leakage vortex trajectory intersects the next 
blade pressure surface, an increase in solidity increases jet clearance loss, and partially off- 
sets blockage reduction due to the decreased blade load. 

Comparison of the effects of blade loading profile on the blockage from rotating rig and 
wind tunnel tests indicates the same trend. Details of the loading profile are not a major fac- 
tor in determining end-wall blockage. This suggests that the use of a three-dimensional 
blade design to reduce tip load may not reduce end-wall blockage effects. 

At a given location when the jet total pressure is increased, reduction in blockage also 
increases. Increased clearance jet total pressure over the first 50 percent of the chord yields 
10 to 15 percent improvement in blockage reduction. The same gain can be realized if the 
total pressure is applied over the lower 25 percent of the chord. 


6.11 ACOUSTIC RESONANCE IN MULTISTAGE 
COMPRESSORS 


Vibration in blades can be excited by a number of mechanisms, of which blade row inter- 
action resulting from wakes and potential fields of adjacent blade rows and flutter are well 
known. Another source of observed blade excitation is associated with a resonant acoustic 
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condition of the compressor annulus. The link with the acoustics of the system is revealed 
by measurements of a fluctuating pressure field, which rotates about the compressor axis at 
a speed close to the local speed of sound. The phenomenon is sensitive to the annulus 
geometry and to compressor inlet conditions in a manner that is consistent with an acoustic 
signal. Frequencies of the fluctuating pressure signals are not necessarily integrals of shaft 
frequency, and are not related to the stiffness of the blade. High amplitudes of fluctuating 
pressure and blade stress occur in regions of irregularities in the flow field such as bleed 
slots or blade rows operating at extreme incidence. 

Experimental measurements of the resonant acoustic feature have been made in a low- 
speed compressor at the Whittle Laboratory of Cambridge University (Camp, 1997; Camp 
and Day, 1997). In high-speed machines experimental studies of this nature are difficult 
to perform because of difficulties in detection and faster failures in blades due to stresses. 
This compressor is equipped with a variable stator mechanism to permit inlet guide vanes 
and stator vanes to be easily restaggered. The outer radius of the compressor is constant at 
254 mm and a hub-to-tip ratio of 0.75. When operating at high flow coefficients with the 
variable stators at certain off-design settings, the compressor emits tones at a series of dis- 
crete frequencies that can be heard above the blade passing frequency and the background 
broadband noise. 

The structure of acoustic signals in the annular ducts can be calculated by using the 
homogeneous wave equation in cylindrical coordinates (Tyler and Sofrin, 1962). In a sta- 
tionary fluid the equation is 


oP _ 2V2y=0 (6.11) 


where f is time and c is speed of sound in free space. For a narrow duct radial direction vari- 
ations may be ignored, so the solution is static pressure p( 0, t, x) = ©(@)7T(t)X(x). If the time 
dependent function T has frequency œ and the circumferentially varying function © is of 
order m, amplitude a, and phase @,,, then for x = 0 the solution is 


m’ 


D(O, t, 0) = a„exp i(mO— at + ¢,,) (6.12) 


where the real part is implied. Since m is an integer, variation of pressure in the 0 direction 
is continuous and repeats around the circumference, as shown in Fig. 6.36. This distribu- 
tion of the wave front traces out m helices while traveling at w/m radians per second, gen- 
erating a point fluctuating pressure at frequency @. 


Axial pressure distribution 


4th order circumferential pressure distribution 


FIGURE 6.36 Pressure distribution of acoustic wave. 
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A source of excitation is the shedding of vortices from struts and blade rows at high inci- 
dence (Parker and Stoneman, 1985) that interacts with the flow field. Acoustic resonance 
is set up when the frequency of vortex shedding is close to the acoustic resonant frequency 
of the duct, when the vortex shedding frequency locks on to the acoustic frequency 
(Cumpsty and Whitehead, 1971). If now this frequency also approaches one of the natural 
frequencies of the blade, acoustic signal amplitude and blade mechanical stresses are rein- 
forced. Blade stresses are particularly high if the vibrating blade also happens to be the 
source of shed vortices because of close interaction between the two features. The coinci- 
dence of the three frequencies is not so rare as might appear at first sight when the number 
of blade rows with blades vibrating in several flexure and torsion modes and considerable 
operating speed range of many turbomachinery compressors is kept in mind. Acoustic res- 
onance of the duct may also occur at many frequencies corresponding to different circum- 
ferential and radial orders. 

The frequency at which vortices are shed by a body can be related to its dimensions and 
the velocity of the fluid by a nearly constant value of the Strouhal number, defined by St= 
fDiv, where fis the shedding frequency, D is the characteristic dimension of the body, and 
v is the flow velocity. Based on the trailing edge thickness of an isolated strut, measure- 
ments indicate a value of 0.20 for this number when the natural frequency of vortex shed- 
ding is determined. At resonant conditions, however, the value of the Strouhal number may 
change significantly. For a compressor blade row operating at constant flow, the vortex 
shedding speed is proportional to the blade speed, and therefore, shaft speed. Thus, when 
the frequency of vortex shedding locks on to different acoustic modes, step changes occur 
in the frequency of the acoustic signal. 

Figure 6.37 shows the measured spectra for frequency components between 1.0 and 
1.8 kHz, indicating peaks at six frequencies. The most prominent and audible signal is at 
1.424 kHz. Also, four of the frequencies (1022, 1234, 1424, and 1622 Hz) coincide with the 
fifth, sixth, seventh, and eighth orders of 204 Hz. A Mach number based on circumferen- 
tial phase velocity at tip radius is calculated from Mọ = (271, f)/mce. If m = 1, f= 204 Hz, 


10 11 12 13 14 15 16 17 18 
Frequency (kHz) 


FIGURE 6.37 Pressure amplitude spectra as function of flow coeffi- 
cient (Camp, 1997). 
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Tip = 254 mm, and speed of sound c = 344 m/s, then Mọ = 0.95. Thus, the four modes in 
question are close to M, approaching unity value at the tip radius. The remaining two sig- 
nals at 1176 and 1570 Hz are the 23rd and 31st harmonics of shaft frequency (49.1 Hz). 

A characteristic of acoustic resonance observed in high-speed compressors is that the 
frequency associated with any particular wave structure is approximately independent of 
shaft speed. A series of spectra have been obtained on the experimental compressor using 
a Kulite transducer mounted at the IGV inlet plane while the shaft speed is decelerated. The 
results are provided in Fig. 6.38. In the first 2 s of deceleration the signal at 1234 Hz is 
prominent and remains at a constant frequency, while frequencies at surrounding shaft 
orders fall. This characteristic is consistent with acoustic resonance in high-speed com- 
pressors. 

The phase and amplitude structure of the acoustic signal is investigated using Kulite 
transducers in the axial and circumferential directions of the compressor and downstream 
duct. The 1424-Hz signal of order 7 and the gradient of its phase distribution indicate that 
the pressure field rotates in the opposite direction of the rotor, and may be described as a 
backward traveling wave. Both forward and backward traveling waves have been detected 
in high-speed compressors. More than one acoustic mode may sometimes exist at this fre- 
quency. Similar phase changes in the axial direction may not permit easy interpretation and 
identification of the waves. Acoustic waves generally propagate downstream, and travel in 
a direction against the rotor. 

Frequencies of acoustic signals are not dependent on the axial length of the compressor 
system. This aspect is verified on the test setup, where three different lengths of ducting 
have been employed on the compressor and the downstream throttle. 
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FIGURE 6.38 Pressure amplitude spectra as function of deceleration time (Camp, 1997). 
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Axial variation of acoustic amplitude usually increases with the distance through the 
compressor, reaching a maximum close to the exit. The amplitudes reduce when the 
acoustic waves pass over support frame struts and bearing housing. It might be surmised 
that the acoustic wave energy does not propagate beyond the throttle, and may be reflected 
by the relatively flat surfaces of the support struts to get trapped within the system. 

Strouhal numbers for struts and blade rows in the compressor are all potential sources 
of vortex shedding. For the vortex shedding frequency of 1424 Hz at a flow coefficient of 
0.85 the support struts have a Strouhal number of 0.195 based on the trailing edge thick- 
ness. From the experience of gas turbine manufacturers, Strouhal numbers based on chord 
for blade rows that excite acoustic resonance approximate 0.6 when vortex shedding is 
present. 


6.12 FINITE ELEMENT METHOD 
IN BLADE VIBRATIONS 


A number of difficulties are encountered in analyzing shells in the shape of turbomachin- 
ery airfoils, and the problem is compounded due to varying thickness and substantial defor- 
mation. Finite element programs developed for this application go a long way in the design 
process. Classical shell theory plays a major role in the formulation of shell elements (Rao, 
1991). Three-dimensional elements modified to satisfy the underlying shell characteristics 
may also be employed. Flat shells are often substituted for curved ones for simplification 
of geometry and the analytical process. Triangular and isoparametric quadrilateral shell 
elements curved in two planes are also available. But most of them suffer from limita- 
tions in applicability, arising from assumptions within the underlying shell theory. 
Problems come up when working in the three-dimensional realm in the form of large 
stiffness coefficients for displacements along an edge when all degrees of freedom are 
retained at each node. 

A form of three-dimensional shell element for use in shell structures is illustrated in 
Fig. 6.39 (Ahmad, Irons, and Zienkiewicz, 1970). The original normal to the midsurface is 
assumed as inextensible and straight, while the strain energy corresponding to stresses per- 
pendicular to this surface is ignored. Hence, the elastic modulus in the normal direction 


Parabolic element 


Cubic element 
FIGURE 6.39 Hexahedral three-dimensional elements. 
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becomes zero. Shear deformation is important in thick shell elements; this is achieved by 
permitting the normal to remain perpendicular to the deformed middle surface. 

A typical thick shell element is shown in Fig. 6.40. External faces are curved, but 
straight lines define sections across the thickness. A pair of isp aNd i,oom describes the 
geometry in cartesian coordinates. Assume € and n are curvilinear coordinates in the mid- 
dle plane and ¢ a linear coordinate along the thickness of the shell, their values changing 
between +1 and —1 on the faces of the shell. The cartesian and curvilinear coordinates are 
related by 


x 8 l+¢ Xi 8 1-ç Xi 
y =È N, vz Ji +N, vz Yi (6.13) 
Z i=1 Z; y i=1 Z 5 


Here N,(é,7) is a function assuming unity value at node i and zero at other nodes. N, are 
shape functions of a square parent element with eight nodes. The functions are parabolic in 
& and n, so the curved shape of the element can take a parabolic form. With additional mid- 
side nodes the shape functions take the form 


N= f0+6)0+n,)-g0-2)1+,)- 40-04) (6.14) 


where €, = €&,, n, = NN; 6, and n; being +1 and —1, and i = corner node, with the midside 
node & = 0. 


N= 5040, 0-2) (6.15) 


FIGURE 6.40 Eight-noded parametric element. 
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and where n; = 0, 


1 
N,=5(1+6,)0-77) (6.16) 


Using a thickness vector and midsurface coordinates, then 


x 8 Xi 8 ¢ ma 
yr= > NEN) y; +N 5 Vy (6.17) 
z i=l zl. i=l 

‘J mid 


where x;, y, and z; are the average values of the coordinates at the two surfaces. Then 


ee ee 
v= Nyy; DAA (6.18) 
w|) = jw] 5 i 


where V, and V; are unit orthogonal vectors with displacements in global axes x, y, z. 
u;, V;, w; are displacements at the midsurface nodes, and p, œ are rotations about V; and V,,, 
providing a total of 5° of freedom at each node. In matrix notation, {U} = [N]{a}, where 
{a} is acolumn vector and [N] is obtained by expanding Eq. (6.18). 

With the displacements available, element properties, strains, and stresses need to be 
defined. From Fig. 6.40 the strain components are 


Ey wy 
Ey vi 
[eT=4%ey =d uy tv S=[ LU} (6.19) 
Vv wy + w, 
Vy w y + v 
where 
„x 0 0 
0 ,y 0 u’ 
[L]=|,y’ x 0 and {U}=5 v’ 
‘ z 0 : x’ w 
0o ,z’ ‘y 
Hence {U’} = [N]{a’} and {€’} = [B]{a’} where [B] = [L][N]. 
Corresponding stresses in matrix form are 
{0} =[D] fe} (6.20) 


where elasticity matrix [D] is 


10 0 0 0 
pio 10 0 0 

[D= z0 0 4 0 oO (6.21) 
00 0 0 
0 0 0 li 
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where E and v are Young’s modulus and Poisson’s ratio. Factor K approximates displace- 
ment due to shear. Properties of elements call for integration over their volume, and take 
the form of 


Jisixa, xd, xd, (6.22) 


where [S] is a function of the global coordinates x, y, z, and [S] = [B]’[D][B], with strain 
defined by 


{e}=[Bl{a} {a}= 


Thus, [B] is defined in terms of displacement derivatives in the local cartesian coordinates 
x’, y’, z, and {a} is the displacement field. Integration of the element in the curvilinear 
coordinates can be performed after transformations from the local to the global system and 
then to the curvilinear & n, ¢ coordinates. 

Equation (6.13) relates global displacements u, v, W to the curvilinear coordinates. 
Derivatives of these displacements with respect to & n, ¢ may be obtained by the jacobian 
matrix, so derivatives of displacements in global coordinates are given by [U,leiobal = yr 
(Ugleurvitinear: Matrix terms for the derivatives of the displacements in the curvilinear coor- 
dinates may then be written. Also, components of the jacobian matrix in curvilinear coor- 
dinates can be written using Eq. (6.8). Further transformation from global to local cartesian 
coordinates allows the establishment of strains. The direction of the local orthogonal axes 
can be ascertained by obtaining a vector normal to the surface ¢= constant by taking a vec- 
tor product of any two vectors tangent to the surface. Global derivatives of displacements 
u, v, W are next transformed to local derivatives of local orthogonal displacements to explic- 
itly obtain displacement derivatives at any &, n, ¢ in the element as also the components of 
strain. 

The infinitesimal volume in curvilinear coordinates is 


dx dy dz = det[J] dë dn df 


So the stiffness matrix is 


[K] = fff [BI LD][B]det[J]d; d, d; (6.23) 


—lto+1 


and the mass matrix is 


[My = Í f f [N] p[N]det[J]dédn dý (6.24) 


—=lto+1 


To obtain the equations of motion, the principle of virtual work can be gainfully 
employed to derive expressions for equilibrium of the body as an assembly of m finite ele- 
ments. According to this principle, the total internal virtual work done by compatible small 
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virtual displacements applied to a body must equal the total external virtual work in order 
to maintain equilibrium of the body. Mathematically the requirement may be expressed by 


YJ elo => [Ty fav- X fy" {dUd fp aV 


m m 


-X | Uy pl@usaryav (6.25) 


m 


Internal virtual work done is denoted by the left side of this equation, and equals the 
stresses going through the virtual strains corresponding to the virtual displacements {U}. 
External work is given on the right side. It equals work done by body forces fp, friction 
force {dU/dt}f,, and inertia force p{d?U/dt"} going through the virtual work. Virtual dis- 
placements in global coordinates in x, y, z directions are given by 


{U}=4 ¥ + =68{U}, [o]=[D] {e}, {€} = {e} (6.26) 


=| <1 S| 


Substitution in Eq. (6.20) yields equilibrium requirements. Variation in strain energy V 
of the elastic continuum and in the potential energy W of the applied loads may then be used 
in Hamilton’s equation ôr = 0, where m= V — W, or 


én = Faz flatter wncertarav + [ayy pln (d?alar\av | 
+ Sa( 5 forin {daldt} fp dV - [1a INT fa av) =0 (6.27) 


Simplification yields: [M]{d?a/dt?} +[C]{da/dt} +[K {a} = {Fz} (6.28) 
where 


[M]= > [LNT pLNlav 


m 


[Cl=> JINIM f; av 


m 


[K]=> [By LDILBIAV 


m 


(F}= X, JINT fav 


m 


Individual element matrices given by Eqs. (6.18) and (6.19) may be used for numerical 
integration 


nonin 


[KF =>) ¥ 4,4,H,(B)' LD]LB]det[J] (6.29) 
i=l j=l k=1 
[MF = >> 4,44, LNY p[N]det[J] (6.30) 


i=l j=l k=1 
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where H provides weight coefficients of the gaussian quadrature and n is the order of inte- 
gration. Reduced integration technique may be used, with the order of integration &€, fol- 
lowed by n, and finally ¢. Total stiffness and mass matrices, assembled as a summation for 
all elements in the system, may be obtained using the frontal housekeeping algorithm 
(Irons, 1970). The eigenvalue problem is solved by a determinant search. See Prob. 6.5 as 
an illustration of this procedure using a computer program developed by Gupta (1984) for 
determining natural frequencies of vibration and their modes. 


6.13 SWEPT FAN BLADE 


Fans, propellers, and compressors can benefit from specific advantages of low noise and 
improved performance by using skewed blades, also known as swept blades. The airfoil is 
said to have a sweep when tilted within the flow direction, and dihedral when tilted in the 
direction perpendicular to the flow. 

In general, airflow through a rotor is three dimensional. To simplify the analysis, it is 
assumed that the flow takes place in two separate two-dimensional surfaces. In axial flow 
machines the through flow and the blade-to-blade surfaces are such planes. In a simple case 
the through flow surface is the meridional plane, while the second surface is axisymmetric. 
Airfoil theory or experimental cascade data is frequently used to determine the appropriate 
blade section on the blade-to-blade surface. Flow distribution on through-flow surfaces 
may be treated with the equation of radial equilibrium. 

Fan blades are frequently skewed in the circumferential direction, as depicted in Fig. 6.41. 
For blade angles between 0° and 90° this results in a combination of sweep A and dihedral 
v. The effect of the skew is to create a force acting in a direction normal to the blade sur- 
face (Dejc, Trojanovskij, and Fillipov, 1973). The radial component of this force is similar 
in nature to a distributed body force expressible in terms of swirl velocity distribution in 
Euler’s turbine equation. But in the case of a high space and chord ratio, as in axial flow fans, 
this representation is not appropriate. One approach is to eliminate the dihedral (v = 0), thus 
suppressing the radial component. 

The swirl imparted to the airflow by axial fans of low-pressure rise is sufficiently small 
to omit a stator. This omission also has the benefit of reduced noise emission due to inter- 
action between the rotor and the stator. 

Two designs of a fan of different flow and pressure coefficients using elementary air- 
foil theory (Eck, 1972) with a successfully proven range of design points (Carolus and 


Blade axis 


(a) 


FIGURE 6.41 Fan blade with (a) forward skew, (b) circumferential 
tilt (Beiler and Carolus, 1999). 
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Scheidel, 1988) will be considered. Design parameters for the blades are: rotor speed = 
3000 rpm, hub-to-tip ratio = 0.4, outer fan diameter = 0.305 m, tip clearance = 0.0015 m, 
and number of blades = 6. Both fans are initially designed using NACA airfoil sections 
selected from Abbott and von Doenhoff (1959, NACA 0010-65). In the second phase, a 
series of fans with a systematic pattern of skew in the circumferential direction are devel- 
oped for each fan. 

Skew angles range from a constant value from hub to tip and a variable 6(r) starting 
from 0° at the root to +60° at the tip. 

The flow field is analyzed using a fully three-dimensional viscous computational fluid 
dynamics code (Beiler and Carolus, 1999). The code solves Reynolds averaged Navier- 
Stokes equation in primitive variable form. It employs a finite volume method with a lin- 
ear profile skew method of up-winding discretization, combined with a physically based 
advection corrected term. Second-order accuracy is achieved by linking pressure with 
velocity through a fourth-order pressure redistribution. Turbulence is modeled by the stan- 
dard k — € procedure, and uses logarithmic wall functions in the end regions. Although eddy 
viscosity models do not correctly mimic turbulent stress generation due to Coriolis forces 
associated with the rotating conditions, the k — € procedure yields sufficiently accurate 
results for the comparative study. Figure 6.42 shows an example of the grid. 

Boundary conditions at the hub and blade simulate fixed walls in a rotating frame of ref- 
erence, while the shroud is counterrotating, or stationary, in the fixed frame. Between adja- 
cent blade segments, the plane is expressed as a periodic boundary. Global parameters such 
as pressure and flow coefficients are established across relevant control surfaces. 

Validation of computer results is obtained from measurements on an aerodynamic test 
facility (Fig. 6.43). Velocity and total pressure distribution is measured in the absolute frame 
using fast response probes, as also static pressure and flow losses to evaluate fan perfor- 
mance and characteristics. Probes are mounted on a traversing unit that may be moved radi- 
ally. The revolution counter also acts as a trigger to allocate a measuring signal appropriate 
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FIGURE 6.42 Computational grid with boundary conditions (Beiler and 
Carolus, 1999). 
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FIGURE 6.43 Aerodynamic fan test rig (Beiler and Carolus, 1999). 


with circumferential position. The drive shaft extends to the driving unit, and includes a 
torque meter. The aluminum fan rotor, manufactured on a computer numerical control 
(CNC) milling machine center, is located inside the test unit. A hot film probe with mutu- 
ally orthogonal sensors measures the velocity distribution in all three directions at measur- 
ing plane no. 2. Data are acquired through an A/D converter with a maximum sampling 
frequency of 5 MHz. Analog signals from the pressure probe go through a dc amplifier, 
while the hot film indications are amplified by an anemometer before being digitized. The 
sound pressure level of straight and swept fans is measured with a standard acoustic mea- 
suring kit. 

Total pressure and velocity field measurements are carried out for a rotor with conven- 
tional straight blades, with blades skewed in the circumferential direction (6 = +30°) and 
with blades skewed against the circumferential direction (6 = —30°). The calculated flow, 
being solved in the rotating frame of reference, is converted to a fixed frame to facilitate 
comparison with test results. Figure 6.44 illustrates measured fan performance as reflected 
by the pressure rise and efficiency for a range of flow coefficients. With blades skewed in 
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FIGURE 6.44 Measured fan performance (Beiler and Carolus, 1999). 
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FIGURE 6.45 Analytically predicted lift distribution (Beiler and Carolus, 1999). 


the direction of rotation, flow separation tends to occur at a lower speed mostly due to 
deflection toward the hub, and hence the fan works at a higher pressure increase (or 
decreased flow volume) without flow separation. But the separation is more abrupt and 
pressure rise is lower than for fans with straight blades. For blades skewed against the direc- 
tion of rotation, flow separation may be deduced to occur at a higher volume flow rate if 
the flow is throttled. In Fig. 6.45 lift distribution obtained from the numerical analysis is 
compared for different skew angles. The straight fan blade exhibits the maximum lift coef- 
ficient. 

Sweep decreases blade loading and pressure rise across the rotor. Lift distribution does 
not increase gradually along the blade span, mostly because of interference with the hub 
and shroud surfaces. The opposite holds true for a swept-back airfoil. Note that the back- 
ward sweep is with respect to the hub, but is swept forward with respect to the shroud. 

Measured pressure and sound pressure level for a straight-bladed fan and a fan with 
blades swept in the upstream direction are shown in Fig. 6.46 for varying flow rates. The 
sweep angle increases linearly, starting from the hub with a 5° backward sweep and ending 
at the shroud with a 55° forward sweep to provide a favorable shape. An increase in pres- 
sure has a negative impact of a separating flow on the emitted noise. Noise increases sig- 
nificantly as soon as the flow separates. 
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FIGURE 6.46 Comparison of measured pressure and sound (Beiler and Carolus, 1999). 


190 COMPONENT DESIGN 


Some interesting conclusions may be drawn from this investigation. Blades with sweep 
but without dihedral can be treated in the same manner as swept airfoils. For the given com- 
bination of pressure rise, Mach number, and incorporated shroud, separation at high flow 
rates in swept-back blades corresponds to poor aerodynamic performance and noise emis- 
sion. On the other hand, forward-swept blades improve fan performance with a more uni- 
form outlet flow distribution and reduction in discharge losses. Forward-swept blades 
appear to have the potential for widespread application. 


6.14 DESIGN OF AXIAL COMPRESSOR 


Simplification of the general layout of an axial compressor may be achieved by optimizing 
the blade’s flow path and by employing advanced aerodynamic design techniques. 
Consider the case of a 10.5-MW gas turbine with a high-performance compressor to obtain 
a 10 percent increase in the rated power and at the same time reduce the number of stages 
and sharply lower the manufacturing costs. Nuovo Pignone, the manufacturer, modified an 
existing 17-stage unit to obtain an 11-stage machine with wide chord high strength blades, 
with minimal changes at the interface with the remaining components and auxiliaries 
(Benvenuti, 1996). 

The target of increasing the mass flow by 10 percent and a compression ratio of 14:1 
called for the addition of three new front stages with a fixed hub diameter and conically 
tapered outer case. To limit stresses in the root dovetails, the blades are made of titanium. 
Stall-related problems at start-up and at reduced operating speed are avoided by providing 
variable geometry vanes at the inlet and at the following four stator rows. Firing tempera- 
ture in the combustion system is left unchanged. Principal consequences on the blade 
design due to constraints imposed at the interface are as follows: 


e Maintain the diameter of the first-stage hub at the inlet so that the existing compressor 
end bearing design is not affected. 


e Exit flow path diameter must be compatible with the present combustor and turbine tran- 
sition piece. 

e Ensure that the overall compressor length is not affected for accommodation in the pres- 
ent base plate and accessories unit. 


The need to maintain overall length, coupled with fewer stages, makes it possible to 
increase the airfoil chord while reducing the total number of blades and enhancing the 
mechanical strength of the rotor. The one-piece rotor is modified to include bolted disk 
assembly for the first six stages and an integral structure for the remaining stages. The 
front-end disks with axial entry dovetails are designed for considerably higher centrifugal 
load, necessitating the use of titanium. High-strength 17-4 PH steel is used on the first three 
stages and 13 percent chromium steel on the rest of the shaft. A picture of the new rotor is 
shown in Fig. 6.47. 

A major impact of changes in the flow path is the increase in first-stage hub and tip 
diameters. This difference results in substantially higher blade peripheral speed with 
increased work and pressure ratio capability per stage without a corresponding increase in 
the aerodynamic loading coefficient. Peripheral speed at the hub experiences an average 
increase of 25 percent, resulting in 56 percent higher specific work without increasing the 
load at the hub. The number of stages theoretically required is then 17/1.56 = 10.9. The 
larger blade exit annulus diameter required the exit diffuser to be appropriately shaped to 
match existing downstream components. The diffuser’s contour calls for a constant outer 
wall diameter and a curved decreasing diameter inner wall, designed with the aid of a 
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FIGURE 6.47 Compressor rotor during assembly (Benvenuti, 1996). 


three-dimensional viscous flow analysis code. Bleeding from the fourth stage provides 
cooling and buffering for low-pressure components. Stage seven bleed is used only during 
engine start, and is closed during operation. 

The number of blades for each row is selected to achieve the right level of solidity to 
maintain diffusion factors below 0.5. The inlet swirl angle is set to provide tip relative 
Mach number between 1.15 and 1.20. Multiple circular arc airfoils have proved to be ade- 
quate in limiting shock losses in the supersonic flow region. The subsonic stages in the rear 
are designed with standard NACA6S series airfoils for the rotating blades and stator vanes. 
At the final stage a single-row exit guide with reduced number of vanes turn the airflow by 
40°. The design flow coefficient is increased by 20 percent to reduce the rotor blade exit 
swirl. The potential penalty associated with the higher exit axial Mach number is offset by 
the increased length of the diffuser. 

Low aspect ratio blades provide increased mechanical strength, but the three-dimensional 
shapes have complex steady-state stress patterns and vibration mode-shapes. Detailed finite 
element models are built to evaluate secondary stresses and to compensate them with 
appropriate airfoil section stacking. Special attention is required in the dynamic analysis to 
predict natural frequencies accurately and to interpret the high-order complex mode shapes 
typical of thin, wide chord airfoils. Higher-order modes with one or more mode lines run- 
ning almost parallel to the edges are of concern due to the associated higher level of vibra- 
tory stress. Nodal lines of the first 2-stripes mode at 2769 Hz for the first stage blade are 
shown in Fig. 6.48. 

During engine tests the compressor discharge valve requires adjustment as the shaft 
accelerates to reproduce the regular startup curve. All variable stator rows are continuously 
modified to acquire knowledge of stall safety margins during the start. Blade dynamic 
stresses are also monitored during this phase to detect shortcomings. Performance map is 
checked at corrected speeds from 85 to 110 percent of the design speed. For each speed, the 
pressure range, from the turbine’s no-load lineup to an upper limit set by the appearance of 
marked increase in the dynamic pressure transducer signals, indicates approach to a stall. 
Actual surge points are checked at the end of the tests to avoid premature internal instru- 
mentation failure. 
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FIGURE 6.48 Campbell diagram for stage-1 rotating blade (Benvenuti, 
1996). 


Measured natural frequencies in operation are determined to be within 5 percent of the 
predicted values. Unexpected resonance due to the coincidence of blade natural frequencies 
and passing frequencies is not encountered. The 90 to 100 percent speed range indicated in 
Fig. 6.48 represents normal compressor operation on a typical two-shaft gas turbine equipped 
with variable inlet nozzles. The vertical bars indicate dynamic stress amplitudes, and may be 
used to establish material high-cycle fatigue limit provided on the same scale in the diagram. 
Dynamic stress levels do not exceed 25 percent of the high-cycle fatigue endurance limit in 
the low-speed range. Stresses related to the two-stripe modes are low, and the mode is not 
within the resonance range of a known excitation source. Stress amplitudes at resonance with 
low-order harmonics arising from inlet distortion and strut wake are not considerable, and 
confirm the quality of flow at blade inlet. Similar dynamic stress patterns are observed from 
upstream and downstream blade passing frequencies on subsequent stage blades. 

Interstage pressure and temperature measurements made with stator leading edge 
instrumentation are used to correct flow mismatches and to bring overall performance to 
design target. By selecting an appropriate test point matrix, it is possible to determine the 
complete characteristic lines of each stage from choke to near-stall conditions. Stage work 
coefficient and efficiency are calculated between consecutive measurement stations. When 
the flow coefficients corresponding to design conditions are not at peak maximum effi- 
ciency in the front-end stages with variable stators, restaggering the vanes can shift the 
flow coefficients and improve overall performance. As an example, second stage work 
and efficiency curves show an improvement of 2 percent at design setting after correction 
of mismatch in the vane angles (Fig. 6.49). With performance targets finally achieved, 


FAN AND COMPRESSOR AIRFOILS 


0.50 


0.52 0.54 0.56 


0.58 


0.96 - 0.86 
Design 

> 0.94 0.84 
E 3 
© 0.92 0.82 & 
a o 
2 0.90 0.80 & 
2° w 
= 0.88 0.78 $ 

0.86 0.76 

Work —+—- Effici| 
0.84 0.74 


0.60 


193 


Flow coefficient 


FIGURE 6.49 Measured performance curves of 2nd stage (Benvenuti, 1996). 


application of the new compressor design achieves an increased power output of 1 MW 
over the present design. 


6.15 INCREASED POWER BY ZERO STAGING 


The LM2500 gas turbine represents a striking application of aeroengine technology for 
ground-based use. Derived from General Electric’s CF6-6/TF39 aircraft engines, the unit 
initially produced 24,000 hp, and was later upgraded to 31,200 hp. Market studies in the 
eighties and early nineties indicated that the turbine needed additional power (39,000 hp at 
ISO conditions) to meet varied customer requirements. The up-rated version, named 
LM2500+ engine, is shown in Fig. 6.50 (Wadia, Wolf, and Haaser, 1999). The current 
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FIGURE 6.50 LM2500+ gas turbine high-pressure compressor improvements (Wadia, Wolf, and Haaser, 
1999). 
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design’s inspection interval of 25,000 h and engine overhaul at 50,000 h remains unaltered 
in the new engine design version. 

Preliminary evaluation for power enhancement considered intercooling, inlet super- 
charging, recuperation, and other techniques. Based on design simplicity, technology risks, 
and development costs, an increased inlet mass flow was considered the preferable way of 
increasing power output. Airflow is increased by zero staging the current compressor, and 
increase in the turbine inlet temperature was controlled to about 35°C by employing airfoils 
from the CF6-80C2 aircraft engine. 

Compared with aviation engines, performance requirements in land-based applications 
are less stringent. Aircraft engines have multiple operating points during takeoff, cruise, 
and landing conditions when performance is of utmost significance. A stationary engine, 
on the other hand, is required to operate at close to peak efficiency mostly near the high- 
speed design point, although it is desirable to maintain good efficiency over a range of 
speeds. The engine must also operate free of stall with both a single annular combustor to 
provide a smooth compressor operating line, and with a dry low emission type that yields 
a stepped compressor operating line corresponding to the staging in the combustor. The 
compressor operating line is set with a minimum 12 percent stall margin to account for any 
migration occurring in service during the life of the engine. Cross-wind inlet distortion 
issues are almost nonexistent in industrial and marine engines. Acoustics plays an eco- 
nomical role, and the goal is to maintain the inlet noise sound pressure level in spite of the 
23 percent higher airflow. This requirement sets the vane/blade ratio and axial spacing 
between the rotor and stator using an acoustic limit design criterion. The start time of 2 min. 
is a little less stringent than in aircraft engines. A 4° open stator stall margin is set to account 
for deterioration in the variable stator vane control system. Compressor design operating 
point values are shown in Table 6.1. 

To achieve maximum compressor performance with the zero stage, the point corre- 
sponding to peak efficiency of the present LM2500 compressor is selected as the match point 
for the new design, thus establishing the stage pressure for the new stage. The capability of 
the new stage to provide the desired level of compression is determined by blade loading rel- 
ative to loading at stall, solidity, and aspect ratio. Factors such as blade speed, axial veloc- 
ity, reaction ratio, and clearance are also taken into account. An iterative study established 
the value of 1.438 for the new stage pressure ratio, as also the efficiency. 

Vector diagrams for the front stages are derived from a data match of a fully instru- 
mented CF6-80C2 core engine, with the zero stage added to the through-flow analysis. 
Preliminary mechanical design studies indicated that dovetail stresses with a traditional 
blade design placed limitations on the minimum radius, so a blisk version is selected. 
Reduction in the minimum radius provides aerodynamic performance benefits by lowering 
the inlet specific flow. The blisk construction replaces 40 parts with a single part, while 
eliminating dovetails on the blade and the disk. First-stage compressor blades on the 
CF6-80C2 and LM2500 engines are provided with midspan shrouds. The new stationary 


TABLE 6.1 Compressor Aerodynamic Design Operating Point 


Parameter LM2500 LM2500+ Change (%) 
Shaft horsepower 31,200 39,000 25 
Inlet corrected flow, kg/s 68 84.5 23 
Inlet corrected speed, rpm 9,418 9,586 1.5 
Pressure ratio 18.8 233 23 


Polytropic efficiency, % 88.9 91 2.36 
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engine moves away from the shrouded configuration by employing a wide-chord design. 
Key geometric and design parameters for the rotor are presented in Table 6.2. Much of the 
airfoil section along the span is front loaded, but the region near the tip is aft loaded to 
reduce tip leakage. 

The LM2500+ front frame is similar to the original engine’s frame, with one thick and 
four thin struts. Made from 17-4 steel casting, the frame retains the same inner and outer 
front forward flange configuration for commonality with the inlet. The original biconvex 
struts are modified to be more aerodynamic using NACA 65-series airfoils. Changes in 
thickness and airfoil contours lower the front frame losses as verified by three-dimensional 
viscous flow analysis of the frame. 

Inlet guide vanes and the first six stators are variable in the LM2500+ engine. A pair of 
lever arms powered by twin torque shaft actuators placed on both sides of the engine actu- 
ates the stator vanes. A torque tube in the assembly provides the flexibility of scheduling 
individual stages. 

Preliminary mechanical design studies indicated that stresses in the dovetail in a tradi- 
tional zero-stage blade would limit the minimum radius ratio to 0.45. A blisk version of the 
rotor permits reduction in the radius ratio to 0.37, and also provides some aerodynamic per- 
formance advantages by lowering the inlet specific flow. Besides reducing the number of 
parts, the blisk form of design eliminates wear-related problems at the midspan shroud, 
blade, and disk dovetails. Although blisks have been employed in turbomachinery for over 
20 years, their inclusion in the LM2500+ engine represents the first introduction in GE’s 
marine and industrial product line. The blades are considerably thicker at the leading edge 
to improve resistance from the impact of ingested foreign object damage. 

The zero-stage rotor is designed with the aid of matched vector diagrams for the CF6- 
80C2 core compressor. Transonic airfoil design principles are applied to custom-tailor the 
mean camber lines to alleviate performance penalties arising from the more rugged airfoils. 
Detrimental effects on the performance at the hub are reduced by scalloping, or area ruling, 
the hub flow path within the blade. The relative Mach number at the inlet is transonic over 
most of the blade span. The efficiency of a transonic blade is heavily influenced by shock 
losses that may exceed the losses due to cascade diffusion and secondary flow effects. The 
flow Mach number just ahead of the leading edge passage shock is influenced by the shape 
of the blade suction surface ahead of it. Increasing the average suction surface angle as mea- 
sured from the axial direction ahead of the shock reduces the average Mach number upstream 
of the shock through external compression. But this can result in a reduced cascade throat 
area, and may not pass design flow to achieve the attached shock pattern to minimize the loss. 

The radial profiles of total pressure, temperature, and adiabatic efficiency at the zero sta- 
tor’s leading edge are calculated by three-dimensional viscous analysis, as shown in Fig. 6.51. 
The total pressure profile is strong at the hub, and agrees well with the design intent. 


TABLE 6.2 Zero Stage Rotor Design Data 


Number of blades 16 

Stage pressure ratio 1.438 
Inlet tip speed 1363 ft/s 
Inlet tip preswirl 18° 

Inlet hub counterswirl —15° 
Inlet relative tip Mach no. 1.19 
Inlet radius ratio 0.368 
Aspect ratio 1.39 
Pitch solidity 1.59 


Pitch diffusion factor 0.44 
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FIGURE 6.51 Stage zero blade exit radial profiles at design point (Wadia, Wolf, 
and Haaser, 1999). 
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6.16 PREDICTION OF FORCED RESPONSE 


Forced response problems are often associated with turbine blades, but fan assemblies dur- 
ing the development phase suffer due to their special geometry. A primary mechanism of 
failure in fan blades is high-cycle fatigue resulting from vibrations at levels exceeding 
material endurance limits. In the forced response context, periodic upstream obstacles such 
as variable angle inlet guide vanes and struts give rise to excitation arising from blade pass- 
ing frequency. Flow distortion due to nonsymmetric intake duct geometry gives rise to low 
engine order response. The former type may be dealt with from the order of excitation 
deduced from the number of blades. Straightforward methods for the latter are not avail- 
able because the determination of low-order harmonics requires detailed knowledge of the 
inlet flow. Both forms of excitation coexist, hence prediction of absolute vibration levels 
under the combined effects is necessary for establishing fatigue life. Actual vibration lev- 
els depend on unsteady aerodynamic loading and total damping in the mode of interest, 
determination of both of which is fraught with major difficulties. Modeling of unsteady 
fluid flow loading is a formidable challenge in high-speed transonic conditions. Also, accu- 
rate structural damping prediction methods under operating conditions are not available. 
Aerodynamic damping may also interact nonlinearly with the structural motion. 

Computational methods for unsteady aerodynamic loads arising from rotor/stator interac- 
tion use Euler or Navier-Stokes equations. Each blade row is considered separately, the sepa- 
rate analyses being linked through inflow boundary conditions. Prediction of vibration 
amplitudes is not done frequently, and may be achieved by exporting the unsteady pressures 
to some other finite element code. A more realistic approach requires a three-dimensional time- 
accurate viscous representation of the unsteady compressible flow and inclusion of the blade’s 
vibratory motion (Vahdati and Imregun, 1996). Unstructured grids may be used to model com- 
plex geometries such as tip gaps, fan blades with snubbers, and fan assemblies with intake 
ducts and struts. Tetrahedral grids are easy to use but pose problems in boundary layers. 
Semistructured meshes with hexahedral cells in boundary layers and tetrahedral and prismatic 
cells in the domain away from the walls offer distinct advantages (Breard et al., 2000). 

Governing flow equations are cast in their conservation form in a cartesian coordinate 
system fixed in the rotating frame. The solution vector is stored at cell vertices and is used 
with an edge-based data structure. Edge weights represent intercell boundaries. The system 
of equations is advanced in time using a second-order, point-implicit, time integration tech- 
nique. A point-relaxation procedure with Jacobi iterations is used for steady-state flows. 
Residual smoothing and local time stepping enhance convergence. Newton iterations with 
steady-state flow method ensures time accuracy. 

A structural model may be obtained from a linear modal representation from a standard 
finite element formulation, with the implicit understanding that vibration amplitudes 
remain within the bounds of linear behavior. Structural motion is computed through modal 
summation over the modes of interest in forced response. Transformed and uncoupled 
equations are advanced in time using the Newmark-f method. Figure 6.52 illustrates the 
process of exchanging boundary condition information between the structural and fluid 
domains. The unsteady aerodynamic pressure load vector is obtained at every time step 
from the flow solution and imposed as a boundary condition to the structural model to com- 
pute the new blade position. The aerodynamic model then moves to follow the structural 
motion. Final operation in the cycle is the determination of the new unsteady flow solution 
about the new position so that the unsteady pressures become available as boundary con- 
ditions for the next time step. The origin of this integrated method can be traced back to 
wing flutter (Ballhaus and Goorjian, 1978). 

The numerical study is focused on a benchmark case from an experimental program 
known as augmented damping of low aspect ratio fans (ADLARF) between the U.S. Air 
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FIGURE 6.52 Exchange of boundary conditions between structural and fluid domains. 


Force and GE Aircraft Engines. The basic objective of the research program is to evaluate 
the state of the art for avoiding high-cycle fatigue using experimental and analytical meth- 
ods (Breard et al., 2000). The twin stage test configuration of the fan is shown in Fig. 6.53. 
Analysis is concentrated on the first stage rotor, which has 16 low aspect ratio blades. 
Instrumentation measures unsteady blade surface pressures along the 85 percent span. 
Pressure distortions are created by screens of varying porosity mounted 1.5 x diameter 
upstream of the first rotor, and are measured by rakes inside the intake duct. Typical steady- 
state results are shown in Fig. 6.54 for the three speed points considered. 

A typical semistructured mesh has 180,000 points per passage, and extends to include 
the spinner and the intake. Because of blade untwist, a new grid is generated for each speed 
point of interest. Boundary conditions correspond to the working line along which unsteady 
flow measurements are recorded. 

The mesh used for cyclic symmetry structural analysis is shown in Fig. 6.55, and the 
Campbell diagram in Fig. 6.56. Table 6.3 provides the natural frequencies of vibration. The 
resonance characteristics of interest correspond to the following four crossings: 1F/3EO, 
1T/8EO, 2F/8EO, and 2S/8EO. Because of their proximity modes 1T and 2F are excited 
together. Detailed mode shapes are shown in Fig. 6.76. 

Forced response computations are initiated by applying a prescribed total pressure dis- 
tribution to the steady-state solution. Modeling of the 3/rev distortion requires a full assem- 
bly representation, while only two blade passages are necessary for an 8/rev disturbance. 
To assess the effects of blade flexibility, computations with and without blade motion may 
be considered. A suitable number of time steps (say about 150) are needed per cycle of vibra- 
tion with negligible mechanical damping. Modal forces, displacements, aerodynamic Q fac- 
tors, and maximum actual displacements are given in Table 6.4 for all resonant conditions 
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FIGURE 6.53 Test fan configuration (Breard et al., 2000). 
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Distortion: 8/rev, Mode: 2S 
Shaft speed: 13,700 rpm, Aero speed: 100% 
Airflow: 4.17 Kg/second 
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FIGURE 6.54 Steady-state Mach number contours at 85 percent span (Breard 
et al., 2000). 
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and disk (Breard et al., 2000). 
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TABLE 6.3 Blade Natural Frequencies of Vibration 


e order 


12000 14000 


Shaft speed (rpm) Aero speed (rpm) Frequency (Hz) Adjusted (Hz) Mode 
62 percent 66 percent 412.09 434.5 (+5.44 percent) 1F 
68 percent 69 percent 1148.45 1251.7 (+9.03 percent) 2F 
68 percent 69 percent 1227.86 1251.7 (+1.94 percent) 1T 
69 percent 100 percent 1770.72 1800.0 (+1.65 percent) 28 


TABLE 6.4 Forced Response Computation Results 


Aero speed Modal force Max. displacement 
(rpm) Mode (N/kg) Aero Q-factor peak to peak (mm) 

66 percent 1F 70.0 60 4.0 

69 percent 2F/1T 27.5/86.0 44/80 0.14/2.11 

69 percent 2F/1T 41.0/87.0 52/98 0.25/2.58 

100 percent 28 60.0 100 0.37 
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of interest. The Q factor is obtained by matching modal displacements with and without 
blade motion. 
_ DA, 


Q (6.31) 


o 


where @,, A,, and F, represent the angular frequency of vibration, modal displacement 
amplitude, and modal force amplitude, respectively. 

The distribution of the first harmonic of the pressure across the blade along the chord at 
85 percent blade span and comparison with experimental data is considered next. The mesh 
and steady-state Mach numbers are shown in Figs. 6.57 and 6.58. The input total pressure 
distortion is shown in Fig. 6.59. In the case of the 1F/3EO crossing, the maximum com- 
puted blade vibration amplitude is close to 4.0 mm. Computed damping (¢) is 0.0083, 
which agrees well with the measured damping of 0.008 for one blade and 0.010 for the adja- 
cent blade. The time history of the envelope of modal displacement amplitude agrees well 
with the measured results of the blade motion, indicating blade flexibility is important for 
this case. 

Crossings for the 2F and 1T/8EO modes indicate uncertainties in the aerodynamic con- 
ditions, so unsteady pressure variation loads are likely to appear for more than one mass 
flow rate. Results from the lowest mass flow rate show a better agreement with measured 
data. The reduction in mass flow rate moves the shock upstream, consequently the unsteady 
pressure amplitude close to leading edge is predicted better. Measurements show signifi- 
cant blade-to-blade differences for both amplitude and phase, indicating a certain amount 
of mistuning. The amplitude of forcing increases by 50 percent for the 2F mode over the 
1T mode, but aerodynamic damping decreases by 20 percent for both modes. Computed 
maximum vibration amplitude for the 2F mode is 0.14 mm and for the 1T mode is 2.11 mm. 

Unsteady loading with and without blade motion is similar for the 2S/8EO crossing, 
and measured data tend to confirm it. Unsteady loading at resonance is similar to that at 


FIGURE 6.57 Full assembly mesh (Breard et al., 2000). 
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FIGURE 6.58 Steady-state Mach number contours for 
1F/3EO crossing (Breard et al., 2000). 


off-resonance. This feature is due to small amplitudes of blade motion, and is confirmed by 
the low-vibration signal from the strain gauges. 


6.17 RANDOM BLADE MISTUNING 


Traditional dynamic analysis of a compressor rotor assumes the blades to be identical. The 
assumption of cyclic symmetry enables considerable reduction in computation time by 
modeling a single sector instead of the full blade assembly. However, in actual practice 
there are small differences in structural characteristics of individual blades arising from 
manufacturing and material tolerances or in-service degradation, and is referred to as blade 
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FIGURE 6.59 Total pressure distribution—1F/3EO crossing 
(Breard et al., 2000). 
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mistuning. Mistuning may lead to confinement of the vibration energy to a few blades or 
even a single blade. Thus, one or more blades may experience deflections and stresses that 
are much larger than predicted by a tuned analysis. Also, since this is a random occurrence, 
statistical analyses such as Monte Carlo simulation are critical for safely predicting 
response amplitudes in the design process. But this procedure for a full finite element blade 
assembly is enormously large and expensive, hence a low-order model with efficient 
response prediction is needed. 

A reduced-order model (ROM) procedure (Bladh et al., 2002) assumes disk and blade 
degrees of freedom are ordered in a manner that yields a block-diagonal form for the assem- 
bled stiffness matrix for the full structure 


K, 0]_|1@K. 0 
K=| į = 5 2 6.32 
i ‘| l 0 RA ae 


where / is the identity matrix and ® denotes the Kronecker product. The tilde notation indi- 
cates the quantity refers to either the blade or the disk. Thus, the uncoupled setup implies 
that blade-disk interface degrees of freedom appear in both component matrices. A key idea 
of the technique is to describe the motion of the assembly using two particular sets of com- 
ponent modes. The first mode set consists of modes of a single blade that is clamped at the 
chosen interface location, while the second set has modes of the disk with massless blade 
attached. Although they are not classical component modes, they include disk induced 
blade motion as a combination of rigid body and elastic deformation at the interface. 

Figure 6.60 depicts the finite element mesh of the second stage of a four-stage com- 
pressor rotor with 29 blades. The blades and disk are machined from a single continuous 
block of metal. Material properties of the metal are: Young’s modulus E = 203.4 GPa, 
density p = 7909 kg/m*, Poisson’s ratio v = 0.305, and structural damping y = 0.006. 
MSC/NASTRAN cyclic symmetry routines have been employed in the evaluation. The 
sector model is clamped at ribs located at outer edges of the disk, approximating the effects 
of the neighboring sections. 


FIGURE 6.60 Finite element model (/eft) full assembly, (right) fundamental 
sector (Bladh et al., 2002). 
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The mistuned finite element model consists of the entire assembly. The mesh pattern in 
the single sector model is duplicated around the periphery. Mistuning is introduced into the 
assembly by allowing each blade to have a different Young’s modulus by using the scheme 
E,=E,(1+6,),n=1,...,N, where E, is the Young’s modulus of a tuned blade and ô, is 
a dimensionless tuning parameter associated with the nth blade. 

A specific mistuning pattern based on experimental natural frequency measurements is 
shown in Table 6.5. 

Mode shapes of a tuned rotor can be conveniently described in terms of nodal diameters 
(nodal lines across the diameter of disk) and nodal circles (nodal lines in the circumferential 
direction). The number of nodal diameters for a mode shape corresponds to a certain phase 
shift between adjacent blades, called the interblade phase angle, and is given by ¢, = 27h/N, 
where h is the number of nodal diameters and N is the number of blades. Characteristics of 
the free vibration modes are summarized by a plot of natural frequencies against the num- 
ber of nodal diameters, as shown in Fig. 6.61. Two interesting features of the tuned rotor’s 
modal structure may be noted. As the nodal diameter number increases the disk stiffens, 
hence the sloping portion of the curves indicates some effects from the disk modes. In the 
absence of interaction between the blades, as may be expected from shrouded blades, the 
blade-dominated modes do not stiffen considerably with the increase in nodal diameters. 
Other notable features are the numerous eigen frequency veerings, regions in which blade- 
and disk-dominated mode families appear to veer away from each other. Physically the sep- 
aration of the eigen frequencies indicates the degree of coupling between the families of disk 
and blade modes. The strength of a veering may be measured by the spacing between the fre- 
quencies and the local curvature in the veering region (Pierre, 1988). 

The external excitation force vector used for forced response analysis consists of point 
loads applied at the tip and midchord of the blades in a direction normal to the surface of the 
blade, together with the structural damping factor. If more realistic pressure loads are to be 
simulated, specification of equivalent nodal loads on all blade degrees of freedom is needed. 
In the tuned system all blades have identical peak displacement norms. But in the mistuned 
case the blades have substantially different amplitudes, and the maximum displacement norm 
in the assembly may be selected at each driving frequency to define the maximum response 
amplitude. Figure 6.62 provides a comparison of mistuned finite element and ROM maxi- 
mum blade responses for blade tip excitation for the fourth engine order. Discrepancies in res- 
onant frequencies and response amplitudes between the two methods are small. Maximum 
mistuned response is about 17 percent higher than the tuned resonant amplitude. Significant 
shifts in amplitude may be expected when some interblade coupling is available (Ottarsson 
and Pierre, 1995). Most of the modes are dominated by the cantilever blades, so they yield a 
relatively modest response amplitude variation due to mistuning. 


TABLE 6.5 Blade Mistuning Pattern 


Blade no. Mistuning (6,) Blade no. Mistuning (6,) Blade no. Mistuning (6,) 


1 0.05704 11 —0.03631 21 0.02919 
2 0.01207 12 —0.03570 22 —0.00328 
3 0.04670 13 —0.03631 23 0.00086 
4 —0.01502 14 —0.03631 24 —0.03654 
5 0.05969 15 0.00242 25 —0.03631 
6 —0.03324 16 0.04934 26 —0.01665 
7 —0.00078 17 0.04479 27 0.00783 
8 —0.01688 18 0.03030 28 —0.01169 
9 0.00242 19 0.00242 29 —0.01332 
10 —0.02747 20 0.01734 — — 


Frequency, 10° Hz 


y 


: Investigated veering 
p 
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FIGURE 6.61 Free vibration modes of tuned rotor (Bladh et al., 2002). 
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FIGURE 6.62 Mistuned blade response comparison for 4th engine order (Bladh 


et al., 2002). 
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Excitation close to a veering has some significance for the reduced order method, since cou- 
pling between the blades must be captured. The first two flexural modes of the cantilever blade 
are located in the heart of the eigen frequency veering. The reduced order method yields a good 
representation of the mistuned response pattern, but response amplitudes do not compare as 
well. The accuracy of the mistuned response of blade-dominated modes is of some signifi- 
cance in the capture of any existing veering frequencies. Small residual errors remaining after 
eigenvalue adjustments among the modes comprising an investigated veering give rise to dis- 
crepancies in the mistuned response. But the maximum mistuned response amplitude is still 
within 6 percent of the full finite element solution with only a fraction of the computational 
effort. Note also that the maximum mistuned response amplitude exceeds tuned response by 
57 percent, mostly due to increased disk-blade modal interaction in the veering region. 


6.18 STRESSES IN DOVETAIL 


Single-tooth dovetail attachments are used to secure fan and compressor blades to disks. 
The general complexity of the configuration and conditions under which load transmission 
and reaction occur between the mating segments poses interesting problems. Simplified 
models for response during loading and unloading help in understanding motion between 
the contact surfaces, the role of friction in the generation of stresses, and failure as a con- 
sequence of fretting at the edges of contact. 

Figure 6.63 illustrates a section through a dovetail. The base of the blade is pulled by cen- 
tripetal acceleration of the blade mass above the section restrained by contact with the disk on 


FIGURE 6.63  Single-tooth dovetail attachment 
(Sinclair and Cormier, 2000). 
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Ocontact!' Onominal 


C Contact region c" 
FIGURE 6.64 Distribution of contact stress (Sinclair and Cormier, 2000). 


the flat surface CC’ on both sides. Fretting occurs at both corners of radius R of the contact 
region, leading to fatigue crack initiation and eventual failure under the action of varying 
loads. Even in a two-dimensional stress analysis, difficulties arise due to considerable stress 
gradients, nonlinearities attendant upon expanding contact and contact in the presence of fric- 
tion. A highly refined mesh in the contact region with element size of 1 percent of the contact 
radius enables convergence of the solution. The chart in Fig. 6.64 illustrates the convergence 
of peak contact stress o with successively halved element size (Sinclair and Cormier, 2000). 

To realize if slippage between the blade and disk takes place during loading, consider the 
case of a flexible body of stiffness k pushed into a tapered hole and going through lateral defor- 
mation as shown in Fig. 6.65. Assume the hole surface to be rough and rigid. In response to 
load F, normal and parallel reaction forces on the body are N and T. If the body is not to slip, 
a gap can open up between the mating surfaces. There is no compressive force in the spring, 
so N x Sin @< T Cos œ. By Coulomb’s law of friction T < uN, where u is the coefficient of 
friction. Thus, tan œ < u provides the condition for no slip. This simplified model continues to 
hold for more complex configurations. If deformation of the flexible body is considered at 
more than one point along the axis, the no-slip condition applies at both locations. If the wall 
is permitted to deform, then N Sin œ= T Cos œ, while the no-slip condition still prevails. 

However, two-dimensional deformation under the action of force F in both bodies is still 
to be taken into account, and may cause interference between the two parts. Compressive 
action must be present in the flexible body to remove this interference. Thus, the no-slippage 
condition only indicates when slipping begins in the dovetail. 

A half-blade section of Fig. 6.66 provides loads coming from the centripetal action of 
the airfoil F, and of the dovetail F „, Normal and shear forces N and T acting on a region of 
extent 2a inclined at an angle œ balance the forces of rotation. Due to the symmetry of the 


Rough, rigid wall 


FIGURE 6.65 Slippage under lateral deformation (Sinclair 
and Cormier, 2000). 
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Fp 


FIGURE 6.66 Loads and reactions on half- 
blade section (Sinclair and Cormier, 2000). 


geometry, only horizontal force H appears at the centerline, together with the moment reaction 
M from the contact region. A further moment M, offsets those setup by forces F „and F,. 
Resolving vertically leads to the following expressions for nominal contact and shear 
stresses. 
5 = hth 
€ 2a(Cosa + ux Sina) 


(6.33) 


and T, = Uo, 


The nominal contact stress is positive when compressive in these expressions. Moment 
M produces statically indeterminate stresses, but an indication of its magnitude is obtained 
by considering the stiffness of the blade section at the upper and lower edges of the contact, 
K and k. Note that in the blade K > k, but the reverse is true in the disk. Nominal stress is 
given by o, = (Fə + F,)/b. Figure 6.67 provides a comparison of the contact and shear 
stresses of Eq. (6.33) and from finite element analysis if u = 0.4. 


. 6.33 contact stress e 


E . 6.33 shear |stress ° FEA 
č 
B 
AS 
T 
E 
2 
Z 
0 0.2 0.4 0.6 0.8 1.0 
(Omna) 


FIGURE 6.67 Comparison of contact stress (Sinclair and Cormier, 
2000). 
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For a given angular velocity peak contact stress occurs just inside of C’ because of the 
additional compressive stress from bending. Stress in this region may be approximated by 
contributions from a frictionless roller and a lubricated flat punch. The approximation 
arises from the indenting profiles having a surplus on one side. If a further approximation 
of roller and punch being rigid is made, peak stresses in the dovetail can be obtained from 
the well-known solutions developed by Hertz (1882) and Sadowsky (1928). When the 
roller acts in concert with the flat punch, it must first flatten the displacement before it 
indents a flat half space. The amplitude of this displacement, and hence the contact stress 
needed for flattening, is proportional to the applied load. Thus, peak stresses from the roller 
and punch are proportional to the square root of, as also directly proportional to, the applied 
load. Peak contact stress may then be mathematically expressed as 


max = j 2 
oO. =Cc\O+c,0 (6.34) 


where c, and c, are constants, and may be obtained only from fitting finite element results. 
Results for shear stresses can be similarly fitted, and follow the same pattern when u + 0. 

Hoop stresses require consideration with and without friction, hence total hoop stress oj, 
is the sum of 6;,, without friction and ©j,, with friction. To explain, the roller and half of 
contact space both assume the same elastic modulus, so the roller is both pressed into the 
space and slid sideways in the absence of friction. From Hertz theory 


Op) =-O, =-O™™ J [1-(xlcP]  Ixl<c 
=0 Ixl>ce (6.35) 


where x is measured from the center of the contact region. As noted earlier, with friction 
and sliding, T, = uO,. From Poritsky (1950), hoop stress from the shear stress is given by 


o; =-2T™™ (x/c) Ixl < c 
= 21™*{(x/c) — sgn 4 [(x/c} -1]} Ixl>c (6.36) 


where T™** is the peak value of T, and sgn is the signum function of x. With friction, hoop 
stresses for x > 0 are compressive and tensile for x < 0. 

Since tensile stresses are responsible for fatigue failures in dovetails, further attention 
may be focused. Tensile hoop stresses stem from the effects of friction and T,.. Tensile hoop 
stresses are also induced by the blade in the dovetail. Locations where the two sources com- 
bine to maximize tensile hoop stresses are of interest. For the blade, o,,, has no tensile con- 
tribution due to contact. F, is balanced by the normal resultant N. With friction, tangential 
force T produces tensile o,,,, at C and compressive at C’. Thus, blade peak tensile hoop stress 
occurs at contact edge C. 

In the disk, again o,,, does not contribute to tensile stress from contact. But the counter- 
parts of N and M in the disk induce a tensile stress 6,,, of the order of o, at C’. With fric- 
tion, tangential force on the disk has the same magnitude as T acting in the opposite 
direction, as shown in Fig. 6.66. Hence, in the disk it produces compressive stress at C and 
tensile at C’. At C’ in the disk the physical process is similar to that encountered at C in the 
blade. In the disk 6,,, is statically indeterminate near C’, and by following the frictionless 
finite element procedural estimate, o;,, = c;@”, where c, is a constant to be found from the 
finite element analysis. Just outside the contact at C’ 


Onn = Cuo” (6.37) 
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where c, is to be determined from fitting. Peak tensile hoop stress in the disk will vary with 
rotor speed, as in the blade, by the expression 


op” = c;0 + c60? (6.38) 


During unloading, F, and F „in Fig. 6.66 are reduced, as also the radial pull on the disk 
at PP’ (Fig. 6.63). The material above PP’ in the disk retracts radially inward. Because the 
period symmetry line through P’ is not parallel to the central symmetry line through P.,, the 
retraction is accompanied by a tendency for the disk contact region to move laterally toward 
the centerline. The blade can slip inward without friction to accommodate this lateral 
motion. With friction, the blade can stick and get pinched by the lateral motion of the disk’s 
contact region. It is this pinching mechanism that increases N and o during unloading. 
Due to the pinching the tangential load is reduced, because the increased normal reaction 
is balancing a greater share of the load. 

Hoop stresses during unloading and with friction are decreased because of the decreased 
applied load. The expanding contact attending the increase in N with unloading moves 
points of peak hoop stress just outside of contact at maximum load to within the contact 
region, thus subtracting the compressive hoop stress. 

Physical reasoning is used in the discussion above, together with some classical analy- 
sis methods, to determine the response of dovetail attachments during loading and unload- 
ing. Contact shear stress due to friction is a major source of tensile hoop stress at the contact 
edges as the load is applied. If the friction coefficient is sufficiently high, a pinching mech- 
anism is triggered during unloading, which explains a counterintuitive response of an 
increase in normal contact stress in this phase of the load cycle. The sequence of events also 
explains why considerable fluctuations occur in the hoop stress at contact edges, fluctuat- 
ing at an order of magnitude greater than the oscillations in the loading due to rotation. The 
oscillations may also be caused by variations in bending stiffness. Consequently, the fluc- 
tuations in hoop stresses are a major contributor to the low-cycle fatigue sustained from 
mission performance, as well as from high-cycle fatigue of dovetail attachments. 


6.19 EXAMPLE PROBLEMS 


Problem 6.1 An axial flow compressor is required to develop a pressure ratio of 4.75 
and handle a mass flow m of 25 kg/s. Design point tip speed v; is to be around 325 m/s, 
axial flow velocity Vaia at inlet about 170 m/s, and root-to-tip ratio (foo ”up) between 
0.4 and 0.6. Provide a full design for the compressor. 


Solution Size of the annulus will be established first. Continuity requirement calls for 
= = ee) 
m= PAV axial = pin(r2, = a Wasi (6.39) 


where A is the annular area. Air temperature at sea level T, = Ty, = 290 K and pressure 
P, = 1.01 bar. For 170 m/s axial velocity and y = 1.4, the temperature is 


T, =T, — Wgxiat)?/2Dq = 290 — (1703/2 x 1.01 x 108) = 275.7 K 

Py =pPAT VT, )"" = 1.01 x (275.7/290)"") = 0.846 bar 

Pi = p\(RT,) = (100 x 0.846)/(0.287 x 275.7) = 1.0693 kg/m? 
r2, = 25/{X 1.0692 x 170 x [1 = (Ppoot! ip) 1} = 04378/01 = Crool ap) 


tip root 
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Tip speed Vip = 325 = 27r iN. The speed and tip radius are calculated over a range of 
root-to-tip ratios. 

Froot Nip Fip (m) N (rps) 

0.40 0.2283 226.6 

0.45 0.2343 220.8 

0.50 0.2416 214.1 

0.55 0.2505 206.5 


0.60 0.2615 197.8 


Using values calculated at the root-to-tip ratio of 0.5, tip radius of 0.2416 m and rotor 
speed of 214.1 rps, or 12846 rpm, are selected. The corresponding tip speed is: (2 x 7x 
0.2416 x 12846/60) = 325.01 m/s. Speed of sound a and Mach number at the rotor tip 
Maw; near the inlet should be checked. For constant axial velocity across the annulus 


axiall 
a= (y RT,)"? =(1.4x 0.287 x 1000 x 275.7)" = 332.8 m/s 
Moy = 366.8/332.8 = 1.102 


Viiow! = Vip + Vaxiatt = 325-01? +1707, hence view; = 366.8 m/s 


Thus, the first compressor stage will be operating in the transonic range. However, 
the value is not considerable, and should not present a problem. Radius at the root is 
0.1208 m, tip radius is 0.2416 m, and mean radius is 0.1812 m. Compressor delivery 
pressure po = 4.75 x 1.01 = 4.80 bar. For air temperature at exit, assume polytropic effi- 
ciency of compressor is 0.90. Then 


Ty = Ty. X (Poa! Po)" 
where 
(n—D/n = 0.4/0.4 x .9) = 0.3175 
Hence 


Ty = 290 x (4.75)®3175 = 475.6 K 


If it is assumed that the air exiting the last stage of the compressor has no swirl and an 
exit velocity of 170 m/s, static temperature, pressure, and density at exit are 


T, = 475.6 -1707(2 x 1.01 x 1000) = 461.3 K 
Po = Po X (DIR Y= 4.80 x (461.3/475.6)*° = 4.31 bar 
P> = p,(RT,) = (100 x 4.310.287 x 461.3) = 3.256 kg/m? 
Area of annulus at exit is 
A, = 25/(3.256 x 170) = 0.04516 m°. 
Since mean blade radius r,, is 0.1812 m, blade height at exit h is 


h=0.04516/(2zr,,) = 0.0397 m 
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Last stator exit radii may be calculated as follows: 
Nip = 0.1812 + 0.0397/2 = 0.2010 m 


tip 
Foot = 0.1812 — 0.0397/2 = 0.1614 m 


root 


Thus, all pertinent data for the compressor has been established. It is recapped here 


Speed N = 12,846 rpm Inlet tip radius 0.2416 m 
Tip speed 325.01 m/s Inlet root radius 0.1208 m 
Flow velocity 170 m/s Outlet tip radius 0.2010 m 


Mean radius 0.1812 m Outlet root radius 0.1614 m 


Problem 6.2 In Prob. 6.1 determine the number of stages required to obtain the 
stated compression. 


Solution Rise in the stagnation temperature in the compressor is 475.6 — 290 = 185.6 K. 
Increase in stage temperature rise may be estimated from the blade mean speed 


U = 277 nean N/60 = 2 X m X 0.1812 x 12846/60 = 243.76 m/s 
If the first stage sees only axial velocity (IGVs are absent), then inlet angle f, is 
tan B, = U/v xian = 243.76/170 = 1.4339 or B, =55.11° 
Vaow1 = Vaxiat/Cos B, = 170/Cos B, = 297.20 m/s 


To determine maximum possible deflection, use the de Haller rule of v,/v, < 0.72. 
Then v, = 297.2 x 0.72 = 213.9 m/s and the corresponding rotor blade angle at exit is 


Cos ß, = 170/213.9 = 0.7945 
or 
By = 37.39° 
Then temperature rise per stage is 
AT. = {243.76 x 170 x (tan 55.11 — tan 37.4)}/1.010 x 1000 = 27.47 K 


A temperature rise of 27.47 K per stage then suggests (475.6 — 290)/AT,, = 185.6/27.47 = 
6.76, or 7, stages are needed. Then the average temperature rise per stage will be 
185.6/7 = 26.5 K. Since the first and last stages see a smaller increase, say 20 K, the 
remaining five stages may be expected to see a rise of about 27.6 K. 


Problem 6.3 Prepare the velocity diagrams for the first two stages of the above prob- 
lems. Also calculate pressure, temperature, and related properties. 


Solution The expression relating the change in whirl velocity with temperature rise is 


A c,ATy 
Vwhirl = “AU 
= (1.010 x 1000 x 20)/(0.98 x 243.76) 
= 84.56 m/s 
where the factor A for work done is assumed to be 0.98 in a preliminary estimate. At 
stage 1 Vanir = 9, hence Vynir = 84.56 m/s. 
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Then 
tan B, = 243.76/170 = 1.4339 
or 
B, =55.11° 
tan B, = (Viip 7 Vwniri2 /Vaxiatt 
= (243.76 — 84.56)/170 
= 0.9364 
or 
B, =43.12° 
tan Of) = Vwnir2 axial] 
= 84.56/170 
= 0.4974 
or 
a, = 26.45° 


The velocity diagrams for the first stage are shown in Fig. 6.68. Note that deflection in 
the rotor blade is B, — B, = 55.11 — 43.12 = 11.99°, which is an acceptable value. 
Diffusion, temperature, and pressure of the stage can be readily calculated. 


v,/v, = Cos B,/Cos B, 

= 0.5720/0.7299 
= 0.7837 

(Tz), = 290 + 20 
=310K 

(Pos! Por) = {1+ (0.9 x 20/290) 35 

= 1.235 

(Pos) = 1.010 x 1.235 
= 1.247 bar 


Vishiri2 Vwhirl2 


Vuhiril 


vi 


U 
| Ist stage 


2nd stage > 


FIGURE 6.68 First- and second-stage velocity diagrams. 
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To select a value for the airflow angle at the exit from the stator œ, which is identi- 
cal to a, into the second stage, consider the degree of reaction A. An approximate value 
for A is given by the following formula: 


A = 1—{( nina + Veni M2 X U)} 
= 1-{84.56/(2 x 243.76)} 
= 0.827 


For the second stage 


AT,, = AUv xian (tan B, -tan B, YP, 
=27.6K 


and 
A=0.93 


SO 


27.6 = {(0.93 x 243.76 x 170)/(1.010 x 1000) }(tan £, — tan B,) 
(tan B, — tan B,) = 0.7232 


From de Haller’s criterion 


0.70 = (Vaxiqti/2U) X (tan B, + tan B,) 


so 
0.70 = {170/(2 x 243.76)}(tan B, + tan B,) 
so 
(tan B, + tan B,) = 2.007 
Then 


B, =53.78° and 2 = 32.70° 


Now tan a, + tan By = U/Vyyjq1; = 243.76/170 = 1.434, hence œ = 3.92°. Similarly, tan 
o + tan b, = U/v xian» SO Ch = 38.37°. 
Whirl velocities at inlet and outlet are: 


Vwhirl1 = 170 x tan 3.92° = 11.65 m/s 
Vwnir = 170 x tan 38.37° = 134.60 m/s 


Hence the change in whirl velocity is 122.95 m/s. Velocity diagrams for the second stage 
is shown in Fig. 6.68. Temperature and pressure of the stage can be readily calculated. 


(Ta) = 310 + 27.6 = 337.6 K 
(PoslPoi) = {1 + (0.9 x 27.6/310)}35= 1.327 
(Po) = 1.247 X 1.327 = 1.633 bar 
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Problem 6.4 Provide a construction method for the first stage blade assuming a cir- 
cular arc camber line. 


Solution The free vortex design is selected. At the mean radius of 0.1812 m angle B, = 
55.11° and B, = 43.12°, as determined earlier. Then nominal air deflection angle £= B, — 
B,=11.99°. From Fig. 6.69, s/c = 1.1, air inlet angle œ = p, = 43.12°, and air exit angles 
o = 38.37° and B, =55.11°. Chord length depends on the pitch spacing, which depends 
on the number of blades. The blade’s aspect ratio (length/chord, or h/c) comes into 
play for controlling secondary losses in the determination of number of blades. 
Assuming a suitable value for this row of 3, blade height may be determined from 
the previous calculation of 0.1208 m, so the chord is c = 0.1208/3 = 0.0403 m. Then 
pitch spacing s = 1.1 x 0.0403 = 0.04430 m. The number of blades n = (27 x 0.1812)/ 
0.04433 = 25.70. To ensure avoidance of common multiples for successive blade rows, 
and thus reduce the risk of resonant forcing frequencies, even number of stator vanes and 
a prime number for rotor blades is helpful. For this example 29 blades will be selected. 
Recalculation provides s = 0.03926 m, c = 0.03569 m, and h/c = 3.385. The procedure for 
stator vanes is identical. 

Developments in design methods have changed some views on the subject of using 
a prime number for rotating blades. If an even number of fan blades were selected, for 
example, balancing of the rotor is facilitated by replacing a pair of blades located 180° 
apart in case a single blade is damaged. Note also that the first stage blade’s chord has 
been selected based on aerodynamic considerations. In practice, fan blade chord is 
decided on the capability to withstand strike from a foreign object ingested into an air- 
craft engine, such as a bird. 

Inlet and exit angles of a blade from experimental tests have shown a dependence on 
shape of the camber line of the blade section, as also the air angle at the outlet. An 


Center of 
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FIGURE 6.69 _ First-stage blade design and profile development. 
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empirical rule for the variation is given by the term Ô= m@\(s/c), where parameter m = 
0.23 x (2a/c)* + 0.1 x (œ/50), where a is the distance of point of maximum camber from 
the blade’s leading edge (see Fig. 6.5) and œ is in degrees. The value of (2a/c) = 1 is 
commonly used, hence 


5= {0.23 x 12 + 0.1 x (38.37/50)} x @x V(1.1) = 0.3105 x @ 


The procedure for laying the airfoil profile is as follows. Since 0= aj — a and œ — 
a, = ô, then 0 = a — œ + 0.31058, or 0.68950 = a — œ = 55.11 — 38.37. Hence, 0 = 
24.27° and a5 = 14.10°. Angle of deviation is 5.67°. Position of the blade chord relative 
to the rotor axis is defined by stagger angle ¢, so = a} — 0/2 = 42.97°. 

In Fig. 6.69 chord PR is 0.03569-m long, oriented 42.97° to the axial direction. Lines 
PQ and RS at angles a; and œ/ are then added and a circular arc is drawn tangential to 
these lines, with PR as the chord. The arc represents the camber line of the blade around 
which the airfoil is to be developed. The method of defining ordinates at selected loca- 
tions along the camber line, shown in Fig. 6.69, is based on the NACA series of airfoil 
profiles. 


Problem 6.5 A cantilever plate with a rectangular cross section is to be analyzed 
using the energy procedure of Sec. 6.12. The plate is 2.0-in long, 2.0-in wide, 0.40-in 
thick, and is provided with a pretwist angle of 20°. Material density may be assumed 
to be p = 0.285 Ib/in*, Young’s modulus E = 27.5 x 10° Ib/in’, and Poisson’s ratio 
v=0.3. 


Solution Nondimensional frequencies of the plate are given by the expression (see 


Table 1.1) 
z-o |12ÉA-v) (6.40) 
=O E 


Using the energy-method-based computer program (Gupta, 1984), the finite element 
method calculates the first two nondimensional frequencies at 3.2 and 21.5, which com- 
pares with the energy method values of 3.4 and 21.8. 

Mode shapes from the finite element analysis of the fan blade shown in Fig. 6.55 are 
provided in Fig. 6.70. 


Problem 6.6 A bar is subjected to a tensile preload of 12,500 Ib and a varying ten- 
sile load from 0 to 21,250 Ib. If a stress concentration factor of k, = 1.86 is to be applied, 
determine a suitable diameter for an infinite life and a factor of safety of k, = 2.0 from 
the following data: yield strength S, = 87.5 kpsi, ultimate strength S,, = 112 kpsi, 
endurance strength S’, = 0.5 x S„ = 56.0 kpsi, surface finish modification factor k, = 
0.77, size factor k, = 0.65, and notch sensitivity g = 0.85. 


Solution Fatigue stress concentration factor k,= 1 + q(k,— 1) = 1.731. Hence endurance 
factor k, = 1/ kp= 1/1.731 = 0.578, and endurance strength 


S, =k, ky k, S = 0.77 x 0.65 x 0.577 x 56.0 = 16.192 kpsi 


The static stress from the preload is Oy... = 12500/{2d7/4} = 15.916/d? kpsi. The 
dynamic load stress range is Ogynamic = 21250/{2d7/4} = 27.056/d* kpsi. Alternating 
stress O, = 27.056/(2d”) = 13.528/d? kpsi. Mean stress 6,, = Oyate + On, = 29.444/d? 


alt m static 


kpsi. Hence, o,,,/0,, = 0.459. 


alt ~m 
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412.09 Hz — 1F mode 1148.45 Hz — 2F mode 


1227.86 Hz — 1T mode 1770.72 Hz — 2S mode 


FIGURE 6.70 Mode shapes of fan blade of Fig. 6.55. 


The fatigue diagram of Fig. 6.71 provides the relation between the stress and 
strength characteristics. The intersection of the modified Goodman line with another 
line at a slope of O/O, = 0.459 defines two values of strength. Alternating strength Sr 
corresponds to stress O,» and strength S,, corresponds to stress o,,. Using a factor of 
safety of 2.0, 04, < S,,/2.0. Thus, 13.528/d? < (29.44 x 0.459/2.0), or d = 1.414 in. 
Choose d= 1.5 in. 


alt 


í Oat Sati! Om = 0.459 
PÈ 16.192 
= S 13.528 esssssssseseoso ; 
g # 
< : 
29.44 87.5 112.0 
Sm S Su 


Mean stress Om, kpsi 


FIGURE 6.71 Fatigue diagram for Prob. 6.6. 
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Problem 6.7 The material for a part has S, = 82 kpsi, ultimate strength S, = 105 kpsi, 
and endurance strength S, = 27.0 kpsi with all corrections included. The mean and 
alternating stress components are 6, = 32/d? kpsi and 6, = 17/d* kpsi. If the diameter 


of the part is 1.75 in, find the fact of safety using the Gerber theory. 


Solution The modified Goodman theory includes a number of conservatisms to account 
for unknown material characteristics. If the strengths are known accurately, the Gerber 
theory based on a parabolic relation is more extensively applied in the form 

Sad Se) t O =1 


In this example, 0, = 32/1.75? = 10.45 kpsi and O, = 17/1.75? = 5.55 kpsi. Thus, S, = 
no,, = 10.45n and S n = NO, = 5.557. Substitution into the nonlinear equation gives 
(5.55n/27) + (10.45n/105)? = 1 


The factor of safety n is obtained by solving the equation, yielding n = 4.067. 


Problem 6.8 In Prob. 6.7 find the diameter of the component if the factor of safety 
is reduced to 3.25. 
= 3.25(17/d2) = (55.25/d) kpsi and S,, = no, = 3.25(32/d2) = 


m m 


Solution Sy = no, 


alt 


(104/d’) kpsi. Substitute into the Gerber relationship: 
55.25/(27 x d°) + {104/(105 x d^} = 1 
or 
d* —2.046d? — 0.981 =0 
A root for d in the range 1 < d < 2 is d= 1.564 in. 


Problem 6.9 In Prob. 6.7 find the diameter of the component when multiple factors of 
safety are a requirement: n, = 2.25 for stress amplitudes, n, = 1.55 for mean stress, n, = 
1.29 for the endurance limit, n, = 1.22 for the yield strength, and n; = 1.20 for the ulti- 
mate strength. 


Solution The Soderberg theory will be used for this example, which takes the form 
SaS) + (S,/S,) =1 


Combining the safety factors to the strength characteristics gives: minimum S, = S,/n, = 
27/1.29 = 20.93 kpsi, minimum S, = S/n, = 82/1.22 = 67.21 kpsi, and minimum S, = 
S,,/Ns = 105/1.20 = 87.5 kpsi. The permissible alternating stress Opu, =) Opu = 2.25(17/d B) 
=38.25/d? kpsi and the permissible mean stress 0, „, = n30, = 1.55(32/d?) = 49.6/d? kpsi. 


mp m 
Letting San = Oy, and Sp = 6,,,, and substituting into the Soderberg expression gives 


ltp m` “mp 


{38.25/(20.93 x d?)} + {49.6/(67.21 x d2)} = 1 


This gives d = 1.602 in. 
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CHAPTER 7 
IMPELLER AND BLADED DISK 


71 INTRODUCTION 


A centrifugal compressor achieves part of the compression process by causing the fluid to 
flow outward in the radial force field produced by the rotation of the impeller. This portion 
of pressure increase differs from the pressure rise in an axial flow compressor rotor and 
stator, where a change from kinetic energy to thermal energy leads to compression in the 
diffusion process. In a radial stage, on the other hand, the change in the potential energy of 
the fluid is a direct consequence of the centrifugal force field of the rotor. Consequently, prob- 
lems arising from the growth of the boundary layer and separation associated with adverse 
pressure are reduced. Because of this advantage, the centrifugal compressor has been 
employed to obtain a range of compression ratio and performance efficiency in turbojet 
engines. 

Substantially higher compression ratios are achievable in a centrifugal compressor stage 
than in an axial stage. In an axial blade, relative flow velocity decreases from the leading 
edge to the trailing edge. This deceleration, or diffusion, can under proper conditions result 
in boundary-layer separation, resulting in an engine stall. This places a restriction on the 
loading capability of the axial blade. Radial compressor stages experience comparatively 
much less diffusion. Also, centrifugal stages are more rugged than axial blades, thus allow- 
ing them to operate at higher tip speeds. The upshot of these beneficial factors is that the 
pressure ratio may vary from 3.2 for a centrifugal impeller operating at 1.18 tip Mach speed 
to nearly 14.0 running at 1.86 Mach. The operating efficiency of the centrifugal stage does 
not degrade as much as in axial stages, dropping from 88.5 percent at the lower speed to 
about 86 percent at high speed. 

Still another advantage of radial compressor stages is that they may operate over a larger 
flow range. Stall and surge problems, however, cannot be avoided. In centrifugal stages 
stall results from an excessively large angle of incidence at the leading edge. The perfor- 
mance map of a radial compressor stage looks similar to that for an axial stage, with a clear 
demarcation line between stable and unstable operating regimes. Stable regions of opera- 
tion tend to be larger in centrifugal compressor stages. 

The fluid exits from a radial stage at nearly the rotor’s tip speed, with high-performance 
machines having Mach number of 1.5. But the combustion chamber into which the air 
enters next can permit flow Mach number in the vicinity of 0.2. Another compressor stage 
on the downstream side may permit a little higher flow velocity. The problem is taken care 
of by using a diffuser that takes the place of stator vanes in axial compressors. The nonrotat- 
ing diffuser in some respects is a part of the rotating impeller. The efficiency of the centrifu- 
gal stage is calculated using the increase in entropy at the outlet of the diffuser. The diffuser 
performs the twin task of reducing the flow velocity through a large velocity range accompa- 
nied by a corresponding increase in static pressure, and of turning the flow direction from the 
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radial direction to an axial orientation. From the viewpoint of design configuration the 
geometry of the diffuser thus becomes quite complex. 

Vaneless diffusers have been used in the past, the flow velocity reducing naturally in an 
expanding radial space. But the flow may become unstable due to fluctuations in the veloc- 
ity. This factor can result in a surge, while also making it physically large and unsuitable 
for aviation applications. When the flow is split between several diffusing passages, the 
problem is alleviated. The passages, created by the vanes, reduce the swirl in the flow while 
providing velocity reduction in a lesser space. The drawback with vanes is that they now 
become airfoils, and at operation other than the design point, the airflow may occur at a 
large angle of incidence. Even though vanes are not rotating, they can stall just as an in an 
axial compressor stage, and may result in a surge. 

Vaned diffusers are subject to pressure losses. The losses must be combined with 
those encountered in the rotating impeller when calculating the total centrifugal com- 
pressor stage efficiency. In a series of experiments on research compressors, the overall 
efficiency was computed to drop from 84 percent for a compression ratio of 6 to 72 per- 
cent for a pressure ratio of 15. The flow exit velocity from the diffuser was held steady 
at 0.2 Mach number. 

With the effects of all losses included, the performance of centrifugal compressor stages 
is high enough to warrant its usage in smaller aircraft engine applications such as for com- 
muter planes and helicopters. The frontal area required for a given mass flow makes it suit- 
able for lesser-capacity machines. In larger military and commercial airplanes the mass 
flow at the inlet is large, which precludes their application. 

The cross section of an impeller’s disk has an irregular geometry, with integrally 
mounted blades. The blades have a complex three-dimensional configuration. In larger 
impellers one or two splitter blades may also be provided between the adjacent main blades. 
Splitter blades are used to reduce the pitch spacing between the blades at the outer diame- 
ter. At the inner radius near the hub the splitter blades do not start in the same axial plane 
as the main blade, once again to maintain proper pitch spacing. 

Two types of blades are commonly used, radial blades and blades with a back sweep at 
the outer end. The shape of the blade will tend to distribute the centrifugal load unevenly, 
and will be controlled by the blade’s own deflection and stress pattern. Fillets used at the 
root of the blade where it meets the disk play a major role from aerodynamic, structural 
integrity, and manufacturing considerations. A small fillet will increase stress at the blade 
root sharply. In cast impellers a larger fillet radius facilitates metal flow. Sometimes the 
blades are milled in a solid disk on a four- or five-axis omnimill to obtain the proper con- 
tour profile. Here again a sharp corner at the blade root will interfere in the metal cutting 
operation. 

Disk burst and low-cycle fatigue are primary causes of failure in turbomachine rotors. 
It is not possible to contain disk fragments in aircraft engines when a disk burst incidence 
occurs in-flight, and the resulting debris has enough kinetic energy to penetrate the air- 
craft’s structure. Detection of defects or fatigue cracks in discs before they grow to a criti- 
cal size during regular service inspections is the primary method of avoiding such 
catastrophic failures. However, noncontained failures of engine components are a rare 
occurrence. 
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Air enters through the inducer, or eye, of the rotating impeller, the inlet portion of a nearly 
constant tip diameter (Fig. 7.1). Its function has similarities with an axial flow turbine with- 
out inlet guide vanes. 
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FIGURE 7.1 Impeller for centrifugal compressor (Kerrebrock, 1992). 


After the flow is turned toward the radial direction and brought to a tangential velocity 
at the rotor tip, the fluid discharges the tip at a constant radius. For a low flow Mach num- 
ber within the passage, the pressure gradient in the radial direction is dp/dr = pwr, and 
for the isentropic condition p/p, = (p/p,)"%, and so static pressure across the stage is 
(Kerrebrock, 1992) 


(y-1)/y 
T, -1 
ua) ge a 


where M$ = (@r,)*/YRT>, M,is the exit tip Mach number based on the inlet temperature, ry 
is the exit tip radius, yrepresents the ratio of specific heats, and subscripts 2 and 3 denote 
conditions at airfoil inlet and exit planes. Besides tangential velocity, the air leaving the 
impeller has a smaller radial component also. A further pressure rise takes place as in the 
stator of an axial compressor (station 4 in Fig. 7.1), and for an isentropic process the over- 
all pressure and temperature ratios are 


Be sfiq- pm] (7.2) 
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Thus, half the temperature rise occurs in the stator. To obtain peak efficiency the static 
pressure ratio of the stator and rotor must be equal, but this condition limits the performance 
of a centrifugal compressor with radial impeller vanes. The problem is partially resolved 
by sweeping the blade tips, as discussed later. 

A higher compression, however, comes at the cost of low-mass flow capacity for a 
given frontal area. The ratio of the inlet flow area to the frontal area depends on the square 
of the ratio of the inlet tip radius to the diffuser outlet radius, hence the mass flow capac- 
ity is considerably less than for an axial flow compressor of equal dimensions. A reduced 
flow capacity results in restricted applications of the centrifugal stage to aircraft engines 
with a small shaft. Increased cycle pressure ratios are still possible in engines employing 
multiple shafts. The elevated pressure and density of the air in high-pressure compressors 
causes the flow area to be small relative to that of the inlet stages. Another possibility is 
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to place two or three axial compression stages, followed by a radial stage mounted on the 
same shaft. 
The Euler equation can be derived from Eq. (6.6) in terms of temperature. 


T _,_ (@ny W3 jp Woh 
T ae, a tan b; + ee tan B, (7.4) 


2; p t2 Or, 


On replacing the axial velocity w, by the radial velocity v4 to obtain tangential velocity 
relative to the impeller at the outlet, Eq. (6.6) in terms of Mach numbers takes the form 


CE ed 


cpa — 1+[(y-1)M3)2 vo 


In the absence of preswirl vanes, the inlet tangential velocity is zero, so B, = 0. 
Generally, the fluid does not discharge from the impeller completely in the radial direction. 
Hence 


___(-1)M; M3 LYTI tang 
3-1 ORAVAN M, 1+ Mż tan p; (7.6) 


Here it is assumed M3 = M^. Mach number at entrance to the stator is 


m2 = LO = tan BS)? + Ws)? 
a YRT, 


(7.7) 


Diffusion can be a serious problem for high-pressure ratio radial stages. To take care 
of this problem, a backward swept impeller with 84 > 0 and increased tip speed may be 
employed to achieve the required pressure ratio, while reducing the diffuser inlet Mach 
number. Pressure ratio development is then restricted by the tip Mach number, as per- 
mitted by the material properties of the rotor. Centrifugal stages have been successfully 
designed to operate at tip speeds approaching 1700 ft/s, with a back-sweep of 25°. 
Figure 7.2 provides the impeller static compression ratio, where compressor efficiency 
is 0.53 for B4 = 0 and M, = 0.5. 

Applying the concept of diffusion factor to the inducer, and assuming constant flow 
velocity normal to the passage section, the diffusion factor D may be expressed in terms of 
flow Mach number at blade tip at inlet M,, and exit flow Mach number M,, ois solidity and 
the ratio of tip radii at inlet and exit r,/ ry. 


1 1 4 (M,/M, (7/77) 
J14 (rrp)? (Mz/M,)? 204f1+ (rp)? (M/M, } 


(7.8) 


inducer 


Thus, the diffusion factor increases with velocity at exit for fixed r,/ry. Mass flow 
capacity and compression ratio differ with one another, the former reducing when the lat- 
ter increases. Increasing blade solidity helps in reducing the diffusion factor to a limiting 
value. Changes in the ratio of mass flow to choked mass flow through the frontal area and the 
required inducer solidity can be observed in Fig. 7.3 for M, = 0.5, M,= 1.5, and D; ducer = 0.5. 
Compared to a typical value of 0.5 for an axial flow compressor, the mass flow in a centrifu- 
gal stage is substantially less. Large values of inducer solidity are necessitated for r,,./Mip 
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FIGURE 7.2 Centrifugal stage compression as function of tip Mach number 
(Kerrebrock, 1992). 


higher than 0.4. The angular momentum of the flow increases as it progresses through the 
radial passage, following the contours more closely if the blade spacing is reduced. As the 
spacing increases, the exit velocity inclines away from the direction of rotor motion (f” = 0), 
the work done by the impeller decreases and slippage occurs. Slip factor is defined as the 
ratio of actual tangential velocity to (@r,—u tan B’). The effect of a slip of 0.90 on the com- 
pression ratio is shown in Fig. 7.3. 
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FIGURE 7.3 Mass flow and inducer solidity variation (Kerrebrock, 1992). 
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73 DIFFUSER FOR INDUSTRIAL GAS TURBINE 


A number of factors affect the design of a diffuser. Supersonic flow is encountered when 
the compression ratio exceeds 3, approaching M = 1.4 when the compression ratio nears 10. 
Mass flow per unit frontal area reaches a maximum when the radial dimension of the dif- 
fuser beyond the impeller tip is minimized. This calls for a diffuser without vanes, where 
the swirl velocity decreases as the flow travels outward with constant angular momentum. 
Dimensions of the diffuser, however, become too large to effectively reduce the flow veloc- 
ity, so a shorter diffuser without vanes may be combined with a vaned two-dimensional dif- 
fuser (Fig. 7.4 (lef)). High-pressure ratio compressors employ a diffuser formed by 
axisymmetric channels nearly tangential to the rotor tip (Fig. 7.4 (right)). Performance is 
enhanced by providing a swept connection to the supersonic flow contours. 

Performance improvement may be gained by redesigning the diffuser. As an illustra- 
tion, consider a 10-stage axial followed by a single-stage radial compressor for the THM 
1304 gas turbine manufactured by MAN Turbomaschinen (Orth et al., 2001). A require- 
ment in the redesign effort is to permit retrofit of operating units at a reasonable cost. The 
diffuser system calls for a vaned segment, a 90° bend, and an axial deswirl cascade. The 
original tandem configuration required a considerable turning of the airflow. An inverse 
boundary layer calculation procedure results in a reasonable velocity profile along the dif- 
fuser airfoils, using boundary layer blockage from the three-dimensional impeller calcula- 
tion for a prescribed skin friction distribution. The resulting velocity profile then provides 
data for the following inverse design, together with primary diffuser dimensions such as 
inlet and exit radii. Related dimensions (airfoil height, number, thickness distribution, and 
mean camber line shape) are used to optimize the diffuser geometry. The resulting shape is 
considerably influenced by the number of airfoils, because of variations in the blockage. To 
avoid problems related with rotor blade resonance, the number of airfoils in the diffuser 
remains unchanged. Shapes of the original and redesigned airfoils are shown in Fig. 7.5. 
Flow traces for the midspan section indicating considerable separation at the pressure side 
of the rear blade in the original design is avoided for the redesigned blade to create higher 
total exit pressure, but is accompanied by less static pressure rise and more exit swirl. 

The number of blades in the axial and radial portions of the diffuser is different. The 
design process for the axial blades calls for a definition of the flow path and profile geom- 
etry, the generation of a three-dimensional multiblock structured grid, Navier-Stokes 
analysis of the flow and determination of circumferentially averaged characteristic mean 
values. Except for small differences at the inner bend, the final geometry is nearly identi- 
cal to the base design. A large passage vortex is the dominant flow feature in both designs. 
The driving force behind the vortex is the large pressure gradient from the hub toward the 
shroud, tangential velocity variation in the spanwise direction, and the clearance gap at the hub. 
Compared to the original design, the new design exhibits substantial reduction in the pres- 
sure loss region near the shroud, and is accompanied by a total pressure rise at the exit 
plane. Figure 7.6 provides the grid mesh of the diffusers, and Fig. 7.7 provides details of 
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FIGURE 7.4 Short vaneless diffuser followed by two-dimensional vaned diffuser (left); axisymmetric 
channels tangential to rotor tip (right) (Kenny, 1972). 
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FIGURE 7.5 Radial diffuser airfoil shapes (Orth 
et al., 2001). 
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FIGURE 7.6 Diffuser geometry comparison: original (upper), final design 
(lower), axial design (right) (Orth et al., 2001). 
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FIGURE 7.7 Original (/eft) and new (right) diffuser designs (Orth et al., 
2001). 


changes in the vicinity of the diffuser. The two rows of vanes are replaced by a single row 
with a greater diffuser leading edge/rotor exit radius ratio, while simplifying the geometry 
of the outer ring with only the axial deswirl vanes. The diffuser is milled out of a block 
using the three-dimensional CAD models, eliminating the need for sophisticated foundry 
patterns or forging dies. 

To verify the analytical results of the new design, tests are performed on the full engine. 
The compressor is made to operate on the design pressure/flow rate working line and also 
at increased pressure levels by installing a throttling device between the compressor dis- 
charge and the combustion chamber. Instrumentation is provided to measure total and sta- 
tic pressure and temperature at the inlet and exit to permit evaluation of the efficiency of 
the centrifugal stage. The parameters are measured at three constant speed points, 99, 100, 
and 101 percent. The new radial stage gained 4 percent in efficiency over the base design, 
with the pressure ratio also experiencing a small increase. The total compressor efficiency 
gain varies from 1.8 percent at 99 percent speed to 0.8 percent at 101 percent speed. 


74 INTERACTION BETWEEN IMPELLER 
AND VOLUTE 


Flow exiting from a single-stage compressor is often collected in a volute. Lack of sym- 
metry about the rotor axis of this component results in a circumferential distortion of the 
flow in the region where the impeller discharges and enters the volute. Any circumferen- 
tial variation in flow conditions at the volute inlet constitutes time varying outlet conditions 
for the rotating impeller. An unsteady impeller flow results in modifying conditions at the 
volute inlet. Simulation of this interaction requires the simultaneous solution of unsteady 
Navier-Stokes equations in both the impeller and the volute. Computational effort and 
problem size may be contained by performing two-dimensional quasi-steady calculations 
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(Miner, Flack, and Allaire, 1992), or through unsteady potential flow calculations (Bladie, 
Jonker, and Van den Braembussche, 1994). 

Observations indicate that the interaction is strongly influenced by wave propagation in 
the impeller (Fatsis, Pierret, and Van den Braembussche, 1997), with the flow dominated 
by inertial and, to a much lesser extent, viscous forces. Unsteadiness in the flow arises from 
pitchwise variation at the impeller’s exit, and is confined to the region because of rapid 
mixing of blade-to-blade variations in the vaneless diffuser. The distortion diminishes with 
the increased number of blades. 

The evaluation of the circumferential flow distortion in the volute and unsteady peri- 
odic blade and shaft radial loads may be handled by combining a three-dimensional invis- 
cid, unsteady solver for the impeller with a steady or time-averaged volute flow solver. 
The procedure calls for coupling the calculation sequence in the two components such that 
the flows match one another on the interface between the calculation domains. As an 
example, consider an impeller with 10 full and 10 splitter blades with a 30° backward lean 
at the exit, as shown in Fig. 7.8 (Hillewaert and Van den Braembussche, 1998). The rela- 
tive position of the components is explained in Fig. 7.9. The vaneless diffuser has a radius 
ratio of 1.5 and an outlet over inlet width ratio of 0.84. The flow then enters an external 
volute designed for zero pressure distortion at optimum impeller mass flow. Volute and 
impeller computations are alternated and coupled at acommon boundary halfway between 
the impeller exit and volute entry, with boundary conditions updated iteratively until the 
local time-averaged quantities are identical in both the calculations. Friction effects are 
accounted for by extra forces on the flow surfaces and correction terms for the energy 
equation. Time integration is carried out using a simplified four-step Runge-Kutta 
scheme. 

Assuming a subsonic and radially outward flow in the diffuser, one boundary condition 
is needed at the impeller exit and four at the volute inlet. On the impeller side of the bound- 
ary circumferential and spanwise variation of static pressure resulting from the volute cal- 
culations is imposed. This calls for pressure calculated at the vertices of the volute grid to 


FIGURE 7.8 Centrifugal compressor geometry (Hillewaert and 
Van den Braembussche, 1998). 
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FIGURE7.9 Definition of relative location of impeller and volute (Hillewaert and 
Van den Braembussche, 1998). 


be interpolated to define pressure at the center of the cell face. On the volute side of the 
boundary the spatial variation of four time-averaged flow quantities, mass flux, energy 
flux, and tangential and axial momentum flux must be imposed. Because of the periodic 
nature of the impeller’s flow, time averaging is limited to a period t/N (where T is the 
period of rotation, N is the number of blades) corresponding to the passing of one blade pas- 
sage past a point in the volute. The fluxes through each cell face k of the volute inlet plane 
between 6, and 6,,, are defined by 


N tn (6 p41 
eal lM F(0, t)d@dt (7.9) 


where F represents the general flux function. Relative to the impeller, the flux function may 
be expressed by 


F(0, t) = FÖ, t) = F(0- at, t) (1.10) 


where ~ represents quantities relative to the impeller, and @ is the speed of rotation. Once 
the fluxes through the impeller exit are established, they are renewed at the cell vertices of 
the volute grid through a linear redistribution from the neighboring cells. 

At off-design mass flow the volute predicts a circumferential variation of the inlet sta- 
tic pressure, which is imposed as the outlet condition for a first approximation of the dis- 
torted flow in the impeller. The sequence of impeller and volute calculations, interrupted 
by updates of the inlet and outlet conditions, is repeated until the static pressure distri- 
bution on the interface is unchanged. A few turns of the impeller may be needed before 
a periodic impeller flow corresponding to the imposed pressure distribution is obtained. 

The instantaneous pressure field on the impeller’s hub surface together with the steady 
pressure field on the volute hub wall is shown in Fig. 7.10. Large variations in pressure 
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FIGURE 7.10 Pressure distribution on impeller hub, vaneless dif- 
fuser, and volute wall (Hillewaert and Van den Braembussche, 1998). 


contours are not observed when crossing the boundary between the two major compo- 
nents, but noticeable gradients are present at the diffuser outlet because of the sudden 
increase in width at the volute inlet. Still heavier distortions in the pressure are present at 
the volute tongue because of the large incidence, creating a separationlike flow on the suc- 
tion side of the tongue. Flow conditions in this region are strongly influenced by the vor- 
tex flow as illustrated by the streamlines on the hub wall and at a cross section downstream 
of the throat (Fig. 7.11). 


FIGURE7.11 Streamlines at volute tongue (left), downstream of tongue (right) (Hillewaert and Van den 
Braembussche, 1998). 
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Figure 7.12 provides pressure and temperature distributions at midspan. Measured 
values of the parameters obtained from a test conducted on the compressor are indi- 
cated by filled symbols at the outlet and calculated values by the curves. Static pres- 
sure distribution is measured at the inlet and outlet of the vaneless diffuser. Except for 
slight overestimation, the method correctly predicts the shape of the variation and the 
pressure rise from the diffuser inlet to outlet. The phase shift between the locations 
may be attributed to the procedure for determining pressure by the radial equilibrium 
of pressure and forces. Variations are strong at the hub side, where a longer blade 
length corresponds to an acoustic Strouhal number S, = 0.25, and are caused by the 
waves generated in the impeller by the sudden pressure rise at the volute tongue and 
reflected at the impeller inlet. The Strouhal number of 0.25 permits waves to travel 
twice back and forth during each shaft rotation, and explains the presence of twin peaks 
in the pressure and temperature traces. It also means that the corresponding blade 
forces see a similar variation pattern. A weaker wave with four periods per rotation, 
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FIGURE 7.12 Pressure (upper) and temperature (lower) variation in dif- 
fuser (Hillewaert and Van den Braembussche, 1998). 
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visible only at the diffuser inlet, results from the reflection of the waves on the leading 
edge plane of the splitter vanes. 


75 FLOW CHARACTERISTICS 
IN VANED DIFFUSER 


Modern impeller designs reach absolute discharge Mach numbers between 0.9 and 1.3, so 
at least transonic diffuser inlet conditions will prevail. The distorted impeller discharge will 
mark the flow field in the diffuser inlet by strong velocity and flow angle fluctuations in the 
circumferential and axial directions. As the flow propagates in the vaneless space, it is char- 
acterized by the intensive exchange of momentum between the jet and the wake flow in the 
circumferential direction and by nonuniformity in the axial direction. The unsteady flow 
features have a strong influence on the loading efficiency, pressure development, and noise 
emanation of the centrifugal compressor stage. 

The progress in the area of unsteady airflow measurements permits the observation of 
the flow pattern in radial compressors with diffusers (Japikse, 1987). Compressors with 
vaned diffusers pose interesting problems because the region between the impeller exit and 
diffuser inlet is characterized by unsteady flow, by interaction between impeller and dif- 
fuser and between boundary and shock layers. These features are not independent of each 
other in their action and extent. An increase in the radial gap, for instance, leads to a reduc- 
tion in the interaction between the impeller and diffuser and a more uniform flow into the 
diffuser, but will also lead to growth in the boundary layer thickness. 

Experimental investigation of a centrifugal stage with a vaned diffuser of variable geom- 
etry is described by Justen, Ziegler, and Gallus (1998), attention being focused on unsteady 
conditions close to choke and surge limits. An impeller with 15 backswept blades (38° back- 
sweep from the radial) is used in combination with a diffuser provided with 23 wedge vanes. 
The design of the suction pipe without inlet guide vanes ensures axial flow at impeller inlet. 
Figure 7.13 shows the assembly, with the diffuser cover removed. Aerodynamic design of 
the wedge-vaned diffuser is based on characteristic parameters for flat diffusers, with the 
construction permitting continuous adjustment of the diffuser vane angle. Stage data for 
nominal speed and diffuser geometry is given in Table 7.1. 

Achievable stage pressure ratios create a corresponding thermal load on components in 
contact with the fluid. Probes positioned directly after impeller discharge are exposed to high 


FIGURE 7.13 Centrifugal stage with diffuser cover 
removed (Justen, Ziegler, and Gallus, 1998). 


TABLE 7.1 Centrifugal Stage Data 


Impeller blade exit angle 128° 
Impeller tip radius 135 mm 
Impeller tip speed 498 m/s 
Relative tip Mach number 0.95 

at impeller inlet 
Exit Mach number 0.94 

at impeller exit 
Shaft speed 35,200 rpm 
Meridional diffuser height 11 mm 
Diffuser vane angle 16.5° 


Leading edge 


Vane fastening 
(not polished) 


FIGURE 7.14 Stroboscopic schlieren photos at choke limit (Justen, 
Ziegler, and Gallus, 1998). 
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shock in the middle of the channel, and on the pressure side of the leading edge a distortion 
is caused by high incidence. The shock moves upstream in the right picture as the impeller 
turns a few degrees. A stronger shock on the vane suction side is due to an additional shock 
wave attached to its leading edge. The lower pictures represent a more throttled operation 
at different impeller positions. Increasing the backpressure leads to a lower incidence, so 
the extra shock encountered before does not appear. The stronger shock has traveled 
upstream, positioned perpendicular to the channel’s centerline. Further increase in the 
backpressure causes a complete unchoking of the diffuser, and hence this operating condi- 
tion represents the real choke limit where the compressor’s control range begins. 

Surge investigation is conducted using pressure transducers mounted flush in the dif- 
fuser front wall at the impeller’s suction and discharge and at the diffuser throat and exit 
(Fig. 7.15). The axial motion of the shaft is also recorded to obtain an estimate of mechan- 
ical loading during surge. The compressor is initially prethrottled with a slide valve on the 
pressure side, then adjusted in a slow stepwise closing for further throttling up to the surge 
limit. The actuation of the valve triggers the recording of pressure data in an allocated 
space of time before the release of the valve mechanism, which is controlled by a selected 
pretrigger. Surge is identified by its acoustic characteristics since it is accompanied by an 
audible sound, comparable to a heavy hammer strike on a metal pipe. Prethrottling the 
slide valve helps to control the mechanical load and to avoid its jamming. 

Figure 7.16 shows the course of the unsteady pressure signals at 80 percent nominal 
speed. Prior to the first surge cycle, pressure signals at impeller exit and at diffuser throat 
indicate a distinct alteration. At the threshold of reversed flow a slight pressure drop is 
noticed at the diffuser exit, but the remaining probes show a steep pressure rise. 
Simultaneously, the rotor is observed to move abruptly toward the shroud, imposing a 
heavy load on the thrust bearing and an explicit danger of contact at the shroud. During the 
reversed flow both the impeller exit and diffuser throat transducers show strong pressure 
oscillations, reducing to a near normal. Instability in the system is triggered by a local 
degradation of the flow in the throat area, causing increased oscillations in the amplitude at 
the impeller’s inlet and exit. A closer examination of the pressure signals does not reveal 
the presence of frequencies typical of a rotating stall. Following an upswing in the diffuser 
pressure signal, subsequent normalization in operation at the impeller is reached quickly. 
The reestablishment of normal operation is identified by the backward shift of the rotor. 
Between the two surge cycles the flow takes on the characteristics of stable operation. 


FIGURE 7.15 Transducer location for pressure measurement at surge limit 
(Justen, Ziegler, and Gallus, 1998). 
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FIGURE 7.16 Real-time pressure signals at surge (Justen, Ziegler, and 
Gallus, 1998). 


In operating regimes far from the stability limit, the frequency spectra exhibit similar traits 
at all locations. Signals at the impeller and diffuser exit have some second harmonic content. 
As the flow is throttled, the first harmonic at the diffuser throat increases to a maximum close 
to the limit of stability. This is accompanied by a reduction in the first harmonic at the 
impeller exit, indicating a more uniform field across the blade pitch close to the shroud dur- 
ing highly throttled operation, and is typical of backswept impellers (Rhone and Baumann, 
1988). Elevated amplitudes occurring in the lower frequency range at all operating points are 
attributed to resonance with the diffuser channel. This observation is also true of frequencies 
appearing at the impeller exit, mostly because of the upstream effect of the vaned diffuser. 

A smaller radial gap modifies the pressure signal at the impeller exit before the first 
surge cycle, with the instability initiated by the impeller. In this case also rotating stall fre- 
quencies in the signals are not detected. Lowering of shaft speed to 65 percent nominal 
speed causes the impeller exit pressure to see alterations, but cannot be definitely clarified 
if the diffuser throat or the impeller exit triggers the instability. 


76 RADIAL INFLOW TURBINE 


The air flows at a high tangential velocity as it is directed into the rotor in a radial flow tur- 
bine, exiting with as small a whirl velocity as physically possible near the axis of rotation. 
The turbine has a strong resemblance with the centrifugal compressor in appearance, except 
for a ring of nozzles instead of diffuser vanes (Fig. 7.17). A diffuser is also generally placed 
at the discharge end to diminish the flow velocity to a low value. Velocity triangles may be 
prepared for the design point condition, with the relative velocity at the tip oriented radi- 
ally to obtain zero incidence and the absolute velocity at the exit being axial. 
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FIGURE 7.17 Radial inflow turbine (Saravanamuttoo, Rogers, and Cohen, 1999). 


The development of radial gas turbines is described exhaustively by Mowill and Strom 
(1983) and by Hiett and Johnston (1964). Radial inflow turbine efficiency of nearly 90 per- 
cent may be obtained under proper operating conditions using a 5.0-in diameter rotor with 
12 blades and 17 stator vanes. Performance has been noted to peak when the vane width is 
one-tenth of the rotor diameter, but does not depend on the radial width of the vaneless 
space. An increase in clearance of 1 percent of rotor blade width may cause a loss of 1 per- 
cent in performance efficiency. Extensive parametric investigation in the design of radial 
turbines indicates that the ratio of diameters at the hub and at the tip at the rotor exit must 
be greater than 0.3 to be free of high levels of blade blockage loss at the hub. The ratio of 
blade tip diameter at the exit to the outer disk diameter must not exceed 0.7 to limit cur- 
vature of the rotor blades. Additional losses are encountered when the relative velocity at 
the inlet is not radial to the rotor because of a shock generated by the oblique impingement 
of the flow on the blades. A drop in the stagnation pressure results due to the loss of inci- 
dence of the flow, causing the entropy to increase in the temperature-entropy diagram 
(Saravanamuttoo, Rogers, and Cohen, 1999). 

Because the geometry does not permit investigation in a linear cascade environment, lit- 
tle is known about flow in the tip clearance of a radial turbine. Understanding of the flow 
structure over the tip needs to include relative casing motion, permitting quantification of 
the mass flow rate over the tip and establishing a qualitative estimate of the tip gap loss. An 
experimental approach using flow visualization and static pressure measurements, com- 
bined with hot-wire traverses in the tip gap, indicates that the flow may be divided into three 
regions (Dambach, Hodson, and Huntsman, 1998). The first region is located at the rotor 
inlet where the influence of the rotor casing dominates flow over the tip. Toward the mid- 
chord area the second region sees a weakened impact of distortion in the casing. In the third 
region at the exducer, leakage flow resembles the tip flow behavior in an axial turbine. The 
bulk of tip leakage flow passes through the exducer. 

The test setup calls for observing flow features using ammonia gas and a chemically sen- 
sitive diazo paper stuck into the flat surface of the blade tip. The experiment is conducted by 
ejecting ammonia gas through a vinyl tube set flush with the blade tip surface on the pres- 
sure side corner of the tip gap, then followed by mounting the tube on the suction side of the 
blade. Flow traces are then obtained at various points along the meridional length. Static 
pressures are also measured on the blade tip surface in the gap region. Table 7.2 provides 
major parameters for this study. A single-axis hot-wire anemometer mounted on a twin 
axis traverse gear is employed to examine the flow field in the clearance by turning around 
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TABLE 7.2 Radial Inflow Turbine Major 
Parameters at Design Point 


Rotor speed 450 rpm 
Mass flow rate 5.4 kg/s 
Number of rotor blades 14 
Average blade thickness at tip 8mm 
Rotor inlet radius 609 mm 
Rotor exit radius at tip 445 mm 
Rotor inlet angle —18.4° 
Rotor exit angle at tip -72° 


its axis and by moving in the spanwise direction. A measurement is triggered once per rev- 
olution, and each trace is ensemble-averaged to deduce the flow angle and velocity magni- 
tude after processing of the signal. 

Flow angles for the three different tip flow regimes are plotted in Fig. 7.18. Over the 
first 20 percent of the meridional length the flow in the clearance is mostly inclined in the 
streamwise direction, with part of the flow moving from the suction to the pressure side. 
The distortion of the casing causes the fluid to recirculate over the tip. In the midsection the 
flow is nearly perpendicular to the blade, with the tip flow driven mainly by the pressure 
difference over the tip. Downstream of 60 percent meridional length the streamlines over 
the tip are inclined in the streamwise direction while diverging toward the trailing edge. 
Changes in blade loading near the tip are responsible for this flow pattern. 

Details of tip leakage flow characteristics at 46 percent meridional length are shown in 
Fig. 7.19. As the flow is driven into the gap by the pressure difference over the blade, it is 
turned toward the normal direction of the blade, and is complete near the suction side. On 
the suction side the flow angle relative to the blade varies from —21° near the casing to 69° 
away from the wall, positive angles being in the direction of rotation. The latter value from 
hot-wire recording agrees with the value from flow visualization experiments. Once the tip 
flow departs the suction side, it is opposed by the flow adjacent to the casing wall moving 
toward the gap exit on the suction side due to a no-slip condition at the boundary. This 
scraping flow turns the leakage jet sharply into the main flow direction or toward the hub, 
creating a liftoff line between the two opposing flows. This liftoff line is associated with 
the formation of the scraping vortex described by Amedick and Simon (1997). 
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FIGURE 7.18 Flow angle at blade surface from flow visualization exper- 
iment (Dambach, Hodson, and Huntsman, 1998). 
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FIGURE 7.19 Relative leakage flow velocity vectors (Dambach, Hodson, and 
Huntsman, 1998). 


In the inducer most of the scraping fluid forces its way through the tip gap, considerably 
reducing the flow over the first half of the chord. This explains why a radial turbine suffers 
less from an increase in tip clearance than an axial turbine. At midchord little scraping fluid 
is dragged through the gap, and toward the rotor exit the dragging effect of scraping finally 
disappears; so the flow is dominated by pressure. 

Because turbine components are exposed to high-temperature gas while attaining tar- 
geted aerodynamic performance, ceramic applications in the turbine are of considerable 
significance. Design targets for the strength of a rotor in passenger automobile application 
are a failure probability of under 10~ during 300 h of continuous operation and 10,000 cold 
starts. Multifuel capability, acceptable emission rate, and attainment of 40 percent thermal 
efficiency are other desirable traits. Achieving this level of thermal efficiency necessitates 
raising the turbine inlet temperature to 1350°C. From thermal capability considerations 
ceramics offer a major advantage; however, silicon nitride and other matrix composites are 
brittle materials, and a localized failure quickly develops into a catastrophic failure. In a 
project sponsored by Japan’s Automobile Research Institute a rotor design has been devel- 
oped, manufactured, and tested to meet the set of objectives (Nakazawa et al., 1996). 

Figure 7.20 shows the basic dimensions of the turbine rotor running at 100,000 rpm. The 
turbine accommodates a gas flow of 0.449 kg/s at inlet pressure of 46.9 MPa, inlet temper- 
ature of 1350°C, and has an expansion ratio of 4.13. Fast fracture and 300 h static fatigue 
data are shown for the two representative materials, SN88M and SN91, in Fig. 7.21. 

The decline in high temperature strength of SN91 is noted to be greater than for SN88M, 
especially in static fatigue strength. Fracture mechanism in the SN88M material may be 
attributed to the slow crack growth. SN91 reduces in flexural strength with the progression 
of the static fatigue test. Hence, the turbine tests are conducted on the SN88M series. 

The stress and heat transfer characteristics are obtained at the rated speed and inlet tem- 
perature. Because of the high expansion ratio and tip speed, the temperature in the high- 
stress region is determined to be 1050°C. The burst capability of the rotor is established 
through a hot spin test. Combustion gas is fed into the rotor during this test, and the speed 
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FIGURE 7.20 Basic turbine rotor dimensions (Nakazawa et al., 1996). 


is increased in incremental steps while absorbing the compressor load. Nozzle vanes are 
absent upstream of the rotor, causing the relative total temperature to be higher than during 
actual engine operation. With results obtained from five tests, the burst capability of the 
rotor is demonstrated in Fig. 7.22 for the given rotor design. The life prediction values tend 
to be somewhat lower than the actual data, but the SN91 rotors are hard to adopt for many 
hours of operation at higher turbine inlet temperatures. 

To determine the vibratory strength of the blades, resonant point vibration stresses are 
measured by strain gages bonded in the vicinity of stress peak points. Low-temperature 
air is made to flow over the surfaces in order to see variations in the stress pattern under 
loaded conditions. The excitation force proportionately increases with the turbine load. 
Vibratory stress sensitivity to applied load is nearly equal in the first- and third-order 
modes, while the second-order mode is 40 percent more sensitive. Measured and calculated 
results are shown in Fig. 7.23. For the first-order mode maximum blade vibratory stress 
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FIGURE 7.21 Material strength properties (Nakazawa et al., 1996). 
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e Hot spin test results (TIT = 1200°C) Endurance test conditions: 
o Endurance test results (TIT = 1200°C with nozzle) (TIT = 1200°C, F=%, m = 9.3) 
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FIGURE 7.22 Life prediction test results (Nakazawa et al., 1996). 
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FIGURE 7.23 Maximum measured blade vibratory stress (Nakazawa 
et al., 1996). 
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occurs at the root of the airfoil at the inner radius. The stress is measured to be 31.8 MPa 
at 2.1-N-m turbine torque, increasing to 45.2 MPa at 2.62-N-m turbine torque. In the 
second-order mode peak stress occurs at the root of the airfoil in the disk at the outer 
radius. The dynamic stress varies from 67.8 MPa at 2.69-N-m shaft torque to 93.4 MPa 
at 3.71-N-m torque. For the third-order mode of vibration, vibratory stress reaches a 
maximum of 89.1 MPa at 6.22-N-m torque, going up to 171.8 MPa when the shaft 
torque load is 11.59 N-m. 


77 STRESSES IN ROTATING DISK 


A turbine disk is subjected to loads arising from the centrifugal force of attached blades, 
rim lugs and bolts, and due to radial forces caused by its own spinning motion. In addition, 
the disk also provides a load path for attached shafts and spacers at the forward and aft ends. 
Steady and transient thermal gradients imposed on the disk create additional stresses in the 
disk. Disk material characteristics such as Young’s modulus and thermal coefficient of 
expansion will play a major role in determining stresses throughout the geometry, as also 
the load-carrying capability. 

The circumferential rim load is obtained by integrating half the component of the cen- 
trifugal force in a given direction over a semicircumference (Fig. 7.24). 

The hoop load is given by the expression Pc = [p@7R7A,,,,/2] for a ring of radius R and 
cross-section A,,,, Spinning at @ angular speed (disk material density is p), and the corre- 
sponding hoop stress is given by Ø, = [p@°R?/g]. Since the rim is also subjected to F m due 
to the mass of the blades, the total tangential stress in the rim is given by 

0, = [par’R’/g] + F 


vim! (27TA im) (7.11) 

The hoop stress thus determined will be considerably higher than the ring’s strength 
capacity. The average tangential stress over the cross section of the rim is not substantially 
affected by the depth of the ring, since it mostly depends on the area A,;,,. A disk is needed to 
reduce the stresses. Axial and shear stresses in the disk are negligible. Tangential and radial 
direction stresses will be axisymmetric due to the symmetry in the radial loading. Radial 
stress at the disk’s free bore will be zero if it is not shrunk on a shaft. Where a disk is without 
a center hole, both radial and tangential centers are nonexistent at the center of the disk. 


OArim OArin 
FIGURE 7.24 Disk rim loads. 
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The distribution of elastic stress in a uniform disk with a center bore is shown in Fig. 7.25. 
Maximum hoop, or tangential, stress occurs in the bore, while stress in the radial direction at 
any radius is shown in the figure. 

Equilibrium requirement on an element in the disk yields the following stress components. 
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where E is the disk material modulus of elasticity, v is Poisson’s ratio, p is the density, @ 
is the angular speed, and r is the radius. C, and C, are integration constants, and will pro- 
vide the solution from boundary considerations at specific locations in the disc. Radial 
stress will be zero at both inner and outer radii. Using appropriate subscripts for the radii, 
tangential and radial stresses may be rewritten as 


B+v)pa*| , tie _ (1+3v) 
3+V)pa” 272 
o, = SPO erp Eee | (7.15) 


with maximum tangential stress occurring at the bore. For a solid disk, C, must be zero to 
ensure that both radial and tangential stresses do not reach infinity at disk axis. C} may be 
determined from the fact that radial stress at outer radius is zero. At the center the radial and 
tangential stresses are equal, and may be expressed by 


3+Vv)p@*r? 
gag: 2 h (1.16) 


FIGURE 7.25 Stress distribution in uniform disk 
with center hole. 
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If a small hole were to exist at the disk center (for example, a pin hole or a defect due to 
a manufacturing deficiency), the square of the internal radius is negligible and so the tan- 
gential stress will be doubled. 


_ B+Vv)pe*r 


7 (7.17) 


Solid discs, however, may only be used when the engine has a single rotor. Engines 
with multiple rotors call for a shaft passing through the disc, hence the disk will need a 
center bore. 

When blades are attached to a spinning disk they exert a radial force. The correspond- 
ing pressure due to the pull may then be applied at the outer radius. 


o, == (1.18) 


where Fim is the total pull due to the centrifugal force on the rotating blades, and h is the 
rim thickness. 

In order to reduce stresses in the hub, design practice requires the hub region to be 
thicker (Fig. 7.26). 

At the rim the thickness will depend on blade attachment geometry, consequently the 
disk will have varying thickness in the hub, web, and rim. The average tangential stress due 


to rim load Fim 18 


= Fim 
O i(average) = A (7.19) 
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The disk’s own body force may be expressed by 
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FIGURE 7.26 Disk of varying thickness. 
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or 
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ae 
an 


(7.21) 


where 7., is the second moment of inertia of the cross section about the x-x axis. The aver- 
age tangential stress due to the body force and the rim load is 


Fim P w? I xx 


oO = 
sce 27 aise E aise 


(7.22) 


In the absence of thermal conditions this equation provides an indication of stresses 
encountered in the disk, and is mostly useful for selecting dimensions during the concep- 
tual design stage. 


78 TWIN WEB DISK 


The weight of a turbine rotor system can be minimized by using the concept of disks 
with twin webs. Single-web geometry disks made of nickel alloys that can better with- 
stand loads represented by the turbine annulus area and speed squared (AN?) have 
reached a limit where further gains in their load carrying capability cannot be obtained. 
The twin-web disk, developed by the U.S. Air Force has the potential to provide this 
breakthrough (Cairo and Sargent, 1998). Mismatch in the thermal properties between 
ceramic matrix composite (CMC) and nickel-base alloys at higher operating tempera- 
tures precludes use of a composite ring reinforced metal disk. The additional tempera- 
ture causes the higher expansion rate nickel bore to grow too much relative to the CMC 
ring, resulting in excessive axial bending. Consequently, a design comparison has been 
completed between the composite ring reinforced and the twin-web disk design without 
the CMC ring. An overlay of the two configurations for the disk is shown in Fig. 7.27 
for comparison. 


Twin-web 
disk 


Composite ring 
reinforced turbine disk 


FIGURE 7.27 Overlay of disk designs (Cairo and 
Sargent, 1998). 
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Design constraints include a 1.94-in minimum bore radius and a 5.2-in maximum bore 
width. The boundary conditions reflect the simultaneous application of the maximum tur- 
bine rotor inlet temperature and AN? value of 600 x 10° in?-rpm?. The temperatures at other 
disk locations are interpolated using a simple conduction analysis. Allowable stresses are 
based on surface flaw crack growth. Lives for metallic components are computed for a 
range of stresses using a crack growth analysis program. Based on an advanced engine duty 
cycle, the disks are required to meet 1000 total accumulated cycles of crack growth life. 
Internal areas in the twin-web cavity that cannot be inspected after the disk is assembled 
are required to have 2000 cycles crack growth life. 

The two disk configurations are iterated for strength and durability requirements. The 
bore stress distribution for the twin-web disk is more uniform than the composite design 
because of the localized restraint due to a combination of reduced inertial and thermal 
response relative to the nickel disk. This restraint induces a small degree of axial bending 
in the nickel bore about the ring. Also, a higher peak radial stress at the junction of the bore 
and the web for the composite design occur due to the limited space for a smooth transition 
through a generous blend radius. Bore stresses for the twin-web design are entirely in com- 
pression at 30 ksi, compared with a range of 45-ksi compression to 8-ksi tension in the com- 
posite model. Another benefit for the twin-web design is 7 lb less weight than the other 
design. 

A finite element analysis to establish bond strength limits reveals a number of critical 
stress locations in the twin-web design. One location is the bond joint itself, which is axi- 
ally stressed by virtue of the twin webs and the corresponding secondary moment brought 
about by the eccentricity in the load path induced by the blade load line of action and the 
centroid of each web. Axial tensile stress of 65 ksi is calculated. Another area of interest is 
the web, currently limited to an allowable level of 135 ksi. The bore is required to carry the 
disk load beyond the self-sustaining radius, in excess of which a rotating mass becomes 
parasitic rather than load carrying. This region is usually designed for allowable stresses for 
weight optimization. 

Several different processing methods are available for producing the turbine disk. 
As the twin-web design emerged as the concept of choice, new bond process require- 
ments have been developed. The need for a bond process that minimizes material 
deformation, reduces or eliminates fish mouthing at the boundaries, and maintains an 
interior bond zone, comes up while also possessing a mirror image symmetry about the 
bond plane for spin dynamics/balance control. The remainder of the program focuses 
on forge joining and the development of a derivative process known as activated forge 
joining. 

The procedure utilizes features of both transient liquid phase and forge joining to pro- 
duce high-quality metallurgical bonds while imparting low distortion. The two processes 
use a foil interlayer to suppress the melting point of the alloys being joined. The process 
has the ability to transition to production more effectively while using shorter heat cycle 
times, retain parent mechanical properties across the bond, and be capable of joining hard- 
ware in the final or near final machined condition with minimal material upset. The bonded 
disk is subjected to ultrasonic and dimensional inspection, and then put through a stress 
relief and age heat treatment. A photomicrograph showing grain growth across the inter- 
face is shown in Fig. 7.28. 

The ultimate tension and yield strength for both the bond and the parent alloy are essen- 
tially the same, while elongation and reduction in area are 50 percent of the parent, but 
within limits for the application. Stress rupture results are shown in Fig. 7.29, and are 
equally impressive. A minimum of 10 h is used for comparable test conditions for the bond 
and the parent alloy. 

Low cycle fatigue (LCF) test data show that bond lives are lower than the parent lives, 
but acceptable for the design. LCF test data are generated for a maximum stress of 140 ksi 
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FIGURE 7.28 Photomicrograph showing grain growth across 
interface (Cairo and Sargent, 1998). 


at R = 0.05 and 1000°F for comparison. In general, a significant debit in LCF capability is 
associated with the bonded specimens. It is inferred that improvements in this capability are 
likely to come with lower porosity levels. Therefore, the reduction of bond porosity is 
viewed as a key element in future development work, and would be pursued by optimizing 
the chemistry of the bond activation layer. 

Crack growth testing is performed on two specimens from the rim section, with the 
bond aligned with the specimen notch. The specimen is threshold tested twice at 20 Hz, 
followed by a 0.167 Hz Region II crack growth test, which is the region of stable and slow 
crack growth. Compared with baseline data, test data indicate a slightly lower crack 
growth. 

The spin demonstrator program calls for a room temperature strain survey to maximum 
speed, an elevated temperature cyclic spin test with interruptions for nondestructive eval- 
uation of the bond plane, and an overspeed demonstration taken to burst conditions. The 
final rotor, shown in Fig. 7.30, is used for the burst test. Strain gauges capture the distrib- 
ution across the bore. Discernible changes in the integrity of the bond plane are not noted 
during the inspection points. For the burst margin test, a dwell time at maximum operating 
and overspeed of 5 min is used, before decelerating for residual growth measurement. Since 
burst is frequently driven by a high rate of change of acceleration events, design limit 
values are used in the test. The maximum design speed demonstration is accomplished 
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FIGURE 7.29 Stress rupture results (Cairo and Sargent, 1998). 
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FIGURE 7.30 Final twin-web disk configuration (Cairo and 
Sargent, 1998). 


without incident, with the disk accelerated to 21,500 rpm, corresponding to AN? = 600 x 
10° in?-rpm? at a rate of 110 (rpm)-s. After a 5-min dwell, the disk is brought back to stand- 
still. No measurable changes in the geometry from plastic growth are detected. 


79 DISK BURST CAPABILITY 


Finite element analysis is required for obtaining stresses in a disk, especially if there are 
holes and scallops near the rim. An alternate method suitable for preliminary design uses 
the concept of dividing the disk into a number of constant thickness rings (see Fig. 7.31). 
Stresses are computed iteratively while ensuring that deformation at both radii of the ring 
is compatible with those in the neighboring rings. Thermal gradients due to steady state or 
transient conditions may also be included in the model. 
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FIGURE 7.31 Disk elements for sum and difference method of stress 
calculations. 
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The method is based on writing theory of elasticity equilibrium equations in terms of 
stresses for an element of the body. Deflections in the element are then expressed in 
terms of strain, and with the aid of stress-strain relationships, compatibility equations are 
written in terms of stresses. Compatibility equations ensure stresses are consistent with 
deflections in all regions of the structure. Axial and shearing stresses are not of signifi- 
cance. Rim and body loads are axisymmetric in character, so tangential stress does not 
vary around the circumference and is a function of the radius. Thus, only tangential stress 
O, and radial stress o, need to be determined, and only two differential equations relating 
to equilibrium and compatibility are required. The equilibrium equation requires alge- 
braic summation of all forces (stress multiplied by element area) in the radial direction. 
Based on symmetry considerations, in the strained position the element must subtend the 
same elemental angle d@ as it did before the application of the mechanical load and ther- 
mal distortion. The relation between stresses and strains is provided by Hooke’s law, 
with the strain terms having provision for thermal growth, @AT, where o represents the 
material coefficient of thermal expansion and AT is metal temperature less base temper- 
ature, usually 70°F (Sawyer, 1982). 

Two differential equations are obtained, calling for two boundary conditions to deter- 
mine the constants of integration. Radial stress at the rim is known from the centrifugal pull 
of the attached blades. Where the disk is bolted at a flange near the rim, stress at the bore 
is zero. When the disk is shrunk on a hollow shaft, the confluence of the curves for the force 
from the interference fit and the force due to the spring rate of the cylinder under a line load 
around the circumference will provide the radial pressure in the bore. The theory assumes 
the disk is considerably more rigid than the hollow shaft. 

The equations of equilibrium in terms of radial displacement u may be expressed as 


2:2. 
o, = (43y) Po" +UA- (1.23) 
g r 
pa?’r’? B 
0, =-(3+V) Bg +(+Vv)A-(-v)-> (7.24) 


where A and B are constants of integration. 

The procedure uses the sum and difference method, with the disk section split into a 
number of elements of uniform width. Numerical precision of the calculated results is 
enhanced by increasing the number of elements. Adding and subtracting Eqs. (7.23) and 
(7.24) yields 


2.2, 
L=9,+6, =~ +v) PE +2(1+V)A (7.25) 
por B 7.26 
A=0,-0,=21-v) g +20 -V) (7.26) 


The last term in both equations can be eliminated by subtracting the values of £ and r°A 
at the inner radius r, of the nth element from those at the outer radius r,. The underlying 
assumptions in the theory are based on equality of radial load at the outer boundary of the 
nth element and the inner boundary of the (n + 1)th element and of the radial deflection at 
the boundaries of the elements. 

The sequence of calculations is repeated twice, one at speed and the other at zero speed. 
Starting at the bore with the known conditions arising from free or shrink fit, bore radial 
stress is known, and a value assumed for the tangential stress. È and r?A are then calculated 
at the inner radius of the first ring. Then calculate the difference in £ and r7A between the 
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outer and inner radii of the ring is calculated, and the difference is added to the values cal- 
culated earlier at the inner radius. This yields values for = and r?A at the outer radius. 
Tangential and radial stresses may then be established at the outer radius of the ring. Radial 
stress at the inner surface of the second ring may be determined by assuming continuity of 
the load, hence 


0,,(2)= ona (7.27) 
Tangential strain is obtained as follows: 
E,,(1) = Fy! (1)—vio,,(D]+ aT (7.28) 
This value is equal to €,(2), so tangential stress 0,(2) becomes 
0, (2) = E(2)€,(2) + v(2)o,,(2) — E(2)a(2)T(2) (7.29) 


The procedure is repeated for the second and subsequent rings till the outermost ring 
radial and tangential stresses are obtained on the outer surface. The value of o,,,(n) obtained 


ro 


from both calculations will not agree with the known rim radial stress based on rim load. 


Denoting true stress by O; and stresses in the first and second calculations by o%,,, and 
Ov,» a correction factor K may be expressed as follows. 
=" wn 
Grim = Prim + KO im (7.30) 


The correct state of stress in the disk is established by multiplying all values in the sec- 
ond set of calculations by K, and adding them to the first set of calculations to complete the 
computations. Disk stress curves as a function of radius will be discontinuous at the ele- 
ment interfaces. Problem 7.1 illustrates the procedure described above. 

To understand the phenomenon of disk burst, consider an idealized case of a uniform 
thickness disk made of a ductile material having linear elastic and ideally plastic prop- 
erties. As the spin speed increases, yield strength is first reached in the bore where stress 
level is highest. Plasticity characteristics of the material cause redistribution of the 
stresses, first in the bore then toward the rim as the hoop stresses become more uni- 
formly distributed. An approximation of the maximum burst speed can be made by 
equating the hoop stress integrated over the cross section along the diameter with the 
centrifugal force of the disk and attached blades on half the disk. The disk will yield 
when average tangential stress equals the ultimate tensile strength of the assumed ide- 
ally ductile material. 

Burst failures rarely take place across the diameter. In addition to the ultimate tensile 
strength, factors such as geometric configuration, ductility, and notch sensitivity also 
come into play. Imposed loads include centrifugal forces due to mass characteristics of 
the airfoils, blade attachments and disk tang, the disk’s own body forces, and the thermal 
gradient in the radial direction. Lesser loads may also arise from an attached shaft. 

Temperature and material inelastic behavior must be included during steady and 
transient operating conditions of the engine. Detailed stress analysis is required for this 
purpose. Aircraft engine turbine disks sometimes use scalloped flanges with bolt holes 
for attachment to adjacent turbine disks. Stress levels are known to peak in the region. 
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The scallops help control the weight of the component. Modification of the scallop’s con- 
tour can help to lower stress buildup in the neck between the scallop and the bolt hole. 
Remarkably high correlation has been obtained between finite element evaluation and 
experimental strain gauge tests. It might also be noted that burst from overspeed condition 
may not be the only mode of failure; burst due to low-cycle fatigue after a number of accu- 
mulated operating cycles is many times the case since it renders the component sensitive to 
cyclic inelastic strain. 


710 FLUID-FLOW FORCES 
IN WHIRLING IMPELLER 


Fluid dynamic forces play a major role in single- and multistage centrifugal compres- 
sors, and the source and mechanism of the destabilizing forces arising from the sec- 
ondary flow passages need to be understood using computational fluid dynamics 
theory. Interaction between an impeller and a diffuser may be studied using a quasi 
one-dimensional model including unsteadiness, or by using the two-dimensional 
potential flow theory. Childs (1989) studied dynamic forces on the rotor arising only 
from the shroud passage by expanding an incompressible, turbulent, concentric flow 
model to a variable radius model by casting the axial momentum in the pathwise merid- 
ional direction. The resulting radial impedance curves showed resonance for inlet 
swirls exceeding 0.5, with the peaks attributed to the centrifugal acceleration term in 
the path momentum equation. 

The Reynolds averaged Navier-Stokes equation may also be solved in a strong conser- 
vative form using an algebraic solver, where both compressible and incompressible flow 
fields may be modeled using the k—€ turbulence model (Moore and Palazzolo, 1999). The 
turbulent Reynolds stresses are approximated using the eddy viscosity principle, with the 
eddy viscosity related to the turbulent kinetic energy K and the dissipation rate £. Accuracy 
of shear stresses at the boundaries may be maintained by ensuring that grid points near the 
wall are placed in the proper logarithmic range. A full three-dimensional combined pri- 
mary/secondary flow model may be built using a multiblock body-fitted mesh, then solved 
by performing a multiple frame of reference solution using different reference frames in 
various domain regions (Fig. 7.32). A sliding interface is required at the boundaries 
between the regions, and may be placed across the primary flow just up- and downstream 
of the impeller. The inlet region leading to impeller, face seal, shroud region, and diffuser 
section are solved in the whirling frame of reference. The 360° model of a Sulzer Brothers 
seven-bladed impeller is shown in Fig. 7.33. 

The unsteady whirl condition is transformed into a steady one by solving the eccentric 
flow field in the reference frame attached to the whirling rotor. For positive whirl the sta- 
tor wall moves in the opposite direction in the rotating frame. The rotor moves with, 
against, or remains stationary relative to the whirling frame of reference, depending on the 
precession frequency ratio defined by the speed ratio between rotor whirl and rotor spin. 
Thus, a unity frequency ratio is termed synchronous whirl, where the shroud is whirling at 
the same frequency as its speed of rotation, while a zero frequency ratio indicates static dis- 
placement of the shroud. To capture small and linear motion characteristics, eccentricity 
may be kept at 10 percent of the shroud clearance. Larger eccentricity ratios may be 
employed to predict nonlinear characteristics. The solution may be obtained for multiple 
precession frequency ratios ranging from 0.0 to 2.0. 

The computation process is repeated for all surfaces of the primary impeller passage to 
generate impedances, showing the effects of pressure distribution around the shroud. Shear 
stress contribution at the wall is negligible, and may be ignored in the total impedance 
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FIGURE 7.32 Combined primary and secondary model grid (Moore and Palazzolo, 1999). 
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FIGURE 7.33 Seven-bladed impeller model (Moore and Palazzolo, 1999). 
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force, which may be normalized to determine impedances normal and tangential to the 
whirl orbit of the form 


F, =f- -K-cQ+ M (7.31) 
pati 2 
F=% =k-CQ-mQ (1.32) 


where F, and F, are radial and tangential reaction forces; K, C, and M are direct stiffness, 
damping, and mass coefficients; k, c, and m are cross-coupled stiffness, damping, and 
mass coefficients; € is eccentricity; and Q is the speed of precession. Each equation has 
three unknowns, with the force coefficient evaluated from the impedance force calcu- 
lated at many precession frequencies, preferably between 3 and 8 to yield a curve fit to 
the second-order model. The coefficients from the curve-fitting process yield the impeller’s 
stiffness, damping, and mass terms. 

Total pressure is specified at the inlet and velocity at exit from the diffuser, prescribed 
to ensure a circumferentially uniform flow field. Smooth no-slip conditions with appropri- 
ate functions are assumed at the walls. At the sliding interfaces the stage option performs 
circumferential averaging of flow quantities, while the frozen rotor option conducts a local 
transformation at each node. With both methods, flow properties must be conserved. The 
spinning wall in the shroud region is given a relative rotational velocity equal to the differ- 
ence between the spin and precession speeds. 

Vector plots of velocity flow field in the meridional plane at the impeller tip and at the 
shroud elbow are shown in Fig. 7.34. Viscous pumping action near the shroud wall causes 
the flow to reverse toward the tip, while pressure forces drive the flow downward near the 
stator wall to create a recirculation zone. Similar zones occur near the elbow of the shroud 
and at the entrance to the face seal. Swirl velocity peaks near the tip of the shroud, decreas- 
ing while traveling down the shroud path toward the seal. This observation is in conflict 
with the principle of conservation of angular momentum for a free vortex because of vis- 
cous effects from the stator wall. 

Pressure distribution at the entrance to the impeller is provided in Fig. 7.35 indicating 
the primary pressure field, giving rise to the rotor dynamic forces combined with the higher 


FIGURE 7.34 Velocity vectors at impeller tip (/eft) and shroud elbow (right) (Moore and Palazzolo, 
1999). 
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FIGURE 7.35 Pressure distribution at entrance to impeller 
(Moore and Palazzolo, 1999). 


frequency 7N (N = rotor speed) component due to the wake shed by the blades. In an exper- 
imental study, this impeller was used to determine the rotor dynamic forces. Total head rise 
in the impeller and diffuser is 68 m, with the impeller contributing 48.25 m. This compares 
with 49.08 m calculated from the mathematical model. Corresponding values for isentropic 
efficiency are 84.0 and 93.2 percent, while for tangential swirl at shroud inlet are 0.5 and 
0.52. The comparison of the predicted and measured rotor dynamic force coefficients is 
shown in Table 7.3. The results indicate good stiffness predictions and some overpredic- 
tion of the direct damping term. The cross-coupled and inertia coefficients are underpre- 
dicted since whirling forces from the impeller primary flow passage are not considered. 


711 UNCONTAINED FAILURE FROM FRACTURE 
OF FAN HUB 


In July 1996, a McDonnell Douglas MD-88 experienced an engine failure during the take- 
off roll (NTSB AAR-98/01, 1998). Debris from the fan hub of the left engine penetrated 
the fuselage (Fig. 7.36), and killed two passengers and seriously injured two others. The 
airplane was equipped with two Pratt & Whitney JT8D-219 turbofan engines. This engine 
has an axial-flow 14-stage split compressor, a nine-can combustion chamber, and a split 
four-stage reaction impulse turbine. The titanium fan hub had accumulated 16,542 h and 
13,835 operating cycles at the time of the accident. The service life of the fan hub is lim- 
ited to 20,000 cycles. 

The hub consists of a disk forging with dovetail slots for 34 fan blades. The aft end of 
the hub attaches to the stage 1.5-disk with 24 tie rods that pass through 0.5175-in holes 


TABLE 7.3 Rotor Dynamic Force Coefficients 


K k C c M m 
(k-N/m) (k-N/m) (k-N-c/m) (k-N-c/m) (kg) (kg) 
CFD model —324 471 4.05 3.59 7.92 —2.92 
Experiment -353 506 2.58 6.80 23.6 8.85 


Uncertainty 22 24 0.16 0.17 0.56 0.62 
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FIGURE 7.36 Damaged airplane area near failed engine (NTSB AAR- 
98/01). 


drilled in the rim just inside the dovetail slots. The 2.91-in deep tie-rod holes are located 
around the circumference of the hub bore that alternate with an equal number of smaller 
diameter stress distribution holes. The fan hub is forged from a titanium-base alloy con- 
taining 6 percent aluminum and 4 percent vanadium. Figure 7.37 provides details of the 
fan hub. 


Tie rod holes 


FIGURE 7.37 Engine fan hub (NTSB AAR-98/01). 
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Engine debris was scattered along the airline’s path. The nose bullet was found on the 
runway. The fan hub and blade assembly were separated from the engine, and the sur- 
rounding engine outer case and cowl were ruptured. The hub was separated at a 360° cir- 
cumferential fracture located just in front of the stage 1.5-disk bore. The integral spacer had 
fractured into five pieces, while the fan hub fractured into three large pieces and a small 
fourth piece remaining in the number one bearing assembly. The largest piece, comprising 
nearly two-thirds of the hub rim and the adjoining conical section was located 700 ft to the 
left of the runway centerline, and is shown in Fig. 7.38. Another piece of the rim was found 
1/2 mi away. The third piece was embedded in the right side fuselage. 

The hub fractured through a tie-rod hole and blade slot. Two fan blade roots were still 
in place on the small rim segment and 13 roots on the larger rim segment. Three of the 13 
full-length blades were bent counterclockwise as viewed from aft looking forward. Three 
tangs on the hub rim near the dovetail slots were sheared. Twelve fan hub tie rods were 
recovered, appearing uniformly sheared near bolt head. 

The hub rim’s fracture surfaces were examined by a safety board metallurgist at the 
accident site and in the laboratory, and were found to have evidence of fracture crack- 
ing. The hub fractured radially in two locations. One radial fracture contained a fatigue 
crack that originated at two locations on the inboard side of a tie-rod hole. Both initi- 
ating points were located within the tie-rod hole about 0.4 in from the aft edge of the 
hole. Fatigue fracture features extended a maximum of 1.5 in radially toward the cen- 
ter of the engine. Outside the fatigue region the fracture features were consistent with 
an overstressed separation. Metallurgical examination of the surface of the hole wall 
revealed an area in which the surface finish was darker than the surrounding area at 
each fracture origin, displaying evidence of circumferential machining marks consis- 
tent with machining marks associated with boring operation performed during manu- 
facture. There was no indication of honing in the dark areas. The remainder of the hole 
wall surface indicated a cross-hatched pattern consistent with marks from a honing 


FIGURE 7.38 Fractured hub rim with attached conical shaft (NTSB AAR-98/01). 
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operation during manufacture. A magnified examination of the dark areas of the hole 
surface also showed a number of small parallel surface cracks aligned with the axis of 
the hole. A scanning electron microscope examination of the fracture face in the origin 
areas showed evidence of overstress to a depth of 0.002 in, followed by an area about 
0.006-in deep that contained fracture features consistent with a fast-propagating 
fatigue crack. 

According to the manufacturer’s record, the imperfections in the tie-rod holes were 
noted as chatter marks following the drilling operation, but were recorded as manufactur- 
ing marks after the subsequent boring and honing procedures. The marks were deemed to 
meet manufacturing standards, and were accepted. As a life-limited part, the fan hub must 
be inspected by the airline operator if the part was removed during engine overhaul using 
visual and fluorescent penetrant inspection procedures. The accident fan hub was removed 
from another engine following foreign object damage to the fan blades, then installed in 
the accident engine. But the airline’s inspector failed to detect a detectable crack. 


712 COMPRESSOR DISK FAILURE 
INVESTIGATION 


Rupture in a compressor disk during engine operation can result in disastrous conse- 
quences. An incident in June 1995 involving a Douglas DC-9 airplane during takeoff high- 
lights this point (NTSB Report # AAR-96/03, 1996). As the flight began its takeoff roll, a 
loud bang was heard by the passengers and air traffic control personnel. Shrapnel from the 
right engine penetrated the fuselage and the main fuel line, the engine caught fire and 
spread to the cabin, the takeoff was rejected, and the aircraft stopped on the runway. A 
flight attendant received puncture wounds from the shrapnel and burn injuries, and some 
passengers experienced lesser cuts. The plane’s fuselage was destroyed. 

The National Transportation Safety Board determined the probable cause was fail- 
ure from rupture of the seventh-stage high-pressure compressor disk (Fig. 7.39). A 
crack was not detected by maintenance and inspection personnel, and allowed the crack 
to grow to a length at which the disk ruptured under normal operating conditions. The 
airplane was powered by two Pratt & Whitney JT8D-9A turbofan engines. At the time 
of takeoff, the gross weight of the plane was 96,400 Ib, nearly 6500 Ib less than the 
upper limit. The center of gravity was at 23 percent mean aerodynamic chord, and was 
also within limits. 

A circumferential tear of the engine nacelle was aligned with the plane of rotation of the 
seventh stage disk. Only two pieces of the fractured seventh-stage disk were recovered. 
One segment constituting about half of the disk was found inside the engine. The other 
piece forming the hub portion of the missing half of the disk was recovered from the run- 
way. Of the 33 blades retained in the disk 19 were bent opposite the direction of rotation, 
and the remaining were transversely fractured adjacent to the blade platform. The sixth- 
stage seal was separated from the seventh-stage disk and was bent and fragmented. Several 
eighth-stage blades were dislodged from their slots, the remaining showing hard body dam- 
age on the leading edge. All the compressor tie rods were fractured at the eighth-stage disc, 
with the fractured ends protruding from the disk and bent radially outward from their holes. 

Several punctures were observed in the fuselage above and below the right engine 
pylon, with the largest hole adjacent to the engine’s main fuel line. A 6-in section of the 
fuel line was severed. Several fittings inside the cabin in the vicinity of the engine also 
experienced damage. The left side of the fuselage had a puncture hole with outward bent 
edges, consistent with a projectile penetrating the wall from inside to outside. The holes in 
the right engine cowling and in the left and right sides of the fuselage were aligned. 
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FIGURE 7.39 P & W JT8D engine manual—compressor disk, stage 7 (NTSB/AAR-96/03). 


Maintenance records indicated that the failed disk had accumulated about 24,000 h 
and 6300 cycles, and had a life limit of 30,000 h or 18,900 cycles. The larger piece of 
the disk was fractured circumferentially (see arrows “c” in Fig. 7.40), which is typical 
of overstress. About one-fourth of the disk outward toward the rim from the bore was 
not recovered. A radial fracture of the disk bore (position indicated by arrows “h1” and 
“h2” in the figure) had occurred. An examination of these fractures showed matching 
overstress separations, which accounted for the complete separation of the hub portion 
of the disk. 

The web region of the disk is designed for machining of 24 evenly spaced holes. Twelve 
of the holes are placed midway between the tie-rod holes for redistribution of stress in the 
web area between the tie-rod holes, and are referred to as shielding holes. The alternate tie- 
rod holes are slightly larger, through which the rods clamp the discs and spacers in the 
assembly of the compressor rotor module. 

Figure 7.41 shows the aft face of the two recovered segments placed relative to each 
other by matching the fracture faces. Stress distribution holes are indicated by the arrows 
“1” through “9” and “12.” The missing section of the web would have contained holes “10” 
and “11.” 

Examination in a scanning electron microscope established that fatigue cracking origi- 
nated from numerous pits in the hole wall and progressed radially toward the center of the 
disk from hole no. 1. Crack length measured 0.27 in long. Another crack of 0.88 in length 
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FIGURE 7.40 Pictures of recovered seventh-stage compressor disk segments (NTSB/AAR- 
96/03). 


from the same hole extended toward the rim. Figure 7.42 shows the fracture surface con- 
taining the primary fatigue crack. 

Energy dissipative x-ray analysis of the pits on the hole surface revealed cadmium rich 
deposits with some nickel (Fig. 7.43). The original manufacturing process calls for the disk 
to be plated with a Ni-Cad coating for corrosion protection. Excessive postfracture smear- 
ing obliterated most of the microscopic fracture features. Features outside the smeared 
region up to a distance of 3 mm showed a granular appearance with no evidence of stria- 
tion development. Fatigue striation development was noted to continue 0.88 in from the 
first hole. Striation spacing measurements were hampered by the smearing, and may be 
absent in the granular type fracture region. Outside the granular fracture and smearing 
regions striation spacing from the first hole averaged about 2 um (0.002 mm), indicating 
the presence of about 9500 striations in the fracture region. Fatigue cracking was also evi- 
dent radiating from holes marked 4, 6, 8, 9, and 12 in Fig. 7.41, the largest measuring 5 mm 
from the hole. Secondary cracks originated at well-defined corrosion pits in the hole wall, 
with evidence of nickel and cadmium deposits. Uniform striation spacing between 10 and 
100 uin (0.25 to 2.5 um) is a general indication of low-cycle fatigue, creating one striation 
in one flight cycle. 

The 12th-stage compressor disk from the accident engine, undamaged in the incident, 
was examined by safety board and manufacturer metallurgists. Several tie-rod holes in 
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FIGURE 7.41 Forward face of compressor disk (NTSB/AAR-96/03). 


FIGURE 7.42 Fracture surface containing primary 
fatigue crack (NTSB/ AAR-96/03). 
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FIGURE 7.43 High-magnification view of corrosion pit 
filled with nickel-cadmium deposit (NTSB/AAR-96/03). 


the disk had corrosion pits with nickel and cadmium plated on the pitted surface. Only 
one other P & W JT8D engine experienced a failure of the seventh-stage disk during taxi 
to take off in 1985, but the cause was not established because disk fragments were not 
recovered. 


713 EXAMPLE PROBLEMS 


Problem 7.1 A gas generator turbine disk has a design speed of 10,970 rpm. The 
geometry and material properties of the disk, similar to that shown in Fig. 7.27, are 
described in Table 7.4. Material density is 0.29 Ib/in* Stress at the rim due to the 


TABLE 7.4 Disk Data 


Element Inner radius, r; Outer radius, r, Axial length, h E v 


no. Gn) Gn) Gn) (10° Ib/in?) - 
1 1.625 2,25 4.125 28.0 0.3 
2 2.25 2.625 4.125 27.5 0.3 
3 2.625 3:25 3.99 27.0 0.3 
4 3.25 3.98 3.42 26.5 0.3 
5 3.98 4.78 2.5625 26.0 0.3 
6 4.78 5.75 1.98 25.5 0.3 
7 5.75 6.625 1.62 25.0 0.3 
8 6.625 7.1875 1.3025 24.75 0.3 
9 7.1875 7.8125 1.125 24.5 0.3 

10 7.8125 8.39 1.0625 24.25 0.3 

11 8.39 8.81 1.39 24.0 0.3 


12 8.81 9.16 1.745 24.0 0.3 
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attached blades and retainers is calculated to be 24,210 lb/in* Determine the radial and 
tangential stress distribution. 


Solution The method and equations provided in Secs. 7.7 and 7.9 will be used to 
calculate the stresses. The calculation sequence is carried out at design speed and at 
no speed. For the first iteration it will be assumed that the stress at the bore is 40,000 
Ib/in? and the r?A value is 90,000 Ib/in? Using Eqs. (7.25) and (7.26) calculate the £ 
and r?A values at the inner and outer radii of the first, or inner, ring element. Subtract 
the inner radius value from the one at the outer radius to determine the difference val- 
ues ÔÈ and 6r7A. Then at the outer radius © = 40,000 — 1559 = 38,441 and r°A = 
90,000 + 3234 = 93,234, from which A = 93,234/2.257 = 18,417. Thus, at the outer 
radius 0, + 0,= 38,441 and o,- 6,= 18,417, from which o, = 28,429 and o, = 10,012. 

To account for the difference in axial hub length between two adjacent rings, the 
condition of equality of radial growth at the interface will be applied. Then 

(O; = VO,i)n = (9, — VO, Yel 


to ro. 
or 
(Oj), = (Gy) n-1 = VCO) nt ~ (O,)n} 


Thus, (0,,); = 26,252 Ib/in?. Together with Eqs. (7.27), (7.28), and (7.29) the proce- 

dure is repeated for the other elements to obtain stresses at the outer rim for the design 
speed and at zero speed. The results are shown in Tables 7.5 and 7.6. 
The value of o,, obtained at the rim will not agree with the known rim radial stress 
based on the rim load. Denoting the true stress by o,,,, and the stress in the first and the 
second set of calculations by o;,,, and O% a factor K can be obtained from the expres- 
SION Orin = Ofm + KO; 


Fim = Oam tm: The value of the factor is 
K = {24210 — (-13959)}/19464 = 1.961 


Actual stresses in the disk are found by multiplying all values in the second set by 
the factor K and adding them to the results of the first calculation set (Table 7.7). The 
disk stress curves as a function of the radius will be discontinuous at the element inter- 
faces. Average values of the radial and tangential stresses should be obtained at the 


TABLE 7.5 Disk Sum and Difference Calculations at Design Speed (10,970 rpm) 


O, 00,, Oi Or 

Element no. dbz oA (Ib/in?) (Ib/in?) (Ib/in?) (Ib/in?) 
1 -1559 3234 0 10012 40000 28429 
2 -1177 3788 10351 11592 28530 25672 
3 —2364 11108 13524 12331 26252 22569 
4 —3398 24154 16458 11576 23806 19927 
5 —4512 46995 14981 9572 20948 17418 
6 —6576 98984 11699 5999 18057 14415 
7 -6971 144427 7462 1907 14854 11537 
8 —5002 128676 2207 -1116 11627 9557 
9 —6036 183124 -1181 —4814 9538 7220 
10 —6024 213151 —3680 —8540 7560 4922 
11 —4651 185324 —6803 -11433 5444 3164 


12 —4049 176082 —11433 -13959 3164 1642 
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TABLE 7.6 Disk Sum and Difference Calculations at Rest (0 rpm) 


O, Oro Oi Oo 
Element no. 6d or?A (Ib/in?) (Ib/in?) (Ib/in?) (Ib/in?) 
1 0 0 0 11,111 40,000 28,889 
2 0 0 11,487 13,469 29,002 26,531 
3 0 0 15,714 15,740 27,204 24,260 
4 0 0 21,007 17,159 25,840 22,841 
a 0 0 22,207 18,030 24,355 21,970 
6 0 0 22,037 18,639 23,172 21,361 
7 0 0 23,182 18,975 22,724 21,025 
8 0 0 21,969 19,129 21,923 20,871 
9 0 0 20,254 19,263 21,209 20,737 
10 0 0 14,724 19,361 19,376 20,639 
11 0 0 15,422 19,420 19,458 20,580 
12 0 0 19,420 19,464 20,580 20,536 


interfaces to obtain a smooth curve through the data points. The results are shown in 
Table 7.8, and the data are graphically shown in Fig. 7.44. 

The average tangential stress for the whole disk is determined by multiplying the 
average tangential stress over each ring element by the area of that element, adding the 
values for all the M elements and dividing the summation by the sum of the cross sec- 
tional areas of all the elements. 


M Gtr 
o me n=l H Ch = rh (7.33) 
m 


The average tangential stress value thus obtained is of considerable interest. It may 
be used for comparison with experimental data to establish the speed at which the disk 
may be expected to fail from burst when the tangential stress reaches the limit. A 
large number of disks have been tested in a spin pit with the express purpose of deter- 
mining the speed at which failure occurs from burst, thus establishing the overspeed 


TABLE 7.7 Disk Stress Distribution after Modification by Factor K 


Element no. o, (lb/in°) O, (Ib/in”) o, (b/in?) O,, (lb/in®) 
1 0 31,802 118,442 85,082 
2 32,878 38,006 85,404 77,700 
3 44,341 43,198 79,601 70,145 
4 57,653 45,226 74,481 64,719 
5 58,531 44,931 68,710 60,502 
6 54,916 42,551 63,497 56,306 
7 52,924 39,117 59,418 52,769 
8 45,289 36,397 54,620 50,487 
9 38,538 32,962 51,129 47,887 

10 25,195 29,428 45,557 45,397 
11 23,441 26,652 43,601 43,523 


12 26,652 24,210 43,523 41,915 
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TABLE 7.8 Average Disk Stress Distribution at Element Interface 


Stress 
Element no. Radial Height (in) Radial (1b/in?) Tangential (Ib/in’) 
— 1.625 0 11,8442 
1 2.25. 32,340 85,243 
2 2.625 41,173 78,650 
3 3.25 50,426 72,313 
4 3.98 51,878 66,715 
5 4.78 49,923 62,000 
6 5.75 47,138 57,862 
T 6.625 42,203 53,695 
8 7.1875 37,468 50,808 
9 7.8125 29,078 46,722 
10 8.39 26,434 44,499 
11 8.81 26,652 43,523 
12 9.16 24,210 41,915 


limit of a rotating machine. The failure may be either due to tangential forces across 
the diameter or due to hoop stresses in the circumferential direction as a conse- 
quence of excessive radial forces. As the disk overspeeds beyond the point at which 
the bore begins to yield, stress from the tangential forces increases at a rate less than 
that in the rest of the disk. The nonyielded material away from the bore then picks 
up more of the centrifugal loading, causing more material in the proximity of the 
inner radius to yield. The process spreads toward the rim, and eventually the entire 
disk yields. The ultimate strength of the material is reached along the full cross sec- 
tion, and a further increase in speed will theoretically cause a complete fracture on 
a diametral plane if the material is fully ductile and is not sensitive to notch effects. 
In practice, burst failures are encountered when the average tangential stress is 
between 75 and 100 percent of the material’ s ultimate tensile strength. In this exam- 
ple problem, the average tangential stress is calculated to be 64,857 1b/in.? 
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FIGURE 7.44 Calculated average disk stress distribution at element interface. 
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Bursts from high radial stress generally cannot be predicted precisely since the dis- 
tribution does not tend to follow a pattern. This causes the radial direction stresses to 
vary nonlinearly at high speeds. Growth in the radial direction causes the centrifugal 
forces in the disk and at the rim also to increase until failure takes place. To avoid this 
situation, a more desirable approach is to limit peak values of radial stress to the aver- 
age tangential stress in the disk. 
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CHAPTER 8 
TURBINE BLADE AND VANE 


8.1 INTRODUCTION 


Extensive analytical predictions and rig testing notwithstanding, blade failures in engines 
due to excessive vibrations still occur during final test phases. Even worse is the occurrence 
of failures after an engine has successfully passed a number of rigorous qualification and 
certification tests and goes into regular service. The failures may point to a lack of adequate 
design tools, but may indicate another issue arising from the business perspective. In the 
ongoing search for efficiency improvement and better thrust-to-weight ratio, engine design- 
ers and researchers are pursuing higher speeds and temperatures, radical new blade pro- 
files, higher stage loads, and lower aspect ratios. A more exacting consideration of blade 
flutter, resonance, cooling, material characteristics, and manufacturing methods is required 
than hitherto. 

The calculation of blade resonant frequencies and mode shapes of a bladed disk system 
calls for the definition of boundary conditions at shroud and dovetail interfaces. The max- 
imum operating speed of the engine cannot be established unless vulnerable frequencies 
and response amplitudes at resonance are known to a satisfactory degree of confidence. 
Research efforts have focused on the need to develop a fundamental understanding of top- 
ics such as Coulomb and viscous damping, coolant passage turbulators, and unsteady vis- 
cous flow in turbomachines. Without adequate knowledge of damping, for example, there 
is no alternative but to guess values for the coefficient in determining the response from a 
particular excitation. Note that damping may arise from material characteristics, friction, 
aerodynamic flow, and possibly from impact. 

Shrouds in the form of a protrusion are used in turbine blades to alleviate problems aris- 
ing from dynamic motion in the blade. Long and slender turbine blades in the last stages of 
gas turbines can take advantage of the support provided by mating surfaces of shrouds on 
adjacent blades to reduce the flexural and twisting motion at the tip. Even longer blades in 
low-pressure steam turbines may be equipped with some form of dampening mechanism at 
midspan and tip locations. However, the shroud also imposes penalties in the form of a 
mass at the tip of the blade, which requires body loads due to the centrifugal force field to 
be carried by the rest of the airfoil. It also adds to the manufacturing cost of the blade. In a 
shrouded blade system the protrusion constrains blade motion not only along the contact 
plane between the shrouds of adjacent blades but also along the normal direction of the 
plane. In-plane tangential relative motion is mostly two-dimensional. On the other hand, 
normal relative motion can cause variations in normal contact load and, in extreme cases, 
separation of the contact interface. 

Low-cycle fatigue (LCF) failures of turbine blades are of great significance in aircraft 
engines. Thermal gradients and mechanical stress from centrifugal loading rapidly increase 
as the engine is started and goes to full speed during aircraft takeoff from the ground. 
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Figure 8.1 shows a typical stress and temperature distribution in a freestanding and shrouded 
turbine blade. The reverse pattern is repeated during landing and engine shutdown. When blade 
rows in a turbine are operating close to resonance conditions, they are prone to failure from 
high-cycle material fatigue. In power generation turbines operating at a near constant speed 
blade resonance can occur during engine startup and shutdown conditions. Excitation is 
encountered due to two primary reasons: (i) flow path interference between stator and rotor 
blade rows at nozzle passing frequencies and (ii) manufacturing and assembly errors at per rev- 
olution harmonics. Interference between the stationary and moving blades is an aerodynamic 
phenomenon, and is based on potential interaction, wake interaction, and viscous effects. 
Mechanical excitation from manufacturing errors and mounting of stationary diaphragms can- 
not be readily simulated using mathematical formulations. 

Turbine blades and vanes constitute a considerable portion of the total cost of the equip- 
ment, given the fact that thousands of airfoils are used in any turbomachine. An accurate 
determination of the operating life of turbine and compressor blades plays a central role in 
the design of aircraft power plants. The rotating parts must be retired prior to failure, but 
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FIGURE 8.1 Stress and temperature distribution in freestanding 
(upper) and shrouded (lower) turbine blades. 
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must still possess adequate life to be commercially acceptable to airline operators. Life esti- 
mation using stress-based theories is a multifaceted technology, and calls for the calcula- 
tion of mean steady stresses, dynamic stresses, failure surface, load history, and cumulative 
damage. The influence of mean stress may be described by a number of linear and nonlin- 
ear relations, for example, Goodman, Soderberg, Gerber, Marin, and Kececioglu. Several 
cumulative theories for alternating stresses of varying amplitudes are based on the damage 
accumulated during the load cycles. A common theory due to Palmgren and Miner asserts 
that damage fraction at any stress level is linearly proportional to the ratio of the number of 
cycles of operation to the total number of cycles that would produce failure at that stress 
level. However, the order of application of different stress levels is not recognized, and 
damage is assumed to accumulate at the same rate at a given stress level without the con- 
sideration of the history. Experimental evidence indicates that fatigue damage accumulates 
nonlinearly, depending on the alternating stress level. Nonlinear theories proposed by 
Marco and Starkey, Corten and others rely on some exponent of the same ratio. A problem 
sometimes encountered with the application of nonlinear theories is the lack of material 
data for the exponent at different stress levels. 

The benefits of reduced fuel consumption and increased power arising from increasing 
the turbine inlet temperature have been clearly brought out in Chaps. 2 and 3. Despite losses 
experienced in cooling of blades and vanes, the gains are still considerable. Methods to cool 
the blades receive serious research attention. Cooling of blades with liquids is difficult 
because of practical problems associated with the delivery and retrieval of the coolant in 
the primary cooling system in the forced or free convection modes, or in a closed secondary 
system. Difficulties are also encountered due to corrosion and deposits in open systems. In 
closed systems it is difficult to obtain sufficient secondary surface cooling area at the base 
of the blade. Internal air cooling in the forced convection mode is more practical in engines. 
Turbine blade metal temperatures may achieve a reduction of 200 to 300°C by channeling 
1.5-2.0 percent of the airflow for cooling for each blade row. The blades may be cast with 
internal cooling passages in the core or forged and drilled with holes of any required shape 
and size using the electrodischarge, electrochemical, or laser drilling process. Outer surface 
cooling is achieved by pushing cooling air out of holes in the blade walls. In this process 
heat is extracted more uniformly from the surface and at the same time provides a layer of 
cooler air isolating the metal from the hot gases of the main stream. The concept of tran- 
spiration cooling requires porous blade walls for the cooler internal air to ooze out from the 
internal blade cavity, but successful application will depend on the availability of appro- 
priate porosity in the skin material and manufacturing methods. 

Cooling of the rotating airfoils still represents unusual difficulties from engineering and 
manufacturing considerations. At elevated gas and metal temperatures oxidation and creep 
impose limitations on the blade’s capabilities. Unlike rotating airfoils, nozzle vanes do not 
experience high stress levels. In spite of it, cooling of annulus walls and stator vanes requires 
special attention. 

A class of materials referred to as superalloys find application at a higher proportion of 
their actual melting point than any other group of commercial metallurgical materials. The 
alloys have made much of the very high temperature engineering technology possible, and 
are the leading edge materials of gas turbines in the air transport, power generation, and 
process industries. In turn, gas turbines have been the prime driving force for the develop- 
ment and subsequent existence of superalloys. The alloys respond to the need for materials 
with creep and fatigue resistance at high temperatures. Many of the alloys, perhaps 15 to 20 
percent, have been developed for utilization in corrosion-resistant applications. Despite the 
higher cost of superalloys, the economic implications of increased temperature at the tur- 
bine inlet are overwhelming through increased efficiency and power output by the applica- 
tion of this group of materials. Figure 8.2 shows bladed disk assemblies for a steam turbine 
rotor, and Fig. 8.3 provides examples of new steam turbine buckets. 
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FIGURE 8.2 Steam turbine rotor. (Courtesy: General 
Electric/Toshiba). 


FIGURE 8.3 Steam turbine buckets. (Courtesy: 
General Electric/Toshiba). 
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Thermal barrier coats represent perhaps the most promising and exciting development 
in superalloy coatings. Any mechanism by which the temperature limits can be raised by 
overcoming hot-section material restraints is of significant interest, and thermal barrier 
coatings offer this potential. Coatings of ceramic or metallic or a combination of the two 
are applied on the substrate of a superalloy to preclude or inhibit direct interaction 
between the substrate and a potentially damaging environment. This damage can be either 
metal recession due to oxidation/corrosion or a reduction in the mechanical properties of 
the substrate due to the diffusion of harmful species into the alloy at elevated temperature. 
Coatings used on superalloys do not act as inert barriers. Rather, they provide protection 
by interaction with the oxygen in the environment to form dense, tightly adherent oxide 
scales that inhibit the diffusion of sulfur, nitrogen, and other damaging elements. Hence, 
coatings tend to be rich in elements such as aluminum, chromium, and silicon that readily 
participate in the formation of these protective scales. This coat may be described as a 
multilayer coating system consisting of an insulating ceramic outer layer and a metallic 
inner layer between the ceramic and the substrate. The ceramic layer insulates the metal- 
lic substrate from higher surface temperatures than it might otherwise be able to tolerate. 


8.2 DESIGN ASPECTS 


Power density loading in turbines may be gauged from the production in excess of 70,000 hp 
for some large aircraft engines, with the energy conversion process occurring in the limited 
volume of the turbine. A single blade alone may generate 300 hp by extracting energy from 
the hot gases. 

The operating mechanism of a turbine does not differ substantially from that of a com- 
pressor. While a compressor adds energy to the airflow by increasing the pressure, the turbine 
conversely absorbs energy from gases and converts it into mechanical power for the shaft. 
Compressor blades are designed to have an increasing flow cross section between adjacent 
blades in the downstream direction, so the flow is decelerated by the effects of diffusion to 
convert its kinetic energy into pressure. A reversed effect occurs in the turbine, where the flow 
cross section between adjacent blades narrows in the downstream direction, thereby creating 
a nozzle effect to cause the flow to accelerate and perform useful work. In a constant pres- 
sure, or impulse, turbine the expansion occurs in nozzle guide vanes, where gas potential 
energy is converted to kinetic energy (Fig. 8.4). Exchange of momentum takes place as the 
gas impinges on the rotor blades at constant pressure, essentially as in a water wheel. In a reac- 
tion turbine, on the other hand, the gas expands both in the nozzle vanes and through the 
blades of the rotating wheel. Hence, the blades also feature a narrowing cross section of 
the flow passage between adjacent blades for further acceleration of the flow. Analogous to 
the lifting of an airplane’s wing, an aerodynamic force is imparted to the blades, causing the 
wheel to turn. The reaction turbine offers better efficiency than the impulse turbine, but the 
latter produces higher power output, which may permit reduction in the number of stages. 

Elevated gas temperatures in a turbine introduce material and cooling problems for the air- 
foils. Temperatures beyond the capability of the material are possible only by using sophisti- 
cated cooling techniques and by applying ceramic coatings. An external film of cooler air 
surrounding the airfoil proves inadequate, so additional cooling is provided through internal 
channels. The first stages of nozzle vanes and blades are affected by impurities present in the 
fuel in addition to the extreme temperatures. Hence they require protection from corrosion 
and thermal effects. Nickel-, cobalt-, and iron-based superalloys are used at a higher propor- 
tion of their actual melting point than any other class of commercially available metallurgi- 
cal materials. Superalloys stand at the material’s leading edge, and are responsible for making 
the unusually high-temperature engineering technology possible for gas turbines. 
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FIGURE 8.4 Turbine stages: impulse (upper), reaction (lower). 


8.3 INDIVIDUAL BLADE VIBRATION 


An in-depth study of the dynamic characteristics of a turbine blade is necessary for evaluat- 
ing its capability to withstand the assigned loads. What may appear at first sight a relatively 
simple task of interpreting the modal characteristics of the blade is oftentimes hampered by 
the geometric configuration—the root structure is thick, with a complex fir tree form for 
attachment to the disk; the airfoil trailing edge is thin; the cross-section profiles are varying 
at different radial heights; and the blade is twisted and leaned. Initial blade geometry is con- 
trolled by aerodynamic and performance considerations. Within the engine, however, it must 
meet fluid flow and structural criteria. The chordwise motion of the airfoil is coupled with the 
flap, or perpendicular to the chord motion, primarily because of the twist. Total bending or 
torsional deformation is not encountered in the blade. Varying degrees of the two movements 
exist in each mode of vibration as a direct consequence of the coupling between the degrees 
of freedom. Aerodynamic and mechanical loads also sometimes tend to dramatically change 
the blade’s profile. The blade’s design may also go through modifications such as replacing 
a shrouded configuration with a wide chord or large sweep blade without the shroud. 
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A gas turbine’s rotating components are subjected to resonant vibration and flutter phe- 
nomena. Resonant vibrations result from a coincidence in the blade’s natural frequency and 
exciting force frequency. Exciting forces arise from uneven pressure distributions around 
obstructions in the gas flow path. For example, a prescribed number of support frame struts, 
nozzle vanes, combustor burners, and bleed ports will result in a corresponding number of 
wakes in the gas stream past those obstructions. Rotating stall in a compressor, rubbing 
contact between rotor and stator, and meshing of gears are examples of nonintegral orders 
of obstructions in the gas stream. Stationary components such as nozzle vanes and support 
struts, on the other hand, will experience excitation caused by the rotating blades or by the 
compressor rotating stall. Dynamic stresses, thus, must be adequately taken into consider- 
ation in the design of vanes and struts, but the absence of centrifugal force poses less strin- 
gent requirements than for rotating blades. 

When eight support struts are present upstream in a flow path, the turbine blades will 
encounter an equal number of wakes during one revolution of the rotor. Consequently, 8E, 
or eight times rotor frequency, and its second harmonic will be of significance. The situa- 
tion can be well summarized in the form of a Campbell diagram for identifying potential 
resonant situations, as shown in Fig. 8.5. The figure graphically depicts the extent of inter- 
ference between the blade’s natural frequency and the different excitation frequencies for 
an engine operating at an essentially fixed speed. Note that the blade’s natural frequencies, 
especially the bending mode frequencies, increase with the operating speed. This observa- 
tion is consistent with the blade experiencing increased stiffness as a direct consequence of 
the higher centrifugal force, as the rotor speed increases. The example shows the blade’s 
1F2T (combined first flexure/second torsion) and 2F modes to be above the operating speed 
for 8E stimulus. The first flexural mode (1F) also has the adequate margin for 16E excita- 
tion. However, the 1F mode for the 8E and the 1F2T mode for the 16E stimulus are too 
close to the design speed line, which may be considered unacceptable for the blade design. 
The 1F mode of vibration is next to the first torsional (1T) mode, but a higher frequency 
level also implies increased excitation levels. Blade tuning through modification of the 
blade’s taper characteristics may permit setting of the problem modes to above the rotor 
speed. The 24E stimulus intersects all the blade modes at a low rotor speed; hence it is not 
of consequence. 
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FIGURE 8.5 Turbine blade Campbell diagram. 
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Note that this simplified illustration considers only the eighth multiple for excitation 
frequency, and with the engine operating at a constant speed. Other excitation sources and 
frequencies will be generally present. Aircraft engines operate in a wide operating speed 
range as throttle movement goes from ground idle to flight idle, cruise and take off condi- 
tions. Accuracy in the calculation sequence is also a problem for the blade’s higher modes 
of vibration. Fan blades are often subjected to distortion in the airflow from the inlet sec- 
tion. Low engine order excitations are generally the result, with force magnitude reducing 
for increased orders. To take care of the uncertainties one option is to use a +10 to 15 percent 
margin for the blade’s fundamental and second modes. An increased engine operating 
speed range by a similar margin for the two modes may also be used to take care of 
uncertainties. 

Individual blades also need to be tested using modal analysis with impulse, white noise 
and sinusoidal excitation applied at the leading edge and at the trailing edge. Optical mea- 
surement systems based on Electronic Speckle Pattern Interferometry may also be employed 
to determine natural frequencies, and even more important, mode shapes. Very often each test 
program produces modes that may show small differences to totally new shapes, leading to 
ambiguities that cannot be easily resolved. Interpretation and classification of modes in the 
familiar flap, edge, torsional and stripe modes of vibration is not always feasible. Finite ele- 
ment analysis may help to sort the problem. Elements with one or two midside nodes and an 
appropriate master degrees of freedom can help in the identification, and may also reveal new 
modes among those measured. The blade may be assumed fully fixed at the root. 

As a rule, finite element procedures are reliable, and often used in the design process for 
optimization studies. In rare cases a combination of analytical and test may be necessitated. 
Not so negligible differences can sometimes be explained by the method of excitation, 
accelerometer mass, height location for analysis, or inappropriate boundary conditions. 
Modal analysis results may be deficient in content from motion perpendicular to a sensitive 
direction, as may be the case in movement along an edge. Location of an antinode may be 
at fault if flap, or out of plane, motion takes place where the edge shows most of the activ- 
ity. Closely spaced modes can combine to appear as a natural mode, but in reality combine 
elements of the closely spaced modes. Instead of a cursory look at measured or calculated 
results, it pays to be attentive to the details. In this regard, note that when complete assem- 
blies of bladed disks are analyzed and tested in an engine or in a rig, the amount of data to 
be evaluated is considerably more. 

Suppression of flutter in an airfoil provides the primary inducement in introducing an 
elastic support in the form of a shroud. Figures 8.2 and 8.3 show examples of midspan and 
tip shrouds on steam turbine blades manufactured by GE and Toshiba. When operating at 
speed the protrusions on the row of blades lock to form a continuous ring to couple the 
blades, resulting in a stiffer assembly. Since the protrusions are in contact as the blades go 
through a certain amount of untwist under centrifugal action, the shrouds rub against each 
other. The extent of the rub and the consequent damping has been examined extensively to 
determine suitable boundary conditions, with assumptions ranging from a fully locked to a 
freely slipping condition. Precision in this matter comes into focus when analytically pre- 
dicted natural frequencies of vibration do not agree with measured data. Slipping at shroud 
contact points assumes that the degrees of freedom related to the motion occur without an 
accompanying force at the interface. A ball joint form of condition permits translational 
motion at the interface, but rotation can take place without the associated moments. 
Variations in the mode shapes obtained from the different sets of boundary conditions play 
a substantial role in aeroelastic stability calculations, because the numbers are used directly 
in work/cycle relations to predict flutter susceptibility. 

Z-shaped shrouds on many low-pressure gas turbine blades also perform the function of 
sealing while maintaining a preload along the circumference during operation. As the shroud 
contact edges wear, a change in the dynamic characteristics of the rotating assembly 
may be expected. Coupled modes in a tight shroud condition degenerate into first flap and 
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first edgewise cantilever-type modes at lower frequencies when the shroud slackens (Hall 
and Armstrong, 1976). Placing frequencies of integral order vibration in the low engine 
orders (2E, 3E, and occasionally 4E and 5E) outside the operating range or at low shaft 
speeds finds favor among many gas turbine manufacturers. Higher engine order resonance 
reaching in the 30 to 40E may also need scrutiny if excitation is of sufficient strength and 
blade damping is inadequate. 

Wakes, potential pressure disturbances, circumferential flow distortions and shocks in 
passage, and secondary flows produce pressure variations that result in time varying forces 
on a rotating blade. Flow of gas inside a turbine is inherently unsteady, and is far from uni- 
form on both the upstream and downstream sides of a row. Kielb and Chiang (1992) pro- 
vide a fine discussion on this subject of blade stimuli. The complexity is further emphasized 
by the number of parameters affecting the aeroelastic stability of a turbine blade: number 
of blades, blade chord, blade twist and geometry, aspect ratio, stagger, hub/tip ratio, shroud 
location and angle, incidence angle, blade load, tip speed, pressure distribution, shock posi- 
tion, inlet Mach number, natural frequency, mode shape, mechanical damping, and blade 
mistuning. Srinivasan (1997) explores the extent of influence of the parameters at specific 
aerodynamic conditions. 


8.4 CUMULATIVE DAMAGE THEORY 
IN LIFE PREDICTION 


Low-cycle fatigue has been a primary design consideration for bladed disk assemblies, and this 
has succeeded in controlling LCF-related failures to a considerable extent. But a number of 
developments in the design of blades and disks have created problems resulting from high- 
cycle fatigue (HCF). The role of mistuning in HCF failures has been recognized and accepted 
throughout the industry. Transient response of blades during startup and shutdown of machines 
is another significant contributor. Failure due to resonance at lower modes such as the first 
bending and torsion may include fracture of an entire blade and its attachment to cause sub- 
stantial secondary damage, and even greater if the fragments are not contained in the engine. 
At the higher-second torsion or second- and third-bending modes, mostly the outer portion of 
the blade is separated. At still higher modes only a portion of the tip maybe released. 

A number of cumulative damage theories have been proposed in making estimates of 
the life of a blade subjected to variable stress amplitude (Rao, Pathak, and Chawla, 1999). 
A commonly used linear method in predicting fatigue life of a blade is based on work done 
by Palmgren (1924) and Miner (1945). Dynamic stress around a critical speed may be split 
into a convenient number of steps on either side of peak stress. Operation at a stress level 
S; gives a life of N, cycles. If the blade is subjected to n; cycles, it suffers a damage fraction 
of D; =n,/N,. Failure is then predicted to occur when X(n,/N,) 2 1. The assertion is that the 
damage fraction at any stress level is linearly proportional to the ratio of number of cycles 
of operation to the total number of cycles that would produce failure at that stress level. 
Since the blade is subjected to a mean stress, the S — N plane is shifted to the location of the 
applied mean stress level on the fatigue failure surface. A drawback to this theory is that it 
does not recognize the order of application of various stress levels, and damage is assumed 
to accumulate at the same rate at a given stress level without consideration of past history. 
Experimental evidence indicates that the nonlinear accumulation of the fatigue damage 
depends on the alternating stress level. 

Marco and Starkey (1954) proposed that the damage for each level of reversed sinu- 
soidal stress amplitude is expressed by D = (n/N)”, where the exponent m depends on the 
amplitude of the alternating stress. A specimen is deemed to have failed when D reaches a 
value c irrespective of the sequence in which the stresses are applied. Failure occurs when 
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where N, are cycles of completely reversed stresses S, to produce failure, with 7 denoting 
the order of application of stress levels, D is the damage ratio, r; is the ratio of exponents 
m,/m, representing stress levels S, and S,, and m; is the exponent in the damage equation 
associated with the ith stress level. Besides the difficulty in evaluating the integral, the pri- 
mary difficulty is the necessity of generating a lot of experimental data for the exponent m,. 
Qualitatively, the procedure is illustrated by Fig. 8.6 using available data for two stress lev- 
els 0, and 05, with 0, > 0). First, the specimen is loaded for n/N = 0.5 at stress level o, (line 
O — A), followed by the lower stress level o, (line B — C), until damage occurs at D = 1. Then 
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FIGURE 8.6 Fatigue damage for two cases (Rao, Pathak, and Chawla, 1999). 
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When the higher stress is applied first, it takes only a few more lower stress cycles 
before damage occurs. When the stress application order is reversed, the specimen requires 
many more higher stress level cycles before damage is encountered. Experiments support 
such a situation. 

When stress levels are increased gradually, Palmgren-Miner’s rule provides satisfactory 
results. When the stress levels are decreasing from a peak value, application of a factor sim- 
plifies the situation. The average value of X(n,/N,) in this period may be multiplied by a fac- 
tor f= 1.67 for the sum in the full period. This implies that the damage is higher when stress 
levels are decreasing. 

Corten and Dolan (1956) rely on the fracture mechanics theory for postulating initiation 
of permanent damage. Once initiated, fracture propagation is assumed to occur at stress lev- 
els that are well below the minimum stress required to initiate a crack. Damage per nucleus 
is given by D =mrN‘ where m is the total number of fatigue damage nucleii, r is the coef- 
ficient of damage propagation rate and a function of stress level, and a is the damage prop- 
agation exponent, also a function of stress level. From an experimental relation between the 
stress-dependent ratio R = r,/r,, damage exponent a, and a material property d (given by 
R! = [S,/S,]“), failure can be expected when 
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where N, is the number of cycles to failure at the highest stress amplitude S,, and n, are the 
number of cycles imposed at each stress S,. For steels exponent d is found to be between 
6.2 and 6.9 and mean value of 6.57. A modification of the S — N diagram calls for defining 
a line N =N, x (S/S,)*, where N, is the number of stress cycles endured at the fatigue limit 
S,, and k is between 0.8 and 0.9. This yields a stress cycle with slope more than the classi- 
cal S — N curve but continued into the range of fatigue strength. 

Marin (1962) assumed that the equivalent number of cycles at a reference level S, pro- 
duce the same damage as n; cycles of operation at S; level of stress can be expressed by n; = 
n; X (S,/S,)", where y is an exponent to be determined experimentally. The damage ratio corre- 
sponding to each operation is R, = n,,/N,, so the condition of failure is R, +R, +- +R, = 1. 
The exponent y is the same as Corten’s exponent d, so the S' — N relation becomes S x N = k. 
The failure criterion then becomes 
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where q = y — x. Note that when q = 0, Marin’s theory takes the same form as Palmgren- 
Miner’s expression, and Corten’s expression for q = d. 

Henry (1955) takes into consideration the reduction in the fatigue limit when a spec- 
imen suffers damage, so the S — N curve shifts as a consequence. This curve is an equi- 
lateral hyperbola about the stress axis, and a line passing through S, parallel to the N 
axis as asymptotes. Damage D and fatigue limit are related by D = S, — S.,/S,, where 
S, is the fatigue limit of the virgin material and S„4 is the limit after the damage. By 
assuming no damage at cyclic stress levels below the fatigue limit, the curve may be 
expressed by N,=N—n=k/S —S,,, where N, is the number of remaining cycles to fail- 
ure at stress level S and k is a material constant. The damage equation then takes the 
form 


(8.6) 
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The expression may be extended to a sequence of different alternating stress amplitudes 
in the order of application. 

Gatts (1961) damage theory is based on the dependence of fatigue strength and fatigue 
limit on the number of cycles of stress, and that this change is proportional to a damage 
function D(S) = (—I/k,)(dS,/dN), with S; as the instantaneous value of strength, n as the 
number of applied stress cycles, and k, as a constant of proportionality. Damage is 
expressed as a function of stress level D(S) = (S — S,)”, with p as a material constant. k, and 
p are related with strain energy associated with stresses exceeding the fatigue limit. It is 
assumed that fatigue limit can be expressed by instantaneous strength S$, = CS; where C is 
a material constant. By applying the boundary conditions, the S$ — N curve takes the form 
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where y= S/S,,; Seo is the fatigue limit when n = 0, B = n/N, y, = S,/S,,, and K = kS,. For 
most steels C takes the value of 0.5. For C = 0 this expression is the same as that by Henry. 
Manson, Frecke, and Ensign (1967) recognize the role of crack initiation and propagation 
during the damage sustained by a component. The crack initiation period is denoted by N’, 
and crack propagation period is defined by the number of cycles for failure after the crack ini- 
tiates. Hence, N, = PN? and N’ = N,— PN? where N, is the total number of cycles for failure 
including crack initiation, P is the propagation coefficient, and p is the propagation exponent. 
P = 14 and p = 0.6 from experiments. Except for short life, Miner’s rule is adopted for crack 
initiation and propagation phases separately. Fatigue nucleii of critical size initiate when 
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Fatigue cracks then propagate to failure when 
4 
X= (8.9) 
j= Pj 


In both phases n is the number of cycles applied at ith or jth stress level. Thus, Manson uses 
a double linear damage rule. 


8.5 INTEGRITY EVALUATION 
OF TURBINE BLADES 


High-cycle fatigue of rotating turbine components is a serious problem since it has the 
potential to cause substantial damage. Highly loaded blades experience alternating stresses 
from aerodynamic excitation. The blades are subjected to phenomena such as stator wake, 
blade flutter, rotating stall, and acoustic resonance, but the link between fluid dynamics and 
structural mechanics must be established. 

Turbocharger turbine axial blades operating at variable speeds are exposed to unsteady 
dynamic forces o. The forces are set up by the engine stroke, charging system, gas entry at 
inlet, and nozzle vanes. A research program initiated by ABB Turbo Systems of 
Switzerland aims at taking a combined computational fluid dynamics and finite element 
analysis approach to the problem (Filsinger, Szwedowicz, and Schafer, 2001). As a first 
step the transient flow behavior in the turbine cascade is simulated using time-dependent 
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temperature and pressure inlet boundary conditions. Forced blade response u due to the pul- 
sating pressure distribution p(t) is then obtained. Coupling between the two numerical 
methods is achieved by a Fourier decomposition (amplitude P, and phase delay B,) of the 
time-resolved excitation forces F(t) acting on the rotating bladed disk. 

The fluid dynamics program is based on a two-dimensional time-accurate multiblock 
Euler/Navier-Stokes solver. The integrated postprocessing offers a close link to mechani- 
cal integrity codes by determining blade forces, with calculations done in the absolute 
frame of reference and using a moving grid for the rotor. At the intersection between stator 
and rotor grids the cells overlap, and an interpolation technique is used. Two-dimensional 
Euler equations are valid for the flow simulation on a circumferential stream plane of a 
selected radius with constant radial thickness. 

Figure 8.7 shows details of the grid per block. Unsteady inlet boundary conditions are 
determined by simulating the diesel engine’s behavior with respect to the exhaust pipe sys- 
tem and the turbocharger’s related performance. In this procedure, items pertaining to the 
varying ambient conditions, turbocharger specifications, and load acceptance must be 
addressed. Total pressure and temperature values are unsteady due to the pulsating nature of 
the engine’s exhaust flow. In the finite element routine disk assemblies containing N sym- 
metric blades coupled tangentially through the rotor are analyzed. The disk assembly is a 
rotationally periodic structure with identical blades, and hence the cyclic wave theory may 
be applied. Static and dynamic deformations for the whole disk can then be represented by 
a single blade with the application of complex circumferential boundary conditions. 

In the computation sequence for free vibrations, harmonic vibration of a single coupled 
blade (without damping) is represented by 


[M(ei?)]{d?qldt} +[K(e?, Q)]{g} = {0} (8.10) 
where j = (—1)'” and g=27/N is the circumferential periodicity of the disk sector. The nodal 
diameter n assumes values 0, 1, 2,... up to N/2 for even N and (N — 1)/2 for odd N. [M] and 
[K] represent complex inertia and nonlinear stiffness matrices with respect to the rotational 
speed Q, and depend on the nodal diameter n. Quantities{q} and {d°q/df }are complex dis- 
placement and acceleration vectors of the blade. Kinematic cyclic constraints of the form 
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FIGURE 8.7 Computational fluid dynamics grid (Filsinger, Szwedowicz, and 
Schafer, 2001). 
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are applied between nodes on the right and left sector sides. Rewriting the Euler function 
in trigonometric notation, eigen frequencies of the cyclic finite element model can be 
computed in the real domain. Hence, the cyclic model has to be represented by two iden- 
tical finite element meshes, with nodal boundaries on the sector sides (Fig. 8.8) con- 
strained as given in Eq. (8.11). For each mode i and nodal diameter n (n = 0 to N/2), two 
identical eigen frequencies are computed, which refer to two possible mode shapes of the 
bladed disk assembly. Static calculations may be readily performed by substituting n = 0 
in Eqs. (8.10) and (8.11), so the static equation of the assembly rotating at Q becomes 


[K(Q)]{q} = {FF +{T} + {FQ} (8.12) 


Pressure, bar 


Temperature, K 


50 100 150 


Time, 10° s 


FIGURE 8.8 Boundary conditions at inlet: pressure (Upper), temperature (Lower) (Filsinger, 
Szwedowicz, and Schafer, 2001). 
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where {P,}, {T}, and {F(Q)} are stationary gas pressure, thermal condition, and centrifugal 
forces. For the given value of Q, eigen frequencies of the bladed disk may then be computed. 

Gust response and motion-dependent unsteady aerodynamics assure the calculations of 
aero-damping. Total blade damping arising from material, microfrictional and aero-damping 
may be evaluated from measured resonance peaks with the aid of fractional power bandwidth 
method (Harris and Crede, 1995). In this example values of fraction of critical damping 
range from 0.15 to 0.40. 

Excessive computational time may be avoided by performing the finite element calcu- 
lations in the frequency domain. As a first approach a single excitation force split into axial 
and tangential directions from the CFD-calculated pressure distribution maybe applied 
assuming a uniform radial distribution along the blade height. This simplification is valid 
to some extent, since the emphasis is on vibrations caused by pressure pulses of the diesel 
engine’s exhaust, which mostly excite low blade-bending modes (Szwedowicz, 1996). 

Forced vibration of a single coupled blade may be expressed in the cartesian system by 


[M(e™™)] {d?qldt?} +[Dl{dq/dt} +[K(e™™, Q)ig} = {P} (8.13) 


where damping matrix [D] is determined by the Rayleigh dissipation model as a linear 
combination of mass and stiffness matrices. Generalized vector {P} describes the nonuni- 
form pressure distribution along the circumference. For a blade rotating at constant angu- 
lar speed Q, pressure P is a periodic excitation function with period T = 27/Q. After 
applying the computed eigen frequencies @,,, and mode shapes @,,,, the steady response of 


the disk is given for each nodal diameter n in the rotating frame as 
m, ,d°u, ,/dt? t 20, ,6,du, ,/dt + Ki plin = OH {P; pe ike Be) ejk (8. 14) 


where k describes the engine order, i indicates the number of considered mode shapes and 
a, denotes the tangential position of the excited mode. Amplitudes P, and phase delay $, 
are obtained from the Fourier decomposition of the nonuniform pressure P. In the twin 
finite element models excitation loads of each engine order k must be imposed simultane- 
ously on node / of the real and imaginary blade 


es = P, ,[cos(kay, — Bry )+ jsin(ka, — Bry )] (8.15) 
Fi = P, „[sin(ko; — B, ,)— jcos(kat, — B, )] (8.16) 


where y refers to both axial and tangential directions. Due to orthogonality conditions 
between the disk modes and the circumferential pressure distribution in Eq. (8.13), the 
disk assembly oscillating at nodal diameter n is in resonance if the excitation order k = 
k-Ntnork=«-(N+2)+n where k=0, 1, 2,..., 00 for even or odd number of blades 
in the rotor. 

Excitation pulse P, varies with time, hence it must be transformed into the frequency 
domain. This is achieved by employing an ordinary Fourier decomposition. Note that both 
amplitude and phase relationships must be accurate in order to get the right load. With the 
help of these numerical tools the bladed disk assembly may be analyzed for any operating 
condition. Load from a three-pulse charged diesel engine is considered here, with inlet cas- 
ing split into two separate segments and resulting in a total of six pulses per engine cycle. 
Figure 8.8 shows the pressure and temperature variations. Each inlet segment is then con- 
nected to an exhaust pipe serving three cylinders, and the pressure pulses are then directly led 
to the turbocharger turbine. This results in considerable differences between the entrance con- 
ditions at the two inlets, and hence high dynamic loads may be expected to act on the blades. 
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FIGURE 8.9 Resulting blade load per engine cycle (upper), per turbine revolu- 
tion (lower) (Filsinger, Szwedowicz, and Schafer, 2001). 


Only one resulting force acts on each blade. Figure 8.9 shows the calculated force for a 
complete engine cycle, which equals two revolutions of the four-stroke diesel engine. The 
turbine wheel’s own rotation must also be recognized, and the second half of Fig. 8.9 rep- 
resents loads during one turn. 

Resonance occurs when the excitation order k equals the nodal diameter number n. 
Intersections between the excitation bands and eigen frequencies, defining possible reso- 
nance conditions may be identified with the aid of a Campbell diagram in combination with 
the nodal diameter diagram shown in Fig. 8.10, where the sixth order is chosen for illus- 
tration. Nodal diameters for the bladed disk assembly are shown in Fig. 8.11. 

In the CFD calculations the rotor speed may be adjusted to the resonance of the first 
blade mode for the sixth engine order. In the finite element code forced response is then 
performed according to the excitation band of the same order. If only material damping 
is to be considered (as may be determined from a hammer test), the value may be less 
than 0.02 percent. Figure 8.12 provides a comparison of resonance amplitudes of the 
lowest blade modes excited by the sixth engine order for damping ratios of 0.02 and 
0.2 percent. 


8.6 SECONDARY FLOW LOSS CONTROL 


The term secondary flow represents the complex three-dimensional flow pattern near the 
walls of a cascade of turbomachinery profiles. The pattern is composed of discrete phenom- 
ena that eventually interact with each other. Dominant components of the secondary flow 
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FIGURE 8.10 Blade load excitation (upper) full spectrum, (lower) sixth engine order spec- 
trum (Filsinger, Szwedowicz, and Schafer, 2001). 


are passage vortex, trailing edge vortices, corner vortex, and horseshoe vortex. Figure 8.13 
illustrates the components. Secondary losses constitute a considerable portion of the total 
loss in a typical turbomachine, holding especially true of low aspect ratio blades. 

Control of secondary losses by modifying the leading edge profile of the rotating 
blades close to the end wall has been explored by a series of tests and numerical analyses 


Excitation 


Frequency 


st disk mode 


k=n=36 — 


Nodal diameter number, n 


FIGURE 8.11 Nodal diameter diagram of bladed disk (Filsinger, Szwedowicz, 
and Schafer, 2001). 
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FIGURE 8.12 Blade resonant amplitudes (Filsinger, Szwedowicz, and 
Schafer, 2001). 


(Sauer, Muller, and Vogeler, 2000). The objective is to create a strong suction side branch 
of the horseshoe vortex, causing it to interact with a vortex from the main passage of the 
opposite rotational direction, and move it away from the suction side profile boundary 
layer. The interaction is intended to considerably reduce end wall losses. Known losses 
from the profile and losses arising from the incoming wall boundary layer in front of the 
test section are measured separately, thus permitting the isolation of losses from the pro- 
posed leading edge modification. Comparison with equivalent losses of the reference blade 
then establishes the effectiveness of the modification in reducing the secondary losses. 


Trailing edge 
vortices 


Passage vortex 
Horseshoe vortex 


FIGURE 8.13 Secondary flow vortices (Sauer, 
Muller, and Vogeler, 2000). 
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The experiments are carried out in a low-speed cascade wind tunnel delivering 70 m/s 
at the cascade exit, translating to Mach 0.2. The flow goes through a series of straighteners 
and sieves to break down turbulence to less than 1 percent. The flow is then accelerated by 
a nozzle into a tunable test section to set the inlet angle between 25° and 150°. The cascade 
is made of 12 blades of 300-mm height and 100-mm chord length. The aspect ratio is set at 
3 to ensure basically a two-dimensional passage flow over most of the blade in the mid- 
height region. The air then flows into the atmosphere at ambient condition. Losses mea- 
sured in a plane behind the cascade are a direct function of the distance of the plane from 
the cascade. 

The T106 blade represents a known highly deflecting profile, and is used in this test. 
Two modifications of the leading edge are shown in Fig. 8.14. In the designing of the con- 
tour in the end wall region, the intent is to reinforce the horseshoe vortex as it develops 
close to the stagnation point of the profile. For the T106/1 modification, at the leading 


tip = 0.8 
Bs = 59.3 
Bi = 52.3 
B2 = 26.8 
lp= 100 mm 


FIGURE 8.14 T106 cascade profiles at end wall (Sauer, Muller, and Vogeler, 
2000). 
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edge the bulb increases in radius by 2.5 mm, then merges within 7.5 mm into the reference 
profile, with the transition following a cosine function. The corresponding numbers for the 
T106/2 modification are 5 and 15 mm. Other intermediate modifications to the local lead- 
ing edge call for magnitudes in between these values. Total pressures are measured in the 
flow field with pitot probes located behind the cascade. Pressure distribution across the 
incoming boundary layer is picked up with a flattened probe, while exit flow angles need a 
five-hole probe. Spatial flow angles are used to determine the velocity component along the 
span. Measurements are made across the passage along 18 traces distributed pitchwise 
along the blades. Since the end wall loss region does not overlap the blade, the result is 
independent of the length of the blade, thus identifying it as an isolated secondary loss. 

Figure 8.15 provides distribution of the average end wall losses along the span for the 
base design blade and for the locally modified leading edge cases. The leading edge bulb sig- 
nificantly reduces losses suffered at the wall, with the T106/2 case representing the best case. 
The bulb has to assume particular dimensions to obtain the desired level of interaction of the 
two vortices (T106/1, 2). The geometries represented by T106/1 and T106/2 have a more 
pronounced bulb on the suction side. Local loss reduction occurs in two regions. In the span 
region from 2 to 30 mm and from 45 to 80 mm the vortex interaction is at its peak. A stronger 
suction side bulb intensifies the desired horseshoe vortex locally. Except for small differ- 
ences on the pressure side of the bulb, T106/1 and T106/2 designs are nearly identical. A 
comparison of streamwise distribution of the vortices between T106 and T106/2 designs is 
seen in Fig. 8.16. Although substantial differences in the amplitude of streamwise vortices 
are not noticeable, end wall losses are reduced from 4.5 percent for the T106 design to 2.39 
percent for the T106/2 configuration. The optimal geometry is a nonsymmetric leading edge 
bulb on z, the two sides of the airfoil. Measured distributions of the exit flow angle reflect 
distortion due to the main channel vortex toward the suction side close to the end wall and 
toward the pressure side away from the wall. But a direct effect of the leading edge bulb is 
not seen. Distribution of end wall losses is shown in Fig. 8.15. 

Numerical analysis is performed using a flow solver based on the Baldwin-Lomax tur- 
bulence model. Results from the measured total pressure distribution across the incoming 
boundary layer on the end wall are assumed for the inlet boundary condition. The profile 
boundary layer cannot be modeled exactly, because the pressure side is usually laminar, as 
also a part of the suction side of the layer at the front. A converged solution is reached when 
inlet and exit mass flows differ by less than 0.1 percent. 

Distribution of the losses from the analysis follows the same pattern as noticed in the 
experiments. The position of maximum loss and wake behind the trailing edge and its 
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FIGURE 8.15 Average end wall loss distribution along span (Sauer, Muller, and Vogeler, 2000). 
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FIGURE 8.16 Downstream vortices comparison—T106 (left), T106/2 (right) (Sauer, Muller, and 
Vogeler, 2000). 


gradients are also in agreement. However, the precise values of the measured results are not 
met, as may be seen in Fig. 8.16. Average end wall losses agree quantitatively up to 3 per- 
cent. This is also true for streamwise vortex field results. 

For highly loaded lowpressure turbine blades operating at low velocities (Mach 0.2), the 
advantage of introducing a leading edge bulb in the end wall area is in the form of an inten- 
sified horseshoe vortex on the suction side of the airfoil. Since it is rotating against the sec- 
ondary channel vortex, the result is to push away from the suction side boundary and also 
to deform it, resulting in a reduction of losses at the end wall. 


8.7 WAKE-WAKE INTERACTION 


Aircraft-engine high-pressure turbines comprise one or two stages. The two-stage config- 
uration is longer and heavier but has a higher efficiency, and operates in a high subsonic to 
a low transonic flow regime. One-stage designs in the transonic mode often experience dis- 
tinct trailing edge shocks on the blades (Ahmad and Mirzamoghadam, 1999). Hence, the 
second stator can be either of the high-pressure turbine itself or inlet vanes for the low-pres- 
sure turbine. Rotating shocks can cause periodic flow separation and induce unsteady blade 
loads, and must be accounted for in forced response analysis. 

Hummel (2001) investigated the influence of a single-stage highly loaded transonic 
high-pressure turbine on the following low-pressure turbine vane analytically and exper- 
imentally. Two-dimensional Navier-Stokes simulations are carried out at midspan. 
Experimental work is done on a rotating cascade wind tunnel. Geometric parameters of 
the turbine stage are shown in Table 8.1 and stage configuration at midspan in Fig. 8.17. 
The vanes are provided with a coolant ejection slot on the pressure side. Tip clearance 
of the rotor is negligible because of an abrasion casing liner, and hence secondary flow 
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TABLE 8.1 Geometric and Operating Parameters 


of Turbine Stage 

Parameter Stator Rotor 
Axial chord, mm 29.86 27.45 
Tip radius, mm 274.00 274.00 
Inlet hub radius, mm 238.84 238.00 
Exit hub radius, mm 238.84 2395:31 
Aspect ratio at inlet 0.71 1.07 
Stagger angle 51.90° 32.71° 
Number of blades 43 64 


Trailing edge diameter, mm 1.18 0.90 


is unlikely to affect conditions at midspan. As a consequence, a two-dimensional analy- 
sis gives a good representation. Kulite pressure transducers, hot film gauges for bound- 
ary layer, and a laser velocimeter for the unsteady rotor flow field are used in the 
experiment. 

Turbulence is treated in the numerical computations by a split up eddy-viscosity trans- 
port model, with the transition point specified separately on the pressure and suction sides. 
Nonreflecting boundary conditions are employed at the inlet and outlet, with time-accurate 
coupling of moving and stationary grid interface by the sheared cell technique (Giles, 
1988). The ratio of number of vanes to blades is nearly 2/3, and so the pitch of the blade 
row is adjusted in the same proportion. 

Two vanes and three blades are represented by 100,000 mesh points in the compu- 
tational domain. Trailing edges of the airfoils are resolved by 50 mesh points. The 
resulting grid is shown in Fig. 8.18. At the inlet boundary the total pressure (131.7 kPa), 
total temperature (311.2 K), and flow angle (0.0°) are prescribed; and at the exit boundary 
the static pressure is 41.6 kPa. Inlet turbulence is fixed by a free stream value of eddy vis- 
cosity ratio of 1 x 10*. The transition points for the pressure side of both airfoils are set at 
the trailing edge. The stream tube thickness is evaluated from velocimeter data. 


Trailing edge 
coolant ejection 


FIGURE 8.17 Stage configuration at midspan (Hummel, 2001). 
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FIGURE 8.18 Computation grid entire domain (upper), detail at edges (lower). 


Figure 8.19 shows the comparison between measured and calculated pressure fluctua- 
tions at the measurement points on the rotating blade surface indicated in Fig. 8.17. Within 
the fluctuating pressure pattern two distinct superposed frequency bands are observed: the 
lower one is connected to the stator wake passing, the higher one is caused by the stator 
vortex street. The stator vortex street strongly influences the rotor inlet flow field. 
Figure 8.20 gives the Fourier decomposition of the pressure fluctuations on the rotor 
blades in the form of amplitude—frequency spectra. For all six positions the vane passing fre- 
quency of 5.66 kHz and its first and second harmonics are recognizable at the lower end of 
the frequencies. A second group of amplitude peaks related to the stator vortex street lies 
around 50-75 kHz. The vortex street causes a broad spectrum of frequencies, and is in agree- 
ment with observations by Sondak and Dorney (1999). This effect is caused by modulation 
of the time-periodic flow separation at the stator trailing edge by the unsteady pressure field 
of the rotating blades behind the stator. At a rotor-operating speed of 7894 rpm the circum- 
ferential average velocity is 280 m/s; so at the trailing edge Strouhal number Sr = fd/U for 
the frequency band of 50-75 Hz is between 0.2 and 0.3. 


292 COMPONENT DESIGN 


p (kPa) 


p (kPa) 


p (kPa) 


Calculation Kulite SS 
--m-- Experiment  x/c,x -= 0.05 


Calculation Kulite PS 
~ -@~-- Experiment X/cax r = 0.01 


p (kPa) 


Stator pitches Stator pitches 


Calculation Kulite SS 


--8-- Experiment X/cax = 0.26 


Calculation Kulite PS 
--Ħ-- Experiment y/o  =0.36 
ax, r i 


p (kPa) 


Stator pitches Stator pitches 


Calculation Kulite SS 


- -B - -Experiment XMCay =0.81 


Calculation Kulite PS 
~-8 -- Experiment x/Cag = 0.81 


Stator pitches Stator pitches 


FIGURE 8.19 Measured and calculated pressure fluctuations on rotor blade surface (Hummel, 2001). 


Besides pressure fluctuations, a vortex street also distorts total temperature in the wake 


of a blunt body, which becomes apparent from the first law of thermodynamics. Vorticity, 
defined by 


æ ðu 
ox dy 


is negative when shed from the vane suction side and positive from the pressure side. 
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FIGURE 8.20 Frequency spectra of pressure fluctuations on blade surface (Hummel, 2001). 


The distribution of the vorticity pattern indicates the suction side of the boundary layer at 
the trailing edge to be twice as thick as the one on the pressure side. However, vortices shed 
from the pressure side are more intense due to the steeper velocity gradients normal to the 
wall at the pressure side trailing edge. Departing from the rotating blade trailing edge, the 
wake interferes with the shocks to cause the evolution of the vortex street. The structure of 
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FIGURE 8.21 Wake—wake interaction behind rotor (Hummel, 2001). 


the vortex street is caused by the supersonic flow regime at this location, compared to the 
subsonic flow field at the stator trailing edge. 

Von Karman expressed the convective speed of the vortex centers in an incompressible 
and frictionless flow by u, = U — fl, where U is the free stream velocity, f the frequency of 
vortex shedding, and / the distance between two vortices on the same branch. Disregarding 
compressibility, the expression indicates vortices depart from blade trailing edge with a 
smaller convective velocity than the main stream from the stator wake segments. 

Figure 8.21 provides a schematic explanation of the wake—wake interaction process by 
suggesting a superposition of unsteady velocity components caused by rotor and stator 
wakes. In terms of unsteady velocity, the stator wake segment causes a negative jet struc- 
ture with counterrotating vortexlike structures on each side of the jet center. Blade streets 
are represented by lanes of vortices with alternating sense of rotation. Vortices marked by 
a “+” sign gain in strength and those with reducing strength by a “—” sign. The vortices meet 
in the contact area with the negative jet, and are reinforced if their unsteady velocity vec- 
tor in the contact region is in the same direction and are diminished if in the opposite direc- 
tion. This variation in the vortices leads to the destabilization of the vortex street and an 
increased mixing of the rotor wakes. 

Decay of the rotor wakes occurs with change in the axial position. Steady-state and 
time-averaged velocity profiles in the relative reference frame for the wakes may be com- 
pared at two different locations to analyze the influence of the periodic stator wake passing 
on the rotor wakes. The difference is caused by the rotor trailing edge shock, which is elim- 
inated in the time-averaged unsteady calculation. 


8.8 CLOCKING EFFECTS IN TURBINE 


Clocking, or indexing, refers to circumferential adjustments in the position of consecutive 
stator or rotor blade rows with the same airfoil count. Numerous studies have shown that 
the procedure yields a moderate increase in the efficiency of axial flow turbomachines. 
Stator clocking also alleviates the unsteady heat transfer rate that causes local hot spots fur- 
ther downstream. 

Mechanical risks in the form of increased forced response from upstream and down- 
stream rows at the same frequency are associated with clocking. Reduced airfoil count for 
downstream stages may also lead to manufacturing and mechanical design related prob- 
lems to force an increase in the number of airfoils in all stages. To match loading condi- 
tions, the latter stages may require increased chord, and hence, heavier airfoils. Optimum 
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FIGURE 8.22 Turbine test facility (Reinmoller et al., 2001). 


aerodynamic performance does not necessarily translate into an equally optimized mechan- 
ical design. Velocity triangles, wake profiles, and loading levels associated with the flow 
will generally not coincide for all the rows. Additional mechanical features may be needed 
to assure that the right clocking position is achieved to facilitate assembly. 

To mitigate the risk, the airfoil count, phasing, and forcing functions require careful 
evaluation. An increase in the axial gap between successive rows helps to reduce transonic 
force excitation. Rotating blades may be tuned to obtain vibration frequencies below the 
passing frequency of adjacent airfoils. Damping in the form of shroud at the tip can achieve 
lower vibratory stress in the blades. The identification of stator-to-stator and rotor-to-rotor 
indexed positions to provide maximized performance and durability of the turbine is the 
prime objective in the indexing method. 

Using a 1!/, stage axial turbine, an experimental investigation behind the first stator, 
rotor, and second stator of a turbine has helped to establish the optimized clocking posi- 
tion by minimizing the pressure loss behind the second stator (Reinmoller et al., 2001). 
For both stators vane profile, number of vanes, and stagger angle are identical (Fig. 8.22). 
Guide vanes at the outlet remove the swirl from the second stator. Untwisted airfoils are 
employed throughout the assembly, with stator vanes stacked about the trailing edge and 
rotor blades at the center of gravity line. Geometry and design data for the turbine are 
shown in Table 8.2. The mass flow rate is 7.2 kg/s, inlet temperature is 308 K, and pres- 
sure is 155,000 Pa. 

The second stator is clocked in steps of 1° in the range of 1 stator pitch (see Fig. 8.23) 
to receive data for 10 different stator positions. Three stator positions (4°, 7°, and 9°) are 


TABLE 8.2 Turbine Geometry Data 


Parameter Stators Rotor 
Tip diameter, mm 600 600 
Hub diameter, mm 490 490 
Radial height, mm 59 55 
Radial gap, mm — 0.4 
Aspect ratio 0.887 0.917 
Number of airfoils 36 41 
Midspan pitch ¢, mm 47.6 41.8 
Flow angle œ 20° 90° 
Relative flow angle B 49.3° 151.2° 


Rotor speed, rpm — 3500 
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FIGURE 8.23 Investigated clocking positions of second stator (Reinmoller et al., 2001). 


used to carry out unsteady flow measurements at 0°, 1°, 3°, 5°, and 7° positions. Relative 
to the trailing edge of a stator vane, the probes are placed at 25 circumferential and 25 radial 
positions to cover the whole passage between adjacent airfoils. Strong upstream potential 
disturbances from behind the rotor get shifted in the second stator in the circumferential 
direction as it is clocked. 

Analysis of the results is facilitated by shifting the measured data in accordance with the 
clocked second stator, so that the position of the second stator trailing edge is identical for 
all second stator locations. Radially averaged dimensionless static pressure and Mach num- 
ber behind the rotor are shown in Fig. 8.24 for five stator-to-stator relative positions. The 
formation of the pressure field in front of the second stator is observable, but a clearly iden- 
tifiable influence of the first stator cannot be detected. In contrast, the Mach number distri- 
bution shows a common minimum for clocking angles corresponding to the first stator 
wake. Contour plots of the local Mach number are given in Fig. 8.25. The flow field 
exhibits substantial differences in the magnitude of Mach numbers. The wake of the first 
stator is shown by dotted lines from the hub to the casing. 

The upstream pressure influence of the second stator appears at a fixed circumferential 
location between 2° and 0°. Consequently, the truncated wake of the first stator interacts 
mainly with this pressure field for clocking angles 0°, 1°, and 2°, where higher circumfer- 
ential gradients of the Mach number prevail. More homogeneous Mach numbers are 
observed at 5° and 6° clocking angles, where first stator wake segments reach the midregion 
of the second stator vane passage. Below the midspan, the influence of the rotor passage vor- 
tex is noticeable, appearing as a circumferentially stretched section at nearly constant radius. 

The thermodynamic efficiency and entropy production are calculated from the circum- 
ferentially averaged pressure and temperature measurements. Efficiency is given by the 
expression 


n(r) = ALO (8.17) 
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FIGURE 8.24 Static pressure (upper) and Mach number (lower) distributions (Reinmoller et al., 2001). 


where Tand p represent temperature and pressure, subscripts 2 and 1 indicate the second 
stator exit and first stator inlet, and yis the ratio of specific heats c,/c,. Figure 8.26 shows 
a comparison of the total relative efficiency for various clocking angles, indicating a clear 
advantage for the 0° position. 


8.9 STEAM AND AIR COOLING 


To achieve higher increased thermal efficiency of combined cycle power plants by increas- 
ing the inlet temperature of the gas turbine, a key feature is to maintain metal temperatures 
of blades and vanes below the allowable limits. Most gas turbines use air as a coolant, but 
alternatives such as water and steam have been studied (Fukuyama and Otomo, 1995; 
Corman, 1995). 

Toshiba Corporation and Tohoku Electric Power have selected steam as a coolant for the 
vanes and air for the blades for application in the 1500°C class 248 MW gas turbine provided 
with 17 stages to obtain 18:1 pressurization, with the first two stages having transonic blades. 


298 COMPONENT DESIGN 


lst stator wake 
structure 


Lower rotor 
passage vortex 


~ 


1 
1 
I 
! 
I 
! 
I 
t 
I 


l Leading edge 2nd 
— stator 


0 Clocking - angle 4° Clocking - angle 5° 


0 “Clocking - angle 8° Clocking - angle 9° 
FIGURE 8.25 Mach number contours behind rotor (Reinmoller et al., 2001). 
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FIGURE 8.26 Comparison of efficiency against clocking angle (Reinmoller 
et al., 2001). 


A variable inlet guide vane system enables surge control during start-up and improves part 
load performance. The single crystal alloy turbine blades are provided with three indepen- 
dent cooling channels, employing impingement and film cooling methods. To confirm 
cooling effectiveness, flow characteristics and metal temperatures, a combination of analy- 
ses and hot wind tunnel tests have been conducted. 

A dry low NO, combustor is used for emission control. The turbine has three stages, 
and cooling is employed in the airfoils except the last-stage blades. The first-stage vanes 
use steam for cooling, with some film air ejection. Second- and third-stage vanes are 
cooled by air extracted from compressor midstages. Cooling air for the rotating blades is 
extracted from the compressor discharge, then cooled externally before delivery to the 
blades. 

The design of the high-pressure steam-cooled vanes embodies the closed loop approach 
to obtain optimum flow of the coolant, maintain the right pressure differential between 
steam and gas, and minimize thermal stress. Figure 8.27 shows configuration details of the 
92-mm span height, 117-mm chord length vane. When high-pressure steam is adopted as 
the coolant, the steam must be confined to a small area in order to maintain the pressure 
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FIGURE 8.27 Configuration details of high-pressure steam cooled vane (Nomoto et al., 1996). 
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difference between the inside steam and outside gas. About 30 straight circular holes of 2 
mm diameter are arranged in the vane, with the hole pitch selected to obtain a nearly uni- 
form metal temperature. The inner convection cooling without impingement delivers 
enough effectiveness to permit the rather simple path for the coolant. Flow direction of the 
steam requires attention, taking into consideration the heat flow from the outside. Fresh 
steam enters on the suction side to flow from the tip to the root region. Next, the steam is 
collected in the root area and directed toward the tip area along the pressure side and lead- 
ing and trailing edges. In the final run it is collected to cool the outer end wall before flow- 
ing back to the recovery pipe. The enhanced features of the closed loop system control 
thermal stresses in the structure because of the steep temperature gradient. Two other coun- 
termeasures permit further reduction in thermal stresses. A cooling film ejected on the outer 
surface of the vane isolates the metal from hot gases in the vicinity, and thermal barrier 
coating on the vane reduces heat transfer because of its low heat conductivity. The turbine 
hot gas temperature is 1450°C and pressure is 1.8 MPa. The corresponding values for 
coolant steam are 435°C and 10.3 MPa. 

Steam at intermediate pressure from the reheater or exhaust from the high-pressure 
steam turbine may also be available to cool the gas turbine’s vanes. The design of the vane 
in this case has similarities with the air-cooled version, employing the impingement tech- 
nique and an inserted core (Fig. 8.28). Steam enters the tip area to the insert core at the lead- 
ing edge and is collected in the root area. It then flows to the insert core of the midchord 
region and is recovered at the tip. The trailing edge is cooled with air by using film cooling 
and blow-off holes in the area. 

In the rotating blades gas temperature is 1266°C and pressure is 1.11 MPa. The avail- 
able cooling air temperature is 410°C. Figure 8.29 shows a cross section of the blades. 
The coolant is supplied in the root region through three independent channels located at 
the leading edge, midchord, and the trailing edge. Cooling air impinges on the inner sur- 
face of the leading edge, flowing out in the form of a showerhead through four staggered 
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FIGURE 8.28 Intermediate pressure steam-cooled vane (Nomoto et al., 1996). 
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FIGURE 8.29 Air-cooled blade cross section (Nomoto et al., 1996). 


rows of exit holes. A five-pass serpentine passage is used at the midchord channel to 
enhance heat transfer by convection. Two rows of film holes are placed on the pressure 
surface and three rows on the suction surface. Turbulence is promoted in the channel by 
ridges leaning in the direction of airflow to improve cooling effectiveness. The trailing 
edge channel is a three-pass serpentine, with air flowing out of ejection holes into the 
gas path. 

The vanes, with inner and outer end walls, are made of a Cobalt-based superalloy by the 
precision cast method. Cooling holes are machined using the electrodischarge machining 
process. The cover plate and coolant supply and recovery pipes are welded after machin- 
ing of the cooling holes. Figure 8.30 shows the vane after final machining. 

Inner-cooling channels and exterior appearance of the rotating blades are shown in 
Fig. 8.31. The blades, also made by precision casting, are made of a Nickel-based single- 
crystal superalloy because of its superior high-temperature strength. The cooling holes 
are electrodischarge machined, and the dovetail and shank portions are machined. 


FIGURE 8.30 Steam-cooled vane after final machining 
(Nomoto et al., 1996). 
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FIGURE 8.31 Air-cooled blade (Nomoto et al., 1996). 


8.10 IMPINGEMENT COOLING ASPECTS 


Among film, impingement, and multipass passage cooling strategies employed in cooling 
aircraft engine turbines, several aspects of the impingement method are attractive. It is a 
more robust design than film cooling, has generally larger holes that have no surface in 
close proximity to the external flow, and is more suitable for regions prone to external 
deposition. A number of impingement holes may be fed from a single plenum rather than 
a duct with decreasing cooling potential, and hence achieve more uniformity of heat trans- 
fer when compared to a multipass system. 

Because of the wide range of possibilities, numerous combinations of geometric, 
aerodynamic, and thermodynamic parameters are employed. Impingement geometry is 
specified using: (a) ratio of hole diameter to thickness of plate, (b) ratio of channel height 
to hole diameter, and (c) orthogonal spacing of hole array. Each jet’s Reynolds number, 
ratio of velocities of the cross flow and impinging flow, and the Prandlt number describe 
the flow parameters. The Mach number is low enough to be of much concern. Nozzle 
geometry and shape of the cooling hole also significantly affect cooling capability. 

The term jet effectiveness expresses the influence of the impingement plate’s tempera- 
ture on the target plate’s adiabatic wall temperature. In studying the contribution of ther- 
mal boundary conditions to the overall heat transfer coefficient, Lucas et al. (1993) report 
that for a single confined jet, the impingement plate temperature has a significant effect on 
the target plate’s heat transfer for certain ranges of channel height and hole diameter. 
Recirculation in the channel provides a mechanism to thermally couple the impingement 
plate temperature to the target surface’s heat transfer. Gillespie et al. (1998) investigated an 
integrally cast impingement cooling geometry, where impingement air is vented through 
film-cooling holes. 

Heat transfer and flow characteristics of a cooling system have been investigated by Son 
et al. (2000) for a Rolls Royce aircraft engine. A similar geometry with a uniform array of 
holes is shown in Fig. 8.32. Impingement geometry ranges from 3.0 to 4.8 for x,/d, 3.75 to 
6.0 for y,/d, and 1.875 to 3.0 for z/d, where d is hole diameter, x, is measured in the stream- 
wise direction, y, along the span, and z along the channel height. A staggered array of uniform 
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FIGURE 8.32 Impingement cooling system with staggered hole array (Son 
et al., 2000). 


and nonuniform impingement holes are arranged in five columns along the span and six 
rows along the stream direction. Spent air exits from the streamwise downstream edge of 
the channel. Note that considerable variations in the local heat transfer coefficient, from a 
peak near the stagnation point beneath the jet to low values away from the jet, make the task 
of measuring cooling effectiveness in impingement systems a tricky proposition. 

A mesh heater equipped with thermocouples is installed in recessed tracks in the inlet 
plenum of the test rig. Inlet to the rig is at ambient conditions, and flow is sucked through 
the mesh heater placed 210 mm upstream of the impingement plate. Flow enters the cool- 
ing channel through the impingement holes, then exits to an exhaust plenum. Mass flow is 
measured with an orifice meter placed between the exit plenum and a vacuum pump. A gate 
valve upstream of the pump controls the flow rate for the sequence of tests. Pressure and 
temperature signals are monitored using an A/D converter and a multiplexer. For surface 
temperature measurements a coating of three narrow band liquid crystals is used to deter- 
mine local heat transfer coefficients on both plates. 

Distribution of the Nusselt number on the smooth target plate may be characterized by 
three zones: the stagnation area under each impinging hole that includes peak values of heat 
transfer, the wall jet area where high values for the number persist, and the mixing bound- 
ary between adjacent jets. Figure 8.33 shows Nusselt number distributions in the target 
plate with uniformly and nonuniformly sized impingement holes. The numbers are nor- 
malized with reference to conditions at the channel exit. Each x-direction grid line repre- 
sents the center of a hole, with the slight shift in the peaks downstream indicating the effect 
of cross flow. Stagnation values increase by increasing the local Reynolds number, but the 
effect is eliminated in larger holes. 

The effect of cross flow can be observed in the profile of the Nusselt number distribu- 
tion surrounding the stagnation region. On the upstream side of the stagnation point the 
curve falls more steeply than on the downstream side, where an attenuation in the drop at 
about 1.4 jet diameters from the hole axis is more pronounced. The attenuation may be 
attributed to transition from a laminar to a turbulent jet on the target surface. The decline 
on the upstream side is due to the rapidly decelerating flow in the region. In the mixing 
boundary area Nusselt values are of the order of 30 to 50 percent of peak heat transfer coef- 
ficients. A secondary peak in the region is due to action from adjacent jets, experiencing 
greater deflection downstream than the stagnation point in the presence of cross flow. 

Data from the liquid crystal images may be used to generate similar distributions in the 
spanwise direction. When the size of the holes is identical, the distribution is reasonably 
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FIGURE 8.33 Nusselt number variation: (a) uniform holes, (b) nonuniform 
holes (Son et al., 2000) 


uniform compared with the unequal-sized holes, and displays a trend to increase while mov- 
ing toward the exit of the array. Considering the footprint surrounding each jet, the effect of 
increased cross flow is to deepen the drop in the Nusselt number. A symmetric jet profile 
covers an increasing area moving away from the jet axis, and hence coefficient values at the 
axis counteract to increase the Nusselt number at the stagnation point. In the uniformly sized 
array of holes, the effect is to produce an approximately uniform variation throughout. In the 
unequally sized holes, the degradation of the jet’s footprint by the cross flow is not so strong. 
The drop in the Nusselt number to 70 percent occurs at approximately 1.6 jet diameter. 
Spanwise values of the Nusselt number show an increasing trend moving through the array. 
However, the total average Nusselt number for the two arrays turns out to be nearly the same. 


8.11 NOZZLE VANE DESIGN 


Improvement in the efficiency of a power plant can be realized by operating at higher tem- 
perature and with less cooling air. This can be obtained by introducing ceramics, of which 
the major attraction is their potential capability to operate at high temperatures and in cor- 
rosive environments that far exceed the capability of any conventional superalloy systems. 
Tokyo Electric Power Company has conducted a cooperative research program for an appli- 
cation of ceramics to a power-generating gas turbine (Tsuchiya et al., 1995). The first objec- 
tive of this program is to verify the adaptability of silicon-based monolithic ceramics to the 
combustor, the first- and second-stage nozzles, and the first-stage rotor of a 20-MW class gas 
turbine with a turbine inlet temperature of 1300°C. Combustion tests on the combustor and 
cascade tests on the nozzles are conducted under full-pressure (15 atm) and full-temperature 
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(1300°C) conditions. Hot spin tests are conducted on the rotor after confirming the validity 
of the design by cold spin tests and thermal loading cascade tests in a static test rig. 

A wide variety of silicon-based ceramics has emerged with potential as structural com- 
ponents in gas turbines. Silicon nitride (Si,N,) and silicon carbide (SiC) are currently 
regarded as the most promising candidates for gas turbine application. The available mate- 
rials represent a large family with wide property variations and different responses to the 
gas turbine environment. Silicon carbide is one of the leading candidates for gas turbine 
application because of its high strength, good oxidation, and resistance to wear at elevated 
temperatures. SiC also has extremely good creep strength and microstructural stability, and 
higher thermal conductivity than Si,N,. The major disadvantages of SiC when directly 
compared with Si,N, are its lower fracture toughness and lower thermal shock resistance. 
The low toughness of SiC is due to its low critical stress intensity factor and low fracture 
surface energy. The low thermal shock resistance of SiC is due to the combination of its 
higher thermal expansion and higher elastic modulus in comparison with Si,N,. 

Si,N, ceramics have excellent strength, toughness, and thermal shock resistance at tem- 
peratures below 1300°C, although they tend to degrade at temperatures above 1300°C. 
However, high-performance Si,N, ceramics that demonstrate little degradation of strength 
and excellent oxidation resistance up to around 1400°C have been developed recently. 
Therefore, Si,N, ceramics are considered to be the ideal material for the present case. 

The assembly construction of the air-cooled ceramic nozzle vane design and details of the 
cooling slits are presented in Fig. 8.34. A one-piece solid ceramic construction stress, the one- 
piece construction avoids the unknown factors at the contact surface of ceramics and prob- 
lems associated with gas leakage between ceramic parts, which might be a cause of their 
unexpected failure. Cooling air is introduced into the nozzle vane through impingement 
plates, which are located at the outside of inner and outer metal shrouds, and enters into the 
inside of the insert after cooling down the inner and outer metal shrouds. The inner surface of 
the ceramic nozzle vane is cooled by impingement and convection. The cooling air is dis- 
charged and mixed into the main gas flow through cooling slits located at the trailing edge of 
the ceramic nozzle vane. A hybrid construction was adopted with metal shrouds and a metal 
insert along with the ceramic part. To reduce the thermal expansion difference between these 
metal and ceramic parts, a metal insert of low thermal expansion Ni-base alloy is used. 

A thermal barrier coating is applied to the inner surface of the metal shrouds. To facil- 
itate the manufacture of the three-dimensional configurations of the vanes, the difference 
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FIGURE 8.34 Cooled ceramic nozzle vane (Tsuchiya 
et al., 1995). 
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FIGURE 8.35 Calculated temperature distribution — T, = 1500°C (Tsuchiya et al., 1995). 


between each adjacent airfoil cross section is minimized, resulting in a vane configuration 
with little twisting. In addition, for the leading edge of the airfoil where the heat flux tends 
to be quite high, a blunt nose configuration is adopted to keep its heat transfer coefficient 
as low as possible. The cooling slits located at the trailing edge of the nozzles are machined 
using the ultrasonic wave procedure. 

Figure 8.35 shows the calculated temperature distribution for a steady-state condition, and 
the corresponding stress distribution is given in Fig. 8.36. The maximum surface temperature 
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FIGURE 8.36 Thermal stress distribution — T, = 1500°C (Tsuchiya et al., 1995). 
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of a ceramic nozzle vane can be maintained below 1300°C as intended in the design. The 
maximum tensile stress is about 210 MPa, which is generated at either the leading or trail- 
ing edge portions on the inner surface of the outer shroud. 

During shutdown transients, the shroud remains relatively hotter than the airfoil section 
due to the volume effect. The temperature difference between the shroud and airfoil sec- 
tions results in the generation of thermal stresses that tend to be maximized at either the 
leading edge or the trailing edge on the inner surface of the outer shroud. It was found that 
reducing the shroud thickness is effective in reducing thermal stresses generated during 
emergency shutdown. To accommodate the situation, a trade-off between stress levels and 
structural integrity may be necessary. 

The evaluation of the design concept of the air-cooled ceramic nozzle vane is obtained 
from a series of intermediate pressure tests at 6 atm pressure condition. Although the full- 
pressure condition for the designed first-stage nozzle is required to be 14.9 atm, the lower 
pressure tests such as 6 atm allow an assessment of the validity of the air-cooled hybrid con- 
struction and the soundness of ceramics against thermal stresses that are induced by the steady 
state and transient conditions. The cascade testing equipment consists of the combustion air 
and cooling air systems, fuel, exhaust, and cooling waterlines. The test housing unit consists 
of the combustor basket, transition piece, inlet duct, ceramic vane cascade, and a casing in 
which these parts are contained. Mounted on the rear end of the casing is a window for an 
infrared radiation thermometer and a sight glass to observe the ceramic vane under testing. 
The cascade consists of four ceramic vanes and two metal dummy vanes at both ends. 

The combustion gas temperature and gas flow velocity simulate the full-load conditions 
of the designed ceramic nozzle vane. The tests are conducted in two steps, a steady-state test 
with normal shutdown and an emergency shutdown test. The most rigorous is the emergency 
shutdown test. Due to the immediate cutoff of fuel, the gas temperature drops at once from 
1500°C down to air temperature of nearly 400°C. Under emergency shutdown conditions, the 
ceramic vanes are suddenly cooled down and are subjected to severe thermal stresses. The 
tested nozzles are disassembled and each part inspected after a series of tests. Visual inspec- 
tion and fluorescence penetrant inspection are carried out for each part. 

Figure 8.37 shows the results of temperature measurement of the air-cooled ceramic 
vane under 6 atm and 1500°C conditions. The ceramic temperatures are measured at outer 
shroud and at 50 and 95 percent vane heights at the leading edge portion of the airfoil sec- 
tion. The ceramic temperatures are maintained below 1300°C as intended in the design. 
Thus, it is confirmed that the ceramic material temperature can be maintained below 
1300°C even if the gas temperature is 1500°C by utilizing a small amount of cooling air. 
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FIGURE 8.37 Measured temperatures — T, = 1500°C (Tsuchiya et al., 1995). 
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FIGURE 8.38 Temperature variation after emergency shutdown (Tsuchiya 
et al., 1995). 


Figure 8.38 presents measured ceramic internal temperatures at the time of emergency 
shutdown and the accompanying abrupt cutoff of fuel flow. 

After the tests each vane is disassembled and inspected by the fluorescent penetrant 
inspection. Even though no cracks are found for the air-cooled Si,N, ceramic nozzle vanes, 
the noncooled SiC ceramic nozzle vanes experience cracks. This is partly because the ther- 
mal stress generated in the SiC vane is higher by 30—40 percent compared with the Si,N, 
vane due to the difference in material properties, such as Young’s modulus, thermal expan- 
sion, and thermal conductivity. 


8.12 EXAMPLE PROBLEMS 


Problem 8.1 Explain the terms fatigue and limiting fatigue range as applied to mate- 
rials for turbomachinery components. How is the limiting fatigue range related to the 
mean stress during a load cycle? 


Solution Experiments indicate that an alloy may fail at a stress considerably lower than 
its ultimate strength in a normal tensile test if this stress is repeated a large number of 
times. The term fatigue is used for the effects of repeated load cycles on the material. If 
the limits of stress during the cycle are of the same sign, for example both tensile, the 
stress is said to be fluctuating. If the lower limit is zero, the term repeated stress is some- 
times used. Reverse, or alternating, stress implies limits which are numerically equal but 
opposite in sign. 

As the range of stress during the cycle decreases, the number of applications of the 
load required to initiate failure is increased. In the case of steels, it is found that for a 
given mean stress there is a limiting range within which failure does not occur; however, 
many cycles are applied. This is called the limiting fatigue range, and experiments 
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reveal that it is approximately equal to the range which the material can withstand for 
10 million cycles. For some nonferrous materials such a limiting range may not exist, 
and failures have been reported after 100 million cycles. 

The following parabolic relation has been suggested by Gerber on the basis of 
experiments: 


SS 2 
S = So MU avead 
where sọ = limiting fatigue range for zero mean stress, or alternating stress 
s = limiting fatigue range for mean stress fy, rave 
. . š © 
m = an experimental material constant. 


Problem 8.2 A certain alloy has an ultimate strength of 122.0 kpsi. The limiting 
range for alternating stress is +19.5 kpsi. Estimate the probable safe maximum stress for 
an unlimited number of cycles if the minimum stress is 17.2 kpsi. 


Solution The limiting fatigue range sọ = 2 x 19.5 = 39.0 kpsi. When f verage reaches the 
ultimate tensile stress, the range must be zero. Thus, s = 0 when fiyerage = 122.0, and sub- 
stituting in Gerber’s expression 


0 = 39.0 — m x 122.07 


or m = 0.00262. If f,,,, and frin are the upper and lower limits of stress during the load 
cycle, then froin = 17.2 ands = fmax ic = Imax 7 17.2. Also, Ssvietage = Joa + fnin)/2 = 


(fmax + 17.2)/2. Use these results in the Gerber expression. 


aax — 17.2 = 39.0 — 0.00262 x { (fina, + 17-2)/2}? 


ax 


or 
0.000655(f,a)? + 1.045( fina.) — 56.394 = 0 


Taking the positive root of the quadratic equation provides the probable safe maximum 
stress fax = 52-25 kpsi. 

Problem 8.3 Discuss the merits of various theories of elastic failure. A certain steel 
has a proportionality limit of 40 kpsi in simple tension. In a two-dimensional stress sys- 
tem the principal stresses are 15 kpsi tensile and 5 kpsi compressive. Determine the fac- 
tor of safety from the theories. 


Solution The greatest principal stress theory may be applied to most brittle materials 
such as cast iron. The greatest principal strain theory, on the other hand, holds little sig- 
nificance. The maximum shear stress theory is widely used for ductile materials, espe- 
cially for a rotating shaft experiencing a combination of bending and torsion. 

Experimental results on ductile materials tend to support the total strain energy the- 
ory, but are more in agreement with the Mises-Hencky criterion. The latter finds exten- 
sive usage for the design of mechanical components. 

The stresses are 0, = 15, 0, = 0, and © =—5. By the maximum shear stress theory 
the equivalent single tensile stress is s = 0, — ©; = 15 — (-5) = 20 kpsi, so the factor of 
safety is 40/20 = 2.0. The Mises-Hencky theory for combined stresses is 


2s? = (0, — œ} + (0, — 03)? + (0, — 0)" 
=(15+0)?+(0+5)? + (-5 — 15) 
= 650 


Hence s = 18.03 kpsi 
The factor of safety = 40/18.03 = 2.22 
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Problem 8.4 Describe the various theories put forward to obtain the failure criterion 
when a component is subject to a state of complex stress. Illustrate the situation for a 
thin-walled component subjected to perpendicular stresses of 12 kpsi and 5 kpsi, both 
tensile, assuming a Poisson’s ratio of v= 0.3. 


Solution Failure refers to the elastic breakdown and onset of permanent strain. The 
stress at which this occurs in simple tension may be assumed to be the limit of elastic 
proportionality. Consider a three-dimensional complex stress system, where the princi- 
pal stresses are O}, ©», and ©; in descending order, tensile being positive. 

The greatest principal stress theory postulated by Rankine states that failure occurs 
when this stress reaches the critical value s. Hence, in this case, s = 0}. 

The greatest principal strain theory of St. Venant considers the greatest strain as the 
relevant quantity. In this case the value is (using E for Young’s modulus) 


£ = 0,/E— 0, W/E — © VIE 
In simple tension, the strain is s/E. By equating the strains, the expression for stress is 
S= 0, -— 0,V—03V 

Coulomb’s maximum shear stress theory is based on the maximum shear stress on an 
interface being half the difference of the corresponding principal stresses, or (0, — 0;)/2 
for the complex stress system and s/2 when in simple tension. Hence, using this theory, 
0, — 03=5. 

Beltrami’s total strain energy theory may be explained as follows. Strain energy per 
unit volume due to a single direct stress is half the product of stress and strain, or o£/2 = 
0°/2E. Ina complex system the principal stresses and strains must be used. Since strain in 


the direction of o, in two dimensions is (0,/E — 0,V/E), due to 0, the strain energy per 
unit volume is 


[o, x(0,/E-0,V/E)V2 =(0;/2E-0,0,V/E) 
By extending this reasoning to three-dimensional conditions, the total strain energy is 
loi +02 +0} —2V(0,0, +0,0; +030; 2E 


In simple tension the strain energy is s?/2E, and this leads to the relationship 


0? + 03 + 0} — 2V(0,0, + 0,0; + 030) = 8” 


The Mises-Hencky theory is based on the quantity (0, — 0)? + (0, — 03} + (0; — 01), 
and the expression represents the shear strain energy. In simple tension the principal 
stresses are s, 0, and 0, so the corresponding expression is 2s?. The criterion then takes 
the form 


(0, — 0} + (0, — 03)? + (0; — 0,)? = 2s? 


In the numerical example, o) = 12.0 kpsi, o, = 5.0 kpsi, and ©, = 0. Using St. 
Venant’s principal strain theory, the equivalent stress in simple tension is 


s = 0, — KO, + 03) = 12.0 — 0.3 x 5 = 10.5 kpsi 
The total strain energy (Beltrami) theory gives 
s? = 07 + OF + 0}? — 2V(0,0, + 0,0; + 030) 
=12? +5? +0 -2x 0.3 x (12 x 5) = 133.0 
Hence s = 11.53 kpsi. 
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Problem 8.5 Discuss the different aspects of a cooled turbine design. 


Solution The aerodynamic design that requires the least amount of cooling air for a 
given cooling performance will be considered first. A commonly used parameter in 
establishing cooling effectiveness is the blade relative temperature, defined by the 
expression (T, — T.,)/(T, — Ta), where T, is the mean blade temperature, T, is the 
coolant temperature at inlet at the root radius r, and T, is the mean effective gas tem- 
perature relative to the blade (approximately equal to the sum of the static temperature 
and 85 percent of the dynamic temperature). Coolant temperature T.. is controlled by 
conditions at the compressor delivery, and increases with the pressure ratio. Industrial 
gas turbines have the option of using a water-cooled heat exchanger to reduce the 
coolant and blade relative temperatures. Up to four stages of a turbine may be cooled, 
with air extracted from earlier stages of a compressor to cool the later turbine stages. 
The cooled turbine also offers benefits in the form of a higher blade loading coefficient 
(permitting use of fewer stages), a higher pitch/chord ratio (reducing the number of 
blades in a row), and a higher flow coefficient (implying a blade of smaller camber and 
consequent reduced surface area). 

Another consideration of a cooled turbine is the effect on cycle efficiency from the 
incurred losses, and whether it is beneficial to sacrifice some aerodynamic efficiency to 
reduce such losses. The losses arise from the direct loss of turbine work due to the reduced 
mass flow, expansion of the gases not remaining adiabatic (including the negative reheat 
effect in multiple stages), loss in pressure and enthalpy from the mixing of spent cooling 
air with the main gas stream at the blade tips (but this is partially offset by reduced normal 
tip leakage loss) and work done by the blades to push the cooling air through the passages. 


Problem 8.6 Provide the procedure to estimate the cooling airflow required to 
achieve a specific blade relative temperature. 


Solution Consider the heat flow to and from an elemental blade length ô located a dis- 
tance / from the root. As the cooling air travels up the blade, it increases in temperature 
and becomes less effective as a coolant, hence the temperature increases from the root 
to the tip. Blade superalloys are low in thermal conductivity, so heat conduction may be 
ignored. Heat balance for the blade element is based on equality of loss on the gas side 
and gain on the coolant side. 


hS(T,-T,) =h ST,- 


where h, and h, are the gas and coolant side heat transfer coefficients, S, and S, are the 
wetted perimeters of the blade profile and combined coolant passages, and Ty and T, are 
the blade and coolant temperatures in the element. For an internal airflow of m, 
m¢,(aTJdl) = h SAT,- T.) 
The variation of mean blade temperature T, with / from the two conditions is 
obtained by eliminating T,. Noting that (dT,/dl) = —d(T, - T,)/dl, T, = T,,, and T, = T., 
at l = 0, the blade relative temperature is given by the expression 


(T, -T T,- Ta) = 1 - HA +h, SJh.S,) 


where k = h,S,L/{m,c,[1 + h,S,/hS,.)]}. Note that h, is a function of coolant flow 
Reynolds number and hence of? m, and m, also appears in parameter k. Thus, the blade 
relative temperature is dependent on m,. The heat transfer coefficient A, relies on the 
geometry of the cooling passage. For a straight path of uniform cross section the pipe 
flow condition is applicable, and calls for calculating the Nusselt, Prandtl, and 
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A 1310K 
B 1290 K 
C 1270K 
T, 1600 K 
T, 900 K 


FIGURE 8.39 Calculated turbine blade temperature 
contours. 


Reynolds numbers. Heat transfer coefficient h, requires data from cascade and tur- 
bine tests for a given blade profile. Figure 8.39 provides temperature contours in a 
turbine blade at midspan, where T, = 1600 K and T,= 900 K, indicating the diffi- 
culties associated with cooling at the trailing edges. Figure 8.40 shows some exam- 
ples of internal cooling arrangements. Two sources of cooling air are required, one 
from the high-pressure compressor bleed and the other extracted from an earlier 
stage. In the single and the multipass cooling designs the low-pressure coolant enters 
near the base of the platform, while the entry for the high-pressure coolant is placed 
below the fir tree dovetail. Discharge of the spent air is on the leading edge side for 
the low-pressure coolant and at the trailing edge for the high-pressure air. The film 
cooling method is employed more extensively in the multipass arrangement. 


Single pass cooling Five pass cooling 


FIGURE 8.40 Cooled turbine blades. (Courtesy: Rolls Royce Pic) 
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CHAPTER 9 
COMBUSTION SYSTEM 


9.1 INTRODUCTION 


Combustion in gas turbines describes the exothermic reaction of a fuel and oxygen in the 
air. A flame propagating through the unburned charge of air and fuel, and defining a rapid 
chemical change occurring in a thin layer, accompanies the combustion process. The defla- 
gration regime of combustion, requiring 1 x 10° s to complete 80 percent of the task, is 
marked by a luminescent flame front that may be viewed as an interface between the burned 
gases and the unburned mixture. The process is characterized by steep temperature gradi- 
ents and species concentration. Relative to the fresh air and fuel mixture, the burned gases 
are far higher in volume and temperature and lower in density, with the waves traveling at 
under 1 m/s. Instead of the flame (or combustion wave) spreading through a static gas mix- 
ture, it is usual to stabilize the flame to a steady condition by supplying it with a continu- 
ous flow of combustible mixture. In the detonation part of the combustion process, a shock 
wave connected with and supported by the chemical reaction zone propagates at velocities 
ranging between 1 and 4 km/s. 

Both physical and chemical aspects are embraced during combustion. This subject of 
physics includes mass and heat transfer, thermodynamics, and gas and fluid dynamics; 
while chemistry influences pollutant emission among the products of combustion, the heat- 
release rate, and radiation properties of the flame at high temperatures. In aviation applica- 
tions the chemical process also impacts lean light-off and flameout limits at high altitudes. 
Flames may be categorized as premixed type when the fuel and air are mixed before com- 
bustion and as diffusion type when the two components are diffused within the flame zone. 
The two flame types may also be described as laminar or turbulent, depending on the flow 
velocity. When burning liquid fuels, complete vaporization may not take place before 
entering the flame zone, resulting in a diffusion flame burning of fuel droplets superim- 
posed on a premixed turbulent flame zone. 

Engine specifications and efficient use of available space will influence the type and lay- 
out of the combustion chamber. Larger engines generally call for the air to flow nearly par- 
allel to the axis of the combustor, but in smaller engines the flow reverses direction in the 
annular system to provide compactness and closer connection between the compressor and 
the turbine. A tubular can form of construction calls for a cylindrical liner mounted concen- 
trically inside a cylindrical case, with between 6 and 16 cans arranged in an engine. The 
larger length and weight of the resultant assembly restricts their usage to industrial turbines, 
where relative simplicity and accessibility are of prime significance. Annular combustors 
have the liner inside an annular casing to give a compact design and a clean aerodynamic 
flow path with little loss in pressure. But the absence of radial load carrying members gen- 
erates buckling problems in the outer liner. Multican configurations with a group of between 
6 and 10 tubular liners arranged inside a single annular casing combine the compactness of 
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an annular chamber with the mechanical strength of the tubular type. The liner functions to 
contain the combustion process and to permit the circulation of cooling air in various zones 
in set amounts. Besides the pressure differential on either side, the liner must have thermal 
resistance to withstand continuous and cyclic operation at elevated temperatures. 

With conventional combustors, any modifications to alleviate the generation of smoke 
and oxides of nitrogen (NO,, most notably nitrogen oxide and nitrogen dioxide) will invari- 
ably result in increased levels of emission of carbon monoxide (CO) and unburned hydro- 
carbons (UHCs), with the reverse also being true. Regulating the amount of air entering the 
primary combustion zone through a variable geometry mechanism has been successful to 
a considerable extent in overcoming this problem. Larger quantities of air are admitted at 
higher pressures to obtain more complete combustion and to minimize the formation of 
soot and NO,. When the pressure is low, the primary airflow is restricted to raise the air-to- 
fuel ratio and to reduce the velocity, thereby improving combustion efficiency and lower- 
ing the emission of CO and UHCs. This feature is also helpful in initiating the combustion 
process during light-up. The variable geometry arrangement for controlling the flow of air 
calls for a complex control and feedback mechanism, adding to the cost and weight while 
raising reliability questions, but may be justifiable for larger industrial gas turbines. 

The concept of staged combustion attempts to achieve the same objectives by using two 
or more separate zones, each designed specifically to optimize certain features of combus- 
tion. The process may take the form of axial or radial staging. In the lightly loaded primary 
first zone, high combustion efficiency and minimized CO and UHC production are 
achieved by operating at a relatively high equivalence ratio @ of around 0.8, where equiv- 
alence ratio is defined by the actual fuel ratio divided by the stoichiometric fuel ratio. The 
primary zone, placed at the upstream end along the central axis of the chamber provides the 
temperature increase needed at low power settings up to idle speed. At higher power 
requirement, it acts as a pilot heat source for the main combustion region located down- 
stream in the axial staging version or at different radial distance from the pilot in the radial 
staging style. The second and subsequent zones are supplied with the fuel—air mixture of 
suitably adjusted equivalence ratio to all zones at varying levels of power setting. Staged 
combustion is extensively used in industrial turbines using gas fuels, achieving acceptable 
levels of pollutant emission. 

Pressure rise in axial-flow compressors heavily relies on flow velocity, so a high veloc- 
ity is required to minimize the number of stages. In many aircraft engines compressor dis- 
charge velocity may exceed 150 m/s, and it is not possible to burn the fuel in such a 
high-velocity stream. Prior to combustion, flow velocity is reduced to about a fifth of the 
compressor-discharge velocity by placing a diffuser between the compressor exit and the 
inlet to the liner. Essentially a diverging passage in which the airflow decelerates and veloc- 
ity head converts to increase the static pressure, the length of the diffuser is of significance 
to attain the twin objectives of maximum efficiency of the conversion process and of lim- 
iting the overall engine length. 

Aerodynamic processes play a major role in a combustion system. A primary objective 
of a good combustion system is to achieve satisfactory mixing within the liner and a stable 
flow pattern throughout, with no parasitic losses and minimal pressure loss. Inside the com- 
bustion liner considerable flow recirculation is essential to stabilize the flame, and maximum 
benefit must be derived from the cooling air along the walls. Mixing in the combustion and 
dilution areas is of significance. Proper mixing in the primary zone enhances the rate of 
burning, while also minimizing soot and nitric oxide formation. A satisfactory temperature 
distribution in the exiting gases relies on the degree of mixing of the air and the products of 
combustion in the dilution zone. 

Current emission regulations call for combustion efficiency in excess of 99 percent. 
Failure to achieve this level is objectionable partly because fuel is wasted, but more so 
because it is manifested in the form of excessive pollutants in the environment. For aircraft 
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engine combustors a design hallmark calls for it to be large enough to ensure an adequate level 
of combustion efficiency during engine restart at the highest altitude at which relight is 
required. After a flameout during flight, combustion efficiency in the 75 to 80 percent range 
is justified, because with the engine wind-milling the temperature and pressure of ambient air 
are low enough to affect the stability of the flame. The engine control system attempts to com- 
pensate by supplying more fuel to the combustor, preventing the flame to stabilize due to the 
overly rich air-fuel mix. As a consequence, the combustion efficiency deteriorates. 

Mechanical stresses in the combustor liner are relatively low when compared with other 
engine components; however, it is required to withstand high temperatures and consider- 
able temperature gradients. Commonly used materials for the liner such as Nimonic 75, 
Hastelloy X, and HS 188 are restricted to maximum temperature levels of 1100 K, beyond 
which the mechanical strength of nickel- and cobalt-based alloys rapidly deteriorates. Thus, 
innovative means of removing the heat from the liner walls must be provided. A sizable part 
of the heat is transferred from the hot gases contained within the liner to the liner walls by 
radiation. An effective barrier between the hot gas and the liner wall is created by the cool- 
ing air injected in regions that are primarily heated through internal radiation. Internal con- 
vection is difficult to estimate, because the hot gases are undergoing rapid physical and 
chemical changes, and the difficulty is compounded by the presence of considerable pres- 
sure and temperature gradients. A realistic model defining the airflow pattern, boundary 
layer development, and effective gas temperature thus faces substantial uncertainties. 
Among the many schemes employed to extract heat from a liner, film cooling calls for a 
number of annular slots placed at 40 to 80 mm intervals along the length, through which 
the coolant is axially injected along the inner wall of the liner. Other devices in the form of 
wiggle strips and rings of various profiles are used in film cooling to suit the conditions of 
pressure and temperature and of manufacturing ease. 


9.2 FUELS FOR VARIOUS APPLICATIONS 


Gas turbine liquid fuels may be split into two main groups. Lighter-weight high-performance 
aircraft engines require higher grades, while heavy duty industrial engines operate on a 
wide range of heavier and more easily obtainable fuels. Natural gas is now the preferred 
fuel for power plant and many other industrial gas turbines. Derivative aircraft engines for 
marine and industrial applications use modified combustion systems to enable them to burn 
commercial distillate fuels. 

JP-4 and JP-5 are used widely by the U.S. military for turbojet operations. JP-4 is a naptha 
fuel with vapor pressure of about 2.5 psi and aromatic content under 25 percent. JP-5 is a 
blended kerosene fuel, has a flash point of 140°F, and freezing point of —51°F. Airplanes 
operating at supersonic speed up to 3.5 Mach require thermally stable fuels. JP-7 and JP-8 
provide varying degrees of flash and freezing points, thermal stability, aromatic content, 
and flame luminosity. Commercial airlines rely on ASTM jet aviation turbine fuel. This is 
also a kerosene-based fuel with a flash point of 110°F and freezing point of —36°F. 

Atomization of liquid fuels into droplets with extensive surface area is necessary for igni- 
tion and combustion of liquid fuels, since they are not sufficiently volatile to produce vapors. 
The rate of evaporation is enhanced by reducing the size of the droplets. Forcing the fuel 
under pressure through an orifice aids in atomization. In a simplex atomizer, a swirl cham- 
ber is placed before the orifice, injecting into a spray cone angle of about 90°. Dual orifice 
atomizers have two swirl chambers, with a pilot injector located concentrically inside the 
main atomizer. At low fuel flow the pilot delivers all the fuel at adequate pressure. At a pre- 
determined pressure, a valve activates to let fuel flow through the main atomizer, permitting 
acceptable atomization over a larger range of fuel flow. Pressure-swirl atomizers can sustain 
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combustion at weak fuel and air mixture strength, but may get plugged by contaminants in 
the fuel, and have a tendency to form soot at higher pressures. Another concept calls for the 
fuel to flow at lower pressure over a lip in a high-velocity air stream, causing atomization by 
the air as it enters the combustion zone. When the liquid sheet at the atomizing stream is 
exposed to the high-velocity air on both sides, drop size is minimized to provide maximum 
contact between the air and the fuel. In this form of air-blast atomizers the airflow pattern 
controls the distribution of the fuel to reduce soot and exhaust smoke formation. However, 
the system has limited stability limits, and at startup a lack of air velocity leads to poor atom- 
ization. The problem may be controlled by combining the features of a pilot pressure-swirl 
atomizer to obtain easy light-up and improved stability limits. 

Gaseous fuels such as natural gas are comparatively easier to burn when the calorific 
value is higher. In multifuel engines, lower heat content fuels tend to take up more of the 
combustor mass flow and combustion zone volume to cause a mismatch between the com- 
pressor and the turbine. Gas fuel injection may be accomplished by using orifices, swirlers, 
slots, and venturi nozzles. 

Lean premixed combustion is the preferred method for controlling the pollutants in 
natural-gas-fired turbines, but as the system operates close to the edge of combustion sta- 
bility to reduce emissions of NO,, modest upsets in operating conditions or variations in 
fuel composition tend to have repercussions in the overall power-generating capability of 
the unit. Constituent concentration for natural gas available in the United States tends to 
average 93.9 percent methane with ethane, propane, and higher hydrocarbons rounding out 
the remaining composition at 3.2, 0.7, and 0.1 percent. But methane, ethane, and propane 
composition can approach values of 74.5, 13.3, and 23.7 percent, respectively. Such large 
swings pose a considerable challenge for the combustor to maintain optimal performance. 
As a consequence, delineation of the key phenomena is necessary to render the combustor 
insensitive to the variations. 

The effect of fuel composition on engine performance has been evaluated in a project 
conducted at the University of California at Irvine (Flores et al., 2000). A model combus- 
tor using a flexible injection system to provide radial jets, shown in Fig. 9.1, mimics key 
features of those found in practice. 
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FIGURE 9.1 Model combustor (left), fuel injection details (right) (Flores et al., 2000). 
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FIGURE 9.2 Fuel-blending system (Flores et al., 2000). 


Fuel is injected at multiple points to control flow split between three independent injec- 
tion circuits. Radial and axial injection from a centerpiece (labeled CB and pilot in Fig. 9.1) 
and wall injection from equally spaced holes (WJ) into the swirling air stream are provided. 
The firing rate for the system is 15 kW at 0.0093 kg/s, and the inlet air is maintained at 700 K. 
Exhaust emissions are analyzed by an integrated sampling and data acquisition system. The 
objective of the experiment is to obtain performance maps based on CO, NO,, and lean 
blow-off as a function of fuel characteristics. 

A comprehensive fuel-blending system combines natural gas, ethane, and propane in 
desired proportions (Fig. 9.2). 

Since methane constitutes the largest component (nearly 97 percent) in the natural gas 
used for the study, adding 15 percent ethane or 20 percent propane by volume has little 
effect of the same constituents present in the base natural gas. Four fuel compositions and 
their associated properties used in the experiment are shown in Table 9.1. 

Characteristics of the emitted gases indicate that fuel split between the centerpiece and 
wall injectors has little impact on NO, emission, but the presence of CO reveals increased 
levels under extremely lean conditions and at equivalence ratios exceeding 0.5. The pilot 
fuel contributes higher levels of CO and NO,, although lean blow-offs are not equally 
affected. The pilot nozzle injects fuel axially into the central recirculation zone, and this 
leads to a rich high-temperature core with limited mixing of the air and the fuel. A distinct 
improvement in performance is observed for cases without the pilot, with the response 
appearing in the form of ridges for a broad range of equivalence ratios, peak values being a 
function of the fuel split. Table 9.2 illustrates features of this behavior, together with reaction 


TABLE 9.1 Gas Composition and Properties 


Wobbe index“ Specific gravity Lower heat value 
Blend MJ/m? relative to air (LHV) MJ/m? 
Natural gas (NG) 44.3 0.576 33.6 
85% NG, 15% ethane 46.8 0.645 37.6 
80% NG, 20% propane 50.5 0.765 44.2 
Propane 70.1 1.523 86.5 


*Wobbe index = LHV/V(SG) 


322 COMPONENT DESIGN 


TABLE 9.2 Relative Emissions and Gas Composition“ 


Blend CO/COx¢ NO,/NO, ng TadiabaticnG, K 
85% NG, 15% ethane 0.54 1.25 1616 
80% NG, 20% propane 0.86 1.25 1620 
100% Propane 0.55 1.87 1637 


“Emission provided as ratio for baseline 100 percent natural gas (NG). 


temperatures. Average premixed temperatures are well below the 1900K threshold for NO, 
formation, suggesting local regions with higher temperatures. Peak temperatures also rise 
when natural gas is mixed with other components, indicating the reason for higher levels 
of pollutants. But the results are not indicative of the relative contribution of nonthermal 
mechanisms (for example, N,O path) suggested by Nicol et al. (1995). 

Pure methane gas has the richest lean blow-off limit, while pure propane offers the 
widest range of lean blow-off. With pilot fuel injection this range is broadened by enrich- 
ing the recirculation zone, but the overall performance deteriorates when compared with no 
fuel at the pilot. Without the pilot fuel, composition impacts the lean blow-off limit con- 
sistent with the reaction rate, indicating the presence of a kinematic mechanism to stabilize 
the reaction. 

The effects of chemistry from mixing are isolated by injecting the fuel well upstream of 
the inlet to the combustor to obtain fully premixed conditions. The resulting NO, and CO 
emissions are shown in Fig. 9.3 in terms of the adiabatic flame temperature. Lower NO, 
levels are achievable with improved mixing, but requirements for turndown, avoidance of 
flashback, and autoignition and robustness to fuel composition variability make a com- 
pletely premixed system less attractive than the controlled lean and rapid mix injection 
strategy. 

Gas turbines offer the flexibility of burning any petroleum-derived fuel, including unre- 
fined crude and residual oil. But turbine manufacturers place restrictions on excessive con- 
taminants such as sodium, potassium, calcium, sulfur, and other elements that contribute to 
deposits and corrosion in the hot-gas path. Deposits formed on turbine airfoils by contam- 
inated fuels can seriously impair the performance of a turbine through fouling and high- 
temperature corrosion. Oil-soluble and particulate elements may occur naturally in the 
crude oil, or may be introduced during storage, refining, and transportation. Solid matter 
such as sand, rust particles, and foreign objects can be effectively filtered out to 5 to 50 um 
size. Smaller sand particles, although chemically benign, may cause unacceptable erosion, 
and can be removed by centrifuging. 

Test data show that both corrosion and deposits can be successfully suppressed by addi- 
tives through change in the morphological nature of oil ashes. The ashes have the charac- 
teristic of being relatively nonadherent or easily removable. But the additives have the 
potential for high-temperature corrosion, and do not provide equal protective effects for all 
variations. 

Since many of the contaminants are water soluble, the water washing process is used to 
develop an emulsion containing most of these compounds after intimate mixing with the 
fuel. The emulsion must be broken from the fuel to separate the fuel from the water. Fuel 
washing systems generally remove about 90 percent of the entrained inorganic salts. 

Cost considerations play a major role in fuel selection for industrial gas turbines. 
Natural gas, petroleum distillates, refinery and chemical plant gases and liquids, and resid- 
ual fuel oil are some of the most common fuels. Natural gas, propane, and butane have dis- 
tinct advantages of burning readily in a small space with minimum smoke, possess 
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FIGURE 9.3 Concentration of emissions for fully premixed case (Flores et al., 
2000). 


low-flame luminosity, and generate negligible corrosive residues. Petroleum distillate 
fuels, available in negotiated specifications for gas turbines, are widely used for electric 
utility peaking plants. Distillate fuel combustion characteristics are good and mechanical 
atomization may be used without preheating the fuel (Sawyer, 1982). 

Turbine installations in steel mills burn blast furnace gas, a mixture of CO and N, that 
burns slowly and has bulk. Consequently, combustor design must have special features to 
account for the gas characteristics. 

Storage, handling, metering, atomization, and combustion are affected by a fuel’s prop- 
erties, and are discussed at length in ASTM specifications D-2880 and D-1655. Flash point 
provides an indication of the maximum temperature at which a fuel may be safely stored 
and handled without risking a fire hazard. Regional government agencies have a say in per- 
missible limits. The pour point determines the lowest temperature at which oil may be 
stored and still flow under gravity. Water and sediments in oil foul the fuel handling equip- 
ment, and are also detrimental to the turbine’s fuel system. Water is also responsible for 
corrosion of steel storage tanks and equipment, and may cause emulsion in residual fuels. 
The presence of carbon residue in a fuel approximates formation of carbon deposits in the 
combustor. Viscosity of a fluid determines how easily it flows and atomizes in the nozzles. 
When viscosity is too low the fuel cannot be pumped satisfactorily; excessive pressure 
losses in piping and poor atomization are consequences of high viscosity. Specific gravity 
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FIGURE 9.4 Effects of hydrogen content on liner temperature (Sawyer, 1982). 


does not directly affect the combustion of a fuel oil, but plays a role in the weight-volume 
relation and heating-value calculations. 

The hydrogen content of a fuel has a strong linkage with combustion in a gas turbine. 
Reduced hydrogen in a fuel enhances its aromatic content, resulting in soot formation and 
flame radiation in the combustor. Increased metal temperature and reduced life of the com- 
ponents are a direct consequence. Smoke is also created. Figure 9.4 shows the relation 
between the fuel’s hydrogen content and a temperature-related parameter for the liner. 

When fuels with excessive water, water-soluble dissolved alkali salts, or oil-soluble 
compounds of metals are encountered, equipment and processes are available to alleviate 
the problem. Water washing, chemical injection, heating, and chemical analyzing methods 
are widely used to protect the investment for gas turbines, running into several million dol- 
lars. Centrifuges present a well-known industrial process for separating, clarifying, and 
purifying liquids of different specific gravity and removing solids. Electrostatic systems are 
also available for water washing, calling for water emulsion between charged plates. 
Demulsifiers injected into a fuel stream are also well recognized in treating water and oil 
emulsions seen in the petroleum industry; flocculants are used to further remove oils from 
the effluent water. 


9.3 COMBUSTION PRINCIPLES 


The rate at which a combustion wave travels as a plane flame front in a direction normal to 
its surface through the flammable mixture is controlled by flame radiation (and hence tem- 
perature); local gas properties such as viscosity and diffusion coefficient; and the imposed 
variables of pressure, temperature, and air-fuel ratio (Lefebvre, 1999). This basic property 
of the combustible mixture establishes the rate of heat release and stability limits of the 
flame. A reproducible constant value for any fuel can then be used when the imposed vari- 
ables are fixed from the burning velocity, and approaches 0.43 m/s for stoichiometric mix- 
tures of many fuels at normal atmospheric pressure and temperature. The chemical reaction 
rate determines the laminar flame speed in premixed systems, which is governed by the 
equivalence ratio, temperature, and pressure. Turbulence appreciably increases the flame 
speed, but the manner and extent of its influence is not well understood. Increase in the burn 
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rate may be attributed to the wrinkling of the flame front by the turbulence by enlarging the 
specific surface area (Damkohler, 1947). 

Heterogeneous mixtures of fuel drops, fuel vapor, and air experience increased flame 
speed with reduced mean drop size until a critical value of about 60-70 um for kerosene- 
type fuels is reached, when the curve flattens. In finely atomized sprays the flame speed is 
less dependent on the evaporation rate, and is governed mostly by the chemical reaction 
rate. The flame speed also gains from the beneficial effects of the accompanying increase 
in the flow velocity due to increase in the turbulence intensity. Subsequent evaporation of 
the droplets requires simultaneous heat and mass transfer from the surrounding air or gas 
before diffusion back into the gas stream. 

The ignition of combustible mixtures relies on a transient ignition source, usually an 
electric spark, to supply sufficient energy to create a volume of hot gas that just satisfies the 
necessary and sufficient condition for propagation, so that the rate of heat generation 
exceeds the rate of heat loss. For an incipient spark kernel to survive and propagate unaided 
through a gaseous mixture, its minimum dimension should exceed a certain quenching dis- 
tance. A minimum level of ignition energy is needed to heat the smallest volume of gas to 
its adiabatic flame temperature, whose minimum distance equals the quenching distance. 
The ignition energy depends on pressure, velocity, turbulence, and mixture composition. 
When ignition is successful, combustion of the fuel vapor continues to produce heat, which 
diffuses outward from the kernel to raise the temperature and initiate combustion in the 
surrounding unburned mixture. The flame then spreads rapidly to all regions where the air- 
and-fuel mixture is in a combustible proportion. 

Spontaneous, or autoignition, can occur when a combustible mixture undergoes a chem- 
ical reaction that leads to rapid evolution of heat in the absence of a flame or a spark. In 
premixed combustors and other arrangements relying on mixing of air and fuel prior to 
combustion, spontaneous ignition may result in damage to the components while increas- 
ing pollutant emissions. The time interval between the creation of a combustible mixture 
and the onset of flame depends on fuel composition, method of fuel injection, and the pres- 
sure and temperature of the mixture. The continuing trend toward engines of higher pres- 
sure ratio requires increased attention to this phenomenon. Premixed combustion systems 
also experience flashback when the flame travels upstream from the combustion zone into 
the premixing part of the combustor. If the flame speed exceeds the approach flow veloc- 
ity, flashback can occur in the free stream or in the slower flowing boundary layer along 
the walls of the mixing section. Flow reversal in the bulk flow through the combustor as a 
consequence of compressor surge and instability is the prime cause of flashback in the free 
stream. Lean combustion tends to reduce the flame speed, but other factors of an engine 
cycle, such as elevated temperature, pressure, and turbulence level, can increase the flame 
speed. 

The adiabatic temperature of the flame, attained when the energy liberated by the chem- 
ical reaction is fully used to heat the products, plays a substantial role in the rate of reaction. 
In practice, however, some heat is lost by radiation and convection. At flame temperatures 
around 1800 K, dissociation of combustion products accelerates to absorb much heat. At low 
temperatures, combustion of a lean mixture produces only CO, and H,O, but at higher tem- 
peratures the products destabilize to partially revert to simpler molecular and atomic 
species and radicals, principally CO, H,, O, H, and OH. Considerable energy is needed to 
dissociate the components, thereby reducing the flame temperature. 

Reduction of NO, emissions to meet regulatory levels may be obtained by lowering the 
reaction temperature, which in turn calls for operating the combustor under fuel-lean con- 
ditions. The lean premixed, prevaporized concept introduces a uniformly lean mixture of 
fuel vapor and air into the dome region, burning the fuel in its vapor phase. The process, 
however, is prone to autoignition and flashback. In the lean direct injection method gaseous 
fuel is injected upstream of the reaction zone to reduce these drawbacks. 
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FIGURE 9.5 Lean burner injection system assembly (Leong et al., 
2000). 


Atomizing and vaporizing a liquid fuel for low NO, can be achieved with the lean burn 
injector (Leong et al., 2000). The injector, consisting of a fuel tube center piece, a swirler, 
and a venturi-mixing section, prepares a vaporized fuel-and-air mixture by injecting spray 
jets of fuel radially into a swirling cross flow. The jets are formed by air-blast atomization 
to permit high fuel turndown ratios, then ejected into the primary combustor dome. The 
swirling component of the mixture flow induces a recirculation zone to anchor the com- 
bustion process downstream of the venturi throat, which also aids in eliminating flashback. 
This concept may be applied to aero and industrial engines. An experimental evaluation has 
been conducted to evaluate the robustness of the design process, primarily at low-power 
conditions when low preheat temperatures and pressures may not fully atomize and vapor- 
ize the droplets before the mixture exits the mixing section. Figure 9.5 shows a schematic 
diagram of the injector assembly. 

Emission samples are obtained downstream of the throat where the bulk residence time 
of the combustion products is 8 x 10° s. The pressure difference within the assembly and 
the exhaust is used to drive the sample through a multiport water-cooled probe to yield 
area-weighted emissions across the combustor can. The gas sample then passes through ice 
water for a short duration in preparation for the analyzers to measure pollutant concentra- 
tions. Analog signals from the emission analyzer are then collected and processed to obtain 
a stationary temporal distribution. Gas flow rates in the test are comparable to the low- 
power regime of ground idle and subsonic cruise conditions. While the overall air mass 
flow rate is held steady, the fuel-air equivalence ratio (between 0.55 and 0.65) is changed 
by varying the liquid fuel flow rate. Two ambient pressure conditions of 4.0 and 6.6 atm 
and two air pressure drops typical of aeroengine combustors (4—7 percent) are used in the 
experiment. 

Table 9.3 provides results from the test. Minimum values for the pollutants occur for the 
lower level of 0.45 for the air-fuel equivalence ratio, and maximum values are reached 


TABLE 9.3 Measured Average Emission from Lean Burn Injector Combustor 


CO, ppm O, ppm NO, ppm CO ppm UHC ppm 


Max 10 12 117 153 2 
Min 5 8 24 7 0 
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FIGURE 9.6 Lean burner combustion efficiency (Leong et al., 2000). 


when the ratio is 0.65. The radial profile of the emissions then yields an area-weighted 
average, which is compared with calculated values at the corresponding equivalence 
ratio. Agreement is within 2 percent of predicted values for the 4.0-atm case, varying up 
to 15 percent for the 6.6-atm condition. Lean blow-out levels are 0.415 for the 4.0 atmo- 
sphere case and 0.39 for 6.6 atm, with pressure drops between 3 and 7 percent. 

Combustion efficiency and production of pollutants are prime indicators of the perfor- 
mance of the combustor. Efficiency is determined from the level of CO and UHC forma- 
tion. The lean burn injector combustion system displays efficiency levels above 99.90 percent 
for all conditions, as seen in Fig. 9.6. Higher efficiency is obtained for the 7—8 percent air- 
blast pressure drop condition than for the 3 percent case. NO, emissions are held at a low 
level because the reaction temperatures are held under 1800 K, so the exponential growth 
in NO, formation associated with the thermal mechanism is avoided. 


9.4 COMBUSTOR DESIGNS AND SELECTION 


Reduced pressure losses because of the relatively straight flow path of the gases and com- 
pactness in design make the annular combustor suitable for aviation engines. The annular 
configuration used on General Electric’s CF6 and GE90, Pratt and Whitney’s JT9D, and 
Rolls Royce RB211 engines has achieved high degrees of reliability in spite of increased 
operating pressures. Figure 9.7 shows an annular combustor for the CF6-50 engine. 

Can combustor designs call for cylindrical liners placed concentrically inside a cylin- 
der? From 6 to 16 cans were placed equally spaced around a central core casing in many 
early jet engines. The construction offered extra rigidity, but the extra length added to 
engine weight. Industrial turbines extensively use this combustor type because of accessi- 
bility and ease of maintenance. The MS3002 and MS5002 gas turbines are manufactured 
by General Electric Company for pipeline pumping applications (Feitelburg et al., 2000). 
The two-shaft engines have a high-pressure turbine to power the air compressor and a low- 
pressure turbine to drive the load. In the regenerative cycle configuration the hot turbine 
exhaust gas heats the compressor discharge air to nearly 900°F prior to combustion. A lean 
head-end combustor is employed on the engines to control emissions. A single-fuel nozzle 
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FIGURE 9.7 Annular combustor design for CF6-50 engine (Courtesy: General Electric Co.). 


centered at the inlet of cylindrical cans of 27 cm diameter produces a swirl stabilized dif- 
fusion flame. The walls of the can are louvered for cooling, and contain an array of mixing 
and dilution holes to provide the air required for completing the combustion, and dilute the 
burned gas to the desired turbine inlet temperature. Tighter spacing of the louvers helps to 
cool the regenerative cycle liners because the air temperature is higher. Six cans are pro- 
vided on the smaller model of the engine and twelve on the larger capacity engine. 

The combustor cans retain key features of conventional designs, the arrangement of the 
cooling and dilution holes being the primary difference (Fig. 9.8). The number, diameter, 
and location of the holes is optimized to bring down NO, emissions. An annular vortex gen- 
erator is mounted in the combustor cap around the fuel nozzle. A flexible seal at the down- 
stream end of the combustor liner fits into the transition piece. Crossfire tubes at the 
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FIGURE 9.8 Cylindrical combustor liner (leff), gas fuel 
nozzle (right) (Feitelberg, 2000). 
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upstream end are used to equalize pressure between the chambers and to propagate the 
flame upon ignition. By placing the mixing and dilution holes closer to the fuel nozzle, air 
is redistributed from the downstream end toward the upstream side to produce a more fully 
aerated diffusion flame. The technique achieves a reduced turbulent flame length while 
decreasing the amount of time spent in the stoichiometric flame zone, thus lowering NO, 
emissions. 

The laboratory test stand used in the development of the lean head end combustor is 
shown in Fig. 9.9. The inner liner is placed in a pressure vessel that is supplied with pre- 
heated, nonvitiated, oil-free air entering through a distribution plenum around the circum- 
ference. Air flows over a simulated transition piece and continues upstream toward the fuel 
nozzle, mimicking the reverse flow configuration of the turbines. The burned gas is sam- 
pled with an uncooled stainless steel probe to analyze CO, CO,, O,, NO,, and UHCs with 
continuous emission analyzers. Inside the combustor pressure is established with an orifice 
plate, with the backpressure cooled by a water jet sprayed into the exhaust gas. The sam- 
pling probe extends across the diameter of the duct, and has inlet holes equally spaced 
across its length to collect samples representing an integrated average across the duct. 

Results from the tests of the standard and the lead head end combustors for the regen- 
erative cycle MS5002 engine are shown in Fig. 9.10. NO, emissions from the regenerative 
cycle are considerably greater than for the simple cycle turbine due to the higher combus- 
tion air temperature and the subsequent stoichiometric flame temperature. The latter is a 
dominant factor controlling NO, emissions in diffusion flame combustors. Regression 
analysis shows that NO, emissions from the standard liner are proportional to P®°> and for 
the new design are P°°’, the difference being dependent on pressure P, and are within 
experimental uncertainty of the data. Scaling the data to a single pressure indicates that at 
base load conditions (combustor discharge temperature = 1006°C), NO, emissions from the 
lean head end design are 50 percent lower than for the standard version. CO emissions 
nearly double from 10 ppmv (dry) to 20 ppmv (dry) at base load, and for the diffusion flame 
combustors are insensitive to the total airflow rate and pressure. 

A number of steam injection techniques have been employed in gas turbine operation to 
increase power output and to reduce NO, emissions. Steam may be injected into the turbine 
wrapper, which, due to the reverse flow configuration of this machine, results in steam 
entering both the head end and the dilution zone of the combustor. Other options call for 
steam injection through the fuel nozzle directly into the head end of the combustor, or into the 
combustor casing with the jet directed toward the head end of the liner. However, customer 
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FIGURE 9.9 Test stand for combustion evaluation (Feitelberg, 2000). 
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FIGURE 9.10 Comparison of emissions measured in combustor tests (Feitelberg, 2000). 


acceptance for pipeline pumping applications is limited because of lack of required steam 
availability. The lean head end combustor liner design was developed by the manufacturer 
to reduce the NO, emissions without resorting to dilution injection. 

A catalytic combustion system has good potential for reducing NO, emission levels 
below conventional systems such as diffusion or premixed combustion. It also has features 
that enable burning of a variety of different fuels irrespective of specifications such as 
octane number or cetane index. In a project to develop a 100-kW ceramic gas turbine for 
passenger automobiles, a catalytic combustor that permits raising the outlet temperature to 
1473K has been investigated by Kaya (1997). When this catalytic combustor is installed on 
an engine, the required performance must be maintained over a range of conditions, from 
cold starting to steady-state operation. During the initial cold start the catalyst is not acti- 
vated and requires heating by other means. 
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A concept for direct heating to downsize the combustor and reduce warm-up time dur- 
ing a cold start has been proposed by Yoshida et al. (2000). A vaporizing tube to mix the 
gas and function as a starting burner is employed, with its effectiveness experimentally ver- 
ified. Furthermore, hydrocarbons, NO,, and CO emissions during engine start are reduced 
to achieve ultralow limits. 

Figure 9.11 illustrates the operating principle during cold start, transition, and steady- 
state cruise condition. A variable swirler, air-assist fuel nozzle, vaporizing tube, ignition 
plug, and three-staged catalyst constitute the major components of the catalytic combustor. 
The first-stage catalyst offers high activity at low temperatures, but can withstand elevated 
levels. The second- and third-stage catalysts offer even greater resistance to heat. Inflow 
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FIGURE 9.11 Catalytic combustor with starting burner (Yoshida et al., 2000). 
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ports are provided in the liner between the first two catalyst stages to allow gas flow into 
the high-temperature mixing zone in the event of excessively high swirl strength. The com- 
bustion gas is then forced to move toward the outer direction by its own momentum. A 
large amount of gas flows through the slit section, with the circulation passing through the 
first-stage catalyst and the vaporizing tube. Note that the high-temperature flame does not 
directly heat the first-stage catalyst. 

During start-up the cold air is swirled by the variable swirler, and then enters the vapor- 
izing tube. Spray from the fuel nozzle is ignited by the ignition plug to form a swirling 
flame in the starting burner tube. The first-stage catalyst is heated by the circulation of 
burning gas flowing in the mixing zone. Burning gases then flow through the subsequent 
catalyst stages, where the UHC and CO are burned through catalytic reactions. 

During the transition from start to steady state, the temperature of the catalyst rises 
rapidly and becomes active at ignition temperature. First, the catalyst temperature increases 
from the heat radiated by the second-stage catalyst. A heat exchanger may be available to 
recover exhaust waste heat. The starting burner’s flame, supported near the inner wall of 
the vaporizing tube, extinguishes by the increased atomizing airflow. The catalytic com- 
bustion is continued. The incoming vaporizing gas is heated by the reversed reacting gas 
from the first-stage catalyst, thus maintaining circulation in the vaporizing tube. Switching 
from the transition stage to a steady operating state is accomplished by adjusting the swirl 
strength of the combustion air. 

A conventional honeycomb catalyst made of Pd-Al,O;-cordierite with heat resistance 
up to 1273 K and high activity at low temperatures is used for the first stage. The second 
stage uses a honeycomb body made of aluminum titanate, capable of resisting 1773 K. 
Kerosene is used for fuel. Figure 9.12 provides details of NO, emission index between 
start-up and transition. 

Directionally solidified and single crystal superalloys have reached the point of appli- 
cation in engines for supersonic aircraft and industrial gas turbines where further gains in 
raising combustion outlet temperatures are not possible. In response to the drive to achieve 
combustion at temperatures that exceed the limits of durability of metallic materials, new 
materials such as intermetallic compounds and oxide-dispersed superalloys are being 
developed. 

Japan’s Research Institute of Advanced Material Gas-Generators has conducted a 
development program to apply ceramic matrix composite liners in the combustor (Nishio 
et al., 1998). Silicon carbide fiber reinforced by silicon carbide fiber is selected as the 
ceramic material for its excellent resistance to high temperatures and oxidation. Conceptual 
configuration of the combustor and liner, made using the filament winding method, is 
shown in Fig. 9.13. The winding technique permits adjustment of the orientation of the 
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FIGURE 9.12 NO, emissions index (Yoshida et al., 2000). 
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FIGURE 9.13 Ceramic matrix composite 
liner design (Nishio et al., 1998). 


fiber, making it easier to form a near net shape. The fiber has a carbon surface layer that 
becomes the interface laminating material, and is composited by the polymer impregnation 
and pyrolisis method. Polycarbosilane is used as the matrix precursor polymer. In a tensile 
strength at room temperature, the fiber orientation angle of the test piece is varied incre- 
mentally in the range of 0° to +82.5°. Combustor liner forming angle is between +22.5°. 
The tensile strength at 20° is determined to be 250 MPa. In separate tests reaching 1473 K, 
the material’s strength is found to be virtually unaffected by the temperature. Gas swirlers 
are made of TiAl. 

Thermal stresses are calculated with the aid of an axisymmetric finite element model. A 
spring connection is used to tie the liner with the swirler to relieve thermal stresses arising 
from the difference in thermal expansion rates between the two materials. Temperature dis- 
tribution in the liner’s axial direction and through the material thickness is established from 
a heat transfer analysis using heat boundary conditions estimated from the results of com- 
bustion tests of a metal liner. Material characteristics data used for the analysis are shown 
in Table 9.4. The swirler temperature is set at a constant 973 K. The finite element model 
is shown in Fig. 9.14. 

Steady-state maximum thermal stress is a little under 200 MPa, and occurs in the liner 
near the swirler tie-in, but peak stress is dependent on the spring constant, decreasing with 
a softer spring. In the outer liner the thermal stress peaks at 170 MPa and 146 MPa in the 
inner liner at material temperature of 1325 K. A shift in the combustion state from engine 
idle to design point and back to idle is used for the transient evaluation, with the heat bound- 
ary conditions varied in stages. The results of the heat transfer and thermal stresses are col- 
lated to focus on the center point on the region where the combustion temperature reaches 
a maximum and at the swirler tie-in. Peak circumferential stress occurs 9 s from the idle 
point during the shift to the design point, and is calculated at 108 MPa in the outside liner. 
The temperature differential between the liner’s exterior and interior surfaces is responsi- 
ble for the rapid build up in the stress level, although the maximum steady-state stress is 
not exceeded. 

To evaluate the applicability of the design a prototype liner made of the ceramic 
matrix composite material is subjected to a combustion test. Changes in the basic char- 
acteristics of the liner after the combustion test are observed for external appearance, 


TABLE 9.4 Material Characteristics 


Ceramic matrix composite 


Orientation TiAl 
Property Temperature (K) In-plane Normal Temperature (K) Magnitude 
Young’s modulus, Gpa 1273 100 50 973 150 
Poisson’s ratio 1273 0.16 — 973 0.3 
Thermal expansion 1273 4.30 6.9 973 11 
coeff., 10%/K 
Thermal expansion 1573 4.20 5.0 — — 
coeff., 10°°/K 
Thermal conductivity, 1273 — 1.59 — — 
W/m- K 
Thermal conductivity, 1573 — 2.34 — — 
W/m: K 
Specific heat, J/kg - K 1273 1.47 1.47 — — 
Specific heat, J/kg - K 1573 1.62 1.62 — — 


Test direction: in plane 


Test direction: through thickness 


Spring unit 
(k = 314 N/mm) 


FIGURE 9.14 Thermal stress analysis model (Nishio et al., 1998). 
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dimensions and weight. The shape and dimensions of the part preclude the use of nonde- 
structive techniques such as scanning by x-ray. A check of material strength from cut sam- 
ples is also ruled out since further tests for damage assessment are needed. The combustion 
tests are carried out using 0.5 kg/s fuel flow, inlet atmospheric pressure, gas temperature of 
798 K, air-fuel ratio of 30, and exhaust gas temperature of 1873 K. The liner’s internal sur- 
face temperature measured 1473 K. Combustion is repeated at 10 minute intervals, and the 
combustion and pause cycles are repeated 18 times, giving the high temperature retention 
time of 3 h. 

The inspection of the external appearance does not indicate abnormalities in the form 
of cracking or delamination. On the combustion side, the surface formation of an oxide 
layer is imparted with a bluish tinge. The liner’s diameter at the inlet and outlet ends, 
thickness, and overall length are measured at eight points along the circumference and 
are compared with the corresponding values before the test. Figure 9.15 shows the com- 
parison. Some degree of change is noted in practically all measurements, and is attrib- 
uted to undulations caused by the reinforcement fiber flux appearing on the surface. 
This causes variations in the circumferential direction. The undulations affect measur- 
ing precision by +1 mm, and lack of coincidence in the measurement locations before 
and after the test is considered to be double of this accuracy level to +2 mm. If the pre- 
cision figures are included, the variations fall within the measurement tolerance range. 
Hence, the deformation experienced by the liner during the combustion test is practi- 
cally negligible. The weight of the liner experienced a loss of 10 g, but here again most 
of the loss is attributable to the thermo-paint coating. From this short-term test using 
methane gas as the fuel to gauge the performance, the ceramic matrix composite mate- 
rial is determined to be satisfactory. 
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FIGURE 9.15 Dimensional changes from combustion test (Nishio et al., 
1998). 
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9.5 CONTROL OF POLLUTANTS 


All combustion processes generate exhaust gases composed of carbon monoxide (CO), car- 
bon dioxide (CO,), water vapor (H,O), oxides of nitrogen (NO,), oxygen (O,), nitrogen (N3), 
unburned hydrocarbons (UHCs), and particulate matter in the form of carbon. Because of 
their impact on people’s health and the environment, government agencies have passed 
aggressive rules to control emission of pollutants from turbines. CO is poisonous even in 
small quantities, UHCs are objectionable because of toxicity, NO, produces acid rain, and 
smoke and soot lead to visibility concerns. Of considerable interest is the formation of ozone 
(O,) in the troposphere above the earth by the pollutants. Recent research indicates a num- 
ber of respiratory problems are a direct consequence of excessive pollutants in the air. 
Carbon monoxide is formed when combustion of fuel occurs in the absence of sufficient 
O,. Combustion of a lean fuel mix may cause dissociation of CO, to form CO. Inadequate 
residence time in the primary zone, improper mixing of air and fuel, and chilling of the prod- 
ucts of combustion by cooling air near the liner walls are also responsible for incomplete 
combustion of the fuel and high concentrations of CO. Unburned fuel particles sometimes 
leave the combustor for the same reasons, when the parent fuel is degraded into other com- 
ponents of different molecular weight. Soot in the form of a fine powder is produced when 
recirculating burned gases move back toward the flame close to the spray. Local regions of 
the fuel vapor then are surrounded by oxygen-deficient gases at elevated temperature, and 
emerge from the combustor as smoke (Lefebvre, 1999). Soot and smoke formation becomes 
more pronounced at higher pressures. The chemical reaction rate tends to rise with increase 
in pressure, causing combustion to initiate earlier and a greater portion of the fuel to burn in 
the region near the spray. Fuel properties such as viscosity and volatility can also affect 
smoke and soot production because drop size, penetration, and evaporation are affected. A 
decrease in the hydrogen content of the fuel is known to raise smoking tendencies. 
Production of NO, occurs mostly in flame zones where the temperature exceeds 1850 K. 
Oxygen molecules in the air split up to combine with nitrogen rather than with the fuel to 
form NO, specially when the charge is fuel lean. Production of NO reduces at an exponen- 
tial pace as the flame temperature reduces. Liquid fuels tend to generate higher levels of 
NO, than gaseous fuels for the same flame temperature, but at higher temperatures this dif- 
ference is practically absent. Figure 9.16 illustrates the difference based on experimental 
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FIGURE 9.16 NO, variation with flame temperature (Snyder et al., 1994). 
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tests (Snyder et al., 1994). Air temperature at the inlet to the combustor plays a role, since 
it affects the flame temperature. Larger residence time within the combustion chamber 
tends to increase NO, emissions, except when the rate of formation is low due to consider- 
ably lean mixtures. Figure 9.17 provides data from results determined by Anderson (1975) 
for premixed air-fuel combustion. 

Gas pressure (P) increase tends to raise the formation of NO, in conventional combus- 
tor designs, being proportional to P”, where n varies between 0.5 and 0.8 (Maughan, Lutts, 
and Bautista, 1994). The relation is derived from test measurements of turbulent premixed 
methane-air flames at pressures from | to 10 atm, and equivalence ratios from 0.5 to 0.9. 
Oxides of nitrogen are also affected by the size of fuel droplet, depending also on the equiv- 
alence ratio (Rink and Lefebvre, 1989). Emission of NO increases with the size of the 
droplets at low equivalence ratio, mostly because local burn regions of high temperature 
develop around the larger drops. 

Reduction in the levels of CO and UHC can be achieved through more complete com- 
bustion of the fuel, which also has the advantage of raising the overall efficiency of the unit. 
Recirculation of the airflow to obtain better mixing of fuel and air with an equivalence ratio 
of 0.8 in the primary zone helps toward this objective. Restricting the amount of air for 
cooling of the liner surface in the primary zone also can be effective in reducing CO and 
UHC. Improved fuel atomization and increasing residence time in the primary zone are also 
factors for enhancing combustion efficiency. Soot and its accompanying smoke can be con- 
trolled by inserting more air in the primary zone to obtain better mixing. Exhaust smoke 
will then diminish by preventing formation of fuel-rich regions in the flame. 

One method to diminish temperature of the flame and consequent NO, formation in sta- 
tionary engines is by injecting water to extract combustion heat. Water or steam may be 
directed into the flame in the form of a spray from nozzles located at the upstream end of 
the combustor or through holes combined with the fuel nozzle. The water can also be intro- 
duced upstream of the combustion liner into the air stream prior to entry through the 
swirlers. If steam is to be used for controlling NO,, it may be introduced at the compressor 
discharge, in the upstream region of the airflow or into the combustion zone. The effec- 
tiveness of this procedure has been demonstrated for gas and liquid fuels on the General 
Electric MS7001F gas turbine (Claeys et al., 1993). Water injection provides better results 
when NO, emission rates are at a peak due to high operating condition pressures and tem- 
peratures. A larger quantity of steam is generally required than water to achieve the same 
level of reduction in NO, emission. 

But this procedure has disadvantages in the form of higher fuel consumption of about 
2 to 3 percent, and also adds to the initial cost of the system by $10-15 per kilowatt 
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FIGURE 9.17 NO, variation with residence time (Anderson, 1975). 
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(White et al., 1982). CO and UHC emissions may also be expected to rise as a conse- 
quence of reduced combustor performance. The purity of the water introduced into the 
combustor must also be taken into account to inhibit corrosion of the turbine blades. 
Oscillations in combustion chamber pressure have also been known to increase with the 
injection of water. 

NO, molecules can also be chemically reduced to nitrogen and water vapor by intro- 
ducing ammonia on a catalytic bed, and this is the underlying principle behind the selective 
catalytic reduction (SCR) method. Either alone or in combination with other techniques, 
SCR is a popular choice for NO, reduction. In a combined cycle unit the ammonia injec- 
tion system and catalyst bed may reside between heat exchanger circuits at a point where 
the temperature is within the window from 560 to 670 K for maximum efficiency. The 
method needs a control system to deliver the proper quantity of ammonia. 

The SCR procedure can introduce some potentially complicating factors. If the 
NO,—NH, reaction does not proceed to total completion, a small amount of NH, slips through 
the catalyst untouched, eventually escaping to the atmosphere as a hazardous air pollutant. 
When natural gas is the sole fuel, ammonium sulfate [(NH,),SO,] and ammonium bisulfate 
((NH,)HSO,] formation is not of concern, but problems can arise when dual fuel units are 
switched from gas to fuel oil due to the presence of sulfur. Reaction of ammonia with sul- 
fur trioxide (SO,) in the flue gas produces the sulfate and bisulfate compounds, which can 
foul and corrode turbine blades and other downstream components in heat exchangers. 
Problems of storage of ammonia in concentrations above certain levels at the site are also 
experienced due to toxicity issues. In spite of the demerits, the method finds favor among 
many turbine manufacturers. 

Since the flame temperature plays an important role in the production of pollutants, 
most emissions control mechanisms focus on constraining it within set limits. As indicated 
in Fig. 9.18, CO levels are low when combustion chamber temperatures exceed 1650 K, 
while the NO, production rate becomes objectionable beyond 1900 K. Hence, the range of 
1650 to 1900 K must be achieved for all power settings of the engine. Thus, a larger amount 
of air is required at the entrance to the combustor liner at full power to reduce the flame 
temperature. As the engine load decreases, more of this air must be directed toward the 
downstream end to dilute the burned gases and maintain the temperature above the low 
limit. Variation in the distribution of flow can be accomplished by employing variable area 
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FIGURE 9.18 Combustion zone temperature and CO, NO, (Lefebvre, 1999). 
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swirlers to change the flow rate into the combustion zone (Micklow et al., 1993) and variable 
air openings into the dilution zone (Sasaki, Kumakura, and Suzuki, 1991). However, the asso- 
ciated mechanism tends to be complex due to the need for feedback. 

Staged combustion is another technique toward the objective of holding combustion 
temperatures within the narrow limits. Instead of altering airflow distribution, fuel flow is 
switched from one zone to another (Bahr, 1987). Fuel is provided in stages to selected com- 
binations of injectors at various engine operation points. For example, in an aircraft engine 
combustor, every alternate injector may not be active at lightoff and at idle condition, but 
the full complement participates during cruise and takeoff. The equivalence ratio is then 
increased to raise combustion temperatures in local regions when the power output is low. 
Lean blow-out limits are also enhanced in addition to controlling CO and UHC pollutants 
by this modulating technique. But at the fringes of individual combustion regions incom- 
plete combustion has been noted to occur, reducing combustion efficiency and increasing 
pollutant formation. Also, the staged combustion process yields uneven temperature distri- 
bution of the gases around the circumference, tending to reduce turbine efficiency. Some 
manufacturers have opted to sacrifice some of the objectives, mostly concentrating on pri- 
mary zones to achieve the required temperature rise and CO and UHC emissions at low- 
power operation. At higher power output, the primary zone acts as a pilot to anchor the 
main combustion zone receiving the properly mixed air and fuel mixture. 

The equivalence ratio in the primary zone at low power is kept at 0.8, and 0.6 in both 
regions at high power to reduce NO, and smoke. 

Staging may be accomplished by placing the injectors radially or axially. Radial stag- 
ing achieves the performance targets in a larger diameter combustor without affecting the 
overall length of the engine, a consideration in weight and dynamics aspects of the rotating 
system. But the arrangement of fuel tubing and injectors becomes complex, lowers the lean 
blow-out limit due to the asymmetry in the airflow, shifts the radial temperature profile, and 
requires more cooling of the outer liner. Performance characteristics at intermediate power 
setting are also found to be below optimum requirements. Figure 9.19 illustrates the radial 
staging concept used in a General Electric Company’s CFM56-5B aircraft engine. 
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FIGURE 9.19 A radial-staged general electric combustion system (Bahr, 1987). 
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FIGURE 9.20 Axial-staged Pratt and Whitney combustion system (Koff, 1993). 


Axial staging of the fuel system calls for injection of some of the fuel in the primary 
combustion region, and the remainder, usually premixed, in the main combustion zone 
downstream. The primary injectors operate at low power settings, and aid in rapid com- 
bustion in the main zone at higher loads and speed. Axial staging offers more reliable and 
faster ignition, and combustion is more complete even at low equivalence ratios. A uniform 
radial temperature profile at combustor exit is available using dilution holes (Segalman et al., 
1993). But this in-line arrangement makes the liner and the engine longer. Figure 9.20 pro- 
vides details of an axial-staged combustor design from Pratt and Whitney Company for 
V2500-AS engine (Koff, 1993). 

Alternative methods to control the NO, are coming on the scene. One interesting 
process calls for injection of O, directly into the gas stream (Buecker, 2002). Because of its 
powerful oxidizing characteristics, O} converts NO and NO, into readily soluble nitrogen 
pentoxide (N,O,). This compound reacts with water to form dilute nitric acid (HNO,), 
which subsequently reacts with alkaline scrubbers such as limestone to produce Ca(NO,). 
A distinct advantage of this procedure is the absence of a catalyst, thus eliminating sub- 
stantial initial and periodic replacement cost. The process can also serve as a polishing 
device on units with other NO, control devices such as low NO, combustors. 


9.6 NO, FORMATION 


A combustion model is required to describe the interaction between turbulence and chem- 
istry to understand the formation of nitrogen oxides. Beginning with fast chemistry with- 
out the influence of turbulence, eddy currents may be modeled with simplified kinetics and 
then followed by the complex joint probability density function approach. A model of the 
flamelet for combustion simulation is advantageous because it offers a physically clear 
basis while offering easy implementation with a multidimensional computational fluid 
dynamics (CFD) code. In the flamelet model, the only parameter responsible for turbulence- 
chemistry interaction is the scalar dissipation, N, and the model equations can be solved 
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separately for use in the CFD code for estimation of flame properties. Chemical calcula- 
tions are detached from the hydrodynamics, and limits are not placed on the kinetic 
scheme. 

Based on the theory of Kuznetsov (1982), combustion in diffusion flames occurs in thin 
layers in the vicinity of nearly stoichiometric zones, where the gas temperature and the con- 
centration of radicals are mainly high. For nonpremixed flames the system of reacting 
species transport equation with mixture fraction Z as an independent variable is given by 
the expression 


N, == +R =0 (9.1) 


where N, = D(VZ)” is the scalar dissipation on the stoichiometric surface Z = Z,, C; is the 
mass fraction of the ith component, R; is the corresponding chemical source term, and D is 
the molecular diffusivity. Boundary conditions may be posed at Z = 0 (pure oxidizer) and 
Z = | (pure fuel), and averaging is needed for evaluation of mean values in the turbulent 
case. The equation can be solved for various values of N, as a parameter to determine the 
dependence of the NO, formation rate on mixture fraction and scalar dissipation, R(Z, N,). 
The data are created for different combinations of pressure, composition, and temperature 
in the range of operation. 

Flow field calculations using incompressible variable density are carried out using 
Favre-averaged Navier-Stokes equations for several characteristics (mixture fraction, 
kinetic energy). The resulting data are then used for modeling of formation of nitrogen 
oxides in the postprocessing mode. Turbulent stresses are approximated using appropriate 
viscosity values. A fast (equilibrium) chemistry assumption together with a bimodal prob- 
ability density function for the mixture fraction is used to determine heat release. Mean 
NO, formation is then estimated at every computational cell using values already 
determined. 


Mean pRyo, = | PRyo, (Z, N)p(Z, N)dZ dN (9.2) 


where p is the density and p(Z, N) is the joint probability density function of the mixture 
fraction and scalar dissipation. The NO, formation rate R depends on two opposing effects: 
temperature reduction and radical concentration increase with growth of scalar dissipation. 
Hence, fluctuations in scalar dissipation are not needed. Uniform velocity profiles are 
assumed in all inflow holes and slots, and scoop holes are treated as plain holes with a dis- 
charge coefficient of 1.0. 

Experiments have been performed on an installation fitted with a natural-gas-fueled can 
combustor of the type shown in Fig. 9.21 (Volkov et al., 2000) and modifications to lower 
NO, emissions tested. 

Air distribution along the liner is modified to generally make the head end leaner, and 
the data are used to validate the numerical procedure. Calculations are performed for a stan- 
dard and three modified operating regime parameters (1.06 MPa pressure and 616 K inlet 
air temperature). Table 9.5 provides comparison of the calculated and measured values of 
NO, formation. Absolute values of calculated NO, concentrations are lower than test val- 
ues, but the overall trend of change in the level is proper, so the relative reduction in NO, 
is reasonable. Inaccuracies in the prediction arise from limitations of the detailed chemistry 
and flamelet models. Available grid cells are not sufficient for a detailed description of the 
flow near the walls of the liner with air holes and cooling films, so the turbulent flow’s com- 
plexity inside the combustor needs refinement. 
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FIGURE 9.21 Test combustor layout (Volkov et al., 2000). 


9.7 EFFECTS OF SWIRL 


Lean premixed combustion offers the advantage of lower NO, emissions by reducing peak 
flame temperature at the fuel—air interface in traditional diffusion flame type of combus- 
tors. Fuel and air are mixed upstream of an arrangement to provide swirl to the flow for sta- 
bilizing the flame. Stabilization is achieved by transporting hot and chemically active 
combustion species from the downstream region to the root of the flame, creating a thermal 
nonuniformity between the recirculating hot gases and the cooler gases flowing from 
upstream of the swirler and the flame zone. The extent of nonuniformity is difficult to char- 
acterize in premixed flames, but can be expected to depend on combustor configuration, the 
degree and distribution of swirl and operational parameters. The nonuniformity influences 
the efficiency of the combustor and the NO, emissions level. 

Significantly different combustion characteristics can be obtained by altering the radial 
distribution of the swirl in a burner (Qi, Gupta, and Lewis, 1997). In a research project con- 
ducted at the University of Maryland, swirl flow direction in the outer annulus of a double 
concentric burner was observed while maintaining the inner swirl direction fixed. Each 
annulus may be given a desired degree of swirl, so the flame can have either coswirl in both 
annuli or co- and counterswirl between the inner and outer tubes. Premixed air-fuel mix- 
ture in the desired ratio may be admitted into any annulus or central nozzle of the burner 


TABLE 9.5 Comparison of Predicted and Measured NO, Levels 


Air at Measured Calculated Measured Calculated 
Configuration head (%) reduction (%) reduction (%) ppmvd ppmvd 
Standard 29.5 0 0 129 95.6 
Modification # 1 53.7 22.5 31.0 100 66 
Modification # 2 59.0 24.8 35.1 97 62 


Modification # 3 62.0 36.4 39.0 82 58.3 


COMBUSTION SYSTEM 343 


Annulus 1 


Annulus 2 


Central nozzle 


rN 
HAN 


Va 


i 


Swirler 


W 


FIGURE 9.22 Double concentric burner out- 
let region (Gupta, Lewis, and Daurer, 2000). 


(Gupta, Lewis, and Daurer, 2000). A 30° swirler for annulus # 1 and +50° and —50° swirlers 
for annulus # 2 are used to investigate flames produced from the change of swirl direction 
in the annuli. The arrangement with both swirlers having positive angles is referred to as 
producing coswirl flame, while angles of opposite directions have a counterswirl flame. 
Figure 9.22 provides a diagram of the burner outlet where the flame stabilization zone 
occurs, and Fig. 9.23 shows details of the swirling flow field and the regions of a swirl- 
stabilized premixed flame (Marshall, 1996). 

High-frequency temperature measurements are taken with a microthermocouple probe, 
with a wire diameter small enough not to cause interference on the flame’s structure while 
providing rigidity for the probe. At every location in the flame, the signal is amplified and 
digitized for a sampling time of 30 s to allow averaging over low-frequency temperature 
measurements and to assure a good statistical representation of the thermal field. Large 
variations in the temperature are present at any location in the flame. The sampling fre- 
quency used is 10 kHz, which is high enough to resolve small thermal time scales in the 
flame. Direct flame photographs taken during the tests provide data about the overall fea- 
tures of the flame and its stability. Negative images of the photographs determine the size 
of the flame in proportion to the burner. 

Raw temperature data have to be compensated for radiation losses and thermal inertia 
effects of the thermocouple. Radiation losses can be significant, particularly at high tem- 
peratures. Similarly, the level of fluctuations obtained without compensating the thermo- 
couple output can be considerable. Fluctuating temperatures are lower by as much as 250°C 
at some locations in the flame without compensation. Qi, Gupta, and Lewis (1997) provide 
a method for making corrections. The compensated mean temperature maps, shown in 
Fig. 9.24, display substantial differences between the left and right sides of the counter- 
swirling flame, with a flat hot shear layer present at the left side where temperatures 
exceed 1700 K. The shear layer on the right is steeper but comparatively cooler at about 
1500 K. The nonsymmetric behavior of the counterswirling flame is observed by compar- 
ing it with the coswirling map. In the postflame region large differences exist in the mean 
temperatures on both sides. The coswirling map tends to be wider with a long area of 
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FIGURE 9.23 Swirling flow field of premixed flame (Marshall, 1996). 


reduced temperature fluctuations. A thin but intense reaction zone in the counterswirl case 
causes nonsymmetrical fluctuations in a smaller area of the flame. But overall differences 
in mean temperatures between the two cases are not large. 

The temperature maps make it possible to locate the combustion area, the recirculation 
zone and the postflame region. Outside the shear layers the flame tends to show higher 
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FIGURE 9.24 Compensated mean temperature maps (Gupta, Lewis, and Daurer, 2000). 
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fluctuating temperatures than in the recirculation zone. The regions of low fluctuations are 
caused by continuous combustion, and represent pockets of burned gases within the recircula- 
tion zone. High temperature fluctuations outside the combustion zone are caused from mixing 
between the hot reaction products and the surrounding air, and suggest a stream of ambient air 
entrained toward the flame caused by the recirculation zone of the swirling flow field. Thus, 
the regions of high temperature fluctuations are outside the hot regions. Examination of the 
effects of swirl on the flame shape, mean and fluctuating temperatures can be useful in evalu- 
ating eddies present in the flame, which subsequently affect formation of NO,. 


9.8 DRY LOW NO, COMBUSTION SYSTEM 


Cogeneration systems using a gas turbine as the prime mover offer high total thermal effi- 
ciency. They are subject to strict NO, regulations since air pollution in major population 
centers shows no sign of improvement. Water or steam injection or SCR is widely used in 
gas turbines to reduce the emissions, but the methods tend to increase the operating cost. 
Lean premixed combustion offers a convenient method to reduce NO, emissions with low 
initial and running cost. 

Tokyo Gas has focused on the development of dry low NO, combustors for a cogener- 
ation system in the 1 to 4 MW output range (Sato, Mori, and Nakamura, 1996). Engine out- 
put is controlled by varying the fuel gas flow, thus eliminating the need for complex 
variable geometries for air flow control. The double swirler staged combustor uses tertiary 
premix nozzles located around the liner. Multistaged combustion offers the benefit of sus- 
taining stable combustion with flame temperature in a range under 1650 K. Figure 9.25 
shows the flow of air and gas in the double swirler combustor concept. 
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FIGURE 9.25 Double-swirler-staged combustor arrangement (Sato, Mori, and 
Nakamura, 1996). 


346 COMPONENT DESIGN 


Low mode High mode 


100 


Total fuel 


Fuel ratio (%) 


Engine load (%) 


FIGURE 9.26 Fuel gas supply schedule (Sato, 
Mori, and Nakamura, 1996). 


The primary and secondary premixing nozzles are placed coaxially with the radial 
swirlers. A pilot nozzle installed at the center of the premixing nozzles generates a diffu- 
sion flame rather than a perfect premixed flame, hence it stabilizes the flames at the other 
nozzles adequately. The swirlers generate swirling flows in the same direction. Four sepa- 
rate fuel lines lead to the pilot, primary, secondary, and tertiary nozzles. Figure 9.26 pro- 
vides the fuel supply schedule to the nozzles. The schedule is designed to provide constant 
air excess ratios for the pilot and primary nozzles over the whole engine operating load 
regime to generate stable combustion with low NO, emission. In the 0 to 30 percent load 
mode the schedule eliminates fuel supply to the tertiary nozzle to generate a lean fuel-air 
mixture with an excess air ratio of about 2.0 in the secondary nozzle, thereby igniting and 
oxidizing while directly contacting the stable combustion products of the primary and pilot 
nozzles. The flame temperature is low because of the excess air, producing practically no 
NO,,. In the high engine load mode up to 100 percent fuel is supplied to the tertiary nozzle, 
fuel flow to the other nozzles remaining constant at maximum levels. Excess air ratio in the 
tertiary nozzle is also high to reduce NO, formation substantially. 

Operating conditions and target performance of the combustor are shown in Table 9.6. 
Target NO, level is 9 ppm at engine load between 50 and 100 percent, the normal operating 
range of gas turbines for cogeneration. At less than 50 percent load the target is 25 ppm. These 
target levels convert to 3.0 and 8.3 ppm under atmospheric pressure, assuming the general 
relationship that NO, emission is proportional to the square root of operating pressure. 


TABLE 9.6 Operating Conditions and Target Performance 


Inlet air pressure 0.91 MPa 
Inlet air temperature 640 K 
Full load outlet gas temperature 1473 K 
Full load excess air ratio 2.7 
Fuel, LHV Natural gas, 41.6 MJ/N-m? 
NO, target: 0-50% load <25 ppm (15% O,) 
50-100% load <9 ppm (15% O,) 
Combustion efficiency target: 0-50% load >95% 
50-100% load >99% 


Pressure drop 3% 
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A schematic representation of the test facility is shown in Fig. 9.27. Air is preheated 
and rectified before introduction into the test combustor. The natural gas used in the test 
is 89 percent methane, with ethane, propane, and other hydrocarbons forming the rest. 
Combustion exhaust gas is sampled with a five-point water-cooled probe positioned down- 
stream of the exhaust, then introduced into the gas analyzer. O, is analyzed by a magnetic 
analyzer, CO and CO, with a nondispersive infrared analyzer, NO, with a chemilumines- 
cence analyzer and UHCs with a flame ionization detector. Temperature distribution at the 
combustor outlet is measured in the same plane as the gas-sampling probe at 24 positions 
to obtain an acceptable pattern factor. Total flow rate of the process air is calculated from 
exhaust gas composition and measured fuel flow, and flow rate to each nozzle assumes a 
split proportional to the open area of the respective air nozzle. 

The charts of Fig. 9.28 provide performance characteristics of the combustion system, 
showing the effects of excess air ratio and corresponding engine load on NO,, CO, UHCs, 
and combustion efficiency. Engine loads of 100, 50, and 0 percent are associated with 2.7, 
3.9, and 6.8 of excess air ratio Ae. The NO, level is considerably influenced by the 
high/low engine load. In the low mode, when A is between 5.0 and 7.0, the NO, holds 
steady at 5 ppm. The secondary flame produces virtually no NO, in this range. But a sharp 
increase is observed when A, decreases from 5.0 to 4.0, with NO, level reaching 8 ppm. In 
the high mode, the additional tertiary fuel with its sufficiently high excess air produces 
lesser NO,, dipping under 2 ppm when A is 3.3. Thus, a higher excess air ratio helps to 
curtail thermal NO, production. 

Combustion efficiency reaches a low value of 95 percent during the low mode engine 
operation for A,,, = 6.2, with a corresponding increase in UHC formation. The efficiency 
curve recovers, as excess air ratio reaches a maximum. Combustion efficiency and CO and 
UHC emissions at maximum 4,,, are affected by the combination of pilot and primary 
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FIGURE 9.27 Schematic diagram of test facility (Sato, Mori, and Nakamura, 1996). 
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FIGURE 9.28 Combustor performance characteristics (Sato, Mori, and Nakamura, 1996). 


FIGURE 9.29 Double-swirler-staged combustor design (Sato, Mori, and 
Nakamura, 1996). 
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flames. A similar drop in combustion efficiency occurs in the high operating engine mode 
when À, increases from 4.0 to 4.6, where the tertiary flame plays the same role as the sec- 
ondary flame does in the low mode. Considering that the pilot burner is designed for a sta- 
ble diffusion flame, the majority of CO and UHC is originated in the primary flame. Unlike 
the pilot, the primary flame mixes directly with the secondary airflow, so the swirling pri- 
mary flame has a limited residence time and results in high emissions of CO and UHC. The 
relatively simplified geometry of the double-swirler-staged combustor designed to operate 
at standard atmospheric pressure is shown in Fig. 9.29. 


9.9 CATALYTIC COMBUSTOR 
FOR UTILITY TURBINE 


The SCR method is useful in chemically reducing NO, to nitrogen and water vapor; how- 
ever, the costs associated with heat rate deterioration due to diluent injection and the capi- 
tal and operating costs for the required systems make it financially unattractive for 
application in combined cycle and cogeneration power plants incorporating gas turbines. 
Direct catalytic combustion offers good potential for reducing formation of NO,, CO, and 
UHC in tests carried out at General Electric for model MS9001E gas turbine (Dalla Betta 
et al., 1996; Schlatter et al., 1997). The design calls for partial reaction of fuel-air mixture 
within the catalytic reactor to generate a gas temperature of 800—1000°C at reactor exit. At 
this temperature in the reactor, the catalyst can include precious metals, and the substrate 
may be cordierite or metal. 

The combustion system design (Fig. 9.30) requires a preburner, fuel and air preparation 
system, catalytic reactor, and a combustion liner downstream of the reactor. The preburner 
carries machine load at conditions when temperature levels do not allow satisfactory cat- 
alytic combustion, and also preheats to achieve catalytic reactor ignition at high loads. 
Catalytic staging initiates at turbine inlet temperature of 700°C when the main fuel injec- 
tor activates. The fuel and air preparation system provides the components and preburner 
products to the reactor bed at a uniform strength, pressure, velocity, and temperature. 
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FIGURE 9.30 Catalytic combustion test rig (Schlatter et al., 1997). 
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The catalytic reactor promotes oxidation of hydrocarbons and CO for lean mixtures at 
adiabatic flame temperature below the threshold for thermal NO, formation. Combustion 
initiated by the catalyst is then completed by homogeneous burning in the postcatalyst 
region where high temperatures are obtained. Catalytic reactor technology developed by 
the manufacturers gives a bed for full fuel and airflow required for maximum power, while 
avoiding exposure of the catalyst to high temperatures that may damage the supporting sub- 
strate. Use of ceramic catalytic materials maintains the catalyst surface below the adiabatic 
combustion temperature. Advantage is taken of the palladium oxide in catalyzing methane 
oxidation, while metallic palladium is appreciably less active (McCarty, 1994). Palladium 
has the unique thermodynamic characteristic of oxidizing and reducing. Depending on 
pressure, the oxide decomposes to the metal between 780 and 920°C. The reactor consists 
of three separate catalyst stages, with the stages formed by corrugating and foiling metal 
foil to constitute a channeled monolithic structure. Active ceramic material is coated on the 
foil. The stages are supported in a reactor container by large cell honeycomb structures 
made of Hastelloy X. 

Experimental data are obtained over a range of conditions from full speed without load 
to base load of the engine. Combustor discharge temperature ranges from 543°C at no load 
to 1195°C at base load. Reactor operation is started by heating the system with the pre- 
burner, then turning on the main fuel flow to provide a smooth light-off of the reactor with 
a uniform temperature profile across the face. 

Figure 9.31 shows measured pollutant emissions data corresponding to ISO ambient 
with 15 percent oxygen concentration for average combustor temperatures at the nozzle 
box. The peak NO, value of 55 ppm in the 519-626°C range results from the diffusion 
flame in the preburner when no fuel is delivered to the main burner and the catalyst. As the 
combustor is taken to higher exit temperatures, fuel is shifted to the main fuel injector. NO, 
levels drop to a less-than-desirable 11 ppm, mostly due to the need for higher temperature 
in the preburner to keep the catalytic reactor fully active. Introduction of steam into the pre- 
burner zone lowers the NO, to 3 ppm. These data are consistent with existing data for NO, 
suppression by steam injection for diffusion combustors using natural gas (Touchton, 
1984). At base load the catalytic reactor fuel is about 80 percent of the total, indicating 
essentially no NO, production by the reactor. 

CO emission shows a similar trend, peaking to 3200 ppm at 930°C during preburner only 
operation, when catalyst staging is in a transient condition between no load and base load. 
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FIGURE 9.31 NO,, CO, UHC Emissions (Dalla Betta, 1996). 
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Combustion temperature rise subsequently transfers to the catalytic combustor. At base 
load the reaction temperature is noted at 1196°C, when CO emission falls to a minimum 
value of 10 ppm. Preburner exit temperature must be maintained at a high enough level to 
keep the catalyst fully active. Considerable scatter is noted at the base point, mostly due to 
sensitivity to the preburner exit temperature. UHC emissions show a major peak at 800°C 
during preburner fuel operation, reducing to negligible levels at 1200°C. At the simulated 
base load operating point with preburner exit temperature at 563°C, the overall combustion 
of fuel to equilibrium combustion products is greater than 99.99 percent. 

Dynamic pressure measurements indicate that the catalytic combustor system experi- 
ences oscillations lower than in conventional combustors. The maximum discrete peak has 
a magnitude of 0.00173 MPa at a frequency of 252 Hz, and occurs during steam injection. 
Maximum overall root-mean-square (rms) noise level of 0.00836 MPa also occurs at the 
same time. Without steam injection the dynamic pressure measures about 20 percent less. 
Combustor exit temperature distribution factor, defined by the ratio of maximum variation 
from the mean to the overall combustor temperature, is 0.138. Preburner exit temperature 
nonuniformity contributes substantially to this variation. The tests indicate improvement in 
the structural integrity of reactor, with the diameter experiencing minimal distortion after 
several hours of operation. 


9.10 ACOUSTIC RESONANCE 


Combustion of the air and fuel mixture is accompanied by noise directly as a conse- 
quence of the process and indirectly due to the flow of burned gases through the turbine 
and exhaust nozzle. Combustion noise can become detrimental when instabilities aris- 
ing in the burning process couple with acoustic modes inside the chamber. The natural 
frequencies of the combustor can be excited by resonant pressure waves in the main gas 
flow along the axial and radial directions, as also by lateral modes in the tangential 
direction (Paxson et al., 1995; Ohtsuka et al., 1998). Sustained oscillating phenomena 
due to a higher level of mixing of the fuel and air prior to combustion lead to engine 
noise and vibration problems. 

Premixed combustion in gas turbines helps produce low levels of NO, emissions, but 
practical application of this concept is limited by self-excited combustion oscillations. 
When operation in a lean, premix combustor is close to the flammability limit, slight 
changes in operating conditions can lead to sudden flame extinction or to excessive CO 
emissions. In addition to static stability, lean premix combustors must achieve dynamic sta- 
bility, meaning the combustion must not oscillate. Oscillation must be eliminated in a com- 
bustor design because the associated pressure oscillations tend to have life shortening 
consequences (Richards and Janus, 1997). Figure 9.32 shows cracks experienced in a tran- 
sition piece due to excessive acoustic oscillations. Operation near the lean limit is especially 
prone to oscillation problems, where minor variations in fuel-air ratio lead to appreciable 
variations in combustion reaction rate. When these variations in the reaction rate couple with 
the acoustic modes, significant pressure oscillations occur, with frequencies ranging from 
hundreds to a few thousand Hertz. 

The task of studying and eliminating combustion oscillations in a gas turbine is com- 
plicated by the specific acoustic response of a combustor’s design. The combustion process 
interacts with the acoustic field, leading to instabilities. Rapid changes in air and fuel sup- 
ply and aerodynamic disturbances may lead to the instability because of a sequence of 
extinction and reignition of the flame in parts of the combustor. If the heat release rate does 
not take place uniformly and periodic spikes occur, acoustic waves of the same frequency 
may be expected in the combustion zone. Reflection from the liner causes pressure waves 
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FIGURE 9.32 Acoustic oscillations damaged transition piece (Lieuwen and 
McManus, 2002). 


to be returned to the combustion zone after a time delay, and the waves are reinforced when 
the heat release and pressure wave peaks coincide. As defined by Lord Rayleigh’s criterion, 
oscillations set in when changes in heat release are in phase with acoustic pressure distur- 
bances. Conversely, oscillations are dampened when heat-release fluctuations are out of 
phase with pressure fluctuations. This criterion serves as the cornerstone for the develop- 
ment of combustion oscillation analysis. Variation in heat release results from changes in 
flame structure produced by acoustic pressure disturbances. Time delay between pressure 
disturbance and heat-release variation determines the phase and, consequently, the stabil- 
ity of the system. 

Based on these observations, lean premix combustors can be characterized by a simple 
time-lag approach. Figure 9.33 shows for a specific case a schematic diagram of the impor- 
tant processes, where a sinusoidal pressure disturbance produces a sinusoidal variation in 
airflow 180° out of phase with the pressure. 
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FIGURE 9.33 Flow characteristics during acoustic oscillation (Richards and Janus, 1997). 
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Time lag T is estimated from the distance between the point of fuel injection and the 
flame front divided by average axial velocity, or 


T= (L+L Wye (9.3) 


where L is the distance from fuel injection point to nozzle tip, L’ is the distance of nozzle 
tip to flame front, and U,,, is the average velocity of the air-fuel mixture in the nozzle. 

A positive pressure fluctuation in the combustor produces a momentary decrease in air- 
flow. If the fuel supply is choked, rate of fuel flow will not change with pressure variation. 
Thus, the reduced airflow will receive a proportionally higher amount of fuel, creating a 
fuel-rich pocket. This richer pocket arrives at the flame front with a time lag, indicated by 
the equation given above. If the additional fuel produces an immediate increase in heat 
release, oscillations will be most likely when the pressure fluctuation peak is in phase with 
the increased heat release, that is, when the time lag (t, — f,) is an integer multiple of 
acoustic period. This criterion for oscillations may be stated as (time lag)/(acoustic period) = 
1, 2, 3, . . . Since acoustic period is the reciprocal of frequency f, (time lag) x (frequency) = 
1,2,3,...orf(L+L’)/ Ue =1,2,3,... This is a restatement of Rayleigh’s criterion. In prac- 
tice, heat release and pressure do not necessarily need to be exactly in phase to drive oscil- 
lations. Heat release fluctuations leading or lagging pressure by as much as !/, of the 
acoustic cycle will also cause some oscillations, although driving is greatest for integer val- 
ues where pressure and heat release are exactly in phase. 

The discussion above is specific to the example where positive pressure produces an 
immediate decrease in airflow, and assumes that the fuel-rich pocket produces an immediate 
increase in reaction rate when arriving at the flame front. Other mechanisms for variable heat 
release can complicate the criterion for oscillations such that the expression may have values 
other than 1, 2, 3, . . . Similar criteria can be developed to account for fuel system impedance, 
or to describe oscillations linked to the tangential velocity component in the fuel nozzle swirl 
vane. The geometry of the flame front has also been shown to produce a numeric series. 

Radiated sound may have frequencies ranging from 100 to 2000 Hz. Sound pressure fre- 
quencies mostly do not depend on engine power or flame temperature, but radiated noise 
level tends to vary with these factors. In the presence of combustion instability, a rambling 
or growling form of noise is audible in the low frequency (50 to 180 Hz) range when the 
engine may be in the subidle operating condition. The growl is objectionable because it 
increases the time to start an engine while also reducing the stall margin in the compressor. 
At higher frequencies corresponding to takeoff condition (200 to 500 Hz) the generated 
noise takes a more distinct howling or humming pattern. Unstable operation in the com- 
pressor tends to play a role, and may even act to trigger the noise. Increase in air tempera- 
ture to combustor inlet has been noted to decrease the rate of occurrence and intensity of 
growling noise, while raising combustor pressure has the opposite effect. Fluctuations in 
fuel pressure may also induce high-frequency noise. 

Thermoacoustic response of a gas turbine engine combustor for two different fuel injec- 
tors has been investigated in a study conducted by the U.S. Air Force (Arana et al., 2000), 
with the intention of identifying design features that cause an increase in the acoustic pres- 
sure. A hybrid air blast injector presently in use with inner and outer flow passages is 
selected as a baseline design. To lower the smoke production level, the investigation 
focused on using higher swirl flow in the proximity of the spray point, while lean blowout 
and dynamic stability can be obtained with lower swirl in the zone. Simultaneously achiev- 
ing the apparently conflicting requirements for high and low swirls near the spray point led 
to the development of a new design concept with variances. Figure 9.34 provides details of 
the baseline and new fuel injector designs. 

The new injector design differs from the baseline in the configuration of the venturi, 
the counterrotating swirlers of the venturi and the middle passage, and the ratio of vane 
and discharge areas. The last parameter is 50 percent larger than in the baseline design, 
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FIGURE 9.34 Baseline- (left) and new-fuel (right) injector designs (Arana, Sekar, Mawid, Graves, 2000). 


suggesting that the new swirler exhibits less resistance to dynamic changes in pressure at 
higher frequencies. Use of velocity on the downstream side may be expected to maintain a 
higher level of the transfer function. 

Corotating and counterrotating swirlers are characterized for different passages. The 
injectors are initially tested at atmospheric and high-pressure conditions in an ignition rig, 
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FIGURE 9.35 Transfer function of upstream velocity and downstream pressure (Arana, Sekar, Mawid, 
Graves, 2000). 
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and then assembled in the combustor of a development engine demonstrator employing 24 
injectors around the circumference of the bulkhead. Air is fed to the combustor through a 
stepped diffuser. 

The radial swirlers are the primary conduits of air between the external combustor 
shrouds and the internal combustion chamber. If coupling and amplification between the 
chambers is the root cause of the instability, then swirler response to a forcing function 
needs to be checked by measuring the impedance of the conduit. Impedance defines the 
total resistance and reactance opposition exerted by the swirlers to the forced, or pulsed, 
airflow of a given frequency, and is determined by measuring the transfer function of the 
swirlers. Pressure is measured as the upstream parameter and velocity on the downstream 
side for a number of frequencies. 

Figure 9.35 shows the measured transfer functions and corresponding phase angles for 
the two designs. The new design swirlers exhibit a higher value of the transfer function in 
the frequency range of 400 to 500 Hz, where the natural frequency of the annular combus- 
tor occurs. The phase angle relation between the pressure and velocity oscillations also 
points to this aspect, and is indicative of a dynamic response as opposed to a static one. The 
implication is that if the frequency of the acoustic chamber of less than 400 Hz is obtained, 
the new fuel injector design provides better attenuation and less acoustic response. 


9.11 ACTIVE COMBUSTION INSTABILITY 
CONTROL 


Combustion instabilities are difficult to predict analytically in the design phase for all oper- 
ating conditions due to the complex geometry of the system. Noticeable humming caused 
by self-excited vibrations can occur during shop tests in the premixed mode operation of 
the turbine. Pressure oscillations may exceed unacceptable levels, and a quick and flexible 
response in the form of control mechanism may be necessary while the combustor design 
is optimized. 

A similar situation has been experienced on a Siemens model V84.3 gas turbine 
equipped with a new ring (or annular) combustor design (Seume et al., 1997). Dynamic 
pressure and heat release rate are measured at different locations in the combustor, and 
dominant signals are recognized at 217 and 433 Hz due to oscillations in the combustor. 
Several cross power density spectra and transfer functions are derived from two dynamic 
pressure signals in different areas of the combustor. Modal analysis indicated the oscilla- 
tions excite standing sound waves in the structure. The standing waves consist of alternat- 
ing regions of high and low sound pressure amplitudes, related to each other by a 
characteristic difference in phase. Azimuthal modes in the form of waves are distributed 
along the circumferential coordinate. With a mean diameter of d= 2.5 m and speed of sound 
c = 844 m/s at a mean temperature of 1500°C, the frequency of vibration f, = nc/7d yields 
215 and 430 Hz for the second and fourth harmonics, indicating good agreement with the 
measurements. Significant amplitudes are not observed for the first and third harmonics of 
108 and 326 Hz. Figure 9.36 provides details of the second and fourth modes. 

Passive methods rely on making changes in operating parameters (such as equivalence 
ratio) or geometry of the combustion system to hinder the self-exciting mechanism. The sound 
pressure amplitude can also be decreased to a tolerable level by dissipative baffles or mufflers 
(Culick, 1988). By contrast, active methods use a feedback control loop. Heat release or pres- 
sure in the combustor is processed by a controller and is used as an input signal for an actua- 
tor to influence the oscillating combustion that counteracts the self-excitation process (Candel, 
1992; McManus, Poinsot, and Candel, 1993). Fluid stream inside the combustion chamber 
can be modulated to reduce pressure fluctuations by introducing inversed sound pressure 
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FIGURE 9.36 Excited modes in combustion chamber (Seume et al., 1997). 


oscillations, as in a loud speaker. The method is impractical for bigger turbines because of 
large amounts of air and exhaust gas to be handled. Combustion oscillations can be sup- 
pressed if the rate of fuel reaching the flame is anticyclical to the oscillations of the heat 
release rate. In either case, modulation of gases or fuel must take place at the frequency of 
the self-excited vibrations. Since these can often reach 1000 Hz, suitable actuators must be 
used to meet the requirement. 

The active stability control system for the V84.3 gas turbine uses pressure transducer 
measurements in the chamber, and the signals are sent to a control unit to derive an input 
signal for the actuator to modulate the fuel flow rate. A few basic problems are needed to 
be solved for operation on a ring combustor. In the premixed mode and at base load the 
engine uses 9 kg/s of gas. Thus, the actuator has to handle this mass flow rate at the 
observed frequencies. Active control is secured through additional diffusion flames that 
contribute about 10 percent of the total power of the burner to stabilize the main premixed 
flame. Fuel flow rate to the pilot flame is modulated to influence the heat release in the main 
flame accordingly. A special high-speed direct-drive valve serves to actuate the pilot gas 
flow. The success of the control mechanism heavily depends on the pressure amplitudes in 
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the pilot gas pipes, with higher amplitudes increasing the heat release in the flame. Hence, 
the length of the pipe to the pilot must be acoustically tuned to the frequency to be con- 
trolled. When the pilot’s gas piping layout is complex and introduces damping, a suitable 
device may be placed upstream of the actuator to acoustically decouple it. Figure 9.37 
shows a schematic of the control mechanism. 

The second problem is associated with the azimuthal modes of the instabilities. Since 
several control systems are placed in different locations along the circumference, the con- 
trol devices are also situated in different regions of the excited acoustic field, with prevail- 
ing oscillating parameters strongly differing in amplitude and phase. The symmetry of the 
azimuthal modes is marked by a characteristic distribution of nodes and antinodes, with 
regions of high and low amplitudes related to each other by a constant phase shift. 
Consequently, it is possible to use a signal measured at a certain circumferential location 
on the ring combustor to calculate not only the actuator signal for the particular location but 
also for other defined locations. One control unit can then be used for all the actuators in 
the system. Figure 9.38 depicts this principle for the second harmonic to provide the input 
signal for four actuators located 90° to each other. 

Performance of the active control system can be gauged from shop test measurements of 
the 170 MW gas turbine’s ring combustor (Fig. 9.39). The mechanism reduced the oscilla- 
tions at the dominant frequency of 433 Hz by up to 17 dB. With active control turned off, mea- 
sured sound pressure amplitudes rose to 210 mbar (corresponding to sound pressure level of 
177 dB), falling to about 30 mbar with the control system turned on. 

Modulation of the fuel flow rate is commonly achieved by using reciprocating flow 
devices where instability occurrence is at about 200 Hz or when the level of modulation 
required is small. In instances where instability frequencies are in the 200 to 500 Hz range 
and attenuation requires modulation of large fractions of engine fuel flow rate of hundreds 
of pounds per hour, a spinning drum valve has proved more useful (Barooah, Anderson, 
and Cohen, 2002). The spinning valve design is based on a rotary concept to generate 
maximum frequency response. A rotating drum with a selected number of holes equally 
spaced around the circumference is used, with the holes aligned in the surrounding enclo- 
sure to pass the liquid fuel flow. By minimizing the clearance between the drum and the 
enclosure, leakage is reduced when the holes in the rotating and stationary components 
come in line. The holes in the enclosure are radially opposed to balance the pressure and to 
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FIGURE 9.37 Active instability control system for V84.3 gas turbine (Seume et al., 1997). 
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FIGURE 9.38 Sensor and signal input controller for second harmonic mode (Seume et al., 1997). 


minimize the traverse loads. Unlike a reciprocating device, the upper frequency limit is not 
affected by the inertia of the spool or the low power requirement to accelerate it. 
Liquid-fueled low NO, combustors can mitigate combustion instability at realistic oper- 
ating conditions by modifying the fuel nozzle (Cohen et al., 1998). The fuel is injected 
through axial tubes with spray tips protruding from the nozzle centerpiece. A pilot injector 
is placed a short distance downstream of the fuel ejection plane. After passing through a 
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venturi, the airflow is split between the fuel nozzle and a bypass segment. Airflow from the 
bypass is injected at the downstream end combustor, and represents dilution air. To obtain 
control of the acoustic oscillations, one tube delivers the fuel to a metering system and a 
solenoid valve. The tubing between the valve and the injection point is minimized to reduce 
attenuation and time lag due to capacitive effects. The main fuel flow takes place through 
the other injection tubes. The solenoid valve is driven at varying frequencies independent 
of the combustor behavior using a signal generator, with an on/off duty cycle of 50 percent. 
Combustor pressure and heat release rate are measured. When the control sensor signal 
crosses a predetermined threshold level, a command sent to the solenoid valve turns it on 
or off. Time delay between the instant of crossing and valve command is also taken into 
account. The threshold level and the time delay are manipulated through a user interface to 
the control algorithm. A proper choice of the two parameters yields 15 dB attenuation of 
the objectionable oscillating mode. The control system is also effective in holding the NO, 
emission relatively constant across the range of equivalence ratios. 


9.12 THERMAL PROTECTION 
OF COMBUSTOR LINER 


The functional nature of a combustion liner imposes on it high temperature levels and steep 
thermal gradients. The mechanical strength of nickel- and cobalt-based alloys used for the 
liner deteriorates considerably when temperatures exceed 1100 K, and hence means must 
be designed to relieve the heat buildup. With gas turbines employing higher operating pres- 
sures and temperatures to improve performance and power, the need for cooling the com- 
bustion liner becomes even more acute. At the same time the liner is required to possess a 
minimum number of operating hours (Lefebvre, 1999). 

The temperature of the liner increases due to the combination of heating by radiation 
and convection from the internal hot gas flow and cooling due to radiation to the outer 
case and convection to the air in the annulus. Depending on the volume, pressure, temper- 
ature, and chemical composition of the gases flowing through it, as also the dimensions and 
shape of the component, a considerable amount of heat is radiated on the liner. The size and 
number of hot and glowing soot particles formed during the combustion also control the 
intensity of radiation. The geometric shape factor between the liner and the casing and sur- 
face areas of the liner and outer case will govern the heat radiated by the liner to the cas- 
ing. Internal heat convected to the liner walls from the gases is complicated by the rapidly 
changing physical and chemical characteristics, as also the temperature, of the gases. Steep 
gradients in flow velocities and pressures add even more uncertainties, because the state of 
boundary layer development makes it difficult to prepare an adequate model. In a can com- 
bustor, reversal of flow designed in the primary zone permits only a portion of the flow to 
be modeled using the pipe analogy. Using a Reynolds number based index consistent with 
observed parameters for extreme turbulence, an expression using the hydraulic diameter 
(proportional to the ratio of cross-sectional flow area and wetted perimeter) may be used. 
When a swirler is used, local gas velocity at the wall increases by the factor 1/(cos f) rel- 
ative to the downstream velocity, where ĝis the angle between the velocity vector and axis 
of the combustor. The bulk gas temperature used for internal convection in the primary 
zone may also need to be modified by reducing the corresponding radiation temperature by 
about 15 percent. External convection from the cylindrical surface requires the Reynolds 
number to be calculated using the hydraulic mean diameter of the annular air space. 

Film cooling of the inner surface of the liner is useful in achieving additional extraction 
of heat, and is accomplished by injecting air along the wall axially through slots and holes 
machined in the liner. The small diameter, closely spaced holes may be provided by laser 
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drilling or by the electrical discharge machining (EDM) method. Since the turbulent hot 
gases gradually eliminate this film, the hole and slot pattern is repeated at specific intervals 
along the length. Cooling air is supplied through rings rolled or machined in the liner, through 
stacked rings with holes sized to deliver adequate amounts of cooling air and through corru- 
gated spacers attached between overlapping segments of the liner. Depending on the design 
and method of attachment, the rings also serve to provide stiffness to the liner. Cooling effi- 
ciency in the liner is enhanced by improving the heat transfer coefficient on the coolant side 
(Nealy, 1980) and by increasing surface roughness of the heat transferring areas. 

Cooling effectiveness can be increased by impinging the coolant flow against the wall, 
as shown in Fig. 9.40. The double-walled passage is closed at the upstream end, and the 
outer wall is provided with holes. The impingement jets may be located at selected high- 
temperature locations. Provision must be made for the difference in thermal growth, how- 
ever, and the consequent increased thermal stresses in the region. Convective heat transfer 
on the external surface of the liner can be improved by providing fins, ribs, or other pro- 
trusions to add to the surface area for heat exchange by convection. The ribs may run lon- 
gitudinally, and have been used on industrial turbine combustors. Rolls Royce has elected 
to use pedestals in the dome region of RB211 combustor liners. 

Another method for obtaining a relatively uniform temperature distribution is a liner 
with a large number of small holes perforated in it to assure the impinging jets spread the 
flow close to the wall. The flow must be controlled to prevent rapid mixing with main hot 
gas flow and to deter the cooling film from gradually rising in temperature by the sur- 
rounding combustion gases. The process, called effusion cooling, uses a larger amount of 
cooling air, but is effective in suppressing local hot spots. Drilling the holes (approxi- 
mately 0.4 mm in diameter) at a shallow angle of 20° offers the twin benefits of increased 
surface area and reduced penetration of the exiting jet for a better film along the wall sur- 
face (Dodds and Ekstedt, 1989). Wall thickness needs to be increased to compensate for 
the holes and for protection against buckling. The angled effusion cooling hole concept is 
used on the General Electric GE90 engine combustor. The manufacturing cost of drilling 
so many holes at precise locations is a factor to be taken into account in the use of this 
technique. 

Many industrial turbine combustors are lined with refractory bricks to decrease heat 
flux into the supporting liner. The bricks are large in weight, but lighter metal tiles cast from 
turbine blade alloys with good resistance to high temperatures have been used on aero- 
engines. Since the tiles are exposed to the hot gases, relatively lower temperatures and ther- 
mal stresses are experienced by the supporting shell, which may be made of a cheaper alloy. 


——_———> Main hot-gas flow 


27 
L LILL 


FIGURE 9.40 Film cooling of liner with impingement jets 
(Lefebvre, 1999). 
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The cooler temperatures help to limit thermal growth in the shell. The tiles are equipped 
with pedestals on the rear surface, and cooling air flows around the pedestals to eject at the 
ends to form a layer of cooler air. The cost of repairs is reduced since only the tile experi- 
encing distress needs to be replaced instead of repairing the liner. 

Sheets of cobalt- or nickel-based alloys are commonly used to produce combustor lin- 
ers exposed to severe temperatures and pressures. Resistance to oxidation and corrosion is 
a primary consideration in the selection of material and manufacturing process, but low 
coefficient of expansion and Young’s modulus, resistance to thermal fatigue, and high ther- 
mal conductivity also play a major role. Steep thermal gradients are encountered around the 
edges of cooling holes and in isolated hot spots. The pace of oxidation is noted to appre- 
ciably increase when metal temperature approaches 1300 K. A thin layer of a thermal bar- 
rier coating (TBC) may be applied on the inner surface of the liner for extra protection. The 
refractory material of low thermal conductivity has the capacity to reflect much of the radi- 
ated heat from combustion while offering increased resistance to heat flow to reduce the 
temperature of the metallic liner. To adequately provide the protection, the thermal barrier 
coat must be chemically inert, be resilient to thermal shocks, and have good erosion and 
wear characteristics. Also, its coefficient of thermal expansion must match that of the 
underlying substrate. A base metallic coat of Ni-Cr-Al-Y is overlaid with one or two coats 
of ceramics to constitute many TBCs. Plasma flame spraying is found effective in obtain- 
ing durability, consistency, and thickness uniformity of the coats. 


9.13 STRUCTURAL DESIGN FOR DYNAMIC 
PRESSURE 


The liner and transition piece of a dry low NO, combustor contain and direct the high- 
temperature combustion gases. To allow for thermal growth, the components are restrained 
at the fewest locations. The combustion process often creates pressure oscillations at discrete 
frequencies, especially during premixed burning. This stimulus on the flexibly attached 
structure can lead to substantial vibrations, develop fatigue cracks and eventual failure. 

A trade-off between adequate flexibility to minimize thermal stress and stiffness to 
avoid vibration problems is thus required. Once a specific temperature distribution is avail- 
able, thermal stresses may be computed with relative ease. Vibratory stresses, however, 
cannot be so readily defined. Complexities in geometry, loading pattern, and contact behav- 
ior are some reasons. Strain measurements may also be of limited usefulness because crit- 
ical locations are not generally known, often are inaccessible, and have high levels of metal 
temperature. 

Field experience gained from years of operation may permit setting limits on combus- 
tion dynamic pressure fluctuations to ensure structural integrity. Direct application of this 
experience to new applications, however, is questionable. Analytical prediction of compo- 
nent life and development of a method to include effects of dynamic pressure loading may 
thus be essential. Nonlinear transient finite element analytical procedures are useful in pre- 
dicting the dynamic behavior, and can compare measured strains and accelerations with 
reasonable accuracy (Barnes, 1996). Component stiffness and mass characteristics, as also 
distributed pressure loading, can then be accurately modeled. Contact behavior, including 
sliding friction at supports and seals, is required to compute response, since it adds consid- 
erably to the damping coefficient. Nonlinear gap conditions capable of maintaining or 
breaking physical contact in accordance with relative displacements between components 
are also essential. Verification of natural frequencies and mode shapes computed from 
modal analysis may be made through laboratory modal testing, and to determine proximity 
to resonant conditions. 
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FIGURE 9.41 Combustion liner and transition piece finite element model (Barnes, 1996). 


Forward support 


Figure 9.41 shows the finite element model. Mesh density requires special attention be 
paid to supports, fillets, and areas of known stress concentration. This level of detail cap- 
tures stress concentration in a forced response analysis, but may not be required for a modal 
analysis. Linear eight-noded brick elements help to maintain the number of elements within 
limits in a large model, especially in a computationally intensive solution. Effects of non- 
symmetric loading and support features generally do not permit taking advantage of geo- 
metric symmetry. Seals on forward and aft ends of the liner may be modeled as a 
combination of a normal spring and a tangential friction element. Seal stiffness may be 
computed independently from its own finite element model, while friction coefficient must 
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FIGURE 9.42 Dynamic axial displacements at forward end (Barnes, 1996). 
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be measured from seal fretting tests. Since the contact force at the seals will depend on rel- 
ative thermal expansion of the components, the sequence of calculations may need repeti- 
tion for various operating conditions. 

Crossfire tubes between adjacent combustion liners are flexible and generally will not 
impact the calculations, hence they may be deleted in the analysis. Responding to pressure 
variation with unknown phase difference due to the crossfire tubes between adjacent com- 
bustors is at best a difficult proposition. Note that liner supports are considerably less rigid 
than turbine cylinders to which they are attached, and hence liner supports may be grounded 
at the other end. 

The pressure loading represents test laboratory measurements simulating the machine’s 
operating conditions. In this example peak-to-peak pressure variation of 21 kPa at 160 Hz 
defines the dynamics of combustion. Figure 9.42 provides computed oscillating displace- 
ments at the forward end of the transition piece. Strain gauges approximately centered in 
this region measure deformations that correlate very well with the analytical predictions. 
Radial motion at the aft end of the inner panel is affected by the damping provided by the 
seals, and the effectiveness of the damper is controlled by wear and by alignment of the 
mating components. 

High-cycle fatigue capability of the components depends on vibratory and mean 
stresses, metal temperature, and material characteristics. Critical locations are determined 
by computing the dynamic strain range, metal temperature, and mean stress in the elements. 
Figure 9.43 provides a plot of equivalent vibratory strain divided by allowable strain at a 
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critical location between the aft mount and the aft frame at the centerline of the transition 
piece. Measurement of strain at this location poses practical problems. 

Determination of response to initial impact of the dynamic pressure requires nonlinear 
transient dynamic analysis, assuming oscillation to initiate at full amplitude. Dynamic 
amplification peaks at the forward support of the transition piece, mostly because a gap at 
the location causes it to alternate between contacting and free modes of vibration. This 
results in the reaction force at impact to multiply by a factor of 12 over the static reacting 
force value. Thus, the seat for the support must be designed to reflect this situation. To 
assure that structural dynamic response is not significant due to small variations in stimu- 
lus frequency, a wider frequency range can be expeditiously checked through modal analy- 
ses of individual components in a freely supported condition. The analytical prediction of 
natural frequencies must agree with measurements, as also the corresponding mode shapes. 
Variations due to differing mass and stiffness properties from manufacturing tolerances and 
measurement inaccuracies must be maintained within acceptable limits. Where the natural 
frequencies are deemed too close to those of the combustion dynamic pressure, the struc- 
tural response for these modes must be captured with the nonlinear dynamic analysis 
process. 


9.14 EXAMPLE PROBLEMS 


Problem 9.1 Find the primary zone temperature of an uncooled liner for a tubular 
combustor from the following data: 


Combustor inlet pressure P = 2750 kPa 

Combustor inlet temperature T = 920 K 

Case diameter Dp = 0.2 m 

Liner outer diameter D, = 0.15 m 

Liner thickness f, = 0.001 m 

Casing emissivity €, = 0.4 

Liner emissivity €, = 0.65 

Liner thermal conductivity k, = 25 W/(m - K) 

Mass flow rate through combustor dm,/dt = 7.0 kg/s 
Mass flow rate through primary zone = dm,/dt = 2.5 kg/s 
Fuel/air mass ratio g = 0.06 

Luminosity factor L = 1.75 


Primary zone combustion efficiency n, = 0.85 


Solution Temperature of gas in the primary zone is obtained from temperature increase 
due to combustion and added to the inlet temperature. Using temperature-rise curves for 
a mixture of air and kerosene at 2750 kPa, 920 K, and assumed 85 percent combustion 
efficiency, the effective g = 0.06 x 0.85 = 0.051 and AT = 1415 K. Assume a decrease 
of 50 K for heat loss in the evaporation of fuel and raising its temperature to that of the 
surrounding gases. Then primary zone gas temperature T, is 920 + 1415 — 50 = 2285 K. 


Problem 9.2 Determine the radiation heat flux from the combustion gas to the liner 
for this combustor. 
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Solution The rate of heat transfer R; by nonluminous radiation from a gas to its enclo- 
sure depends on the size and shape of the container and the mean, or bulk, conditions of 
the gas. The gas emits only a few narrow bands of wavelengths, and absorbs only those 
wavelengths included in its emission bands. Also, the surface exposed to the flame has 
an effective absorption rate under unity, and can be estimated by the factor 0.5(1 + €). 
Then the heat transfer rate is given by 


R= 0.50(1+ €,)(€,77 -0,T4) (9.4) 


g wil 


where o = Stefan-Boltzmann constant = 5.67 x 108 W/(m?-K*), £, = gas emissivity, 
T,= gas temperature, T, = liner temperature on flame side, and œ, = ‘gas absorption rate 
at T„ı- Œ, may be approximated from @, = £, TIT ays 5, At gas temperature of 2285 K, 
gas emissivity €, is assumed to be 0.6. For tubular can type of combustors beam length 
is given by the following expression (Fishenden and Saunders, 1950): 1, = 3.4 x 
(volume)/(surface area), working out to between 0.6 and 0.9 times the liner diameter, or 


0.6 x D, = 0.09 m. So 
R, =0.5x 5.67 x 1078 x (1 +0.65) x 0.6 x 2285!5 x (228525 — T2) 
= 765126 — 0.003066 x T25 W/m? 


wl 


Problem 9.3 Determine the radiation heat flux from the liner to the casing for this 
combustor. 


Solution Radiation heat flux from the liner to the casing, R,, is expressed by 


R= OELE, 
2 €, +E&(l1-E,)D,/D,e 


(T4 -T*) (9.5) 


where €, = 0.65, £, = 0.4, ratio of hydraulic mean diameters for a tubular combustor 
D/D, f= 9.15/0.192 = 0.78, and T,,, is liner temperature on coolant side. 


5.67x10-8 x 0.65 0.4 
0.4+0.65x(1—-0.4)x 0.78 


= 2.0920 10-8 x T4, — 14987 W/m? 


Then R, = Tf, -920*) 


Problem 9.4 Determine the liner temperatures on the casing (T,,,) and the coolant 
(T 2) sides in Probs. 9.1, 9.2, and 9.3. 


Solution Gas properties at primary zone temperature of 2285 K, pressure of 2750 kPa, 
and liner data are 


Thermal conductivity k, = 0.153 W/(m-K) 
Dynamic viscosity 4, = 7.02 x 10° kg/m-s 
Mass flow rate through primary zone dm,/dt = 2.5 kg/s 


Liner outer diameter D, = 0.15 m 
Cross-sectional flow area of liner A, = 2 x (0.15)?/4 = 0.01767 m? 
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Since internal convection is difficult to estimate precisely because of rapid physical and 
chemical changes during combustion, some form of classical heat transfer expression 
for straight pipes may be assumed if the Reynolds number is consistent with the stated 
conditions of extreme turbulence. The expressions for casing (C,) and coolant (C,) sides 
are: 


yg ke deol r ” 
C, =0.0 pia A; lç ( g wi) (9.6) 
Hence 
0.1 2.5 tg 
C, =0.017 = =) (2285-T,,) 
0.15°? 0.01767 7.0210 


= 960004 — 420.1 T, 


A similar expression 


C, = 0.020 


0.2 
a aba 


0.8 
k, | dm,/dt 
7 7 ) (TaB) (9.7) 


where 


Thermal conductivity k, = 0.0553 W/m-K 

Dynamic viscosity 4, = 3.85 x 10° kg/m-s 

Mass flow rate through primary zone dm,/dt = 7.0 kg/s 

Annular width DC — DL = Da = 0.2 — 0.15 = 0.05 m 

Liner cross-sectional flow area Aa = [m x (0.22 — 0.152)]/4 = 0.01374 m? 
Combustor inlet temperature T = T; = 920 K 


Then 


C, = 0.020x 


ncaa 7.0 
0.05°? (0.01374 x 3.85x10~ 


= 1003 x T, -922480 W/m? 


0.8 
) E-920) 


Conduction heat transfer through a solid liner wall due to a temperature gradient in the 
wall K, is 


k 
K= r Tn =I) 
L 


25 
= — (T_, -T. 
0.001 | wl w2) 
= 25000(T,, -T,») (9.8) 


For equilibrium, R, + C, = R, + C= K, (9.9) 
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Substituting for R,, C,, Rj, C,, and K,_, gives the following equations: 


0.003066 x T25 — 25420.2 x T,,, +1725130 = -25000 x T,, 


wl 
2.0920 x 10° x T4, + 26003 x T,» — 937466 = 25000 x T, 


wl 


Then 


T,,=1589K and T,, =1559K. 


Problem 9.5 Inthe first four example problems cooling of the liner has not been con- 
sidered, but the results do not necessarily indicate maximum temperatures in the liner. 
If in a region annulus flow velocity is substantially lower than the mean value on one 
side, and if the cooling flow is restricted in the same zone on the other side of the wall, 
the liner may reach exceptionally high temperatures in the form of hot spots. 

Calculate the liner temperatures at a distance x downstream of a cooling slot of 
height s = 0.0020 m and thickness t = 0.0008 m. Ratio x/s = 18 where the coolant flow 
rate is 0.3 kg/s. 


Solution s = 0.002 m, x/s = 18, x = 0.036 m, and surface area of slot 
A, =T X D; x s = 0.0009425 m? 


Flow rate of coolant through the slot, dm,/dt = p,U,A, = 0.3 kg/s, hence 


PU, = 318.3 kg/m?-s 
At 2750 kPa and 920 K, properties of air are: 


Dynamic viscosity H, = 3.85 x 10% kg/m-s 

Thermal conductivity k, = 0.0548 W/m-K 

Then flow Reynolds number in slot Re, = Paat =16,536 

And flow Reynolds number along liner Re, = Palat = 297,640 


For flow along the liner, A, = 0.01767 m?, T, = 2285 K, u, =7.02 x 10> kg/m-s, fuel- 
to-air ratio in the primary zone q, = 0.051, (dm,/dt) = p,U,A, = 2.5 kg/s, and k, = 
0.153 W/m-K. 


Then 
PU, = 2.5/.01767 = 141.5 kg/m?-s. 
Also, m= p,U,/p,U, = 318.3/141.5 = 2.25. From an analysis of experimental data on the 


influence of slot thickness ¢ on cooling effectiveness, a correction factor is available 
(Ballal and Lefebvre, 1973): 


015 wy? 3.85 \0"5 
n=1.28x| 4 (5) =128x(2 ) (18x0.4)??= 0.788 
S 7.02 
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Cooling efficiency 


T,-T, 


g wad 


2285-7, a 
=La = 0.788 and T, 4=1209 K. 
T,-T, 2285-920 l 


n = 
where T, = combustor inlet temperature = 920 K. 
In the heat transfer calculations with a film-cooled liner, constants R}, R,, and C, 
remain the same as for a noncooled liner. Constant C, is altered by changes in coolant 
flow velocity and hot-gas temperature near the wall, and is expressed by 


k x —0.36 
C, =0.10x [&}re, a ) (T, aa- Ta) (9.10) 


sS 
Hence 


0.036 


—0.36 
a) (097,640) (2038) (1209-T,,) 
0.002 


C= 0.10%{ 
0.036 


=—1287xT, 


wl 


+1,556,038 


From Probs. 9.1 through 9.4, 


R, = 765,126 — 0.003066 x 72> W/m? 
R, = 2.0934 x 10-8 x T4, — 14,997 W/m? 
C, = 1003 T,,, — 922,719 W/m? 

K, = 25,000 x (T, —T,») 


Substituting for R,, C4, R,, C,, and K, in Eq. (9.9) gives the following equations: 


0.003066 x T27 — 26,287 x T,, +2,321,164 = -25,000 X T,, 


2.0920 x 10° x T4, + 26,003 x T,,, -937,466 = 25,000xT,, 


Then 


T,,=1320K and T,,=1303K 
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CHAPTER 10 
BEARINGS AND SEALS 


10.1 INTRODUCTION 


The differences between an aircraft power plant and a power generation turbine are proba- 
bly best highlighted by the type of bearings used to support the rotor. In the former, the 
overall weight of the rotating system, speed range, and length of the bearing make rolling 
element type of bearings most suitable, while the load carrying capacity and durability con- 
siderations in the latter make it imperative to use hydrodynamic journal bearings. Power 
generation steam and gas turbines operate at two most typical speeds, 3000 rpm for 50 Hz 
units and 3600 rpm for 60 Hz units. However, gas turbines not tied directly to the genera- 
tor can have a higher operating speed. Siemens V84.3 gas turbine, for example, runs at 
5400 rpm, with a speed reducer placed between the turbine and the generator. The turbine 
speed for naval and merchant marine ships must be reduced to low propeller revolutions 
per minute. Since the rotor weight may run into several thousand pounds for larger power 
generation units, rolling element bearings cannot provide the required capacity to carry the 
load. The journal bearing diameter may reach 27.5 in and length of 25 in. 

Rolling element bearings are designed to operate at high speeds, and provide a large 
power density to reduce the overall size of the package and to control the weight of the 
engine. Aircraft engines rely exclusively on ball and roller element bearings to provide a 
rotating support for the shaft. Limiting static and dynamic axial and radial excursions of the 
rotor within a safe range is important in avoiding dynamic instability, and rubs on the cas- 
ing and fatigue failures. Deceptively simple in geometry, their operational characteristics 
are complex. Substantial progress has been made to enhance the understanding of the prin- 
ciples of operation, directly aiding in overcoming problems related to lubrication, surface 
finish, and operational life. Ball bearings are employed to absorb the thrust and to carry 
some radial load, while roller bearings are primarily for radial components. Bearing geom- 
etry, material, and lubrication characteristics play a major role in the functional reliability 
and life of the bearing within a given environment. 

Rolling element bearings come in different geometries, each having its own advantages 
depending on the application. For low speeds and high radial loads, deep groove ball bear- 
ings are usually the choice. The deeper groove results in a small contact angle between 0° 
and 11° and small axial and radial play. For high unidirectional thrust load, an angular con- 
tact bearing is employed. This bearing features a large contact angle, between 15° and 40°, 
and large axial and radial play. The bearing finds frequent applications in gas turbines 
because it can tolerate reasonable thermal and centrifugal growth. Increasing the number of 
balls enhances the bearing’s load-carrying ability. Retainers for ball bearings commonly 
consist of a machined ring equipped with ball pockets and guided on lands of the outer ring. 
The inner ring may be split to permit assembly of an optimum complement of balls. Surface 
protection can be improved by black oxidizing the rolling elements and races. 
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The selection of a rolling element for a particular situation is generally based on design 
fatigue life considerations. Apparently identical rolling element bearings subjected to iden- 
tical load, speed, lubrication, and environmental conditions will not possess the same 
fatigue life even if there are minor differences in the bearing’s makeup. A common stan- 
dard for fatigue life calculations uses a rating life of L,9, referring to the life of an identical 
group of bearings 90 percent of which will equal or exceed the rated life. The L,) parame- 
ter is a function of the dynamic load capacity of a bearing, the equivalent radial load acting 
on it, and the shaft speed. Compensation may be made to account for variations in material 
and lubricant characteristics and effectiveness of lubrication to complete the life pre- 
dictions. The presence or lack of a sufficiently thick oil film at the contact points between 
the balls and races may enhance or deplete the bearing fatigue life. The life adjustment fac- 
tor is dependent on the surface finish of the mating parts, lubricant viscosity, speed, and, to 
a limited extent, load. Hardness is known to seriously affect the fatigue life, and the drop 
in hardness when the bearing operates above 400°F can be accounted for by applying a cor- 
rection factor. Permanent deformations to the extent of 0.0001 times ball diameter do not 
substantially affect the operation of the bearing, and this aspect provides the concept of sta- 
tic load rating. The static load corresponds to a total permanent deformation of the ball and 
the raceway at the most heavily stressed contact of the mentioned size. 

The fluid film separating the moving and stationary surfaces in a hydrodynamic journal 
bearing is of varying thickness. As the lubricant travels the annular space from the inlet to 
the outlet end, the velocity, pressure, and temperature of the fluid undergo changes, which 
bear directly on the bearing performance. The load that the bearing can safely support at a 
given minimum film thickness A „in depends on the likelihood of physical contact between 
the mating surfaces (leading to eventual failure), the intensity of peak pressures and tem- 
peratures, and the reserve available in the bearing to accommodate unexpected excursions 
in the imposed shaft load. The significance of the maximum temperature T sax is often on a 
par with that of A „in: Excessive temperatures cause failure either by softening or melting the 
bearing surface, even when the film thickness is ample. In a well-aligned journal bearing 
T „ax USually occurs on the axial centerline, and in thrust bearings it is found at the outer 
radius where the linear speed and the circumferential path of the lubricant are at a peak. 
Increase in the bearing temperature difference AT between the oil discharge and supply 
points is often deemed to be a suitable criterion for bearing performance; however, T,,,, 1S 
a more reliable indicator since lubricant breakdown and the consequent bearing failure are 
due to unacceptably high temperature. Furthermore, AT is controlled by frictional power 
loss and oil flow rate, and an increase in the oil inlet pressure or the flow rate will alter the 
rise in oil temperature but it does replace the role of T,,,,,- 

Circular bearings have the advantage of ease in manufacturing, installing, and repair. 
Many configurations are available for turbomachines, with the designs based on a number 
of arcs to form a circular geometry. The differences arise from the number of partial arcs 
and in the relative location of the centers of curvature of the arcs and of the assembled bear- 
ing. Circular bearings may be provided with two axial grooves to create pads spanning 
between 120° and 180° in angular extent. Pressure bearings differ from circular bearings in 
that a shrouded step is introduced on the top half, with the intention of improving stability 
through its antiwhirl properties by increasing the journal eccentricity ratio. Viscous and 
inertia effects combine to build up pressure in the upper half to simulate additional load on 
the lower half, with a resultant increase in the eccentricity €. Some other design configura- 
tions that further accentuate the features of fixed arc bearings are the elliptical and the lobe 
bearings. In contrast, tilting pad bearings have the primary characteristic of pivot-supported 
pads, so that during operation not only does the shaft move in response to load conditions 
but also do the individual pads in independent modes. 

As a direct consequence of the transmission of radial load between the rotating assem- 
bly and the reacting structure, the bearings play a key role in characterizing not only the 


BEARINGS AND SEALS 373 


steady-state performance but also the dynamic behavior of the rotor-bearing system in the 
form of dynamic elements. The bearings are represented by stiffness and damping entities 
in the overall mathematical model, where the rotor is described by a distribution of mass 
and elastic elements. The lateral degree of freedom involves the motion of translation of 
points on the axisymmetric rotor in planes perpendicular to the axis of rotation, accompa- 
nied by the rotation of the axis of rotation relative to its nominal position. Stability is 
another important benchmark for journal bearings. Besides other external stimuli, bearing 
hydrodynamic forces can induce unstable operation in the system. The degree of stability 
of a given bearing is characterized by a whirl inducing frequency, and if it exceeds the nat- 
ural frequency of the rotating shaft unstable operation ensues. The value of the threshold 
whirl inducing frequency is governed by the spring and damping coefficients of the bear- 
ing. These bearing dynamic coefficients also yield a critical load W.,, representing an upper 
load limit for stable operation. Thus, an additional criterion for stable bearing operation 
requires the applied load to be less than the critical load. 


10.2 FLUID FILM BEARING 


Journal bearings have been used for a long time in all types of rotating machines. High lev- 
els of damping in the fluid film of the bearing have made possible successful operation of 
flexible rotors at high speed. Dynamic characteristics of the lubricant film in the form of its 
stiffness and damping are in a sense a newer development. 

Turbulence in the fluid film and temperature are two aspects that play a major role in 
bearing operation. The Reynolds number determines whether the bearing operates in the 
laminar, transition, or turbulent regime, and is given by the expression 


Re= mDNc 
Hip 


(10.1) 


where p = lubricant density, U/p = lubricant kinematic viscosity, D = journal diameter, c = 
radial clearance, and N = shaft speed. Laminar flow prevails when the Reynolds number is 
under 750, the turbulent regime is marked by the Reynolds number in excess of 1500, and 
the transition occurs between these two values. Besides various operating conditions, 
within the bearing, domains of both laminar and turbulent operation may coexist because 
the values of u and film thickness h vary throughout the film. Generally, the turbulence 
raises the load capacity by increasing the film thickness but it also boosts the power losses, 
and the consequent temperature gain lowers the operating viscosity. This in turn lowers the 
load capacity. It may be surmised that the effects of turbulence on stability are deleterious 
because of the increased film thickness. 

The inclusion of variable viscosity in the bearing film stems from three different consid- 
erations. The variable viscosity affects the performance characteristics, mapping of turbu- 
lence in the film, and calculation of the temperature field T. The use of average viscosity may 
offer an approximate determination of the load capacity and power loss, but it does not hold 
true for T,,,,,. A rigorous analysis of thermal effects in bearings may be based on the energy 
equation, heat transfer relationships between the film, runner and bearing shell, and the gov- 
erning equation for the flow in the annular region. The basic differential equation for bear- 
ing fluid films, referred to as the generalized Reynolds equation, is given by the expression 


d | Gk’? ( op „daf GA (op), (Əh | (an 
al H (35+ dz} u dz GRO) gg | Tle | y (10.2) 
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FIGURE 10.1 Fluid film journal bearing. 


where @ and z are the circumferential and axial coordinates, G, and G, are the turbulence 
coefficients in the two directions and are functions of the Reynolds number, A is the film 
thickness and is a function of 0 and z, R is the journal radius, u is the lubricant viscosity, and 
p is the pressure. In Fig. 10.1 the arc from the oil groove to 6, defines the extent of the pad. 

Temperature variation in the film may be approximated by the one-dimensional con- 
vective energy equation 


2 
45-40 c 


where W and b represent the specific weight and heat of the lubricant, u is the journal 
peripheral speed, and G, represents the effect of turbulence on viscous shear. The relation 
between viscosity and temperature is 


p= m (10.4) 


where @ is the viscosity temperature coefficient of the lubricant and the subscript refers to 
values of the parameters at a reference point. A combination of the last two expressions pro- 
vides two relevant equations for the thermal aspects of the problem 


AT=-aT-1)= mis E i a (10.5) 
% GA 

A 14 Ef (10.6) 

u % GA 


where Æ is an adiabatic parameter. Typical values for the turbulence coefficients are pro- 
vided in Fig. 10.2. 
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FIGURE 10.2 Turbulence coefficient values. 


Hydrodynamic pressures start developing at the downstream edge of the oil feed 
groove, and progress to the other end of the pad. Further away from Apin a region of cavi- 
tation may occur in the diverging area 0, to 0, of Fig. 10.1, where the oil flows in stream- 
lets mixed with air and foam. The minimum film thickness occurs before the end of the 
pressure profile. The temperature T, of the lubricant admitted at the groove rises along the 
pad, and reaches a maximum just before the film ends at 0,. The oil pressure at the inlet, 
usually of the order of 10-30 Ib/in?, is small compared with the hydrodynamic pressure (as 
high as 600 Ib/in?) developed in the film and can be ignored in the calculations. @ repre- 
sents the angular velocity. Figure 10.3 shows the temperature and pressure profiles devel- 
oped in a typical journal bearing. 

The attitude angle @ in Fig. 10.1 defines the line between the centers of the bearing and 
the journal from the direction of the load. When the direction of the load is vertical, @ also 
denotes the angle between hin and the load vector. The adiabatic constant E making its 
appearance in the temperature and viscosity expressions for journal bearings is given by 


bw 
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E= yao BY (10.7) 
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FIGURE 10.3 Temperature and pressure profiles in bearing lubricant film. 
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E is thus a function of lubricant properties and conditions of bearing operation. For a well- 
aligned journal, the film thickness for eccentricity ratio €= e/c is defined by 


hlc=1+€xCos(@- @) (10.8) 


Minimum film thickness is obtained when 0 —180° coincides with @, hence Amin equals 
c(1 — £). An important bearing parameter is the Sommerfeld number, given by 


s= a (10.9) 


where static pressure P = W/LD, and L is the bearing length. The friction coefficient, the 
ratio between frictional (F) and bearing loads (W), is 


-E 10.10 
fay ( ) 
The general shape of the coefficient of friction in terms of the Sommerfeld number is 
given in Fig. 10.4. 
For low values of S the friction factor tends to be high because of boundary condition 
effects, when partial contact between the bearing and journal surfaces may occur. The 
power loss H due to friction is given by Petroff’s equation 


H=F,xXxRX@ (10.11) 


Hydrodynamic flows induced by shearing action and pressure gradients in the fluid film 
cause the lubricant flow rate Q, to enter the bearing at the leading edge, Q, flows out at the 
trailing end, and an amount Q, leaks out from the two sides. Q, is the minimum amount to 
be delivered to maintain a full fluid film with all its potentialities. For isothermal conditions 
a bulk temperature rise can be obtained from the friction power loss and side leakage. 


H 
AT = Toverage = 1) = wO (10.12) 


When thermal effects are included the variable temperatures may be combined by the fac- 
tor correlating temperature with viscosity. The evaluation of the bearing performance parame- 
ters for specific operating conditions can then be obtained for the desired bearing geometry. 
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FIGURE 10.4 Friction factor in fluid film bearings. 
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10.3 JOURNAL BEARING TYPES 


Many different types of bearings are used to support a rotating shaft. Some representative 
types are shown in Fig. 10.5. The partial arc and the grooved bearings are adaptations of 
the plain cylindrical bearings. With a fixed geometry a cylindrical bearing tends to be an 
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FIGURE 10.5 Journal bearing types. 
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unstable form of support. The elliptical, three-lobed, and offset cylindrical bearings are capa- 
ble of providing some preload, which is a function of the ratio of the diameter D and the clear- 
ance c. A value of 0.5 for the preload is widely used. With the preload, bearings tend to operate 
with a greater minimum film thickness. When the direction of the steady load on the bearing 
is varying, the three-lobed configuration is preferred over the offset and the elliptical types. 

The effect of a decreasing viscosity is the lowering of the load-carrying capacity, but the 
trend is partially mitigated by the fact that adiabatic solutions yield a higher attitude angle 
and thus a more extensive pressure profile. Friction will decrease with a rise in the adia- 
batic constant E, but here too partial offset is obtained by a larger extent of the fluid film. 
Except for certain combinations of high E and eccentricity ratio €, the friction factor is 
mostly lower in isothermal bearings. 

Bearings with fixed geometry under some conditions exhibit unstable operation. 
Thermal effects tend to increase ġ, which decreases stability; but they also increase €, 
which tends to increase stability, and so the overall trend is not readily predictable. Lower 
viscosity mostly tends to have a small reduction in the critical load. Operation at differing 
levels of turbulence and E implies that a comparison based on the same € and other bear- 
ing parameters such as c, N, R, and u to calculate W and Q cannot provide an adequate indi- 
cation, and serves only to provide a trend. 

Elliptical bearings are designed to provide an enhanced capacity to suppress instability. 
In addition to the two axial grooves, the two halves are put together such that their centers 
of curvature do not coincide. Each lobe is displaced inward by a fraction of the machined 
radial clearance, referred to as ellipticity or preload. Thus, even if the bearing is operating 
at the center of the bearing, the shaft center is placed at some eccentricity in relation to the 
two halves, thus providing some measure of stability. Commonly used in industrial turbo- 
machines because of ease of manufacture, the drawbacks of this form are higher friction 
loss and lubricant flow rate, while load capacity diminishes at low eccentricity. In the eval- 
uation of the bearing performance characteristics, the journal position is referred to the geo- 
metric center of the bearing, but the eccentricity € and attitude angle @ are measured with 
respect to the lobe centers. Thus, for a bearing with an ellipticity d and eccentricity ratios 
€ and £, Anin = € X (1 — €,) for the lower lobe no. 2. 

The three-lobe bearing design further accentuates the features of the elliptical design, 
and has even better stability characteristics. Three pads ranging from 80° to 120° angular 
extent, with the lower lobe placed symmetrically below the applied load, are used in this 
design. But the configuration entails a lower average clearance, and the lower lobe has a 
smaller arc length, resulting in higher losses and lower load capacity. 

The lobes play a similar role as in the elliptical bearing. Hence the remarks pertaining 
to the eccentricity ratio, attitude angle, and other operating parameters are applicable to this 
bearing style also. Since the shaft does not rise above the horizontal centerline, the mini- 
mum film thickness stays in the bottom lobe. To understand stability aspects of the lobe 
design as opposed to the elliptical version, consider the Sommerfeld number S. As speed 
increases, the corresponding increase in S causes the operation to shift toward the unstable 
regime, with bearing diameter and lobe clearance playing a more dominant role than length 
and viscosity. This has the effect of the three-lobe design being more stable at light loads 
and small clearance than the elliptical version. At heavier loads, however, S moves toward 
the unstable region at a faster pace than the elliptical bearing style. Often the low load mode 
of operation is more troublesome when considering bearing stability. The whirl ratio 
approaches zero when operation is in the fully stable mode. Figure 10.6 provides a com- 
parison in the variation of this ratio for the two types of bearings (Ehrich, 1999). 

The tilting pad bearing has much better stability characteristics, and may be selected if 
there is a possibility for instability. Its primary distinguishing trait is that the pads are sup- 
ported at a pivot. The load direction may be toward the center of a pad or between two pads, 
and can be designed to provide a proper level of preload. Rather than Apin serving as the 
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FIGURE 10.6 Threshold frequency for unstable operation (Allaire, Li, and 
Choy, 1980). 


means for determining the load capacity, film thickness over the pad, h,, acts as a more suit- 
able criterion. The center of curvature of the pad does not stay fixed, because the pad can 
swivel in either direction by +y. If the preload is not sufficient, the pads on the upper half 
may lose the load and fluid film forces may cause the pad to scrape the journal, leading to 
fluttering type of motion in the pads. To avoid this condition, the shaft position in the form 
of € and preload need to be carefully selected. Preload is defined by m = 1 — (c,,/c), where 

m 1S the smallest clearance for £= 0. Figure 10.7 provides the range of values for €= e/c,, 
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FIGURE 10.7 Regime of unloading in five-pad tilting pad bearing (Allaire, Li, and Choy, 1980). 
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FIGURE 10.8 Lubrication methods for individual pad of tilting pad bearing. 


and m when unloading occurs. Typically the number of pads varies between 3 and 8, with the 
angular extent of the pads ĝ varying accordingly. The option of varying p among the pads is 
also available. Pivot location may be symmetrical at the center of the pad or be asymmetrical 
in one direction. Inertia of the pad must be taken into consideration when evaluating its abil- 
ity to track the journal. Because of the extent and number of variables, a general solution for 
the characteristics of tilting pad bearings cannot be obtained (Allaire, Li, and Choy, 1980). 

A striking feature of tilting pad bearings is that for symmetrical vertical loading the 
locus of the shaft center is restricted to a vertical straight line. Shaft eccentricity tends to 
reduce when loading occurs over a pivot. Vertical stiffness and damping improve for load- 
ing over the pivot, but deteriorate in the lateral direction. 

In the matter of number of pads, in a comparison between three-pad and five-pad 
designs with central pivot, zero preload, and L/D =1, the bearing with fewer pads has been 
found to carry more load when the load is in line with the pivot. However, when the load 
direction is between the pads, the five-pad bearing has a higher load-carrying capacity and 
experiences lesser friction losses than the three-pad bearing. Central pivoting of the pads in 
a tilting pad bearing permits rotation of the journal in either direction, and is easier to 
assemble. A higher preload of m > 0.5 offers advantages such as avoiding unloading of the 
upper pads, improved stiffness and damping, and smaller amplitudes of motion due to 
enhanced stability characteristics. But the higher preload results in reduced film thickness 
over the pivot, even when eccentricity is not large. Power loss and temperature also tend to 
increase with m (Sawyer, 1982). 

Oil supplied to a tilting pad bearing is mostly accomplished by flood lubrication, with 
the pads submerged in a pool, and the method is responsible for increased friction losses 
because of churning of the lubricant in the space between the pads. If the freedom of move- 
ment of the pads to tilt is not compromised, the lubricant may be introduced through con- 
nections inside the pad pivot or from a side of the pad as shown in Fig. 10.8. Flexible hoses 
may be used to accommodate relative movement between the oil delivery line and the pad. 


10.4 DYNAMIC CHARACTERISTICS 


Experimental determination of the stiffness and damping characteristics of some bearing 
types was first attempted by Hagg and Sankey (1956). Applying selected values of steady 
and rotating loads, and measuring the elliptical orbit of the journal, stiffness (K, and K,) 
and damping constants (B, and B,) were calculated relative to the major and minor axes of 
the ellipse. Figure 10.9 shows these constants plotted in a dimensionless form as a function 
of the eccentricity ratio € for the plain cylindrical bearing (Lund and Thomsen, 1978). 
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FIGURE 10.9 Plain cylindrical bearing stiffness and damping coefficients, 
L/D = 1 (Lund and Thomsen, 1978). 


The experimental approach has its drawbacks—it does not give information about the 
cross-coupling terms, which are often a significant portion of the stiffness and dynamic char- 
acteristics of a bearing. By definition, cross stiffness and damping terms of the lubricant film 
relate shaft journal motion in a direction perpendicular to the direction of the force. Later eval- 
uations were based on a numerical solution of the lubricant film’s generalized Eq. (10.2). 
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Rotor amplitude is assumed to be sufficiently small, so fluid forces may be replaced by their 
gradients around the steady-state operating eccentricity. The forces are then proportional to 
the vibratory displacement and velocity, where the stiffness and damping coefficients pro- 
vide the constant terms. For displacements X and Y in the x and y coordinates as shown in 
Fig. 10.1, the fluid film forces may be expressed as 


dX dy 

aR Bg e-Bay (10.13) 
dX dy 

F, = KX B x dt K„Y By dt 


Lund and Thomsen (1978) give tabulated values of all the coefficients in the above 
equation as a function of Sommerfeld’s number or eccentricity ratio. Four of the bearing 
types illustrated in Fig. 10.5 are considered, with L/D ratios of 0.5 and 1.0. Figures 10.9 to 
10.11 depict these coefficients as dimensionless numbers as a function of Sommerfeld’s 
number for three geometric bearing types and L/D = 1. Note that some coefficients assume 
negative values under certain circumstances. Use of these data permits calculations for 
determining the effects of journal-bearing characteristics on the stability of the rotor sys- 
tem, and also the steady-state response to unbalance. The cross-coupling coefficients are 
responsible for destabilizing effects in the fixed bearing geometry. 

If the bearings are known to operate without instability in a speed range, response to unbal- 
ance can be determined more conveniently by using an axisymmetric model for the bearings. 
The information thus available is often useful for many design tasks. An average value of the 
stiffness and damping coefficients from the set of eight parameter values simplifies the ana- 
lytical work. The assumption in this case is that the shaft trajectory is circular instead of ellip- 
tical, with the circle radius equal to the average of the semimajor and minor radii of the ellipse. 
An alternate method calls for performing two sets of calculations, one using maximum values 
of the stiffness and damping coefficients from the full set, the other using minimum values. 
The results will then provide upper and lower bounds for natural frequencies and response to 
unbalance. Average bearing oil film forces in the radial and tangential directions for angular 
velocity @ and circular whirl radius r, are given by the following expressions: 


Foo, — Ky. + Ky o(B,, — By) (10.14) 
r, "K 2 2 

F p= -Ky tK OB, + B,,) (10.15) 
r, ay 2 2 


a 


For an assumed small shaft center motion about an equilibrium position, the stiffness 
and damping coefficients relate the load and displacement. The dynamic characteristics for 
a bearing are available from bearing manufacturers, and tend to be displayed as a function 
of the eccentricity ratio (Ehrich, 1999). 

Data for tilting pad journal bearings with 4, 5, 6, and 12 pads are obtained from Lund 
(1964). The pivots are centrally located on the pads, with several values of L/D. The effects 
of preload and pad inertia are also included. Figure 10.12 shows data for four pads, with 
zero preload and L/D = 1. Stability in a tilting pad is excellent, which is borne out by the 
absence of cross-coupled terms. A four-pad bearing will be symmetric in the x and y direc- 
tions, hence generally the two direct stiffness and two direct damping coefficients are 
reduced to one stiffness and one damping terms. 

If the pivot on the pad is offset by a small amount, the hydrodynamic performance is 
improved (Orcutt, 1967), but the bearing is limited to operation in one direction of rotation. 
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FIGURE 10.10 Two axial groove bearing stiffness and damping coefficients, 
L/D = 1 (Lund and Thomsen, 1978). 


The author mentions that laminar flow assumption for fluid film bearings is appropriate 
when using hydrocarbon oils with high kinematic viscosity. Turbulence may set in if the 
lubricant viscosity is low (water, liquid metals) and if rotor speed is high, resulting in the 
Reynolds number exceeding 1500. For bearing films, the expression for the Reynolds num- 
ber is given in Eq. (10.1). 
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FIGURE 10.11 Elliptical bearing stiffness and damping coefficients, 


L/D = 1 (Lund and Thomsen, 1978). 
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FIGURE 10.12  Tilting-pad bearing stiffness and damping coefficients, four pads 
central pivot, L/D = 1 (Lund, 1964). 


10.5 THRUST BEARING 


Thrust bearings are generally free from cavitation problems, and are not prone to instabil- 
ity during operation. Most of the theory behind journal bearings applies to thrust bearings 
also, although the shape of the lubricant film between the two eccentric cylinders now takes 
the shape with one or two directional tapers, with or without flat crowned profiles, pocket 
bearings, and also tilting pad configurations. 

The film thickness in a simple land bearing with a constant circumferential taper is inde- 
pendent of the radius r, and can be expressed in cylindrical coordinates by 


h(@) = h, + (hy —h,)- 6/B) (10.16) 


where h, and h, are the film thickness at the inner and outer radii, respectively, as shown in 
Fig. 10.13. The precise profile of the fluid film does not play any role in thrust bearings. 
Parameters of interest are the angular extent of the pad p, L/R,, and h,/(h, — h,). Note that 
h, = h „in for thrust bearings. The expressions for the Reynolds number, temperature distri- 
bution, and adiabatic number will also depend on the radius due to the variation of the 
Couette flow and the film thickness relying on the radial and circumferential directions. 
The magnitude of the adiabatic number F’ tends to be substantially higher in thrust bear- 
ings when compared with journal bearings, because the outer radius R, is much larger than 
the journal radius R and h, is much smaller than the clearance c. 

Load capacity can be improved and side leakage can be controlled in a thrust bearing by 
providing tapers in both circumferential and radial directions. Thrust bearings are also 
designed with tilting pads working on the same principles as in a journal bearing, but an 
additional complication overshadows the other difficulties—a theoretical solution for a pla- 
nar centrally pivoted pad sector is not possible. The pressure profile over the pad must 
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FIGURE 10.13 Thrust bearing. 


remain symmetric in order to avoid imposing overturning moments about the pivot, but a 
parallel pad does not generate any hydrodynamic pressures. Yet the planar surface thrust 
bearings with a central pivot are successfully employed in turbomachines. The generation 
of hydrodynamic forces in these bearings may be explained by a combination of the varia- 
tion of the viscosity and density of oil, thermal, and mechanical distortion of the pad surface 
that essentially produces a convergent-divergent film, and other incidental effects arising 
from machining and assembly (Fig. 10.14). 

Unit loading in a tilting pad thrust bearing tends to be higher than in its journal coun- 
terpart because the minimum film thickness tends be lower. Since the minimum film 
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FIGURE 10.14 Pressure profile on centrally pivoted thrust-bearing pad. 
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thickness occurs at a point at the downstream outer edge rather than along a line as in a jour- 
nal bearing, the smaller value of A pin is not so detrimental. The inner diameter of the thrust 
bearing is nearly the same as that of the neighboring journal bearing, and the outer diame- 
ter is twice as large. The increased peripheral speed near the outer radius may be expected 
to boost the turbulence and temperature level in the region. The tilting pad thrust bearing 
offers advantages over a tapered land bearing from load capacity considerations and ease 
of alignment, especially if a self-balancing support in the form of a linkage between the 
pads, to equalize the load, is provided. 


10.6 ROLLING ELEMENT BEARING 


High operating speeds coupled with the need to reduce axial length make rolling element 
bearings the preferred choice for supporting the main rotors in aircraft power plants. A 
careful selection of the many different variables, among them load, speed, materials, lubri- 
cation method, alignment, and fit-up will determine the degree of success attained in the 
operation of a bearing. Figure 10.15 shows examples of ball and roller bearings. Grease 
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FIGURE 10.15 Ball and roller bearings. (Courtesy: SKF Bearings, Timken products, Torrington.) 
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packing is common on some class of machines such as small compressors. The bearing per- 
formance improves substantially if spray lubrication in the form of a mist is used. This 
serves also to reject any heat developed. Most of the disadvantages of rolling element bear- 
ings arise from rubbing or sliding contact between the rolling elements, races and cages, 
with life limiting consequences. 

In the preliminary selection of a bearing for a given application various criteria are 
employed that place particular emphasis on the operating speed. The DN value takes into 
account the bore D (mm) and shaft speed N (rpm) to estimate the high-speed limitations. A 
relatively coarse indicator, the value gauges the acceptability of the bearing since load 
characteristics tend to increase in complexity at higher speeds to adversely generate effects 
arising from cooling, excessive tolerance variation, and flaws in the material. Another fac- 
tor suggested by Bailey and Galbato (1981) is the TAC factor Tto address centrifugal forces 
generated by an epicyclic ball or roller motion. 


t = d,,N3D},/Costa (10.17) 


where d „= pitch diameter (mm), N = inner race speed (rps), Dy = rolling element diame- 
ter (mm), and œ= nominal contact angle, degrees. The upper limit on this factor is 31 x 108, 
but higher values have been successfully attained in bearings. Acceptable lubrication char- 


acteristics may be established from the minimum film thickness given by the equation 
h=9 x 10* x D, x [(LP) x N1% (10.18) 


where h = minimum film thickness (uin), D, = outer bearing diameter (mm), LP = a lubri- 
cation parameter, and N, = speed difference between the inner and outer raceways, (rpm). 
Metal-to-metal contact can be avoided by maintaining h at a minimum of 12 uin, and LP 
varies between 100 and 1000 at moderate temperatures. For thin oils D, x N, > 4000, and 
for thick oils it is greater than 400 to avoid boundary lubrication related problems. 
Guidelines have been established by the bearing manufacturing industry in an effort to con- 
trol the quality of the bearings, for interchangeability and for parts replacement, with empha- 
sis on component dimensions and tolerances. The tolerance range diminishes to enhance 
precision as the class level increases. 

The choice of a bearing for a given task is closely associated with its fatigue life pre- 
dictions. Not so significant differences in the bearing’s configuration may cause identical 
bearings subject to the same load, speed, and lubrication to have differing fatigue charac- 
teristics. Bearing manufacturers recommend the use of L,, rating life, since it is represen- 
tative of 90 percent operating reliability. The operating life in hours is determined from the 
following relationship. 


Lio = (16667/N) x (CIW) (10.19) 


where C = dynamic load capacity of the bearing, W = equivalent radial load on the bear- 
ing, N = shaft speed (rpm), and y= 3 for ball bearings and 3.3-4.0 for roller bearings. The 
dynamic load capacity of a bearing of bore diameter D defines the endurance load of a 
bearing for a fatigue life of 1 x 10° cycles, and is calculated by the equations mentioned 
below. 

For ball diameter less than 1 in 


C= f. x(i Cos a)’ x Z’? x DiS (10.20) 
For ball diameter more than 1 in 


C= f, x (i Cos a)’ x Z?’ x Djs (10.21) 
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For roller length less than 2.5Dy, 


C= f, X(igCos œ)” x Z” x Di” (10.22) 


where Z = number of rolling elements, Dy, = element diameter (in), œ = contact angle 
(degrees), and i = number of rows. Equivalent load W for ball bearings is based on a pro- 
portional linear combination of axial and radial loads acting on the bearing. Factor f, varies 
between 3500 and 7500 depending on the rolling element size. 

The fatigue life calculation procedure must be corrected for material properties, lubrica- 
tion effectiveness, reliability, and hardness at elevated temperature. An array of data based on 
experiments of many different bearing materials is available from which a correction factor 
may be derived to account for differences in material characteristics. A fall in the material 
Rockwell hardness below 58 can compromise the fatigue life of a bearing operating above 
400°F. In the normal hardness range of R, = 58—62, the correction factor for fatigue life is 
zero. Continuously applied large static loads beyond the basic capacity can also cause per- 
manent deformation in the ball elements and the races. To account for sudden overloads, or 
an overload of short duration, a correction factor must be applied to the predicted fatigue life. 

The boundary friction will determine the behavior at the contact in the event an adequate 
lubricant film is not present at the mating surfaces. For a heavily loaded contact, a full film 
may separate the surfaces, but the elasticity of the parts will result in surface deflections, caus- 
ing the film to be altered. Coupling among the elastic deformation equations and the hydro- 
dynamic Reynolds equation is then essential for realistic simulation of the contact region. 
Figure 10.16 represents the lubricant pressure profile using the full film concept and includ- 
ing the effects of elastic deformation of the contact surfaces. The region may be split into an 
area where the oil is pressurized, a full film zone where Hertzian deflections occur to cause 
the extent of separation and a zone where the pressure drops sharply to the atmospheric level. 

Thermal effects pertaining to the lubricant film behavior must also be included in the 
evaluation. The film thickness may first be calculated based on isothermal conditions and 
then modified by a thermal reduction ratio. Note that line contact occurring in a roller bear- 
ing will be different from an essentially point contact between a spherical ball and a cylin- 
drical race, and the consequent reduction in film size will affect the temperature increase 
and side leakage. Lubricant viscosity plays a significant role, not merely from an engi- 
neering standpoint but from the relationship between pressure and viscosity. At a nominal 
Hertzian stress level of 150,000 Ib/in’, the viscosity of a paraffin-based lubricant may be 
100,000 cps, as opposed to 10 cps at atmospheric pressure, and this increase is responsible 
for developing the oil film in ball bearings. Figure 10.17 provides pressure/viscosity data 
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FIGURE 10.16 Lubricant film pressure profile in rolling element bearing. 
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FIGURE 10.17 Pressure/viscosity curves for lubricant oils (ASME, 1954). 
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FIGURE 10.18 Effect on temperature of viscosity of various lubricant oils (Wilcox and Booser, 1957). 
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for various oils at a number of temperatures. Viscosity as a function of temperature of sev- 
eral petroleum oils commonly used for turbomachinery bearings is shown in Fig. 10.18. 
With a sufficient film thickness between the contacting elements, the fatigue life of the 
bearing experiences substantial enhancement when the operating temperature is lower. 

The surface finish of the contacting components also affects the formation of the lubri- 
cant film due to the protrusion of asperities from both surfaces. In superior bearings falling 
within the ABEC class 5 or higher designations, surface finish of 4 rms is available on the 
races and 2 rms on the balls. Corresponding finishes on lower grade bearings run at 8 and 
4 rms. Rougher surfaces may be used on roller bearings, with RBEC class 1 bearings pro- 
vided with surface finish in the 8 to 16 rms range. 

AISI M-50 is commonly used for rolling element bearings for turbomachines, as also 
AISI 52100. The vacuum remelting and degassing processes used for these steels improve 
the fatigue characteristics of the metal by reducing the level of impurities around which the 
material nucleates and where fatigue cracks initiate. But the materials may not have appro- 
priate resistance to corrosion and fracture failure at high operating speed and load. Failures 
are experienced by fatigue spalls and subsurface cracks, often in the inner ring of the bear- 
ing. If a crack reaches critical proportions, the propagation rate increases rapidly to cause 
failure. Other materials such as AMS 5749 and AMS 5900 have been determined to have 
greater corrosion resistance. 

Rolling elements also have inherently low damping features, and if the rotor dynamic 
aspects of the machine’s system require it, some damping elements must be built into the 
system. The interaction between rolling element bearings and the rotor is of special inter- 
est when looking at the dynamics of the system. Significant factors that come into play are 


e Due to the lack of damping, systems operating through a critical speed will require atten- 
uation of critical speed response amplitudes. To accommodate this need, squeeze film 
dampers or dampers made of a resilient material are typically used. 


Rolling element bearings are free of destabilizing forces common in hydrodynamic bear- 
ings, such as oil-induced whip. 


e Unlike journal bearings, rotating elements of the bearing are fixed to the rotor. The 
rollers and the cage rotate at approximately half the rotor speed as an assembly. As a 
result, problems may occur during balancing and in calculating nonsynchronous 
response due to slight variations in component dimensions, but for the most part cause 
minor problems. 


Differential thermal expansion among the moving and nonmoving components of the 
bearing may result in compression and premature fatigue. To avoid this, the bearings must 
be designed with radial clearance between the elements and the races. But if radial load is 
reduced during certain operating cycles, bearing life is compromised due to skidding of the 
elements. Effective softening of the bearing support stiffness may also develop due to 
larger-than-normal clearances, with a consequent reduction in natural frequencies and crit- 
ical speeds. Other disadvantages as a result of larger clearances (and bilinear stiffness of 
the bearing) are reported to cause anomalies in the vibration response to unbalance, such as 
peaks at whole number multiples of the critical speed and hysteresis (Ehrich, 1967). One 
possibility to overcome the problem is to machine lobes in one of the races so that at least 
some parts of the bearing circumference provide roller contact with no clearance. At the 
same time the race in these close contact areas elastically deforms to permit the rolling ele- 
ments to move along without applying a large compressive load. 

As in hydrodynamic sleeve bearings, the stiffness of the rolling element bearing is 
required for rotor dynamic calculations. The stiffness level plays a major role when deal- 
ing with a stiff rotor. Due to its geometric complexity and the number of parts involved, its 
stiffness is not easily calculated. Deformation is due to three factors: deflection through the 
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FIGURE 10.19 Rolling element bearing stiffness calculations (Ehrich, 1999). 


radial clearance, elastic compression in the rollers, and deformation of bearing races from a 
circular to an oval shape. Compression of rollers at the points of contact with the races may 
be determined from equations developed by Hertz (see Prob. 10.1). The change in the pro- 
file produces a change in the load distribution used for roller deformation, and so an itera- 
tive procedure is required for the two combined effects. Because of the presence of the radial 
clearance, the overall stiffness curve is not linear. Figure 10.19 shows a linear approxima- 
tion of the overall characteristic, with the slope of the force/deflection being 1.0 x 10° Ib/in. 
If in the design process it is determined that the correlation between calculated and measured 
rotor critical speeds is not obtained, an adjustment to this stiffness value may be required. 

Magnetic bearings are used in high-speed rotors to avoid stability problems of journal 
bearings and life limitation problems of rolling element bearings (see Sec. 6.8). The bear- 
ing levitates the rotor through magnetic forces set up by electromagnets that are opposed. 
Magnetic bearings use displacement measurements between the rotor and the magnet to 
actively control forces acting on the rotor. Forces proportional to the relative displacement 
yield effective bearing stiffness, and forces proportional to the relative velocity yield damp- 
ing. Thus, both stiffness and damping are adjustable. There are no cross-coupled destabi- 
lizing stiffness terms in magnetic bearings; so the bearing is stable. But the bearing can 
become unstable if looked at as a classical linear sampled data feedback control system. 
Magnetic bearings have a lower stiffness value than journal bearings with oil film, and its 
use markedly increases the rotor length and diameter at the bearing location. 


10.7 VAPOR PHASE LUBRICATION 


Vapor phase lubrication of aircraft jet engine bearings calls for vaporizing a small quantity 
of an organophosphorus material and transported to a metallic bearing surface, where the 
vapors chemically react to form the lubricating film. Analyses of bearings lubricated with 
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a tertiary-butylphenyl phosphate, DURAD 620B, indicate that the lubricating film is pri- 
marily composed of condensed phosphates and graphite (Forster, 1996). The phosphate 
serves as an antioxidant and as a binder for the lubricant. The extremely high flash point of 
the lubricant also allows a thin layer of liquid lubricant to exist in the bearing contact points 
at elevated temperatures. 

The absence of a conventional liquid lubricating system offers potential benefits of 
reduction in cost, weight, engine cross-sectional area, and maintenance. Additional bene- 
fits accrue if the process helps raise the operating temperature of the main shaft bearings, 
decrease thermal gradients, and hence thermal stresses, in the rotating parts. Bearing tem- 
peratures are at present limited to about 204°C operating temperature due to thermal limi- 
tations of the lubricating oils; hence the bearing compartment is cooled with compressed 
air, oil is cooled in a fuel/oil heat exchanger, and heat shielding is added at critical locations 
around the sump. 

Previous efforts focusing on solid lubricants in the form of powder and lubricant films 
transferred from the surface of the sliding cage provide adequate lubrication for lightly 
loaded low-speed applications. But the performance deteriorates when the DN number 
(bearing speed x shaft diameter) is 1.5 x 10° to 2.5 x 10°, and bearing stress loads are 1.0 
to 2.0 GPa. Bearing wear, cage fracture, and seizure from thermal growth are some com- 
mon modes of failure. To investigate vapor phase lubrication in gas turbine rolling element 
bearings, the U.S. Air Force initiated a research program to identify nontoxic vapor lubri- 
cants in an air environment (Van Treuren et al., 1997). The phosphate ester mentioned 
before is delivered as an oil mist, so the increased momentum of the droplets permits bet- 
ter penetration of the pressure differential created by the windage in high-speed bearings. 
On entering the bearing, the surface temperature provides the heat input to complete the 
vaporization and to initiate the chemical reaction. The Allison T63-700 turboshaft engine 
used on smaller commercial airplane and helicopter engines is used as the platform for the 
test sequence (Allison, 1981). The no. 8 bearing (Fig. 10.20) is selected mostly because it 
is placed immediately downstream of the combustor, placing a harsh temperature environ- 
ment for the bearing cavity. Also, the sump can be isolated from the other bearings in the 
lubricating system. A shroud around the housing shields it from direct flow over the com- 
bustor, and is supplied with cooling air from the compressor. The bearing has a 20-mm bore 
with a split outer race, M50 steel balls and races, and a one-piece cage made from silver- 
plated 4340 steel. The design and construction is typical of currently used bearings with 
conventional oil lubricating systems. Rig tests to establish safe working limits operated the 
engine at a slow 10 to 15 min ramp from the idle speed of 35,000 rpm up to 55,000 rpm, 
with heater controls to obtain proper bearing outer race temperatures. At the end of the rig 
tests visual inspection revealed wear patterns at the cage outer land and ball pocket surfaces 
consistent with other engine bearings. 

In addition to standard instrumentation for the engine system, the no. 8 bearing is fully 
instrumented to provide information on operating conditions during both conventional oil 
and vapor phase lubrication. Of the five bearing housing support struts, two are used to 
deliver and scavenge the lubricant. Another strut is modified to pass through thermocouple 
leads to the bearing and housing. Three thermocouples contact the outer race, two are 
placed in the return sump cavity to measure the fluid temperature after passing through the 
bearing, and two more are located in the air cavity between the heat shield and the bearing 
sump cap. Lubricant inlet and outlet temperatures just prior to entering and just after exit- 
ing the bearing housing are also measured (Fig. 10.21). 

Bearing temperatures using conventional oil are first determined, with the engine oper- 
ating under various load conditions such as ground idle, flight idle, cruise, and full throttle 
at maximum continuous operation. The objective is to characterize the complete engine 
performance using the standard lubrication method for comparison with the vapor phase 
lubrication process. After this sequence, the no. 8 bearing is isolated from the engine oil 
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FIGURE 10.20 No. 8 bearing housing (Allison, 1981). 
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FIGURE 10.21 Instrumentation of bearing housing (Van Treuren et al., 1997). 
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system and coupled to an intake line from a mister to mist the DURAD 620B lubricant. The 
lubricant is preheated to improve its misting using a controlled amount of shop air, and pro- 
vides a predetermined flow rate of 13 mL of lubricant per hour. A larger vapor injection 
nozzle is employed to increase the flow rate of the mist to the bearing. After passing 
through the bearing any unused lubricant is passed directly into the engine exhaust. Tests 
of decomposition rate and toxicity conducted by the Air Force lab determined that the rate 
of decomposition at temperatures representative of engine exhaust gases result in low tox- 
icity. Also, the rate of 13 mL/h is not of consequence in posing a significant environmen- 
tal impact when diluted in the exhaust stream. 

In tests with oil lubrication, the bearing operates at 83°C at ground idle condition. 
Energy transport mechanism in the vapor phase is less than in the liquid medium, and is a 
function of the thermal conductivity as well as the heat capacity of the fluid. In the vapor 
phase lubrication, the combination of thermocouple data in the bearing compartment, flow 
rate of the lubricant, and its specific heat provide the total energy absorption by the vapor. 
The heating load coefficient is dependent on the thermal gradient between the bearing and 
the surrounding and the energy absorbed by the oil. The bearing temperature for vapor 
phase lubrication is calculated from the measured temperature differences between the inlet 
and exit of the lubricant and between the bearing and the ambient. From these theoretical 
considerations the overall bearing temperature is predicted to be 306°C for the ground idle 
condition, well below the 379°C operating limit determined from bench tests. 

In the first steady-state test of the vapor phase method of lubrication in a turbine engine 
operating at ground idle, the bearing temperature increased steadily as it reached a state of 
equilibrium at 283°C, remaining virtually constant for the remainder of the test. Table 10.1 
provides a comparison of a few measured parameters associated with the no. 8 bearing. 
Another interesting feature is the soak back that occurs when the engine is shut down so 
that the lubricant is no longer removing the energy, causing the bearing temperature to rise 
for about 10 min. The phenomenon affects the formation of deposits in an oil lubricant sys- 
tem. But since the vapor phase method operates at considerably higher temperatures, only 
a small thermal gradient exists between the bearing and its surroundings. Hence the soak 
back is not experienced. 

After the completion of engine tests, the bearing is extracted and the outer race cut in 
half for inspection of the components. Visual inspection uses 1x to 10x magnification, and 
a scanning electron microscope provides 120x to 600x magnification for evaluating sur- 
face finish and defect geometry and energy. Dispersive x-ray measurements check for the 
formation of a film deposit due to the presence of phosphorus. The balls and both races 
passed visual inspection, appearing smooth and light brown in color, except for a light 
scratch in the ball track of the inner race. At 150x magnification the scratch revealed a 
series of indentations characteristic of some foreign particles. Both races displayed the 
formation of a film deposit from phosphorus. The cage showed signs of wear at the outer 
land riding surfaces and in the ball pockets due to a smattering of silver plating, probably 
due to marginal lubrication conditions at the areas of sliding contact. Substantial amounts 


TABLE 10.1 Comparison of Oil and Vapor Phase Lubrication at Ground Idle 


Parameter Oil Vapor phase 
Torque, N-m 35.2 34.8 
Average bearing temperature, °C 83 283 
Oil sump temperature, °C 91 294 


Air cavity temperature, °C 67 274 
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of silver are still present in addition to the phosphorus on the worn areas, indicating the sil- 
ver performed its intended function. The outer land is worn around the full circumference 
on the forward and aft sides of the ball pockets. Measurements of the worn area indicate the 
presence of phosphorus due to the formation of a deposition film on the land and ball pocket 
areas. But the cage would not be acceptable for reinstallation in another engine. 


10.8 DEFORMATION IN BALL BEARING 


Load and deformation analysis in a ball bearing generally assumes a constant value for the 
contact angle of the ball for simplifying the calculations. In reality, the elastic deformation 
varies with the position angle of the balls in terms of the geometry of the contact surface at 
the inner and outer races. Studies of the contact mechanism, deformation, and stresses by 
Hertz (1881) consider two perfectly smooth and ellipsoidal elastic solids. This application of 
the classical elasticity theory to this problem forms the basis of stress calculation for machine 
elements such as ball and roller bearings. The Stribeck (1947) equation derives the maximum 
normal load Q,,,, as a function of the radial load F, number of balls Z, and a constant contact 
angle a in a bearing of zero diameter clearance. Jones (1946) determined the deformation 6 
due to a normal force distribution Q between the balls and races for a constant œ. 

If the total elastic deformations in the axial and radial directions are available, the alge- 
bra for the contact angle can be solved as a function of the position angle (Liao and Lin, 
1999). The total force acting on the bearing in the two directions can then be obtained from 
a summation of the forces on each ball. To derive the contact angle of a ball, it will be 
assumed that changes in configuration in the races are restricted to the contact area, and 
effects of misalignment, centrifugal forces, lubrication, and thermal effects are absent. If d; 
is the inner raceway diameter, d, is the outer raceway diameter, and D is the ball diameter, 
total clearance is P} = d, — d; — 2D. When the bearing is operating without a load, the dis- 
tance between the curvature centers of the races is A° = r; + r, — D for zero load, where r; 
and r, are the radii of curvature of the inner and outer races, respectively, and the super- 
script represents zero loading (Fig. 10.22). 
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FIGURE 10.22 Unloaded ball and race contact (Liao and Lin, 
1999). 
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Under these conditions the contact angle takes the form 


P 
O -l1 = d 
a = Cos ( iis | (10.23) 


The application of axial and radial loads will cause the contact angle of a ball to vary 
with its position angle. To determine the angle, two coordinate systems separated by the 
distance ¢ are first defined, one defining the z-axis coinciding with the centerline of the 
shaft, and an adjacent system with its z’-axis coinciding with the centerline of the raceway. 
With an external load applied on the bearing, and considering the inner raceway, ¢; is the 
shift of the origin in the second coordinate system. For the effect of the load on the outer 
race, it shifts in the second coordinate system by ¢,. Assuming an elastic deformation in the 
bearing in the axial direction due to an applied load in the same direction of 6,, then ¢, = 
—6,. A similar expression may be derived for the radial direction deflection 6,. The distance 
between the z-axis and the inner and outer race curvature centers is g; and g,„, respectively, 
and h, and h, are the radii of curvature of inner and outer races, respectively (Fig. 10.23). 

The contact angle is 


a=n-0-B (10.24) 


From the sine and cosine theorems 


p=Cos-( z] (10.25) 


Angle @ must satisfy the equation 


2 
(g; +h,Cos0)° +26,(g, +h,Cos@)Cosy + 67 = [s. + ye —(hSin@+¢,-¢,)° (10.26) 


With angle @ satisfying this condition, angle B will provide the contact angle œ. The 
bearing load and induced torque depend on the elastic modulus for the contact of a ball and 
on the geometry of the inner and outer races. The equivalent sum of the elastic moduli of 
all the balls in conjunction with the bearing elastic deformation due to an externally applied 


Outer ring 


Inner ring 


FIGURE 10.23 Ball and race contact under load (Liao and Lin, 
1999). 
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load yield the normal load Q applied to the balls. The normal axial and radial load compo- 
nents are then given by 

Q, =Q Cos a, (10.27) 


where oœ; is the contact angle of the jth ball in the bearing. Total axial and radial loads for a 
bearing with Z balls are then obtained from the summation 


Z 

F=}, Q; (10.28) 
j=l 
Z 

F, =} Q,Cosy (10.29) 


j=l 


where y is the position angle between the x-axis and the projection of the vector from the 
curvature center of inner race to the z-axis on the xy-plane. A moment is induced in one 
direction because the axial component is not uniformly distributed around the bearing, and 
is given by 


z 
M= 


0,{ $-cosy ) (10.30) 
j=l 
where d,, = (d, + d,)/2 and the eccentricity of axial load e = M/F,,. 

In an example of the comparison of the method outlined here and that of Harris (1984) 
of an angular contact ball bearing with equal loads applied in the axial and radial directions, 
the normal load solutions are provided in Fig. 10.24. A constant contact angle of 40° is 
assumed for the Harris solution. A close comparison is noted for all the balls, except for the 
ones near the 0° position, where the Harris procedure overpredicts the maximum load by 
about 5 percent. Bearing deformations in the axial and radial directions are determined to 
be ô, = 0.0003 mm and ô, = 0.0245 mm, respectively. Solutions for the contact angle a, 
total deformation 6, and normal force N from this method are provided in Fig. 10.25. 
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FIGURE 10.24 Normal load solution comparison (Liao and Lin, 1999). 
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FIGURE 10.25 Contact angle, deformation, and normal force distribution (Liao and Lin, 1999). 


10.9 TIP CLEARANCE ACTUATION 
WITH MAGNETIC BEARINGS 


The stable operation of axial flow compressors as they are employed in modern jet engines 
and gas turbines is often limited by two flow breakdown processes known as surge and 
rotating stall. Surge is a circumferentially uniform pulsation of the mass flow through the 
machine, while rotating stall appears as a reduced flow region in part of the circumference, 
which travels around the compressor annulus at a fraction of the rotor speed. Theoretical 
and experimental investigations for the active control of rotating stall have been conducted 
at the NASA Glenn Research Center on a single-stage transonic core compressor inlet stage 
(Spakovszky et al., 2000). The active stabilization of rotating stall and surge using unsteady 
air injection was first presented by Weigl et al. (1988) in the NASA high-speed stage. The 
experiments showed a significant benefit in the stable operating range. Blade tip clearance 
in axial flow compressors is known to have a strong impact on the compressor performance 
and stability. It also plays a major role in the interaction between the rotor dynamic shaft 
deflections and the aerodynamic behavior of the compressor. 

Magnetic bearings are widely used as active suspension devices in rotating machinery, 
mainly for active vibration control purposes. The concept of active tip-clearance control 
suggests a new application of magnetic bearings as servo actuators to stabilize rotating stall 
in axial compressors. The magnetic bearing servo actuator is used to actively whirl the 
shaft, inducing an unsteady variation of the rotor blade tip-clearance distribution as shown 
in Fig. 10.26. Steps used to design a magnetic bearing system are shown in Fig. 10.27. 
Starting with the compressor flow specifications, an unsteady compressor tip clearance and 
a rotor dynamic model of the compressor are implemented to determine the control author- 
ity and the detailed design of the magnetic bearing’s actuation system. 

The NASA Stage 37 test compressor, originally designed as an inlet stage of an eight- 
stage 20:1 pressure ratio core compressor, has a total pressure ratio of 2.05, mass flow of 
20.2 kg/s, rotor tip speed of 454 m/s, and rotation frequency of 286 Hz at design conditions. 
The rotor consists of 36 blades with an aspect ratio of 1.19, hub-to-tip radius ratio of 0.7, 
and blade tip diameter of approximately 50 cm. The mean-line rotor chord length is 56 mm. 


400 COMPONENT DESIGN 


Unsteady 
blade tip 
clearance 


FIGURE 10.26 Active tip clearance control concept 
(Spakovszky et al., 2000). 


Atmospheric air is drawn into the test facility through an orifice plate and a plenum cham- 
ber upstream of the test section. Downstream of the compressor, the flow is regulated with a 
sleeve-type throttle valve. The compressor shaft is coupled through a drive train to a 2.2 MW 
de drive motor. The shaft setup of the test compressor is an overhung rotor with radial 
fluid film bearings at the front (near the rotor disk) and at the back of the compressor 
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FIGURE 10.27 Steps used to design magnetic bearing system (Spakovszky et al., 2000). 
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FIGURE 10.28 NASA high-speed single-stage compressor rig (Spakovszky 
et al., 2000). 


(near the motor drive coupling), as well as a fluid film thrust bearing on the motor coupling 
side. A schematic of the test section and the compressor shaft is shown in Fig. 10.28. 

The effect of tip-clearance asymmetries due to shaft deflections on compressor perfor- 
mance and stability is addressed next. The objective of the preliminary analysis is to deter- 
mine the magnetic bearing force bandwidth and the stall control authority required to 
conduct the rotating stall control with tip-clearance actuation. The specific question is: How 
much shaft motion and magnetic bearing force is required to stabilize a rotating stall? To 
answer this question a rotor dynamic design analysis and a unique stochastic estimation and 
control analysis are conducted. A design of the rotor with a magnetic bearing rotor is shown 
in Fig. 10.29. The solid shaft in Fig. 10.28 is replaced by a hollow shaft, and includes the 
magnetic bearing rotor laminations. The shaft is pinned at the rear journal and thrust fluid 
film bearings, and coupled to the motor drive train. Typical catcher bearing designs do not 
contact the shaft during magnetic bearing suspension. However, for the proposed stall 
experiments, a fail-safe suspension system is mandatory. In particular, the compressor 
blades must be protected from possible rubs at the blade tips; destructive impacts must also 
be avoided in the case of a loss of magnetic levitation. A possible fail/safe solution is to use 
a spring-loaded catcher bearing that is always in contact with the shaft. This allows for the 
shaft deflections, but still yields a hard stop in case of an emergency. To ensure safe tran- 
sient operation without large vibrations when critical frequencies are crossed during an 
emergency shutdown, the damping must be added in parallel to the soft spring-loaded sup- 
port. One possible compact solution is an integral squeeze film damper (ISFD) setup as 
reported by Santiago, San Andres, and Oliver (1998). The ISFDs are comprised of accurate 
squeeze film pads rendering viscoelastic support and wire-electrical discharge machined 
webs acting like a squirrel cage. The open loop whirl speeds, natural frequencies, and mode 
shapes are obtained from an eigenvalue problem resulting from the equations of motion. 
Assuming that the rotor is spinning at design speed (286 Hz), the first four eigenvalues 
are plotted in Fig. 10.30, and the mode shapes are reconstructed from the corresponding 
eigen-vectors (Fig. 10.31). In order to determine the effective shaft motion (i.e., blade-tip 
deflection) for the control of a rotating stall the closed loop system is employed. The com- 
pressor prestall dynamics are denoted by the transfer function G(s). The outputs of G(s) are the 
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FIGURE 10.29 Rotor dynamic model of compressor with magnetic bearing 
(Spakovszky et al., 2000). 
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FIGURE 10.30 Transfer function between bearing force and tip deflec- 
tion (Spakovszky et al., 2000). 
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FIGURE 10.31 Preliminary rotor model eigenvalues and mode shapes 
(Spakovszky et al., 2000). 


prestall pressure perturbations sensed upstream of the rotor 6p(i), which are fed back to the 
rotating stall feedback controller K(s). The controller outputs are the six actuator com- 
mands 6c (f), which are modified by the magnetic bearing servo actuator dynamics to yield 
the actual shaft position and the corresponding tip clearance distribution de(*). 

The open loop stable magnetic bearing servo actuator dynamics parameters consist of 
the shaft rotor dynamics and the magnetic bearing servo control loop. The inputs to the 
compressor prestall transfer function G(s) are the tip-clearance distribution de(t) and the 
background noise modeled by unsteady velocity fluctuations dw(t). 

The magnetic bearing servo actuator design requirements include 


e Stable rotor dynamic operation over the entire compressor speed range (0 to 286 Hz) 


e Maximum shaft deflection of 250 um to avoid blade tip rubs between 0 and 143 Hz exci- 
tation frequency 


e Desired minimum whirl radius of 75 um at the maximum excitation frequency of 286 Hz 


e Maximum bearing diameter of 0.356 m to fit into the compressor hub housing without 
modifying the compressor gas path 


Standard magnetic bearing suspension devices usually only yield large forces when the 
shaft levitates. The magnetic bearing servo actuator for active stall control, however, must 
deliver a large dynamic load capacity, and high magnetic forces must be generated over an 
air gap substantially larger than the nominal gap since the rotor is whirling offset from its cen- 
terline. In addition, the outer bearing diameter and the space within the compressor hub hous- 
ing are limited in this application. Hence, a special magnetic pole configuration and a new 
soft magnetic material with relatively small magnetic losses and very high saturation flux 
densities are considered. Apart from the magnetic bearing actuator itself, the above issues will 
also strongly influence the actuator electronics design. A 16-pole N-S-N-S configuration with 
rotor laminations, illustrated in Fig. 10.32, is selected to satisfy the requirements. 
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FIGURE 10.32 Magnetic bearing servo actuator (Spakovszky et al., 
2000). 


Predicted results of the overall dynamic system are shown in the Campbell diagram of 
Fig. 10.33. The two rigid body forward and backward whirling modes are crossed by the 
one-per-rev line (1E) at about 30, 180, and 200 Hz. Note that none of the flexural modes 
are crossed despite the strong gyroscopic effects, and the rigid body mode frequencies 
compare well to the preliminary results obtained from the simple lumped parameter 
model. The frequencies of the two rigid body modes mostly depend on the stiffness of the 
fluid film and the catcher bearings, the mass properties of the compressor shaft, and the 
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FIGURE 10.33 Campbell diagram (Spakovszky et al., 2000). 
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FIGURE 10.34 Current-force characteristic of magnetic bearing actuator (Spakovszky 
et al., 2000). 


actuator feedback control. In order to limit the vibration level when the rigid body critical 
frequencies are crossed, either the rotor must be well balanced or the bearings must dissi- 
pate a substantial amount of energy, thus calling for sufficient external damping. 

Nonlinear effects are included in the voltage and current saturation characteristics of the 
power amplifier because of the influence of the actuator inductance and resistance and the 
back electromotive force term in the rotor. The resulting higher-order system of the non- 
linear differential equations is solved by an iterative procedure. The results are shown in 
Fig. 10.34 for the shaft spinning at the design speed of 286 Hz. The plot depicts a family of 
nonlinear current-force characteristics of the magnetic bearing servo actuator and the locus 
of operating points with the excitation frequency ranging from 0 to 300 Hz at maximum 
available power (thick solid line). The effect of a varying air gap is included in the calcu- 
lation. The achievable whirl radii at several shaft locations are plotted on the right-hand 
side within the operational constraints of the amplifier and the whirl radius limitation at the 
magnetic bearing location (250 um). Thus, the results show that the stated design require- 
ments of 250 um compressor blade tip deflection up to 185 Hz are fulfilled. 


10.10 IMPACT OF FLEXIBLE SUPPORT 


The support structure for a bearing often plays a big role in the behavior of a rotating 
machine. The dynamic characteristics of the support combine with the bearing’s stiffness 
and damping coefficients to modify the impedance observed by the rotor at the bearing 
locations. American Petroleum Institute (API) standard 617 for compressors recommends 
including the effects of the support structure in unbalance response analysis when the ratio 
of the support-to-bearing stiffness is less than 3.5, and specifies the use of calculated criti- 


cal frequency dependent support stiffness and damping values or values derived from 
modal testing. 
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FIGURE 10.35 Test rotor (Vazquez, Barrett, and Flack, 2000). 


The calculation procedure, however, is sometimes difficult to accomplish because of the 
complexity of the casing and bearing supports. Experimental testing to measure the frequency 
response function (FRF) is more commonly taken advantage of. The supports may be excited 
by impact (or by mechanical shakers) at the bearing locations and measuring the response in 
the vicinity. The measurements are needed in the horizontal and vertical directions at the sup- 
ports and also between the supports. The measured functions are then used to generate equiv- 
alent physical models in the form of mass supports (Redmond, 1996) or with many degrees of 
freedom (Stephenson and Rouch, 1992). Modal parameters may also be calculated by using 
the unbalance response of a rotating system, then create the equivalent foundation model. 

To establish the effects of the support structure on the dynamics of the rotating system, 
a research project was initiated at the University of Virginia (Vazquez, Barrett, and Flackl, 
2000). A flexible rotor supported by three-lobe bearings on flexible supports is tested for 
unbalance response and stability. The numerical predictions are extended to study the 
effects of cross coupling in the support structure between the vertical and horizontal direc- 
tions and of cross talk between the pedestals. The test apparatus consists of the rotor with 
three equally spaced disks and supported by two identical three-lobe fluid film bearings 
(Fig. 10.35). The bearings are supported by anisotropic flexible supports, with their other 
ends clamped to a concrete block. Table 10.2 lists the physical traits of the three-lobe bear- 
ings, and Fig. 10.36 shows their calculated dynamic coefficients as a function of speed. The 
housing for the bearings are rigid, and mounted on flexible structural aluminum members 
with stiffening plates at the ends, as shown in Fig. 10.37. 


TABLE 10.2 Lobe Bearing Data 


Journal diameter, mm 25.4 
Lobe radial clearance, mm 0.833 
Bearing radial clearance, mm 0.033 
Lobe length, mm 12.7 
Bearing preload factor 0.604 
Lobe arc length, degrees 93 
Static load, N 62.2 
Oil inlet pressure, kPa 20.7 
Oil inlet temperature, °C 48.3 


Oil viscosity—48°C, Pa-s 0.021 


Stiffness coefficients (N/m) 
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FIGURE 10.36 Bearing dynamic coefficients (Vazquez, Barrett, and Flack, 2000). 
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Horizontal direction stiffness of the support can be varied by using plates of differing 
thickness, although the vertical direction stiffness remains unaffected. The support’s 
dynamic characteristics are determined by attaching electromechanical shakers to the bear- 
ing housing through piezoelectric force transducers. A sine sweep excitation is applied to 
each support in a single direction, and the response at the bearing housings measured in the 
vertical and horizontal directions. A total of 16 acceleration responses are then obtained to 
assemble the support matrix 
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FIGURE 10.37 Bearing housing and flexible support (Vazquez, Barrett, and Flack, 2000). 
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where [DC(@)] is the dynamic compliance matrix of the support structure, where the matrix 
terms are integrated twice for convenience to perform the calculations in displacements and 
rotations. The matrix is defined for each of the frequencies used for the excitation of the 
supports. The matrices may then be used directly for unbalance response calculations. For 
stability analysis polynomial transfer functions may be obtained for each of the matrix 
terms using the synthesis (Santhanan and Koerner, 1963) or the rational fraction polyno- 
mial (Friswell and Penny, 1993) methods. Equation 10.34 then takes the form 


% Fa 
y E, 
x, (TOON Fe (10.32) 
Yz Fy 


where [G(s)] defines the transfer function matrix of the support structure, with its terms 
defined in terms of the complex variable s valid in the whole complex plane. For unbalance 
response s = i@,, and for stability analysis s = p + i@,. Flexible support equations require stiff- 
ness and damping coefficients that may be combined to form complex stiffness coefficients. 
These coefficients are obtained by inverting the transfer function matrix for each complex fre- 
quency s;. The support stiffness and damping coefficients are then used with a standard tech- 
nique to include support effects in rotor dynamics analysis. Note that the variation of the 
coefficients with the complex frequency must be available in the analytical tool. Since the 
support structure is passive, the dynamic compliance matrix [DC(q@)] must be symmetric. If 
one of the two support structures is more active at a particular resonance, the magnitude of 
the cross talk dynamic compliance is reflected in the direct dynamic compliance, indicating 
that the cross talk between the supports has a large influence on the response of the rotor. 
The unbalance response of the rotor is measured during a slow run-up from 1000 to 
6000 rpm. An unbalance weight of 9 g-mm, designed to excite the first critical mode, is 
located on the middle disk. In a second run the unbalance is shifted 180° away. The unbal- 
ance response is then obtained by subtracting the response of the second run from the first 
run and dividing the difference by 2. The intention is to eliminate the effects of mechanical and 
electrical run-out, shaft bow, and residual unbalance by using this scheme. Figure 10.38 shows 
the unbalance response near the middle of the disk, where three main responses are identified. 
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FIGURE 10.38 Unbalance response at middle disk (Vazquez, Barrett, and Flack, 2000). 
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FIGURE 10.39 Calculated stability map (Vazquez, Barrett, and Flack, 2000). 


Structural resonance is detected at 1900 rpm, the peak at 2550 rpm corresponds to the first 
shaft critical speed, and the response at 4000 rpm is attributed to coupling with the second 
critical speed of the rotor. Predicted response using different models of the support struc- 
ture is also included with the measured data in the figure. The single mass support repre- 
sentation does not agree with the measured data, showing two peaks at 1900 and 3500 rpm. 
The analysis using rigid supports predicts the first critical speed at 2530 rpm, but the peak 
amplitude is considerably larger than the measured data. 

Results from the transfer function representation show better agreement with the exper- 
imental data. The first critical speed is predicted at 2520 rpm, and the deflection is just 6 
percent larger than the measured value. Neglecting the cross talk between the supports also 
gives good results. Ignoring the cross coupling between the horizontal and vertical directions 
also provides comparable data. 

Establishing the threshold of stable operation requires the rotor to be accelerated until it 
becomes unstable. The subsynchronous vibrations are self-sustained and grow with time 
as the stability limit is crossed. In a lightly damped system this definition is significant, 
because subsynchronous vibrations may be present but the overall vibrations do not grow 
with time. The spectral map indicates instability at 2640 rpm, synchronous and two times 
the running speed. Figure 10.39 shows the stability map calculated for the rotor system 
using different support models. The logarithmic decrement is plotted against the rotor 
speed, with the bearing cross-coupling term being the only instability mechanism in the 
system. With all terms in the transfer function matrix included, the predicted stability limit 
is slightly below the measured threshold speed of 9350 rpm. 


10.11 SEALS AND DAMPERS 


Annular gas and liquid seals are used in steam and gas turbines, compressors, and pumps 
to isolate the process fluid from the bearing lubricant and to prevent leakage to the environ- 
ment. The geometry of a seal may be similar to that of a plain journal bearing, but there are 
major differences between the two on account of the high pressure drop across the seal and 
the consequent high turbulence in the flow. Thus, the Reynolds equation is not appropriate 
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for annular seals. The forces developed by gas seals are roughly proportional to the pres- 
sure drop across the seal and the fluid density inside. Because of the density dependency, 
gas seals have a greater impact on steam turbines and high-pressure compressors than on 
gas turbines. 

Labyrinth seals are used in several ways. In a multistage centrifugal compressor, for 
example, the shaft seal labyrinth may be used to restrict leakage flow along the shaft to the 
backside of the preceding impeller (Fig. 10.40). The eye-packing seal limits return flow 
leakage down the front of the impeller, and the shaft seal restricts leakage along the shaft 
to the preceding stage. To alleviate the axial force due to the pressure difference between 
the discharge and inlet pressure on an in-line machine, a balance drum is used to exert force 
in the other direction by directing the leakage flow through the drum to the inlet. Hence, 
the balance drum absorbs the full Ap of the compressor, and the fluid within the seal has an 
average density proportional to the inlet and discharge pressures. The eye-packing and 
shaft seal configurations may be considered to be half-labyrinth seals, while the one at the 
balance drum is an interlocking or full labyrinth (Childs, 1993). 

Generally the fluid forces do not interfere with the rotor’s natural frequency or with the 
damping system. However, high fluid swirl activity due to the lack of concentricity 
between the rotating and stationary parts has been known to create substantial destabiliz- 
ing forces. Forces developed in a compressor seal labyrinth are one order of magnitude 
lower than its liquid seal counterpart. The direct stiffness term in a gas seal is typically neg- 
ligible, and may even be negative. Seal leakage flow in a high-pressure steam turbine oper- 
ating at constant speed has been studied by Greathead and Bostow (1976) to evaluate the 
stability of the rotor under varying loads. The unit operated up to 90 percent of full power, 
but at higher power levels subsynchronous whirl at the lowest natural frequency was expe- 
rienced. This observation has also been noted in centrifugal compressors, and points to a 
linkage between power level and instability as opposed to speed-related onset of instabil- 
ity in hydrodynamic bearings. 

A honeycomb seal is shown in Fig. 10.41. The roughened stator helps reduce leakage, 
and also offers the benefit of reducing the average circumferential velocity within the seal 
and the destabilizing cross-coupled stiffness coefficient. This seal type has been success- 
fully used in compressors for the balance drum and as a turbine interstage seal for the high- 
pressure oxygen turbopump of the space shuttle main engine. 
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FIGURE 10.40 Seal arrangement in multistage compressor (Kirk, 1987). 
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FIGURE 10.41 Honeycomb seal (Childs, 1993). 


Brush seals use a biased pattern of wires in contact with a ceramic coating on the shaft, 
and sharply reduce leakage when compared with a labyrinth or honeycomb seal. Based on 
tests (Ferguson, 1988), the leakage rate of a single-stage brush seal is a mere 5 percent of a 
four-cavity tooth on a rotor labyrinth seal. And because of their compliant nature, damage 
due to transient impact between the rotor and stator components is held to a minimum. 

Figure 10.42 depicts a floating seal construction. Seal segments consist of spring loaded 
inner and outer halves. The spring preload causes the ground and finished external faces of 
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FIGURE 10.42 Floating contact seal (Kirk, 1986). 
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the segments to be in contact with its housing, with a shear pin provided to prevent rotation 
of the segments. Oil is supplied between the segments, then flows axially along the shaft. 
Most of the oil is recovered, but some of it may be lost to the process fluid stream. The seal 
is of interest from rotor dynamic considerations because the oil in the annulus provides a 
form of support for the shaft. But the seals lack the load-carrying capability. Fluid forces 
developed from the relative position and motion in the seal are reacted by the friction at the 
contact face. A spiral-grooved face on the seal provides a refinement for primary gas seal- 
ing in applications calling for high pressures (Sedy, 1979). The grooves create a separating 
force between the two mating faces, causing the seal to operate at tight clearances between 
the rotating and stationary faces, resulting in a low leakage rate. 

Squeeze film dampers have the ability to attenuate vibrations and improve the stability 
of a rotating machine assembly by providing multidirectional damping. Aircraft jet engines 
use rolling element bearings, which are inherently free of damping as witnessed by their 
alternative name of antifriction bearings. Squeeze film dampers are employed to introduce 
damping into the system to reduce synchronous response amplitudes, to enhance stability, 
and to provide a margin of safety for blade loss conditions. Squeeze film dampers have also 
been developed and successfully employed for protection against subharmonic rotor insta- 
bilities operating on tilting pad bearings. Some high-pressure compressor manufacturers 
use the dampers for this stated purpose (Shemeld, 1986). In this application the squeeze 
film damper resembles a nonrotating plain journal bearing, providing damping to the lat- 
eral motion of the rotor as a consequence of the pure squeezing motion of the damper’s 
journal element. 

The dampers may be broadly categorized into two different configurations. In one 
arrangement a centralized retainer spring in the form of a squirrel cage is connected to the 
outer race of a rolling element bearing, and acts as a parallel element within the squeeze 
film annulus. In another scheme, there is a structure without a retainer spring where, say for 
a horizontal machine, the outer race of the rolling element bearing remains at the bottom of 
the damper’s clearance circle, until the unbalance forces are large enough to create the lift. 
The advantage of the design with the retainer spring is the ability to tune the critical speeds 
of the system away from the operating range to ensure smooth running. But when differing 
unbalance, damper static eccentricity ratio, and oil supply pressures are applied, the system 
resonant speeds often migrate from their expected place. In particular, if the damping is 
excessive because of increased oil supply pressure or static eccentricity ratio, resonant fre- 
quencies of the assembly may approach frequencies without the retainer spring. The squeeze 
film damper then essentially locks out the retainer spring, rendering it inoperative (Holmes 
and Box, 1992). 


10.12 LABYRINTH AND HONEYCOMB 
SEAL EVALUATION 


Labyrinth seals are extensively used in centrifugal compressors operating at high pressure 
and speed to control leakage. Field experience and tests indicate that the labyrinth seals can 
generate unstable operation of the rotating system. In comparison, honeycomb seals of up 
to 50 mm in length have displayed better stability characteristics, and are also insensitive 
to preswirl at the inlet (Childs and Kleynhans, 1992). 

Shunt injection is one approach to improve the performance of labyrinth seals. High- 
pressure gas, usually from the compressor’s discharge, is injected into an intermediate 
labyrinth cavity at several circumferential locations in the radial direction or against the shaft 
rotation. The negative swirl flow injection is sufficient to reverse the flow direction in the 
seal, and the consequent reduction of the circumferential velocity leads to a reduction in the 
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FIGURE 10.43 Shunt injection at balance piston between high- 
and low-pressure sections. 


cross-coupled stiffness k. The performance penalty arising from the diverted flow from the 
compressor discharge is the disadvantage of the technique. 

An experimental study to compare the subsynchronous vibrations and instability char- 
acteristics of a conventional labyrinth seal, labyrinth seal with shunt injection, and a hon- 
eycomb seal has been conducted in a joint NASA-USAF funded program (Soto and Childs, 
1998). The test seal, 130 mm in diameter and 63 mm in length, is provided with feed holes 
for shunt injection, and choking of the holes is avoided by controlling the exit Mach num- 
ber to less than 0.33. The seal has 20 teeth with a pitch of 3.2 mm and height of 3.17 mm. 
Shunt injection is facilitated by deleting the fourth tooth, and the flow occurs in both direc- 
tions of the seal (Fig. 10.43). 

The rig is designed to measure the axial pressure distribution, airflow rate, temperature, 
vibration amplitudes, and seal reaction forces. Rotor dynamic coefficients are then calcu- 
lated from the transient measured reaction force and motion data. The test apparatus in the 
form of a rotor coupled to an electric motor has provision for controlling the eccentricity in 
the seal. The rotor is suspended in the style of a pendulum from another rigidly mounted 
shaft at the top, and permits control of the motion of the rotor in the horizontal plane. A cam 
within the pivot shaft controls the system’s vertical position. The equation of motion for the 
seal stator housing is 


| I E 5 d fe l c c] o 

4 f= + (10.33) 
fy —M,d°Y,/dt -k K|LY, —c C ||dY,/dt 
where M, is the mass of stator housing, f,, and f,, are measured forces on the housing, K and 
k are the direct and cross-coupled stiffness, and C and c are the direct and cross-coupled 
damping. Acceleration components of the housing, d?X,/d?? and d’Y,/d?’, are measured by 
accelerometers. The coefficients are described in the frequency domain by using a swept 
sine wave in the 40- to 70-Hz range. 

Rotor dynamic performance and seal leakage flow comparisons are carried out for the 
labyrinth seal with preswirl and shunt injection and for the honeycomb seal. Shunt injec- 
tion pressure ratios are set at 0.85, 0.90, and 0.95. In normal applications this pressure 
varies between 0.4 and 0.6. Rotor surface speeds correspond to speed points between 30 
and 110 m/s, against a normal operating range of 100 to 170 m/s. 

Effective damping, defined by C.,=C x (1 — k/Ca), is used to evaluate the overall seal 


stability characteristics. The parameter is useful in comparing annular seals since it com- 
bines the effects of direct damping and cross-coupled stiffness, both of which are associated 
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TABLE 10.3 Cross-Couple Stiffness and Direct Damping Values 


Cross-couple 


Shunt injection Direction of stiffness Direct damping 
pressure ratio injection k(kN/m) C(KN:s/m) 

0.85 With rotation -175 0.82 

0.85 Against rotation —2025 0.83 

0.90 With rotation — 0.76 

0.90 Against rotation —1810 0.77 

0.95 With rotation — 0.69 

0.95 Against rotation —1475 0.72 


with rotor stability. Since k is responsible for instability, it must have a low or negative 
value. Measured values for shunt injection at the maximum speed of 16,500 rpm and con- 
stant pressure ratio across the seal of 0.45 are shown in Table 10.3. Injection against rota- 
tion provides the largest negative values of k, and the increasing injection pressure also 
tends to increase k. Cross-coupled stiffness values due to radial shunt injection, on the other 
hand, remain practically the same for all cases. 

A positive and large magnitude for direct damping in the annular seal improves the rotor 
dynamic response since it counteracts the destabilizing effects of cross-coupled stiffness in 
the rotor. Table 10.3 shows the coefficient magnitudes at the maximum speed of 16,500 rpm 
and constant pressure ratio of 0.45 across the seal. The direct damping value increases with 
the injection pressure, and the direction of injection has minimal impact. 

The tangential force on a synchronous precessing (or forward whirl) seal is given by fọ = 
(k — C@)A, where A is the radius of precession. The whirl frequency ratio is expressed by 
Soy = (k/C@). For the shunt injection seals with radial injection the whirl frequency is calcu- 
lated to be negative and small, implying the seal could destabilize the seal into a backward 
whirl mode. However, backward whirl normally associated with rubbing is rarely experi- 
enced in the operation of turbomachines, as opposed to the prevalent forward whirl insta- 
bility condition. 

Table 10.4 shows the comparison for all seals. The honeycomb seal has better effective 
damping than the labyrinth seal with radial injection, but shunt injection nearly doubles this 
value without injection. The highest positive cross-coupled stiffness (destabilizing) is 
obtained from the honeycomb seal, but the labyrinth seal has superior numbers with or with- 
out the injection. The whirl frequency ratio is negative for labyrinth seal with shunt injection, 
and is caused by the negative cross-coupled stiffness. In terms of leakage, the honeycomb seal 
performance is superior to that of the labyrinth with or without shunt injection. 


TABLE 10.4 Comparison of Seal Performance 


Effective Cross-coupled 


damping stiffness Whirl frequency Mass flow rate 
Seal/configuration (kN-s/m) (kN/m) ratio (g/s) 
Labyrinth/preswirl — 0.320 0.15 110 
Labyrinth/radial injection 0.8 -200 —0.20 165 
Labyrinth/injection against 1.5 —1500 =1.20 170 


rotation 
Honeycomb 1.6 1700 0.35 80 


BEARINGS AND SEALS 415 


10.13 DAMPING SEAL DYNAMIC 
CHARACTERISTICS 


Vibration problems in the turbomachinery of the space shuttle’s main engine have required 
closer evaluation of rotor dynamic stability margins. Annular seals are used in the machines 
for leakage control, but they also play a major role in controlling vibration response levels. 
Prior to entering the seal, the fluid has a significant tangential velocity component, in con- 
trast to the axial velocity down the length of the seal. A good example of the preswirl con- 
dition is the discharge from an impeller entering a seal, and is a significant source of 
destabilizing forces in the machine. 

In an experiment conducted at NASA’s Marshall Space Flight Center, test measure- 
ments focused on the capacity of annular damping seals to minimize the whirl frequency 
ratio in the presence of a highly prerotated fluid at the inlet (Darden, Earhart, and Flowers, 
1999). Dynamic coefficients for smooth seals tend to have a strong dependence on the 
eccentricity over a wide range of speed, pressure, and eccentricity ratios (Marquette, 
Childs, and San Andres, 1997). Results from the smooth seal are used as a baseline for the 
investigation of damping seals. Details of the test rig are shown in Fig. 10.44. Designed to 
support the testing of the seal pressure differential of 2000 Ib/in?, the rig is powered by a 
250-hp steam turbine and has a maximum speed of 20,000 rpm. Deionized water between 
70 and 90°F is used in the experiment. The test bearing is located in the seal carrier assem- 
bly at the midspan of the shaft, and is supported axially by the upper and lower orifice com- 
pensated thrust bearings. This allows the test bearing to translate in response to an external 
load without recourse to additional load paths, while ensuring that the seal assembly 
remains parallel to the shaft during the test. Prerotation of the fluid medium is achieved by 
using a shaft with 10 equally spaced radial fins placed just upstream of the entrance to the 
seal. Blade passing frequencies are well outside the frequency range of interest to avoid 
degradation of the frequency response functions. 

The test seals are characterized by a combination of shaft speeds, seal pressure differ- 
entials, and inlet preswirl conditions. The applied force is a band-limited random excitation 
between 20 and 200 Hz. High-frequency data comprising displacements, forces, and pres- 
sures are recorded. Duration of each test is limited to 30 s. The relative displacement of the 
fluid film between the test seal and the shaft is measured by four inductive probes spaced 
equally around the periphery of the seal assembly. These measurements are fed back for the 
inertial correction of the excitation force applied to the carrier assembly. Displacements are 
differentiated in the frequency domain to obtain accelerations. Acceleration levels of rig 
housing, measured by accelerometers at same locations as proximity probes, must also be 
taken into account. Seal reaction forces are 


{HLS MS T aE} com 


where M and m are the direct and cross-coupled mass of the seal carrier assembly, f, and f, 
are the measured fluid film reaction forces, K and k are the direct and cross-coupled stiff- 
ness, and C and c are the direct and cross-coupled damping. Based on the symmetry of the 
centered seal state and flow conditions, all of the coefficients are assumed to be skew- 
symmetric. The measured parameters in the individual time history are transformed to the 
frequency domain, and the frequency response functions are curve fitted to yield the rotor 
dynamic coefficients. 

The test matrix is considerably influenced by the high preswirl condition, and the sta- 
bility of the seal is predicted to degrade with the increasing shaft speed. Theoretical pre- 
dictions are obtained from the code developed by Padavala et al. (1993) using Hir’s friction 
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FIGURE 10.44 Seal-test rig: (upper) cutaway view, (lower) top view 
(Darden, Earhart, and Flowers, 1999). 


factor and inlet preswirl values of 0.19 and 1.1. The results of the experimental investiga- 
tion, with the predicted data, are shown in Table 10.5. Nondimensional values are obtained 
by multiplying the stiffness coefficients by [c/(zdlAP)] and the damping coefficients by 
[cæ@/(zdlAP)], where @, = shaft speed; c, d, and / are seal radial clearance, length, and 
diameter; and AP = seal pressure differential. 

The direct stiffness term is overpredicted by the theory by 50 percent for both the high- 
and low-preswirl conditions, but there is agreement in the overall upward trend with 
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TABLE 10.5 Damping Seal Rotor Dynamic Coefficients 


Test condition Stiffness Damping Inertia Leakage 
Pressure Speed K k Cc c M m Rate 

Preswirl (Kpa) (rpm) (N/m) (N/m) (N-s/m) (N-s/m) (Kg) (Kg) (mL/s) 
0.19 10300 5850 6.82E6 1.81E6 2.01E4 7.55E2 2.19 -0.60 14.8 
0.19 10300 10500 7.00E6 3.19E6 2.09E4 8.90E2 2.87 -0.76 14.7 
0.19 10300 15100 7.07E6 5.33E6 2.06E4 2.11E3 1.94 -0.32 14.7 
0.19 13400 5780 8.85E6 1.98E6 2.31E4 1.02E3 2.61 -0.81 17.2 
0.19 13300 10100 9.58E6 3.28E6 2.31E4 1.23E3 4.03 -0.91 17.1 
0.19 12900 15800 9.18E6 6.04E6 2.37E4 1.72E3 2.38 —0.60 16.8 
1.10 13100 5130 8.32E6 9.23E6 2.39E4 541E3 7.44 -3.84 16.7 
1.10 12700 6140 8.37E6 1.04E7 2.44E4 6.54E3 7.85 —4.17 16.6 
1.10 12300 4020 7.11E6 7.48E6 2.40E4 2.07E3 4.82 -2.24 16.3 
1.10 16000 5280 1.01E7 1.10E7 2.73E4 3.57E3 5.62 -3.40 17.4 
1.10 15700 6350 1.07E7 1.26E7 2.53E4 7.02E3 8.32 -3.08 171 


1.10 14400 3980 8.89E6 8.15E6 2.52E4 2.17E3 5.20 -1.87 16.7 


increasing seal pressure differential. The cross-coupled stiffness term is overpredicted by the 
theory by 15 percent for both the high- and low-preswirl conditions, and there is agreement 
in the upward trend with increasing shaft speed. Static tests were also conducted concur- 
rently by applying a series of loads and recording the resulting displacements. The agree- 
ment between the static and dynamic tests provided verification of the lower-than-expected 
stiffness values in the operational tests. The damping coefficients underpredict the calcu- 
lated values by 15 to 25 percent for the low- and high-preswirl cases. 

The whirl frequency ratio is given by k/(Cq@,), and is overpredicted by 20 percent for the 
low-preswirl condition. The average whirl frequency ratio for the high-preswirl case is 
0.73, representing a large increase in the damping seal’s stabilizing capacity. 


10.14 SQUEEZE FILM DAMPER 


Squeeze film dampers are more complex to design and analyze than other machinery ele- 
ments. They have been sometimes used in the process industry as a last resort to reduce 
vibration or to improve the rotor dynamic characteristics of a machine. This stigma has often 
tainted their use as an emergency solution and resulted in rejection even when properly 
applied, with the exception of the aircraft gas turbine industry where their use is widespread. 
The influence of cavitation in squeeze film damper bearings, which is distinctly different 
from cavitation in journal bearings, has only been recently understood. Problems associated 
with cavitation, however, are still not amenable to a rigorous quantitative analysis, thus mak- 
ing it essential to rely on the experience and knowledge of the application at hand. 

In a squeeze film damper, the bearing is a large cylinder attached to a fixed frame. The 
inside diameter has a very wide central oil supply groove. The squeeze film is formed by 
two lands on each side of the supply groove. The journal is the outside diameter of a sleeve 
that is fitted to the outer race of a ball bearing and supported by coil springs. This configu- 
ration has the squeeze film in parallel with the spring supports so that they are subject to 
the same displacements and share the dynamic load unequally. Most squeeze film dampers 
in aircraft engines have a similar arrangement with the “journal” (and roller or ball bearing) 
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arc spring-supported, and with the bearing attached to the engine frame as shown in Fig. 10.45 
(Gunter, Barrett, and Allaire, 1975). The squeeze film and the spring support are subject to 
the same deflection, and the dynamic loads are divided unequally between them. 

The most commonly recurring problems in rotor dynamics are excessive steady-state 
synchronous vibration levels and subsynchronous rotor instabilities. The first problem 
may be reduced by improved balancing or by introducing modification into the rotor-bearing 
system to move the system critical speeds out of the operating range, or by introducing 
external damping to limit peak amplitudes at traversed critical speeds. Subsynchronous rotor 
instabilities may be avoided by eliminating the instability mechanism or by raising the nat- 
ural frequency of the rotor-bearing system as high as possible or by introducing damping to 
raise the onset speed of instability above the operating speed range. 

The performance of squeeze film dampers is not only determined by the geometry 
(length, diameter, and radial clearance) and viscosity of the lubricant used, but affected 
greatly by a number of specific design and operating conditions. The level of supply pres- 
sure, the feeding and discharge flow mechanisms, the type of end seals, fluid inertia, and 
dynamic cavitation are but a few of these important factors. 

In the dynamic analysis of rotor bearing systems, squeeze film dampers are regarded 
as highly nonlinear mechanical elements, providing forces obtained from relationships 
based on the instantaneous journal center eccentricity. The current analysis of rotor-disk 
assemblies supported on a squeeze film damper are based on overly simplified analytical 
expressions for fluid film forces as derived from the short journal bearing model with the 
so called z-film cavitation assumption. Often a jump is encountered in calculating the 
response of the system. The jump phenomenon finds its roots in the stiffness theory of 
nonlinear oscillations. In particular, systems with a cubic nonlinearity exhibit a response that 
is characterized by multiple values. It is the multivalues of the response curve that lead to the 
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FIGURE 10.45 Squeeze film damper in parallel with squirrel cage spring (Gunter, 
Barrett, and Allaire, 1975). 
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jump for a hardening spring. As the frequency of excitation is varied, the harmonic response 
will increase. A jump down in amplitude occurs when this characteristic takes place in a 
squeeze film damper due to the nonlinearity of the cross-coupled damping (stiffness term). 
This nonlinear response (jump down while accelerating through resonance) may not be 
experienced in field installations. However, this hardening effect is not due to the squeeze 
film stiffness but due to journal lockup that produces a moment stiffness, similar to what 
happens with gear coupling when they lock up (Zeidan, San Andres, and Vance, 1998). 

Squeeze film dampers operating with or without a centering spring and operating with a 
high unbalance may experience a bilinear spring effect. The higher stiffness results from the 
damper journal bottoming out and contacting the higher stiffness housing. This bilinear spring 
characteristic may lead to nonlinear response often characterized by the excitation of the first 
critical speed or resonance of the structure. Subharmonic response at an exact fractional speed 
may also be exhibited under these conditions. At certain speeds the damper journal will impact 
the housing and excite the first critical speed, while at other instances, depending on the ratio 
of the running speed to the first critical, may result in subharmonic vibrations at !⁄, 1/3, 1/4 or 
1/5, 2/5, 3/5, or 4/5 of shaft speed. In addition to the subharmonic activity, superharmonic vibra- 
tions at exact fractions are also evident due to this bilinear spring effect. 

Aircraft engine designers around 1970 had a strong predilection to specify the radial clear- 
ance as 3.0 mil regardless of the rotor size, speed, and mass. Some designers also believed 
that the squeeze film clearance would subtract from the available tip clearance around com- 
pressor blades. Experiments and analysis have since shown that the radial squeeze film clear- 
ance must be at least 2.3 times the local imbalance for the damper to be effective, and that the 
clearance is a strong factor in determining the damping coefficient, which has an optimum 
value for each different application. Also, the damper often makes more clearance available 
for compressor blade tips, especially at critical speeds. It is true, however, that most squeeze 
film damper designs are severely constrained in their size and shape by the available space 
around the bearing; so most designs will continue to be strongly influenced by past experi- 
ence with similar machines. Some general guidelines for the design are listed below. 


e A specific rotor dynamic phenomenon to be suppressed by the squeeze film damper must 
be kept in mind, such as the response to unbalance at critical speeds or subsynchronous 
instability. Conduct rotor dynamic computations to determine the optimum damping 
coefficients required to suppress the selected phenomena. At this point, it will sometimes 
be discovered that no amount of damping at the bearings has a significant effect on the 
selected phenomena because the bearings are located near the nodes of the relevant mode 
shapes. For aircraft engine applications, such a discovery makes the remaining procedure 
irrelevant unless the mode shapes can be changed by rotor modifications or by softening 
the squirrel cage. For industrial compressor applications the squeeze film and O-ring 
(or centering spring) flexibility will be in series with the tilt pad bearing, and so both the 
resultant stiffness and damping will be less than the coefficients of the tilt pad bearing 
alone. The lowered resultant stiffness can move the nodes away from the bearing and 
make the available damping effective. 


Decide which geometry, lubricant feed mechanism, and end seals best fit the available 
space and configuration of the machine. An annular feed groove provides the option of 
making it wider at a later date if the damping (or the effective stiffness) turns out to be 
too large. This is especially important in industrial compressor applications where the 
damper is in series with the oil film bearing. Also, piston ring end seals usually leak more 
than may be expected. O-ring seals generally have low leakage. 


e Obtain access to equations or computer codes that are applicable to the configuration, and 
use them to calculate the force coefficients of the squeeze film at the whirl frequencies 
of interest. The calculated coefficients will probably have a large error unless the damper 
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has no end seals, narrow land (short bearing), and high supply pressure of the same order 
of magnitude as the peak pressure in the squeeze film. The coefficients for this case can 
be calculated from the full film version. For an aircraft engine application, these are the 
coefficients to use after adding the squirrel cage stiffness in the rotor dynamic computer 
simulation to predict the critical speed response or instability. For circular centered 
orbits, the coefficients are equal in the two directions. 


e For industrial compressors the squeeze film coefficients must be combined with the 
O-ring stiffness (they are in parallel, so they add) and then these coefficients must be 
combined with the tilt pad oil film coefficients (in series). The most important factor for 
success in these cases is that the O-ring stiffness should not be too high. The resultant 
damping will always be less than the damping that is already in the tilt-pad bearing, and 
so the resultant stiffness must be reduced to allow the available damping to work. 
Elastomeric materials have a dynamic stiffness that varies with frequency. The frequency 
dependence information can usually be obtained from the material supplier. Very high 
O-ring stiffness renders the squeeze film damper practically useless. In such cases the 
O-ring should be supplemented by additional centering devices, which retain relatively 
low stiffness characteristics under heavy loads. 


Squeeze film dampers without a centering spring are the most common in use for tur- 
bomachines. The outer race of the rolling element bearing is allowed to float and whirl in 
the clearance space between the bearing outer diameter and the housing inner diameter. The 
race than forms the damper journal that is permitted to whirl, but is prevented from spin- 
ning by an antirotation device. 

The simplest means of providing a centering spring in a squeeze film damper is through 
the use of elastomer O-rings. An illustration of this damper design is shown in Fig. 10.46. 
The advantages of this design stem from its simplicity, ease of manufacturing, and its abil- 
ity to incorporate in a small envelope. The O-ring doubles as a good end seal, which helps 
increase the effectiveness of the damper by reducing side leakage. Some of the disadvan- 
tages with this design are attributed to the limited range of stiffness that can be achieved with 
elastomers. Predicting the stiffness with a good degree of certainty is difficult in elastomeric 
materials due to material variance and the influence of temperature, frequency, and time on 
its properties. The O-ring design is also susceptible to creep, causing the damper to bottom 
out and lead to a bilinear spring behavior. O-ring dampers are not capable of taking thrust 
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FIGURE 10.46 Schematic diagram of O-ring-supported damper. 
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loads, and cannot be easily manipulated for centering of the damper journal within the 
damper clearance space. One means of achieving some centering capability is by making the 
O-ring groove eccentric. This limitation makes them suitable for only lightweight rotors. 

The squeeze film damper design is the most commonly used, particularly in aircraft engines 
where its use is widespread. Most large aircraft gas turbine engines employ at least one, and in 
many instances, two or three of these dampers in one engine. A schematic of this damper is 
shown in Fig. 10.47. A distinctive feature necessary with such a design (and apparent from the 
schematic) is the relatively large axial space required in comparison to the damper length. This 
is one of the major drawbacks of this damper design. The squirrel cage forming the centering 
spring for the damper quite often requires three to four times as much axial space as the damper 
itself. Assembling the squirrel cage spring and centering the journal within the clearance space 
requires special tools and skills. The squirrel cage spring also complicates the damper end seal 
design and assembly. It is also difficult to offset the spring assembly in order to account for the 
gravity load due to the shaft weight. Maintaining parallelism between the damper journal and 
housing is another factor that adds uncertainty and complications to this design. 

An integral centering spring squeeze film damper has cantilevered support ribs, and 
along with the sector, they are supported at both ends to form a centering spring element. 
The small gap between the sector and the outer ring forms the squeeze film damper clear- 
ance space. The complete assembly may contain any number of sectors depending on the 
load and required stiffness and damping for the particular application. The sector in the 
lower half of the damper carrying the rotor weight can also be machined with an offset to 
counter the deflections caused by the rotor weight. More than one stiffness range can be 
achieved by using an additional pivot located at a specified distance from the support rib. 
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FIGURE 10.47 Squirrel-cage-supported damper details. 
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This can provide a more gradual nonlinearity that is desirable in case of excessive unbalance 
or side force. Such a configuration will help in absorbing impact loads, high side loads, and 
high vibration excursions when traversing the critical speeds or in the event of a blade loss. 
The circumferential location of the stop pivot and the gap between the pivot end and the 
support rib are two additional design variables that provide additional flexibility. 


10.15 EXAMPLE PROBLEMS 


Problem 10.1 A state of triaxial stress occurs when two bodies with curved surfaces 
are compressed against each other. This causes a point or a line contact to change to an 
area contact, causing the state of stress in both bodies to change to a three-dimensional 
one. Such situations arise in the contact of mating gears, a wheel against a rail, and in 
rolling element bearings. Computing the stress levels resulting from loading one body 
against another may prevent surface failures. 

Consider two solid spheres of diameters d, and d, with a contacting force F (Fig. 10.48). 
A circular contact area of radius a is obtained. 

If the elastic constants (Young’s modulus and Poisson’s ratio) of the two spheres are 
E,, V,, E, and v,, the contact circle radius a is given by the following expression: 


3A[(-vive]+|(-v3 ye] (10.35) 
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FIGURE 10.48 Pressure distribution between two spheres. 
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According to Lubkin (1962), stresses in the x, y, and z directions are principal 
stresses, and are defined by the maximum pressure at the center of the contact area as 
defined by the expression 


Prax = BFT) (10.36) 


For an element on the z-axis the stresses are: 


1 2 
0, =0,= PoC vf = Tan - i} 5 = =| (10.37) 
a 
(o = ~ Pon +22 (10.38) 


The equations given above also apply to the contact of a sphere and a plane surface or 
to a sphere and an internal spherical surface. For a plane surface use d = ce. For an inter- 
nal surface the diameter is expressed as a negative quantity. 

A ball bearing’s inner raceway may be considered to be the segment of a sphere. The 
rolling elements have a mating surface. Hence, the two contacting surfaces may be ide- 
alized as spheres loaded against each other. If the raceway diameter = 2.25 in, ball diam- 
eter = 0.775 in, and contact force F = 15 lb, determine the contact area and stress levels. 
Use Young’s modulus E, = E, = 30 x 10° Ib/in? and Poisson’s ratio v, = v, = 0.3 for both 
bodies. 


Solution The pressure within each sphere has a semielliptical distribution, as shown in 
Fig. 10.48. Maximum pressure occurs at the center of the contact area. For an internal 
surface, the diameter is negative. Then the contact area and maximum pressure are cal- 
culated to be 


a ={(3x15/8)x [(1 — 0.32)/30 x 106 + (1 — 0.32/30 x 10° W(—1/2.25 + 0.775) }"3 
= 0.007425 in. 
Prax = 3X 152 X T X 0.007392) = 129,895 Ib/in.? 


Figure 10.49 provides variation in the stress components for a distance 3a below the 
surface. Note that shear stress T reaches a maximum value slightly below the surface. 
Maximum shear stress is considered to be the leading cause of surface fatigue failure in 
contacting elements. A crack initiating at the point of maximum shear stress below the 
surface and lubricant pressure flowing into the crack region may be enough to dislodge 
metal chips. 

When the contacting surfaces are cylindrical the contact area is a narrow rectangle 
of half width b, given by the equation 


_ f2F(-viye]+[(1-vi ve] 
ml[(Ud,) + (Wd,)| 


(10.39) 


where / is the length of the contact area. The pressure distribution across the width 2b is 
elliptical, and maximum pressure is given by Pmax = 2F/mbl. 

When applied to a cylinder and a plane surface, for the plane use d =e. For an inter- 
nal cylinder d is negative. To evaluate stresses, select the origin of a reference system 
at the center of the contact area with x parallel to the axes of the cylinders, y perpendic- 
ular to the plane formed by the two cylinder axes, and z in the plane of the contact force. 
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FIGURE 10.49 Stress components below the surface of contacting spheres. 


Ratio, stress/ maximum contact pressure 
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FIGURE 10.50 Stress components below the surface of contacting cylinders. 
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For elements on the z axis, principal stresses 0,, 0,, and o, exist. Figure 10.50 shows a 
plot of the stresses for depths up to 3b below the contact surface. 
For the contacting spheres three different shear stresses are created, given by 


t= T =x Z= g (10.40) 


This shear stress is also shown in Fig. 10.49, labeled f,,,,. It reaches a peak value slightly 
below the surface, similar to what is seen in the case of the contacting spheres. 


Problem 10.2 The life of a bearing is defined as the total number of revolutions, or 
the number of hours at a fixed speed, of bearing operation required for the failure cri- 
teria to develop. Under ideal conditions the first evidence of fatigue failure will con- 
sist of a spalling of the load carrying surfaces. The Timken Company goes by the 
failure criterion of pitting or spalling of an area of 0.01 in.? In testing a group of bear- 
ings the objective is to establish the median and the Ly , or rated, life. The Lọ implies 
that 90 percent of identical bearings operating at a constant speed and load will com- 
plete or exceed the test before the failure criterion develops. When a number of batches 
of bearings are under test, the median life is usually between four and five times the 
Lio life. 

The concept of probable survival of a batch of bearings also needs examination. If a 
machine uses N bearings with each bearing having the same reliability R, then the relia- 
bility of all the bearings is (R)’. The distribution of bearing failures can be approximated 
by the Weibull procedure. By making adjustments to the Weibull parameters (Mischke, 
1965), the distribution of bearing failures takes the form 


7 L 1.17 
R = exp] Laar) (10.41) 


If a certain application requires a reliability of 98 percent for the bearing to last for 2500 h, 
determine the rated life. 


Solution Using L = 2500 and R = 0.98 in the above equation 


1.17 
09s = enp (cette) | 


Then the rated bearing life L) is calculated to be 10,262 h. 


Problem 10.3 Experiments indicate that identical bearings acting under different 
radial loads F, and F, and operating at speeds n, and n, have lives L, and L, according 
to the relation 


1/a 
B= nae (10.42) 


where a = 3 for ball bearings and 10/3 for roller bearings. A roller bearing can safely 
accept a load of 4.5 KN at 650 rpm for an Lọ life of 1400 h. Determine its life if the load 
is reduced to 3.75 KN and the speed is increased to 725 rpm. 
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Solution In equation (10.42) F, = 4.5 KN, F, = 3.75 KN, n; = 650 rpm, n, = 725 rpm, 
L, = 1400 h, and a = 10/3. Then L, = 2305 h. 


Problem 10.4 Equations (10.41) and (10.42) may be combined to obtain specified 
levels of load, speed, life, and reliability factor. Then 


l/a 
= nL 1 
É ikw] MmAR T. (10.43) 


Determine the load rating F, if the bearing is to have a reliability level of 95 percent. 


Solution Substituting the values gives F, = 4.51 KN. 


Problem 10.5 Data for a journal bearing are as follows: viscosity u = 3.95 x 10° 
reyn, speed N = 1800 rpm, radial load W = 525 lb, radius R = 0.875 in, clearance c = 
0.0014 in, and length / = 1.625 in. Determine the bearing’s characteristic number, min- 
imum film thickness, and its angular location. 


Solution Bearing l/d = 0.929 and pressure P = (W/2RI) = 184.6 1lb/in.? Equation (10.9) 
provides the bearing Sommerfeld, or characteristic, number S = (.875/.0014} x {3.95 x 
10% x 1800/(184.6 x 60)} = 0.251. From charts for minimum film thickness and eccen- 
tricity ratio (Raimondi and Boyd, 1958), the ratio of minimum film thickness and clear- 
ance h/c = 0.54 and eccentricity ratio € = 0.46, and since clearance c = 0.0014, 
minimum film thickness h, = 0.00076 in and eccentricity e = 0.00064 in. For no load, 
eccentricity e = 0.0 and film thickness h = 0.0014. As the load is increased the journal 
is forced downward. Figure 10.51 shows the distribution of hydrodynamic pressure in 
the lubricant film. 


Pmax 


FIGURE 10.51 Hydrodynamic pressure distribution in fluid 
film journal bearing (Raimondi and Boyd, 1958). 
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Problem 10.6 In Prob. 10.5, determine the coefficient of friction, lubricant flow, 
film pressure, and temperature rise. 


Solution From the chart for coefficient of friction (Raimondi and Boyd, 1958), the 
value is (R/c)f = 5.2. Hence, the coefficient f = 0.00832. The torque required to over- 
come this frictional loss is T = fWR = 3.82 in-Ib, which is equivalent to HP = TN/63000 = 
0.1092 hp. From the chart for lubricant flow, 60Q/RcNI = 4.08 and Q = 0.244 in?/s. 
Leakage at the two ends of the bearing is obtained from the charts, where Q,/Q = 0.54, 
so Q, = 0.132 in*/s. 

Heat generated by friction is dissipated by conduction, convection, and radiation, 
and also carried away by the oil flow. A conservative assumption calls for all the heat 
to be extracted by the oil. The temperature rise in degrees Fahrenheit is given by the 
expression 


AT, = {0.103 x Px(Rf/c)}/ {1 —/2(Q,/0)][600/RcN1]} 
= 0.103 184.6 x 5.2/[(1—0.54/2) x 4.08] 
= 33.2°F, 


The maximum pressure developed in the film is obtained from the charts in the form 
of pressure ratio P/P „ax = 0.47. Since P = 184.6, P nax = 392.8 Ib/in.? 


max 
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CHAPTER 11 
SUPERALLOYS FOR TURBINES 


11.1 INTRODUCTION 


Among the many different technologies that have made possible the development and oper- 
ation of gas turbines at very high temperatures, superalloys stand at the forefront. The 
alloys used in the manufacture of jet engines and industrial and marine gas turbines repre- 
sent the leading edge in materials, and in turn these engines have been the primary driving 
force for the development of superalloys. Rocket engines, nuclear reactors, submarines, 
steam power plants, and space vehicles also extensively use superalloys. 

Turbine inlet temperatures have gone up by nearly 450°C in the last 30 years. 
Approximately 70 percent of this increase has been gained from improved design of cool- 
ing of blades and vanes by taking advantage of serpentine passages, turbulators, pin fins, 
film cooling, and thermal barrier coatings (TBC). The remaining 30 percent gain in inlet 
temperature is derived from improved superalloys and casting processes. Significant 
advances in metal temperature, stress, and environmental capabilities for turbine airfoils 
have been obtained from the development of directionally solidified, columnar grain and 
single-crystal casting processes. Casting and solution heat treatment of directionally solid- 
ified materials is less expensive, and the production of single and multiairfoil vane seg- 
ments with a large platform is not complex. 

Ever since man constructed mechanical devices, it has been observed that the efficiency 
in performing useful work is related to making use of high temperatures. With the devel- 
opment of the thermodynamic Brayton cycle (in conjunction with decreased rejection tem- 
perature), the basic principle that higher operating temperatures achieve improved efficiency 
is brought out. Relatively advanced steam turbines based on the principle were developed in 
the 1800s and gas turbines in the 1900s for power generation. With the progress of newer 
technologies in jet propulsion and power generation, the need for materials to withstand the 
elevated temperatures became apparent. The definition of disks, airfoils, and combustion 
chambers became inexorably intertwined with the development of superalloys. Metallurgy 
progressed from the days when iron and copper were the primary components to the dis- 
covery of austenitic stainless steel in the 1910-1920 time period. In the 1930s small amounts 
of aluminum were added to titanium- and nickel-chromium alloys to obtain improvements 
in creep strengthening. Carbide-strengthened austenitic cobalt-based alloys later made their 
appearance and could be cast into complex shapes. From the 1940s onward the superalloys 
have gone through a series of refinements and improvements through the formation of new 
composition for the alloys and manufacturing processes. Military aircraft engines were the 
initial beneficiaries of the new technology, but application to other gas turbines did not lag 
too far behind. 

Chromium is added to iron and nickel base to obtain resistance to oxidation, while 
smaller amounts of aluminum, titanium, and columbium provide enhanced creep-resistance 
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characteristics. Iron gradually disappeared over a period of time as an alloy base, to be 
replaced by nickel and cobalt because of the more durable face-centered cubic structure. 
Although chromium may lead to some level of deterioration in strength, considerable reduc- 
tion of this element can cause corrosion at high temperatures, leading to its more balanced 
use in IN-738. Excessive use of aluminum, titanium, and columbium for forming y’ can also 
pose a variety of structural problems. Addition of molybdenum, initially in M-252, provided 
additional strengthening through solid solution and carbide effects. Other refractory ele- 
ments, tungsten, tantalum, and rhenium also later found their way to enhance the mechani- 
cal properties. Carbon remains as a complexing agent, with matrix carbides providing point 
strengthening in several solid-state reactions. Zirconium and boron improve on grain bound- 
ary effects, but are not needed in single-crystal alloys since the boundaries are absent (Sims, 
Stoloff, and Hagel, 1987). 

The matrix of an alloy is made of densely packed face-centered cubic austenite, as 
shown in the y’ field of Fig. 11.1 for a simple ternary, a quaternary, and a polar phase dia- 
gram. The austenite is produced from the reduced field in the iron-chromium system, 
enlarged by nickel or cobalt. Since iron is deleted in a large number of cases, superalloys 
may be considered to evolve from stainless steel. Mechanical capabilities of the alloy are 
obtained from solution strengthening of the matrix. Carbides of the M,,C, and M,C forms 
present in the nickel and cobalt alloys are readily heat treatable. 

An important aspect in the preparation of alloys is to avoid undesirable elements such 
as mu, sigma, and Laves by the use of phase control tools. Phase diagram metallurgy per- 
mits sophisticated understanding and practice in developing eutectic superalloys that may 
be strengthened by eutectic lamellae formed by freezing from the melt. 

Silicon carbide (SiC) and silicon nitride (Si,N,) are considered good candidates for 
high-temperature applications in gas turbines. But satisfactory solutions to some of the 
problems experienced have yet to be developed at a reasonable cost. SiC suffers from its 
inherent low thermal shock resistance, and Si,N, experiences degradation due to oxidation 
and creep. The effect of type and amount of sintering additives, purity of the material com- 
ponents, and processing conditions on the developing microstructure and resulting proper- 
ties have yet to be understood. 
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FIGURE 11.1 Face-centered cubic y’ field for austenitic superalloys (Sims, Stoloff, and Hagel, 1987). 
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11.2 STRENGTHENING METHODS 


Commercially available superalloys can be hardened from solid solution elements and in the 
grain boundaries. A combination of thermal and mechanical processing may be employed 
to strengthen the material by enhancing the density and by developing a substructure at dis- 
locations. Advantage is taken of reinforcement with wires and directional solidification 
process in eutectics to upgrade the strength of some alloys. 

In considering the effect of solutes on physical properties such as elastic modulus and 
lattice parameter, Mott and Nabarro (1948) developed a model to yield stress t= 2Gec for 
a dilute solution. Here G is the shear modulus, c is the concentration of solute atoms, and € 
is a misfit generated by the difference Aa between the lattice parameter a, of the pure 
matrix. a is the lattice parameter of the solute atom, and is given by €= (1/c) x (Aa/a,). A 
linear relation exists between the flow stress and the lattice parameter for a single solute in 
nickel. The change in stress may also depend on the position of the solute in the periodic 
table. For the same lattice strains, greater hardening results when the valency difference 
between the solute and the solvent is higher. Differences in the modulus between the solute 
and the solvent can also provide strengthening if it is argued that extra work is needed to 
force a dislocation through hard or soft areas of the matrix (Fleischer, 1964). Combining 
the two parameters provides the interaction force between the solute and the dislocation 
(€s = [dG/dc\/G, €¢ = €4/[1 + l€l]/2). 


2. 
esi 


£% — a| (11.1) 


where œ = +16 for edge dislocations and @ = 3 for the screw form. If L is the distance 
between two solute atoms experiencing stress T, at a dislocation, then b = F/(t,L). 

Precipitation-hardened nickel-based superalloys obtain most of the strength from stable 
intermetallic compounds such as y’ [Ni; (Al, Ti)] and y” [Ni, (Cb, Al, Ti)]. Borides and 
carbides give a lesser extent of strengthening at low temperatures, but their impact on creep 
rate, rupture life, and rupture strain can be considerable through their influence on the prop- 
erties at the grain boundary. Ni,Al may be considered a superlattice form of structure, and 
has a long-range order to its melting point of 2525°F. Most nickel base alloys may be 
strengthened by a precipitate, where titanium and columbium may substitute 60 percent of 
the aluminum. Single and polycrystal forms of y’ display a reversible increase in flow stress 
between —320°F and 1475°F, depending on the aluminum content. Many other lattices such 
as Ni,Si, Co;Ti, Ni,;Ge, and Ni,Ga gain in strength over a similar temperature range (Sims, 
Stoloff, and Hagel, 1987). 

Hardening of austenitic alloys by particles is affected by the strain energy, differences 
in elastic modulii, and stacking fault energy between the particle and the matrix, creating 
additional particle—matrix interface and lattice resistance of particles with temperature. 
When a dislocation cuts an ordered particle, the force on the dislocation must balance the 
antiphase boundary energy created (Ham, 1970). For a given force the stress increases with 
the size of the particle because of the increased flexibility of the dislocations as they inter- 
act with coarser particles. Dislocation pairs interacting with the particles can occur when 
one of them just shears the particle while the other is pulled forward by the boundary 
remaining in all particles cut by the first dislocation. This may be expected to happen at 
long aging times. 

In the dispersion form of imparting strength to superalloys, the hardening mechanism 
relies on the presence of coarse and elongated grain structures produced during processing 
and accumulated in service. Alloys produced by Inco may possess both precipitates and 
dispersoids. The hardening of the particles must be combined with the strengthening effects 
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of the boundaries at the grain and at the solid solution elements. An extrusion press may be 
the best means of obtaining coarse and elongated grains, both to consolidate the powder and 
to achieve a suitable structure for the subsequent secondary recrystallization. 

Predicted results of y— y’ alloys cannot be readily applied to several commercially 
available materials, although calculated values for Nimonic 80 A and A-286 are widely 
used. Larger particle size, orientation, and dependence on strain rate in the stress—strain 
behavior are the main drawbacks. The microstructure of nickel base superalloys is too com- 
plex to permit a single mechanism to be applied in all stress and temperature ranges. Little 
mismatch exists between the nickel-chromium—aluminum y types of alloys, while a higher 
level is present in the nickel-aluminum-titanium y’ alloys (Decker, 1969), as seen in Fig. 11.2. 
Microscopic examinations on Nimonic PE16 indicate the leading dislocation of a pair 
rapidly bends between the y’ precipitates, but the trailing dislocation remains practically 
straight. Evidence suggests that with little or no mismatch the volume fraction controls the 
flow stress and creep resistance. The volume fraction varies from 0.2 in y’-lean Nimonic 
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FIGURE 11.2 Nickel-based alloys classified by mismatch (Decker and Mihalisin, 1969). 
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80A to 0.6 in MAR-M 200. Alloys with large volume fraction are deformed by particle 
shear, while those with less volume fraction experience deformation from bowing of 
unpaired dislocations in the face-centered cubic matrix. 

Alloys containing substantial volume fraction of y’ behave in the same manner as pure 
y’ in that the flow stress increases with temperature. The strength of the flow is moderately 
high at low temperature, reaches a shallow peak near 1300°F, and falls off at a slightly higher 
temperature than for a leaner alloy. 

Studies of precipitate morphology of cobalt base alloys indicate a similar behavior with 
nickel base alloys. Flow stresses are relatively insensitive to temperature when the particles 
are sheared by paired dislocation. But as the particles are redissolved on aging with test 
temperatures above 930°F, the flow stress drops rapidly. Increased volume fraction causes 
the flow stress to rise in both aged cobalt and nickel base alloys. But no commercially avail- 
able cobalt base alloys have taken advantage of this mechanism for hardening. 

Primary creep in austenitic alloys has not been extensively investigated over large ranges 
of temperature. Creep mechanism in MAR-M 200 single crystals at 1400°F have been 
reported (Leverant and Kear, 1970), with primary creep strain and rate indicating sensitivity 
to orientation. Creep takes place due to the motion at dislocation pairs in the super lattice in 
conjunction with faults at a pace controlled by the diffusion process. At high strain rates the 
dislocations do not alter to obtain the right shearing sequence, and deformation is a conse- 
quence of slippage alone. A constant volume fraction causes larger particles to be more ben- 
eficial in restricting primary creep, as the line tension precludes penetration of the particles. 

Factors that control steady-state creep resistance in single-phase crystalline solids are 
diffusivity, elastic modulus, temperature, stacking fault energy, and stress. Thus, a conse- 
quence of high modulus and low fault energy and diffusivity in solute additions is enhanced 
creep strength. Tungsten and molybdenum help in raising the modulus and reducing the 
diffusivity of austenitic superalloys. In nickel base alloys the fault energy can be decreased 
by cobalt. In the presence of second-phase particles the activation energy for creep is higher 
than for self-diffusion. The difference can be minimized by including the temperature 
dependence of the elastic modulus. Development of a substructure during primary creep 
and after substantial strain hardening helps in raising the steady-state creep in MAR-M 200 
at 1400°F. Dislocations forming between the yand y’ are limited from moving by the par- 
ticle size, thus leading to a low creep rate. The y’ can be altered in nickel base by anneal- 
ing under stress, with the orientation dictated by the direction of the applied stress in plates 
and rods. Yielding in U-700 crystals is raised when the temperature is 1400°F. Nickel- 
aluminum—molybdenum-tantalum alloy specimens in the air-cooled and solution-treated 
condition display reduced steady-state creep rates and longer rupture life when compared 
with a standard heat treatment. A prestrain undercreep condition additionally improves the 
properties because of the formation of y’ during the primary creep. 


11.3. NICKEL BASE ALLOYS 


Nearly half the total weight of aircraft engines comprises parts made from nickel base 
alloys. The alloys are favored in elevated temperature regions of the power plant, in spite 
of the complex physical metallurgy. The tensile- and creep-rupture strength up to 5000 h 
of these alloys in the 1200 to 2000°F temperature zone makes them the prime candidates 
for turbine blades. Industrial gas turbines, on the other hand, require creep-rupture charac- 
teristics over longer periods and resistance to oxidation and corrosion at high temperatures. 
New air transport engines also aim at 50,000 h of operating life, while power generation 
turbines dedicated to intermittent peaking operation target for a 100,000-h life, and so resis- 
tance to low-cycle fatigue is of significance. 
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A dozen different elements constitute the composition of nickel base alloys. The man- 
ufacturing process requires control of these elements and at the same time the amount of 
silicon, phosphorus, sulfur, oxygen, and nitrogen must be limited during the melting 
process. Most nickel alloys have 10 to 20 percent chromium, up to 8 percent of aluminum 
and titanium, 5 to 10 percent of cobalt, and lesser quantities of boron, zirconium, carbon, 
molybdenum, tungsten, columbium, tantalum, and hafnium. Slight quantities of selenium, 
thallium, tellurium, lead, and bismuth are dictated by the requirements for the part. 

The major phases present in nickel base superalloys are the yand y’ matrices, carbides, 
grain boundary y’, and borides. Chemically dynamic structures appear at high temperatures 
with the phases interacting and reacting continuously, so the definition of chemical equa- 
tions of state with activation energies is not easily made. Nickel by itself does not possess 
high elastic modulus or low diffusivity, but the ymatrix proves beneficial at high temper- 
atures and time periods. Some of the alloys may be subject to 90 percent of the melting 
temperature, and can function for 80,000 h at lower temperatures. These endurance char- 
acteristics may be attributed to high levels of phase stability, formation of Cr,O, protective 
scales, and additional Al,O, rich scales at higher temperatures for outstanding resistance to 
oxidation. Figure 11.3 provides some phase diagrams at around 2000°F, with the nickel 
corner placed at the opposite apex. 

Hardening of nickel base superalloys can be related to the atomic diameter of the ele- 
mental constituents as measured by expansion of the lattice. Aluminum is good for both 
precipitation and solid solution strengthening, with effects persisting at high temperatures 
up to 60 percent of melt temperature. Other elements also contribute to the strength in vary- 
ing extents, with the slower diffusing molybdenum and tungsten proving to be the most 
potent hardeners (Sims, 1970). 
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FIGURE 11.3 Quaternary phase diagrams of high-temperature alloy matrices (Sims, 1970). 
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A high nickel content matrix favors precipitation of the y’ phase, with nickel and alu- 
minum dominating. Since this is a unique intermetallic phase, y’ provides considerable 
strengthening by the interaction of dislocation from applied force at increased tempera- 
tures. An added advantage accrues from the inherent ductility of y’, preventing it from 
being a source of fracture and contrasting with the brittle o phase. The process of substitu- 
tion and partition of the elements with nickel and aluminum is represented in the schematic 
ternary section of Fig. 11.4 at 2100°F for many alloys. 

Aluminum is replaced by titanium, columbium, tantalum, and hafnium, as indicated by 
the phase running diagonally from Ni,Al to Ni,X. Molybdenum, chromium, and iron are 
noted to replace both nickel and aluminum positions. 

Carbides play a complex role, appearing in the form of grain boundaries in nickel alloys. 
Detrimental effects on ductility may be overcome by reducing the carbon content in certain 
grain boundaries, but this can severely reduce creep life as illustrated in Nimonic 80A with 
0.3 percent carbon (Fell, Mitchell, and Wakeman, 1969). Carbides generally form in super- 
alloys during freezing, and are a major source of carbon for the alloy during heat treat and 
operation. 

Grain size and its relation to the thickness of a component play a big role in the strength 
of an alloy. Rupture life and creep resistance vary proportionately with the ratio of thick- 
ness and size of the grain in wrought and cast alloys. When large grains occur in thin sec- 
tions, the consequence may be reduced creep-rupture resistance. Since larger grains lower 
tensile strength but have good rupture strength, fine grains must then be balanced with 
larger ones to obtain the right combination of the characteristics. Creep properties can also 
be improved by small additions of boron and zirconium, increasing life 13 times, elonga- 
tion 7 times, and nearly doubling stress at rupture. Magnesium helps during forging oper- 
ations of wrought alloys by tying up sulfur. 

An addition of hafnium of most creep resistant alloys for turbine airfoils has been deter- 
mined to facilitate production by the investment casting method. The intricately shaped 
components with internal cooling passages are susceptible to predominantly intergranular 
failures. Provision to accommodate localized plastic strain without compromising creep 
resistance in the grain is obtained from hafnium in the form of a more acceptable boundary 
at the grain. Hafnium has good carbide-forming capability and can strengthen y’, but prob- 
lems arising from its high reactivity must be controlled during melting from the ingot and 
during component manufacturing. 
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FIGURE 11.4 NiĻAl solid-solution field for different alloys (Sims, 1970). 
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Heat treatment of nickel-base alloys requires knowledge of the constitution, phase sta- 
bility, and properties. Solutioning temperature of wrought alloys is between 1950 and 
2250°F. Formation of certain carbides during solutioning in alloys such as Rene 41 can 
reduce other subsequent carbide reactions. Most strengthening processes call for a series of 
ages. Linkage between heat treatment, y’ formation, and strengthening must be considered 
for specific materials. Murphy, Sims, and Heckman (1967) illustrate the case of wrought 
U-500 rupture bars treated according to the following schedule: 


Primary solution 2050°F for 2 h, air-cooled 
Secondary solution 1975°F for 2 h, air-cooled 
Primary age 1700°F for 24 h, air-cooled 
Secondary age 1400°F for 16 h, air-cooled 


Inspection of the microstructure reveals formation of y’ in the primary and secondary 
solutions, with air-cooling causing finer particles that dissolved in the subsequent phase. 
Aging causes the y’ to grow again. The final age results in a combination of moderate ten- 
sile strength and rupture life required for longer lasting turbine airfoils. 

Cast alloys may be heat treated to a simpler cycle. After cooling in the mold, aging may 
take place for 12 h at 1400°F. More complex alloys may require more extensive heat- 
treating steps. The freezing pattern of cast alloys is often visible after service because of the 
carbides in the boundaries and concentrations of refractory elements. 

Controlled solidification of turbine airfoils was initially achieved with MAR-M 200. 
The process of directional solidification causes grains of lower elastic modulus to grow lon- 
gitudinally. The combination of eliminated grain boundaries in the transverse direction and 
the lower elastic modulus improves the thermal fatigue life by 300 to 500 percent over con- 
ventionally cast equiaxed alloys, such as Rene 80 and MAR-M 247. By adding 2 percent 
hafnium to MAR-M 200, the directionally solidified grain boundaries become more duc- 
tile, preventing cracks at the grain boundary. Elimination of all grain boundaries also elim- 
inates the need for ductilizers/strengtheners such as boron, zirconium, and hafnium. Since 
these elements considerably reduce the melting point of the alloy, this permits an extra 
100—200°F higher heat treatment of the single crystals. The higher solutioning temperature 
causes greater usage of y’ and an improvement in the strength capability of single crystal 
alloys over directionally solidified and conventionally cast materials. 


11.4 COBALT BASE ALLOYS 


The y’-strengthened nickel alloys generally surpass the capabilities of cobalt alloys 
because of the lack of adequate hardening mechanisms. In the cast and wrought forms 
cobalt-based alloys are used for turbochargers and gas turbines because of their higher 
melting temperatures and superior resistance to corrosion and thermal fatigue. The chemi- 
cal composition of cobalt alloys follows on the same lines as the stainless steel. Chromium 
is a key element, constituting 20 to 30 percent by weight, and is responsible for providing 
oxidation and hot corrosion resistance. Since carbide strengthening is a primary hardening 
mechanism, the presence of carbon is crucial for casting alloys requiring high creep- 
rupture strength. In the range of 0.3 to 0.6 percent by weight of carbon, the tensile and rup- 
ture strength increase nonlinearly, but ductility decreases noticeably. Carbides are also 
responsible for controlling the grain size during processing and heat treatment. 

Most of the commercially available cobalt alloys are melted in air or argon because of 
the absence of aluminum and titanium. These reactive elements necessitate the use of 
expensive vacuum melting procedures. Silicon and manganese are added to control levels 
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of sulfur and to improve fluidity of the alloy melt during casting. Addition of 5 percent by 
weight of aluminum for wrought and cast cobalt alloys obtains improved oxidation and hot 
corrosion resistance, as seen in cobalt-chromium—aluminum—yttrium coatings. Titanium is 
added in wrought alloys CM-7 to develop a uniform and coherent precipitate. High tensile 
strength is obtained to about 1300°F. 

Cobalt alloys with high temperature capabilities posses a complex chemical and 
crystallographic composition, as is true also of nickel and iron alloys. Consisting of an 
austenitic matrix and a variety of precipitated phases such as carbides and intermetallic 
compounds in the geometrically and topologically closely packed family of structures, the 
alloys cannot be defined as stable at the operating temperatures encountered in gas turbines 
because of the high levels of dynamic stress, time, and interactions between the surface and 
the environment. Transformation of phase from the mobility of partial dislocations along 
the closely packed planes, referred as martensitic, and its effects on the mechanical prop- 
erties of cobalt alloys is not extensively documented. 

The level of stacking faults, a function of composition, temperature, and applied stress 
or consequent deformation, is of interest within the phase transformation temperature range 
where the mechanical properties are strongly influenced. Strengthening is derived from the 
interaction of dislocations within the faults, especially when second phase particulate occur 
during service exposure. But ductility is likely to be minimized in the temperature transi- 
tion range. Addition of nickel alleviates the potential phase instability associated with tem- 
perature cycling, and raises the stacking fault energy to reduce partial dislocations. 

Thermomechanical processing controls the microstructure of cobalt base alloys, in con- 
junction with their chemical composition and crystallographic phases. Wrought alloys have 
the simplest structure because the content of carbide is limited. As an example, thermome- 
chanical processing of thin (0.015 in) sheets can improve the low strain creep strength of HS- 
188 by developing a strong recrystallized texture ( Klarstrom, 1980). The processing 
comprises 80 percent final cold work, followed by annealing at 2250°F for 10 min. The 
improvement is derived from a combination of better formations at the subboundary and the 
precipitation of carbides in the dislocations during creep (Sims, Stoloff, and Hagel, 1987). 

Strengthened wrought alloys like L-605 and HS-188 possess better creep rupture char- 
acteristics when compared with Hastelloy X and INCO-617 by about 100°F. The materials 
also permit easy machining and welding operations. Investment cast carbide strengthened 
cobalt alloys form a special class because of their superior tensile and rupture strength. The 
stress rupture parameter curve is mostly flat as a function of temperature (Fig. 11.5). 
Strengthening is achieved by balancing the hardening of refractory elements in the solid 
solution and the precipitation of carbide, the two playing a role for high temperature creep 
rupture and for fatigue strength. Aging heat treats combined with typical solution treat- 
ments are not beneficial in altering the strength-to-ductility ratio in high-carbon alloys. The 
trend in recent developments has been to balance the formation of carbides with more sta- 
ble precipitates to get the least amount of primary and eutectic precipitation. 

Strengthening of cobalt alloys with the dispersion of oxygen arises from the stability of 
the materials at high temperatures. Addition of fine particles of inert and thermodynami- 
cally stable ThO, or Y,O, provide excellent creep rupture strength to temperatures nearing 
the melting point of the base. 

Evaluation of fracture behavior of cast and heat-treated MM-509 indicates that fracture 
initiates in the large carbide particles and eutectic concentrations with the onset of plastic 
deformation (Woodford and McMahon, 1970). Crack propagation is controlled by aging at 
1500°F for 24 h from the consequent improvement in hardness and strength of the matrix. 
Distribution and spacing of the carbide at the grain boundaries is a significant factor for 
fracture toughness in cast cobalt alloys. 

Cast cobalt alloys display a level of immunity from embrittlement at elevated tempera- 
tures. Oxidation of a number of nickel alloys around 1800°F for 100 h affects their ductility, 
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FIGURE 11.5 Mechanical properties of cobalt and nickel-base alloys (Sims, Stoloff, and Hagel, 1987). 


mostly due to the accelerated diffusion of oxygen through the boundaries at the grain. MM- 
509 and FSX-430 cobalt alloys experience little loss in rupture life from exposure to air. 
This indicates that the materials are mostly prone to embrittlement from thermal effects. 


11.5 NICKEL-IRON ALLOYS 


The nickel-iron class of superalloys is marked by a composition of around 25—60 percent 
of nickel and 15-60 percent of iron. Among the more extensively used nickel-iron alloys, 
a few deserve special mention: A286 has a high iron content; Incoloy 901, Inconel 718, 
and Incoloy 706 are rich in nickel; and Incoloy 903 is a low-expansion iron-rich alloy. The 
materials find usage in the manufacture of blades, disks, shafts, and casings for steam and 
gas turbines, and are developed from austenitic iron-based stainless steels to obtain high 
strength characteristics at elevated temperatures. Limitations during the melting and forg- 
ing processes can be overcome with the vacuum induction method to permit retention of 
reactive elements such as titanium and aluminum (Sims, Stoloff, and Hagel, 1987). 
Some common traits with respect to the chemical composition of the alloys include an 
austenitic matrix based on nickel and iron, addition of alloying elements to partition the 
austenite for strengthening, ordered intermetallics, carbides and borides for strengthening 
precipitates, and modification of grain boundaries. The nickel-rich (exceeding 40 percent) 
group possesses good mechanical properties up to 1200°F, and find wide usage because of 
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FIGURE 11.6 Comparison of coefficient of thermal expansion (Smith, Tillack, and McGrath, 1985). 


their lower cost when compared with nickel-based alloys. The 718 and 706 are strengthened 
by y”, imparting properties to make it a popularly used alloy for temperatures ranging from 
cryogenic to 1200°F. Incoloy 903 and 909 are marked by a iron—nickel—cobalt system 
strengthened by face-centered cubic y’, and derive a low coefficient of thermal expansion 
from the elimination of chromium and molybdenum (Fig. 11.6). But the disadvantage from 
the deletion of chromium and molybdenum is the loss in resistance to oxidation. Incoloy 903 
and Hastelloy X are examples where major precipitation strength is derived from carbides 
and nitrides. Vanadium is sometimes added for improved hot working of nickel-iron based 
alloys. As an example, addition of vanadium to A-286 improves the notch ductility at high 
temperatures. Carbon, manganese, and rare earth elements help to deoxidize to obtain a finer 
grain size and better grain boundary carbides. Magnesium provides better notched and 
smooth stress rupture strength and ductility in nickel—iron alloys. 

In alloys containing columbium for strengthening, the dominant MC carbide is CbC as 
seen in Fig. 11.7, while titantum-strengthened alloys have TiC carbides. The figure shows 
coarse and irregular particles, with globular MC appearing at higher magnification, during 
the heat treatment of 901. The 901 has been heat treated to 2000°F, water quenched for 2 h, 
hold at 1425°F, 2 h air-cooled, heat to 1350°F, and air-cooled for 24 h. The 718 is heat 
treated to 1750°F, air-cooled for 1 h, hold at 1325°F, 8 h air-cool to 100°F, heat to 1150°F, 
and air-cooled for 8 h. 


11.6 PROCESSING OF WROUGHT ALLOYS 


A specific goal must be set and attained when considering mechanical and thermal pro- 
cessing of wrought superalloys. For example, sheet metals require an adequately balanced 
combination of strength and capabilities for forming and welding. Forged disks, on the 
other hand, must possess strength, creep resistance, and a fine grain for added protection 
against crack initiation from low-cycle fatigue and slow crack growth to achieve longer 
service life. Process control calls for a considerable amount of mechanical and metallo- 
graphic testing, and the primary and secondary melting, ingot conversion, hot or cold for- 
mation, and heat treatment processes should be reproducible. Specific limits for certain 
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FIGURE 11.7 y” Strengthened Incoloy 901 (upper), Inconel 718 (lower) microstructure (Sims, Stoloff, 
and Hagel, 1987). 


aspects may be optimum for quality and manufacturability, but may not be practically 
attainable, and hence the need for extensive testing. 

The quality of a disk, as an illustration, is of prime importance from strength and safety con- 
siderations. Knowledge of behavior of the component during operation may be combined with 
the physical metallurgy. Within the limitations placed by proprietary rights, cost of experiments, 
and inadequate means for measuring temperatures, strain, and strain rates, progress has been 
made in determining the thermal and mechanical processing needed for specific applications. 

Prior to forging the ingots are melted and converted into billets to refine the cast struc- 
ture. The hot working may be done on hydraulic presses using dies, and may include upsetting 
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on open flat dies. Alternating upsetting and hot working with reheating of the billet may 
also be employed. Special attention is paid to obtaining a finer and more uniform grain 
structure to obtain improved low-cycle fatigue characteristics. Lower forging temperatures, 
lack of uniform strain, die chill, die lock, and friction are some factors that can cause degra- 
dation of the microstructure and lack of uniformity in the billet. Automated equipment to 
reproduce and convert the full length to accurate shape has gone a long way in meeting 
many of the demands. Sonic inspection of the billet is required for better surface finish and 
to detect cracks, since allowable stresses are based on the largest nondetectable cracks. 

Seamless tubing production for heat exchangers relies on the extrusion process, and is 
also useful for conversion of ingot to billet and to consolidate powder. Conversion of bil- 
lets from ingots by extrusion is widely used for alloys susceptible to cracks, such as 
Astroloy. The process is not of much use in INCO 718—Waspaloy type of materials. 
Larger extrusion presses are provided with controllable ram speeds throughout the stroke, 
and have capacities reaching 20,000 tons. A slower extrusion speed reduces the steady 
load, although the peak load at breakthrough remains unaffected. Parts for aviation appli- 
cations use shear and conical dies containing streamlining features for a smooth entry and 
exit to avoid discontinuous speed. Streamlining in the dies offers the added advantage of 
uniformity and faster turnaround (Gegel et al., 1984). The force required to produce the 
deformation depends on the initial microstructure. 

Superalloy sheets are produced by the rolling operation to avoid cracks at the edges. Bars 
and rings can also be produced by this method. Annealing of a rolled sheet is useful for enhanc- 
ing the dimensional stability and surface finish, and for manufacturing processes. Powerful 
equipment is needed to overcome resistance to deformation during hot rolling of Waspaloy, 
Hastelloy X, and many other materials, with reductions per pass of up to 30 percent encoun- 
tered. The right microstructure can be obtained by controlling the initial structure, starting 
temperature, rolling reduction, and quench delay. At temperatures above 1830°F static recrys- 
tallization begins quickly after rolling in Nimonic 80A, 90 and Waspaloy (Dinis-Ribeiro and 
Sellars, 1984). 

Forging equipment for wrought alloys range from small hammers to large presses. The 
rate at which the die closes is an important factor, ranging from 25 ft/s for small hammers 
to 0.001 ft/s for isothermal hydraulic presses. The force and timing of the blow may be con- 
trolled by the operator or by a microprocessor. To avoid chilling in the dies, forgings may 
be made in tool steel heated to 400-800°F, but hot superalloy dies may require heating in 
the 1200—1800°F range. Nearly net shapes are obtainable to reduce the weight of the raw 
material and machining time, but the cost of isothermal and hot dies is high. The periphery 
of a pancake produced with open flat dies does not require working, so closed dies are more 
suitable for jet engine disks. The flow of metal can be simulated during a forging operation 
with finite element method form of codes, and also provide stresses and strain rate during 
the operation in the forged product. Improvements in the surface of the billet and quality of 
the microstructure permit many products to be forged in a single operation where two to 
four sequential forging operations were required in the past. Besides cost and process con- 
trol, the geometric complexity of the part, rate of wear in the die, and lubrication also play 
a major role in deciding the number of required operations. 

In the selection of a forging cycle for the available equipment, knowledge of the energy 
needed to obtain the deformation in the superalloy is essential. The variation of flow stress 
with temperature, strain rate, and starting microstructure is available for many different 
alloys. Flow data has been developed for compression, tension, and torsion form of tests, 
and include information on workability and constitutive models (Immarigeon, 1984). 

The temperature at which forging is done is the primary factor because flow stress 
decreases with increasing temperature, followed by obtaining the right microstructure and 
ease of working. A slow strain rate reduces the load on the tooling and obtains superplastic 
deformation. The loss of heat from the workpiece must be minimized, hence maintaining the 
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FIGURE 11.8 Constant efficiency contours for metallurgical 
processing for Rene 95 (Gegel et al., 1984). 


die at the right temperature is an overriding concern. Molybdenum alloy TZM is preferred 
for the die in place of conventional tool steels. Finer grain size also helps to increase the rate 
of strain at which superplastic conditions are reached at a given temperature. 

Chemistry can affect resistance to extrusion in nickel base alloys (Tamura, 1984), with 
columbium and tungsten playing a major role. The force required is mostly available from 
practice, and is frequently combined with finite element form of evaluation to permit simula- 
tion of flow of the metal and the consequent force required in the process. Friction, and hence 
lubrication, also plays a substantial role in this matter, but is even more difficult to quantify. 

Strength and ductility of the alloy determine the degree of difficulty of working at high 
temperatures, because the material is weakened while becoming more ductile due to the 
dynamic recovery and recrystallization as the deformation progresses. The strain rate even- 
tually stabilizes to allow the flow stress to reach a steady limit in the extrusion and plastic 
forging processes. Maps have been developed for the selection of the working temperature 
and strain rate in the presence of damage mechanisms based on the dynamic recovery the- 
ory for Waspaloy, INCO 718, and other materials (Guimaraes and Jonas, 1981). Other 
mapping techniques call for measurement of flow stress at a given strain for a number of 
tests over a range of temperatures and strain rates, from which the efficiency of the opera- 
tion may be defined. Figure 11.8 provides a map of constant efficiency contours for 150 
mesh extruded Rene 95, with the data generated by compression tests between 1900 and 
2075°F temperatures and strain rates between 10° and 107! per second. 


11.7 DIRECTIONALLY SOLIDIFIED 
AIRFOIL TECHNOLOGY 


The demands placed on turbine blades operating at high temperatures require the application 
of directional solidification, or columnar grain, form of alloys. This technology is preferred 
to the conventional casting method since grain boundaries can be oriented normally to the 
stress axis. This considerably improves ductility, and also deletes the grain boundaries where 


SUPERALLOYS FOR TURBINES 447 


failures may be expected to initiate. Single crystal alloys go a step further by totally elimi- 
nating all grain boundaries. Considerable improvements in the resistance to thermal fatigue 
is also available as a consequence of the solidification process in a specific direction, a fea- 
ture of major significance for turbine blades operating at elevated temperatures. 

Since the array of grain boundaries run parallel to the principal axis of stress in the direc- 
tion of solidification, the stresses at the weaker grain boundaries are minimized (Ver 
Snyder and Shank, 1970). The initiation of failure is then prolonged, and creep rupture life 
is improved. Orientation of the primary and secondary axes in specific directions is possi- 
ble by using seed crystals. Columnar grains may also be obtained in the solid state from the 
growth of secondary grains (Hughes and Anderson, 1978), but is easier to achieve with 
transformation in the liquid phase. Essentially a similar casting method is required for 
obtaining the columnar grain and the single crystal structures. 

The process calls for the transition from the liquid to the solid phase according to a 
controlled thermal gradient to produce elongation of the grains in the direction parallel 
to the temperature variation. Thus, to obtain elongated grains along the principal stress 
axis, the thermal gradients are aligned parallel to it. In Fig. 11.9 the molten alloy is poured 
into a preheated ceramic shell in a vacuum, with the temperature maintained above that of 
the superalloy in the liquid form. A starter block of columnar grains is placed directly 
between the mold and cooled copper chilling plates for producing single crystal castings. 
The mold is open at the bottom to cause the material in the vicinity of the chilling plate to 
solidify on contact and form a layer of equiaxed grains. The grains then proceed to form, 
aligning themselves with the direction parallel to the thermal gradient to create a columnar 
array. Induction coils are placed inside the casing of the furnace to permit exchange of heat 
between the walls and the mold. The temperatures along the height are closely controlled. 
Once the workpiece begins solidifying, the ceramic mold assembly is gradually retracted 
from the heated furnace base. Extraction of heat then proceeds by radiation between the 
mold and the cooler vacuum chamber walls. Thermal gradient is controlled with a baffle 
plate at the base of the furnace. The grain structure continues to grow from the base to fill 
the cavity in the mold to produce a complete airfoil casting with the desired grain structure. 

The single-crystal casting requires a helical constriction between the mold and the starter 
block, allowing only a single grain to pass through it. Solidification takes place in the form 
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FIGURE 11.9 Directional solidification process schematic. 
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of dendrites growing in all three directions, so the continuously changing direction of the 
helix then restricts the growth of the dendrite to a single grain releasing at the top of the helix. 
The selected grain then expands to fill the cavity in a manner similar to the growth in colum- 
nar grain castings. Depending on the design of the shell, the process can produce hollow sin- 
gle crystal and columnar grain airfoils with cooling passages. For single crystal castings the 
seed crystal is assumed to be of the same alloy with the same or higher melting temperature, 
and must be oriented to allow its duplication in the alloy material in the mold. The seed crys- 
tal does not need to melt completely and hence it is placed on the chilled plate. 

Casting defects may appear in the form of cracks at the grain boundaries in columnar 
grain components. A ceramic core is needed for hollow blades that will be subsequently 
leached out, and the difference in the coefficient of thermal expansion between the ceramic 
and the alloy builds up hoop stresses during cooling as the alloy shrinks around the core. 
This results in cracks at the grain boundaries. The problem is avoided by adding a small 
amount of hafnium to the alloy. 

Another problem arises in the form of appearance of equiaxed grains and freckles when 
the heat is not dissipated fast enough at the solid and liquid interface. This can alter the nec- 
essary thermal gradients in the mushy zone, and restricts the directional solidification to pro- 
ceed in an orderly manner. Some solute elements such as titanium and aluminum are rejected 
in the zone, causing the liquid enriched by these elements to rise because of its lower den- 
sity and breaking the dendrite tips in the process. The broken tips go on to form equiaxed 
grains, or freckles, thus defeating the goal of directional solidification. The problem can be 
resolved by a careful look at the relationship between the heat of solidification, thermal gra- 
dient, thermal conductivity, and solidification rate. The critical time required for the mushy 
zone to traverse a point in the casting can be determined to produce a detectable trail of 
freckles, and the solidification rate must then be adjusted to eliminate their formation. 

Recrystallized grains have also been reported from cold work on the castings after the 
solidification, followed by exposure to higher temperatures. Insufficient y’ may be respon- 
sible for inhibiting motion at the grain boundaries, leading to recrystallization. Other cast- 
ing defects are known to occur when an airfoil has a curvature along its length. Since 
columnar grains grow along the thermal gradient contours, they tend to diverge as the solid- 
ification front progresses toward the tip, and reducing in quantity as the length increases. 
The grain boundaries then may encroach on the structurally more sensitive leading and 
trailing edges of the airfoil. The angle of intersection of the boundaries with the blade’s 
edges should be restricted to under 10°. Radiographic and fluorescent inspection methods 
are used to ensure the castings are free of defects. 

The elastic modulus of directionally solidified alloys is not identical in all directions 
because of the preference in the orientation of the crystals in one direction. The anisotropy 
in the modulus may be determined in terms of the orientation in the standard stereographic 
triangle by the expression 


E*=S,, — [2(8,, — S12) — S44] x [Cos x (Sin? — Sin?@ x Cos? x Cos?6)] (11.2) 


where @ is the angle made with the orientation <001> with the lowest possible modulus, 
and @ is that made with <001> — <100> boundary of triangle in Fig. 11.10. <111> with the 
highest value, and <110> has the intermediate elastic modulus value of 33 x 10° psi 
(Fig. 11.10). Terms S,,, S,,, and S,, are the elastic compliances. The elastic properties are 
for the most part dependent on the values for nickel, even for the most heavily alloyed 
nickel-based superalloys. Columnar grain materials in the longitudinal, or growth, direc- 
tion have the least value for the modulus since the grains are aligned in the <001> direction, 
parallel to that of the growth. Deviations in the grain structure will increase the value of 
the modulus (19 x 10° psi at room temperature for most columnar grain materials, 18 x 10° psi 
for single crystal alloys) in this direction. Peak value of 45 x 10° psi for the modulus is 
attained in the <111> direction. The reverse scenario occurs for the torsional modulus. 
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FIGURE 11.10 Angles g and @ for orientation of mechanical proper- 
ties (Sims, Stoloff, and Hagel, 1987). 


G is 18 x 10° psi in the <001> orientation and 8 x 10° psi in the <111> direction. Hence, 
directionally solidified alloys have the least longitudinal and bending stiffness and the most 
torsional stiffness along the <001> axis of growth. 

The elastic modulus in the plane transverse to growth axis of a single-crystal alloy for 
the <001> orientation depends on the angle y between <100> and <010>, according to the 
expression shown below. 


E” = S, — [20S — Si) — Sag] X [Sin2 yx Cos? y/] (11.3) 


The longitudinal elastic and torsional modulii in the <001> direction are independent of 
this orientation, consequently the natural frequencies of vibration of the bending-torsion 
modes of a gas turbine airfoil do not depend on the angle of the secondary orientation. 

Tensile stress properties are basically determined by the composition of the alloy and 
the size of the y’ grains. In the presence of large quantities of y’ the <001> yield strength 
under 1400°F varies inversely with their size, as indicated in Fig. 11.11 for PWA-1480. 
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FIGURE 11.11 PWA-1480 single crystal alloy yield strength. 
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FIGURE 11.12 PWA-1480 single-crystal alloy creep rupture life (Gell and 
Duhl, 1986). 
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TABLE 11.1 Directionally Solidified Alloys 


FIGURE 11.13 Turbine blade tip (Left), trailing edge (Right) (Cheruvu, 1997). 


Heat Cr Co Al Ti W Mo Ta Cb C 
Sa-3 14.8 8.0 3.6 4.3 2.6 1.0 2.7 0.5 0.1 
Sa-4 16.0 8.0 4.0 3.4 2.6 0.6 2T - 0.1 
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Higher modulus single crystal alloys tend to possess lower yield strength, but in the <111> 
direction they have a high ultimate strength, to the tune of 200 ksi at room temperature. 
Columnar grain alloys in the longitudinal direction display a similar trend as in the <001> 
orientation of single crystal alloys. Failures from tension mostly start in plane bands due to 
slippage, but they do not play a major role. The alloys do not have identical yield strength 
in compression and tension, the difference depending on the orientation. 

Creep rupture is also affected by the size of the y’ particle (Gell and Duhl, 1986), as shown 
in Fig. 11.12 for PWA-1480. Smaller y’ particles permit the dislocations to climb around 
them and reduce the creep strength, but the strength is maximized when the dislocations cut 
through. With even larger y’ the creep strength falls as the dislocations loop between them. 

Thermal fatigue strain is a product of the coefficient of thermal expansion and differ- 
ence in temperature, and strain-controlled low-cycle fatigue test data may be recorded in 
the form of a hysteresis loop. Fatigue life N, and variation in plastic strain £, are related by 
N= K(Ag,)© where K and C are constants. Low-modulus directionally solidified alloys 
have better fatigue life. 

Application of the alloys in land-based gas turbines was delayed until recently, mostly 
because of lack of cost-effective casting processes for larger components. Newer develop- 
ments in the casting technology now permit manufacturing of larger airfoils in the colum- 
nar grain (directionally solidified) and single crystal condition. Westinghouse introduced 
directionally solidified blades in their W501G engine in the 1990s (McQuiggan, 1996). 
Considerable effort has been expended in the casting of CM-247 and CMSX-4 single- 
crystal alloys. The objective is to optimize parameters for larger castings to improve yield, 
evaluate impact of defects in properties, and assess the influence of process parameters, 
heat treatment, and chemical composition on the properties. 

Attention was initially focused on IN-738 material mostly because it is extensively used 
by the industry, and because of its optimum combination of creep strength and hot corrosion 
resistance. Evaluation revealed marginal to negligible improvement in rupture life of equiaxed 
IN738 due to the high chromium content and low volume fraction of y’ (McLean, 1983). The 
alloy is normally solution treated at a lower temperature than the alloys MAR M-200 and 
MAR M-246, which derive the best improvement in rupture life from the directional solidi- 
fication process. Subsequently, the elements that contribute to solid solution strengthening, 
Ta, W, and Cr, were selectively varied in IN-738 to enhance rupture life after the directional 
solidification process (Cheruvu, 1997). A few requirements were set for the new alloy: 


e Chromium content to exceed 15 percent 

e Permit casting 

¢ Temperature advantage of around 50°C for the first row blade 
e Stable sigma phase precipitation for long-term service 


e Corrosion and oxidation resistance comparable to IN-738 


The percentage of Cr, Al, Ti, Ta, and W were varied in the IN-738. Among the heats, 
chromium content varies between 7 and 14 percent, and the ratio between aluminum and 
titanium from 0.8 to 1.3. Process parameters such as mold and pouring metal temperatures 
and furnace withdrawal rate are of the same order as those used in the casting of large first 
row turbine blades. Test bars are partially solution treated at 1120°C for 2 h and aged at 
about 840°C for 24 h. Screening tests to establish stability, casting capability, corrosion 
resistance, and mechanical properties in the directionally solidified condition permitted 
selection of two optimum chemistries, as shown in Table 11.1. 

The alloys offer nearly 50°C temperature advantage, and comparable hot corrosion and 
oxidation resistance, over an equiaxed IN-738. Casting characteristics of the directionally 
solidified alloys are demonstrated in Fig. 11.13, showing the cooling holes at the trailing 
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edge and at the blade tip of a Westinghouse W501F row-1 turbine blades. Both alloys 
exhibit sigma phase precipitation related stability. Sigma, mu, or eta phases are not 
observed in broken creep-rupture specimens tested at 871°C and 172 MPa for 10,000 h. 


178 OXIDATION AND CORROSION RESISTANCE 
AT ELEVATED TEMPERATURES 


Superalloys rely on the formation of Cr,O, scales for oxidation resistance. In alloys with 
less than 10 percent Cr, the oxidation rate is accelerated than for pure Ni due to the forma- 
tion of NiO scales with the Cr, but the rate is considerably smaller when Cr = 30 percent. 
The apparent variability of the rate for Cr,O, growth on various substrates depends on the 
structure of the defect and growth mechanism of Cr,O,. Small additions of rare earth and 
other oxygen-active elements alter the oxidation resistance of Cr,O, forming alloys. 

Aluminum also plays a crucial role in the oxidation of y’ strengthened alloys. Exclusive 
scales of Al,O, can form on Ni-Al alloys at very low levels of aluminum. Nickel base alloys 
with both chromium and nickel additions experience considerable effects from their 
combined actions. The complex nature of the oxidation process depends on time, temper- 
ature, and aluminum and chromium content. 

Manganese may be viewed as a potential but less effective replacement for chromium 
in establishing healing layers of Cr,0, scales. Manganese promotes Cr,O, formation in 
Ni-20Cr, but is not effective in Co-19Cr. Addition of titanium promotes Cr,O, on both 
Ni-20Cr and Co-20Cr. 

Reducing the sulfur level can produce a first-order improvement in scale adhesion in 
the absence of reactive elements. Scale adhesion has been historically achieved by the 
addition of reactive elements (Smialek, 1996). For many commercial products relying 
on protective alumina scales (for example, polycrystalline NiCrAlY coatings or 
FeCrAlY heating elements), the direct addition of 0.1 percent Y is more practical than 
reducing the level of sulfur. The crux of the adhesion mechanism lies in the tendency 
for sulfur to segregate at the oxide metal interface at high levels, even when sulfur is 
present in the alloy at very low levels. Metals may be desulfurized by hydrogen anneal- 
ing in a diffusion-controlled surface segregation process by the formation of H,S. The 
hydrogen environment is needed to prevent the formation of alumina scales, which 
obstructs the removal of sulfur. 

Degradation of superalloys from hot corrosion occurs when salt or ash deposits accu- 
mulate on the surface of the material by altering the reactions between the alloy and the 
environment. The severity of hot corrosion in the combustion process is closely linked to 
the characteristics of the fuel and the quality of the air to support it. The problem mani- 
fests to a greater extent in industrial and marine gas turbines then in aircraft engines. The 
initial attack may be minimal, but the degradation process accelerates as the deposition 
level increases. 

Considerable research has been done to understand the hot corrosion phenomenon and 
to develop alloys and coatings to withstand the attacks. The corrosion process is a function 
of the operating temperature and chemical composition of the alloy, gas, and deposits. 
Besides the rate of attack, the parameters also affect the mechanism of the corrosion. Data 
from service experience help in the initial definition of the problem. Engine operating param- 
eters may not remain constant during operation, but may provide some insight. The 
microstructure of the degraded alloys may be important in comparing the degradation in 
simulation tests. 

During the initiation stage, the elements in the alloy are oxidized and electrons are trans- 
ferred from metallic atoms to reducible substances in the deposit. In the corrosion process the 
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reduced substances are initially the same as those that would have reacted with the alloy in 
the absence of the deposit. So the reaction product barrier forming beneath the deposit on the 
alloy surface exhibits those features resulting from the interaction between the gas and 
the alloy. As the process continues, features appear that indicate that the deposit of salt is 
affecting the corrosion process. For instance, in some corrosion problems, an increasing 
amount of sulfide particles become evident in the alloy beneath the protective reaction 
product barrier. Small holes may appear in others in the barrier, where the deposit melts and 
begins penetrating. Eventually the protective barrier formed through selective oxidation 
becomes ineffective, and the hot corrosion process then starts propagating. The degrada- 
tion sequence may not be observable because the time lag during which the protective 
layer stays dormant depends on other factors. The alloy may be exhausted of some of its 
elements prior to the formation of nonprotective coatings, or the formation of protective 
scales may be inhibited. In some cases the initiation stage may not occur, and the degra- 
dation rapidly advances to the propagation stage as soon as the melted deposits come into 
contact with the alloy at high temperatures. 

Indefinite immunity from the hot corrosion of any alloy cannot be expected, but 
some compositions go through a longer time period for the protective layer to form and 
the attack to spread. Dependence on temperature manifests in more than one way. The 
initial time required decreases with the increased temperature. Changes in the rate are 
affected by the kinetics influenced by the temperature and by the introduction of new 
reactive mechanisms. 


11.9 PROTECTIVE AND THERMAL 
BARRIER COATS 


Coatings on the substrate of a superalloy are made of ceramic, metallic, or combination of the 
two materials, and are intended to avoid direct action of a potentially damaging environment 
on the component. The damage can occur in the form of recessed material due to oxidation 
and corrosion, or may appear in the form of deteriorated mechanical properties. Instead of 
obtaining an inert barrier, the coatings are designed to form densely adhering oxide scales on 
the substrate to alleviate the attack from species such as oxygen, nitrogen, and sulfur. Thus, 
coatings made of elements such as aluminum, chromium, and silicon are preferred because 
of their ability to form the protective scales (Sims, Stoloff, and Hagel, 1987). 

The elements in the coating material act as a protective mechanism by continuously pro- 
viding new scales to replace the ones that spall from thermal ratcheting or other damage. 
Components in the hot gas path of the engine—combustor, blades, vanes—are the primary 
beneficiaries of the technology. Lack of compatibility between the requirements for the 
superalloy for optimum strength and for protection from the high-temperature environment 
first highlighted their need in aircraft engines. Unacceptable levels of oxidation of the 
nickel- and cobalt-based superalloys accompanying high operating temperatures spurred 
the development of aluminide coatings, many of which are still used. The combustion of 
poor quality fuels in industrial turbines that included sulfur, sodium, and other contami- 
nants also poses a severe problem. Operation in areas where air contains high levels of dele- 
terious materials such as sand and salt also add to the problem. 

Corrosion at lesser temperatures has also been identified, and requires a chemical com- 
position for coats that differs from the ones for higher temperatures. A ceramic layer form 
of thermal barrier coating lowers the temperature experienced by the alloy, and permits 
operation of the turbine at temperatures that are not possible otherwise. 

Factors affecting the selection of coating are many, with the effect of the coat on the 
material also coming into play. Interdiffusion takes place between the coating and the alloy 
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when exposed to high temperatures. Consideration must be given to the geometry of the 
part, its application, substrate characteristics, cost of the coating process, and environmen- 
tal effects. Performance, thickness, composition, microstructure, and adhering capability of 
the coating need evaluation, with the substrate and the coating comprising a system for a 
given application. 

Ability to stay on the substrate, avoidance of cracking, and resistance to oxidation deter- 
mine the success of a coating. Considerable ratcheting of thermal cycles tend to make the 
overlay coatings susceptible to fatigue failure. Aluminide coatings provide a substantial 
amount of aluminum at the surface of the component, although its resistance to oxidation 
does not differ considerably from the more resistant alloys. Oxygen combines with the alu- 
minum to form a continuous layer of Al,O, scales, replacing the cracked and spalled ones 
from the cyclical thermal loads. At the same time some of the aluminum also diffuses into 
the base metal, and when the aluminum content of the coating falls below 4 to 5 percent by 
weight, the scale-forming and oxidation-resisting capability is exhausted. Table 11.2 pro- 
vides data of oxide scales scraped from coated specimens of a nickel-based superalloy. The 
characteristics of the superalloy also play a major role. For instance, the oxidation life of a 
typical diffusion aluminide coating at 2075°F for X-40 is 23 h, while for CMSX-3 it is 85 h, 
100 h for Rene 80, and 300 h for Rene 125. In the sequence of tests the gas velocity is Mach 
1.0, cycling occurs once per hour and the life is assessed from visual and metallographic 
inspection of the coating. The level of aluminum in the base metal is responsible for the 
substantial differences, since it controls the rate of diffusion of the aluminum from the 
coating. Concentration of other elements in the alloy that resist or increase oxidation also 
plays a role. 

The diffusion zone does not directly participate in the oxidation process, unless cracks 
develop in the coating and expose the base metal to the oxidizing environment. The tem- 
perature at which incipient melting occurs is another factor, and even though NiAl melts 
around 2900°F and superalloys at about 2300°F, some melting does occur at as little as 
2050°F in the diffusion zone of aluminide coated parts. 

Overlay coatings perform in the same manner as diffusion aluminide coats, with the 
presence of chromium and yttrium enhancing the activity of aluminum to form and resist 
spalling of Al,O, scales. In tests for comparing resistance to oxidation of coatings on a 
nickel-based superalloy, the life of aluminide is determined to be 100 h, platinum-aluminide 
has 250 h and of NiCoCrAlY in excess of 1000 h at 2075°F. Performance of the 
NiCoCrAlY composition is far superior for protection against oxidation, and the presence 
of cobalt provides the added advantage of improving ductility of the coating. MCrAlY 
overlay coats try to improve on oxidation resistance by the addition of silicon, tantalum, 


TABLE 11.2 Composition of Oxide Scales 


Time (h) 
Coating (at 2075°F) AlO, TiO, NiALO, NiO 

Aluminide 240 95 5 — — 
340 60 20 20 — 

790 60 20 20 — 

940 40 10 50 — 

1290 5 5 80 10 

Platinum aluminide 350 95 5 — — 
700 80 10 10 — 


1100 70 15 15 = 
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and hafnium. Ductility may be reduced, but it offers the advantage of a higher melting point 
that is mostly independent of the substrate, with the overlay surviving to 2350°F without 
indications of melting. Thus, MCrAIY is superior to diffusion aluminides when the operat- 
ing temperature is higher. But the higher temperature capability comes at the cost of 
reduced strength, causing cracks from thermal fatigue when the operation is highly cyclic. 

Satisfactory results are not experienced with diffusion coatings when the need for resis- 
tance to hot corrosion in marine and industrial engines is a requirement. Platinum-aluminide 
offers a marked improvement over aluminide coats. However, the extra expense from the 
precious element can make them unattractive when the corrosion problem is serious. 
Results from burner rig tests and from field service generally indicate several MCrAIX 
overlay coats, based on cobalt and with high chromium-to-aluminum ratio, provide far 
superior resistance from hot corrosion. A suggestion for composition for good resistance 
to hot corrosion is Co—29Cr—6AI-0.3Y. The increased ratio of chromium—aluminum 
improves hot corrosion resistance but at the same time decreases oxidation resistance. If the 
capability to achieve increased thickness of the coating is available with the overlay proce- 
dure, the use of MCrAIX coat may be more cost-effective compared to platinum-aluminide 
coatings, especially when hot corrosion and thermal ratcheting are controllable. 

Resolving corrosion issues at lower temperatures can take advantage of chromide diffusion 
coatings because of its ability to form adhering Cr,O, scales continuously. Pack diffusion coats 
are thin, of the order of 1.5 x 10° to 2.0 x 10> in thick, due to process limitations, but the inter- 
diffusion amount is low at the reduced temperature. Thinner coats also impart better mechan- 
ical properties, since the high chromium content reduces ductility and increases cracking. High 
chromium (>30 percent by weight) overlay coatings are also effective in controlling corrosion 
at lower temperatures (Luthra and Wood, 1984). New developments in these coatings, based 
on low temperature corrosion as an attack mechanism, go through a number of field tests, and 
new products possessing better features may become available in the course of time. 

Thermal barrier coats are of special interest since they holds the prospect of increased 
output and efficiency of gas turbines by raising the temperature at the turbine inlet. The 
coating comprises a multilayer system of an outer ceramic insulating layer of 5 x 10° to 15 x 
10° in thickness, and an inner metallic bond layer of 3 x 10° to 5 x 10° in thickness. Both 
the top and bond coats may be applied by plasma spray, sputtering, or by the electron-beam 
pressure vapor deposition method (Schilling, 1984). The ceramic layer, made of Zirconium 
oxide (ZrO,), insulates the substrate from the high-temperature gases. The topcoat sees a 
thermal gradient of a few hundred degrees, based on the coating’s thermal conductivity, 
thickness, and heat flux in the component. ZrO, has a low thermal conductivity and a high 
(for ceramics) thermal expansion coefficient. Changes in the microstructure at 2150°F are 
accompanied by a growth in volume, and may result in spalling of the ceramic material. 
Because of its porosity, the material permits oxygen to go through the layer, so the metal- 
lic bond coat is required to resist oxidation of the substrate. Plasma spraying of the inner 
coating produces a rough finish, which is helpful in enhancing the adhesion of the ceramic 
coat through interlocking (Lackey, 1984). 

In industrial turbines, thermal barrier coatings are used for combustion burner liners and 
transition pieces. High payoffs are also realized for the stationary and rotating airfoils of 
the initial stages. The relatively fragile thermal barrier coating must be evaluated by ther- 
momechanical tests to establish adequacy of its cyclic life. 

Internal surfaces of air-cooled gas turbine airfoils oxidize severely during service. 
The limiting mode or critical location can change with increased service temperatures 
made possible by the use of improved external coatings. Cooled airfoils suffer oxidation 
damage along the uncoated surfaces in the internal cooling passages, thus becoming the 
weakest link. This necessitates the application of an oxidation-resistant aluminide coat- 
ing in military and civil aero engines, aero-derived industrial engines, and more recently 
in heavy industrial engines. 
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Uncoated cooling passages exhibit predominantly oxidation damage. This leads to: (a) 
narrower and sometimes plugged channels and (b) local reduction of heat transfer because 
of the presence of products of corrosion. Ultimately, degradation can lead to premature 
blade failure. But the major impact is to thin the blade walls and increase stresses, leading 
to creep-rupture failure. 

General Electric uses directionally solidified Rene 80H alloy for the turbine blades in the 
CF6-50 and -80C aircraft engines. The blades are convection cooled by internal serpentine 
circuits and by external film technique. The blades were retired prematurely because of oxi- 
dation and plugging of cooling holes at the tip (Patnaik, Elder, and Thamburaj, 1988). 
Uniform oxide layers of 25 um thickness are reported by Koul et al. (1993) in IN738 blades, 
with some intergranular spikes penetrating 125 um below the internal wall surface. 

Failures of land-based first-stage turbine blades have been experienced where the oxi- 
dation of uncoated cooling passages played a contributing role. Wood (1996) reports that 
after 21,000 h and 25 starts in a GE Frame 6 first-stage turbine, blades with 11 holes in the 
uncoated cooling passages displayed deep underlying oxidation and nitridation. In the first 
eight holes from the leading edge the attacks were up to 100 um in depth, and between 150 and 
200 um in the last three holes. Some cracks and creep voids are also evident. Westinghouse 
501 turbine blades made of Udimet 520 and uncoated cooling passages have also encoun- 
tered severe internal degradation (Cherevu, 1997). After 36,000 h 250 um oxidation was 
observed at the leading edge hole. Internal oxides were not removed at the time of refur- 
bishment after 20,000 h. 

A number of factors make the task of successfully applying a coat on the inner surfaces 
a difficult one. Surface condition prior to the coating process can be a reason. Residual core 
and metal reaction zones, alloy depleted regions associated with core removal, recast lay- 
ers, and oxidation products arising from electrodischarge machining, electrochemical 
milling, and laser drilling are some prime examples. Lack of an optimized coating proce- 
dure for the complex-shaped cooling passages or insufficient process control can lead to 
poor coverage and ductility. 

Increased turbine inlet temperatures of 1400°C and high cost of first-stage turbine 
blades (approaching ($40,000) have made internal coatings inevitable. A prerequisite for a 
well-functioning aluminide coating is its uniformly distributed presence and adequate duc- 
tility. The coating also must not interfere during repairing of the blades. 

Strang, Lang, and Pichoir (1983) mention a number of problems associated with coat- 
ing by the pack cementation process: 


e Difficulty in feeding the reactants through the channels 
e Problems in removing the pack mixture after the coating treatment 
e Limitations of the throwing power 


e Inadequate control of coating thickness 


The cooling holes cannot be blocked, and obstructions arise mostly from low activity of 
some pack cementation processes. High-pack operating temperature (exceeding 1000°C) 
favors sintering of the pack powder. Also, the formation of a NiAl layer favors embedding 
of pack particles in the coating, leading to a reduction in the cooling hole diameter. High 
activity cementation processes such as PWA 73 call for lower temperatures (~760°C), so 
sintering is not so serious. 

Turbine airfoils manufacturer Howmet uses a chemical vapor deposition (CVD) process 
for internal coating (Howmet sales brochure, 1991). A high-temperature low-activity CVD 
process is used to coat blades for GE LM2500 marine and industrial engines. Platinum- 
aluminide is used for the external coat and aluminide for the internal coat. Exceptionally 
uniform coating thickness with variation of less than 10 percent is claimed (Smith and 
Boone, 1990) for the entire internal circuit with nine serpentine passages and 75 cm 
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overall length. The internal coating has a “classic” microstructure of a 25-um thick 25-28% 
Al, 65% Ni, 5% Cr layer, and a 20-um thick diffusion zone. Further refinements are sug- 
gested by Warnes (1998). Harmful impurities such as sulfur and boron can be transmitted 
to a coating from a high-temperature aluminum source in the process chamber during alu- 
minizing. In contrast, demonstrations indicate CVD low activity aluminizing removes the 
harmful ingredients from the coating during deposition. Clean low activity coatings (simple 
aluminide MDC-210 or platinum modified MDC-150L) have exhibited improved oxida- 
tion resistance when compared with other processes. 

Diffusion Alloys and Siemens also use the CVD procedure for internally coated con- 
vection and serpentine-cooled airfoils (Kempster and Czech, 1998). Aluminum is present 
in a powder form, with ammonium chloride (NH,Cl) used as an activator. The process is 
executed at over 1000°C for several hours. The aluminum content in the deposited condi- 
tion varies from 22 to 30 percent by weight, dropping somewhat because of diffusion dur- 
ing the subsequent heat treatment. The coating thickness ranges from 25 to 40 um for the 
convection-cooled airfoil and from 30 to 45 um for the serpentine-cooled airfoil with a 
maximum length of 600 mm. 

KLM Airlines operates a fleet of CF6-50 and -80C engines. Maintenance data of their 
high-pressure turbine blades indicate that internal coatings of cooling passages are clearly 
effective against general oxidation, while cracking from the inside wall at the leading edge 
near the midspan is practically eliminated. Detailed metallographic evaluation of the blades 
is documented by Kool, Agema, and Van Buijtenen (2002). Uncoated passages sometimes 
display severe oxidation at midspan. Operating hours on the examined blades vary between 
9500 and 13,000 h, with 2000 start-stop cycles. Blades made from Rene 80 experience 
maximum oxide thickness of 75 um, while blades made from directionally solidified R142 
have oxide thickness of 35 um. Cracks of up to 250 um are present but cannot be attributed 
fully to the absence of internal coating. 

Internal coating proves beneficial in preventing oxidation, especially in blades made 
from the previous alloy. Cracking, however, initiates and grows through the coating and 
spreads into the substrate, with maximum measured cracks of 120 um (Fig. 11.14). 
Considerable variation is present in coating thickness. Some blades exhibit near absence of 


FIGURE 11.14 CF6-50 blade cracks from internal wall and film cooling 
hole (Kool, Agema, and Van Buijtenen, 2002). 
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the coating in the midchord region. Average coating thickness measure 50 microns. Around 
film cooling holes, the coating thickness reaches up to 100 um. 

The internal coating thickness distribution for two forms of CF6-80C2 high-pressure 
turbine stage 1 blades measured at the midspan region has been observed. The least coat- 
ing thickness is observed in passages no. 3, 4, 5, and 6 in the midchord area, where cooling 
air is fed from the center hole in the root. The investigation concludes Rene 80 is probably 
more sensitive to oxidation than the newer alloy R142. Aeroengines are significantly 
impacted by factors such as length of the flight leg, aircraft bleed settings, and ambient air 
conditions at takeoff, among others. 


11.10 FRACTURE MECHANISM OF COATS 


An effective way of improving the efficiency of a gas turbine is to cut down on the amount 
of cooling air and at the same time increase the temperature of the hot gas. This calls for 
the components in the hot gas zone to withstand surface temperatures in excess of 1200°C. 
Ceramic coatings that can retain their heat barrier effect over the full service life of the com- 
ponent may be the answer by reducing the temperature at the interface of the component to 
a level that the substrate can tolerate. 

Coating systems used on aircraft engines cannot readily be transferred to stationary 
engines, mostly because of radical differences in the operating cycles. In contrast to air- 
craft engines, which are subject to high loads mostly during the short takeoff phase, sta- 
tionary engines must run at full load over long operating periods. The size of the components 
is also substantially different. Consequently, the requirements for the TBCs are different. 
Similarity in the prevailing damage mechanisms under the specific load conditions may also 
be questioned. 

Detection of the determinant damage mechanisms of cyclic thermal fatigue of thermal 
barrier coating using fracture mechanics modeling has been attempted by Rettig et al., 
1998. The requirements are experimentally determined from the temperature and stress 
concentration in combustion chamber liners, hot gas ducts, and first vanes and blades. The 
functional failure of the coating in the form of delamination is preceded by cracks due to 
excessive stresses. The fracture mechanics theory can describe the onset and propagation 
of the crack from the applied loading and the properties of the material. The load is derived 
from prolonged exposure at high temperatures, from the mechanical stresses due to the 
thermal expansion mismatch of the metallic substrate and the ceramic coating and from the 
oxidation of the bond coat. The formation of the crack is predicted by comparing the avail- 
able energy release rate with a critical energy release rate. The latter is a property of the 
material that in thermal barrier coatings is anisotropic and varies over time under service 
conditions. Sintering of the thermal barrier coating increases the elastic energy density. 
Damage accumulation from the relaxation of local stress peaks, cyclic effects and phase 
changes due to temperature or stress lower the critical energy release rate. 

Crack propagation in a surface coating can be described by biaxial tensile, and also 
compressive, stresses. Both stress conditions can occur in coated components under oper- 
ating conditions in a gas turbine cycle. The fracture criterion for the crack configuration 
provides the conditions for the occurrence of vertical cracks and of cohesive or adhesive 
delamination cracks (Evans, Wang, and Mum, 1997). 

In the experimental investigation, the aim is to identify the relevant damage mechanism 
by transferring the stress distribution in the thermal barrier coating during engine operation 
to the model. The course of the damage process is accelerated by employing higher tem- 
peratures and consequent stresses within shorter time periods, with the tacit assumption that 
the principle change mechanism remains unaffected. A Nd:YAG laser working in the 
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continuous wave mode (A = 1.064 um) with a step-adjustable output is used as the irradia- 
tion source (Fig. 11.15). The laser beam is directed through a flexible optical fiber on the 
specimen. In the static irradiation mode, a long focal length lens adjusts the infrared beam 
to obtain the proper ratio between the size of the hot spot and the distance to the sample. A 
laser scanning system made of two electronically driven tilting mirrors enables generation 
of special temperature distributions, such as a ring profile. Thus, the irradiation profile 
obtained from the dynamic laser beam deflections is independent of the Gaussian power 
density distribution in the laser beam. 

The specimen is held with pins attached to coil springs to obtain nearly force-free 
clamping. The top pin also works as an acoustic wave conductor, and is coupled with a 
sound sensor. The detected acoustic signals are amplified and recorded. A rapid-scanning 
pyrometer with a 50 to 1700°C range and a position indicator measures the temperatures, 
along with two other point pyrometers. The scanning pyrometer is provided on the irradia- 
tion side, where the steepest temperature gradients occur. ZrO, is translucent to electro- 
magnetic waves in the near infrared range, and the pronounced reflections on the bright 
surface typical of ceramic oxides must be taken into account. Hence, the laser power can 
be directed into the thermal barrier coating only through a 1 um thick absorption coating of 
CoNi. The coating is applied by the vapor deposition process, then oxidized for 5 h in air 
at a steady 700°C temperature. The oxidation provides high-temperature resistance, guar- 
antees adequate absorption of the irradiation, and has sufficient emissivity for pyrometric 
temperature measurements. Phase composition and mechanical properties of the zirconia 
coating are unaffected by the CoNi film. A fast-flowing stream of air directed toward the 
hot zone cools the specimen. The specimen is observed through a long-distance micro- 
scope, with a connection to a video recording system for separate assessment. 

A finite element model aids in obtaining precise knowledge of the spatial and temporal 
distribution of temperatures and associated strains and stresses, and is used in parallel with 
the tests. The thermal model for the coating takes into account conduction, irradiation, and 
heat dissipation by convection, with the heat from the laser treated as a constant flux on the 
surface of the zirconia coating. Parameters for the irradiation and conduction are established 
by iterative comparison of the calculated results with the measured temperatures. The sub- 
sequent mechanical analysis takes into account temperature dependency of the thermoelas- 
tic material and the elastic-viscous creep data (Thurn, Aldinger, and Schneider, 1997). 

IN617 is used for the substrate. Vacuum plasma spraying is used to apply a MCrAlLY 
bond coat, followed by a multistage heat treat to improve adhesion. 0.7 percent by weight 
Y,O, partially stabilized zirconia is used for the thermal barrier coat. The circular speci- 
mens are 5.2 mm thick and 29 mm in diameter. Interpretation of the calculated stress levels 
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FIGURE 11.15 Test setup to generate temperature distribution in TBC (Rettig et al., 1998). 
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needs attention. The air plasma sprayed zirconia has a low tensile strength, around 75 MPa. 
When this level is exceeded, formation of a network of cracks leads to relaxation of stresses 
in the region. Thus, calculated stresses in excess of 100 MPa are not really present, and 
must be considered only as an indication of a large expansion of the coating with accom- 
panying crack patterns. The porous ZrO, material is locally compacted under pressure, 
especially at high temperatures. The associated inhomogeneous increase in the modulus of 
elasticity then results in substantially higher stresses for the same thermal loading. 

The loading is characterized by heating the center of the ZrO, coating with a laser power 
of 280 W. Diameter of the hot spot, defined by the 1/e decay of the power density, is 12 mm. 
The heating rate is initially rapid due to the high power density at the center of the laser beam 
and the low thermal conductivity of the porous TBC at low temperatures (Fig. 11.16). 
Maximum temperature of 1250°C is detected at the center after about 100 s, falling to 
750°C toward the edge of the disk. The maximum temperature difference between the two 
faces of the disk in the thermally stable condition is estimated to exceed the level encoun- 
tered in a stationary gas turbine by a factor of 3. 

The calculated time pattern of the planar stress (0,,, 0,,) at the center of the specimen is 
shown in Fig. 11.17, and is compared with the detected acoustic signals. The hot zirconia 
at the surface comes under pressure at the start of the cycle. The cooler edges of the ceramic 
and the metallic substrate exert an in-plane restriction on the expanding material. An 
increasing substrate temperature causes the underside of the ceramic coating at the inter- 
face to the bond coat to expand due to the higher coefficient of expansion of the superal- 
loy. As the axial temperature difference reduces, compressive stresses in the hot ZrO, face 
also reduce. The fall in compressive stresses depends on the diameter of the hot spot, with 
a smaller hot spot inducing greater stresses for the same temperature. At the start of irradi- 
ation, and increasingly after 15 s, the detected acoustic signals indicate that fracture occurs 
in the ceramic coat, since it is accompanied by the release of acoustic energy. Immediately 
after the heating from the laser beam is switched off, a sudden reversal of the in-plane 
stresses from slight compression to high tension takes place on the top face of the TBC. 
This is due both to the rapid cooling by radiation of the surface and the expanded state of 
the substrate. The induced stresses far exceed the strength of the material, causing a net- 
work of stresses to develop close to the surface. This process is accompanied by strong 
acoustic signals, with amplitudes distinctly larger when compared with the signals occurring 
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FIGURE 11.16 Course of temperature at center of specimen 
(Rettig et al., 1998). 
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FIGURE 11.17 Course of stresses and detected acoustic signals (Rettig 
et al., 1998). 


during the irradiation. Residual stresses, limited by the strength of the material, from the 
stress relaxation and creep, remain in the area of the ZrO, coating close to the surface after 
the cool down (Pompe et al., 1997). 

During the cyclic testing, a 2-min cooling time is considered adequate to ensure a homo- 
geneous temperature in the specimen prior to the start of the next cycle. The stress condition, 
however, will depend on the frozen-in stresses from the preceding cycle, the instantaneous 
material parameters, and the accumulated damage in the coating system. All specimens irra- 
diated from the ceramic face display individual cracks on the surface of the ceramic in the 
area of the hot focal point. The cracks are variously oriented and have a low spread initially. 
With an increasing number of cycles the cracks grow to form a network. Figure 11.18 shows 
the microstructure after a large number of cycles. The longer vertical cracks originate at the 
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FIGURE 11.18 Formation of cracks and onset of delamination from 
cyclic loading (Rettig et al., 1998). 
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surface and extend to the bond coating. Parallel cracks appear in the ceramic coat and at the 
interface between the TBC and the bond coating. The latter represent a delamination of the 
TBC from the bond coat. 

Acoustic signals recorded during the cyclic tests provide the data on the temporal 
sequence of crack growth (Fig. 11.19). The plots indicate that the formation of the network 
of surface cracks and their propagation into the material is because of the high in-plane ten- 
sile stresses at the beginning of the cooling phase. This correlates with the occurrence of dis- 
tinct acoustic signal peaks at the final time point of the laser heating. The occurrence of 
switch-off peaks immediately after the end of laser heating and also after a large number of 
cycles indicates that the vertical cracks partially heal from the creep and sintering processes 
under the influence of hot compressive stresses in the surface coating. The cracks open up 
again with the release of energy on cool down. 

The growth of surface cracks depends largely on oven conditioning. Where aging occurs 
under steep temperature gradients, there is a distinct compression in the zone close to the sur- 
face. The consequent increase in the modulus of elasticity causes higher thermoelastic 
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FIGURE 11.19 Acoustic emission signals from cyclic thermal shock loading 
(Rettig et al., 1998). 
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stresses at the same temperature load, making the segmenting network finer and individual 
cracks to become wider under cyclic loading. 

The amplitude and frequency of the acoustic signals during the heating phase decrease 
with the number of cycles. In-plane tensile as well as compressive stresses are present in 
the coating, depending on the depth. Parallel cracks occur because the coatings are applied 
in layers, and can grow because tensile stresses are present at their end. The formation of 
delamination cracks depends on the oven conditioning to a much greater degree than is the 
case with vertical and parallel cracks. Few delamination cracks occur on specimens that 
are not conditioned, even when subjected to a large number of cycles. Aging by cyclic 
laser irradiation does lead to compaction of the ceramic coating, but the relatively cooler 
bond coat results in only a slight growth in the oxide coating. Consequently, the cyclic 
laser aging promotes the growth of delamination cracks to a lesser extent than a preced- 
ing oven aging. 

Nickel-based alloys are used for aeroengine blades with a protective nickel-aluminide 
diffusion coating for oxidation resistance at high temperatures during operation. The 
effect of the presence of the coating on the operational life of single crystal superalloy 
blades is an issue of concern, in large measure due to the oxidation of the coating’s con- 
stituents. Under combined mechanical and thermal load conditions that mimic the strain- 
temperature behavior at critical locations in blades, the presence of an aluminide coating 
on SRR99 results in substantial life reduction at 0.7 percent mechanical strain (Bressers 
et al., 1996). 

Corroboration of the difference in life between the noncoated and Ni-aluminide coated 
samples is provided by Johnson et al. (1997). Cylindrical bars of the Ni-based superalloy 
SRR99 with the long axis oriented 10° of the <001> direction are used in the evaluation. The 
coating has two layers. The outer layer is a polycrystalline B2-NiAl (3-6 um grain size) + y’ 
of thickness 23 + 2.5 um. The inner subcoat diffusion zone (17.5 + 2.5 um thick) is followed 
by a continuous layer of y’ (2 to 3 um thick). The coated and uncoated samples are subjected 
to 0.7 percent mechanical strain and temperature cycle varying between 300 and 1050°C. 

Digitized light microscope images of the coating surface are obtained during the tests 
with a video camera. Incremental polishing of the images allows the characterization of the 
coating and of the cracks as a function of depth over selected areas. Images are then digi- 
tized for measurement to obtain density, spatial characteristics, and number of cracks. 
Energy dispersive spectroscopy is used to chemically define the surface. 

The cracks in the uncoated sample generally initiate at or near the surface following the 
formation and concentration of the oxides that may be described as a discontinuous oxida- 
tion fatigue process. Some cracks emanate from the top and base of the spikes, but the event 
is generally difficult to detect. After the test sequence, the cracks grow enough in size to 
permit identification and correlation with the earlier-detected indications. A simplified 
sequence of events for the crack initiation procedure may be sketched by 


Oxidation fatigue Tensile failure 


Casting defect ——————+ Oxide spike —— Cracks 


The fraction of the oxidized area to the local regional area may be used as a gauge for 
damage initiation and growth studies. Both oxide spikes and cracks behave as rigid inclu- 
sions at the sample surface under compression. Since a strain gradient is formed between 
the inclusion and the alloy, both features contribute to discontinuous oxidation process on 
the surface. Figure 11.20 shows the experimental data, where contributing factors to the 
oxidation process are expressed by the Avrami type rate equation 


= 1- exp(-K-t") (11.4) 


where K = 3.27 x 107"! and n = 2.6. Values of n in this range indicate that the initiation rate 
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FIGURE 11.20 Initiation rate of discontinuous oxidation and accumulation (Johnson et al., 1997). 
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FIGURE 11.21 Time sequence of surface changes in coated sample (Johnson et al., 1997). 
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FIGURE 11.23 Uncoated sample with oxide layer removed (left), oxide concentration area 
(right) (Johnson et al., 1997). 
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is decreasing, and the overall transformation is mostly two-dimensional. Parameter K defines 
the character of the mixed surface damage process under different conditions. 

A time sequence of images of the surface for the coated sample is shown in Fig. 11.21. 
A large number of bright particles are noticed around 1000 cycles, and may correspond to 
oxidation products of coarsened coating constituents. Few cracks are detected before 2000 
cycles. Accumulation of initiation events of surface features larger than 50 um for the 
uncoated and coated test specimens are shown in Fig. 11.22. Larger concentration of oxi- 
dation features may be considered a precursor to cracking. Initiation rate in the coated sam- 
ple surface changes considerably between 2000 and 7000 cycles, and tends to saturate well 
before the end of the test. 

The impact of the coating on fatigue life is most noticeable in the growth rate of 
cracks until eventual failure. Growth rates are similar for the coated and uncoated test 
pieces up to 5000 cycles, when the rate accelerates in the coated sample. In the coated 
piece, failure is encountered after 9469 cycles, while the uncoated piece is good for 
21,820 cycles. This observation may be explained by the coalescence of crack events, 
leading to rapid extension of the major crack. In the posttest examination, surface oxide 
is removed to expose oxidation areas and cracks. Figure 11.23 shows the front surface at 
a depth of 80 um and a section through an oxidation region. A central nickel oxide area 
forms to create concentric layers of oxidation products of Al, Cr, and Ta. In the coated mate- 
rial, three main layers of differing damage and microstructure are identifiable. At 24 um 
depth, damage is chiefly in the form of oxidized cavities in the coating, composed mainly of 
Al rich and lesser extent of Ni compounds. At 37 um depth, cracking predominates at the 
boundaries of Al and Ni oxides. The presence of coarse grain boundary particles sug- 
gests the coating may offer greater resistance to creep. As the subcoating is pene- 
trated, some cracks indicate association with substrate solidification defects. At 65 um 
depth the continuous y’ layer is passed, but the microstructure does not fully match 
that of the bulk portion. Etching revealed that the Ni and Al oxides in the coating are 
closely twined. 


11.11 FIBER-REINFORCED CERAMICS 
FOR COMBUSTOR LINER 


Improved turbine efficiency can be achieved through higher temperatures at the inlet, 
and hence the emphasis on effective cooling and high-temperature resistant materials 
for the components of the hot path. Carbon- and silicon-carbide-based materials offer 
such a potential. 

But the advantageous qualities of monolithic materials in structural applications, such 
as Young’s modulus, thermal conductivity, and oxidation resistance, are partly offset by 
their relatively low fracture toughness. Additives and particulate reinforcements have been 
tried as toughening agents. Reinforcement with SiC or C continuous fibers increase the 
fracture toughness by one order of magnitude and fracture energy by two orders of magni- 
tude (Helmer, Petrelik, and Kromp, 1995). The hostile stress and temperature environment 
restricts the choice of toughening phases because of chemical incompatibility and thermal 
expansion coefficient mismatch with the matrix. 

MTU of Munich, Germany has researched the composite materials in an experimental 
investigation (Filsinger et al., 1997). The materials are selected from a group of C, SiC, and 
fiber-reinforced glasses. Under an oxidizing atmosphere, fiber degradation may be expected 
in the two-directional composites. Assuming a minimum tensile strength of 150 MPa to be 
sufficient for reliable operation of the component, the durability in a 1000°C environment 
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would be only 8 min for the C/C material and 6 min for the C/SiC material. This clearly 
shows the need for effective external oxidation protection. The coatings influence the 
mechanical properties of the base material, and hence the tests are conducted for coated 
specimens. 

A cross-sectional view of the ceramic can form of combustor is shown in Fig. 11.24. 
Combustor walls are made of an inner layer of a hot-gas resistant composite, a middle layer 
of a flexible oxide fiber, and an outer metal casing. The flexible insulation in the radial 
direction and the spring-supported swirler in the axial direction allow for an almost unhin- 
dered thermal expansion of the ceramic flame tube. The insulation is intended to keep the 
fiber-reinforced material at an approximately uniform temperature and lower thermal stress 
level. Temperature is measured by thermocouples placed along the outer ceramic wall. 
Flanges on the outside of the combustion chamber provide access to the flame tube for mea- 
suring the radial temperature distribution with Pt-Rh-Pt thermocouples. 

The combustion chamber is assembled in a Klockner-Humboldt T216 gas turbine 
with a power output of 74 kW at 50,000 rpm. The nominal pressure ratio is 2.8, air-mass 
flow is 0.9 kg/s, and turbine inlet temperature is 810°C. The combustor dome is made of 
sintered silicon carbide. Since large holes are required for dilution at the end of the flame 
tube, the dome is separated from the flame tube by a nickel alloy spacer. The flame tube 
is 210 mm long and has an inner diameter of 144 mm. The thickness of the ceramic wall 
is 3 mm. 

Pressure, temperature, speed, and power are recorded during engine operation. Wall 
temperatures determine the thermal loading of the composite materials. Figure 11.25 dis- 
plays typical axial temperature distributions in the ceramic wall at different operating 
conditions. Peak temperature is 1050°C, occurring between the dilution holes in the mid- 
dle of the flame tube at nominal speed, with all four flame tubes displaying similar values. 
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FIGURE 11.24 Ceramic flame tube construction (Filsinger et al., 1997). 
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FIGURE 11.25 Temperature distribution on outer surface of flame tube (Filsinger 
et al., 1997). 


Accumulated test time is limited to 10 h. Starting with operation at low values the thermal 
load is gradually intensified to a peak of 87 percent maximum load. 

Between the tests, the flame tubes are inspected visually for recording morphological 
changes by macrophotography. Hot gas profiles are measured for all operating conditions. 
All tubes withstood the thermal load under the oxidizing atmosphere without severe dam- 
age. One flame tube showed no damage on the inner surface, but on the outside a small chip 
of the chemical vapor deposition SiC coating is separated. This may have resulted from a 
mismatch between the localized thermal growth. The thermal load causes considerable dis- 
coloration, and may be the result of a layer of SiO, arising from the oxidation process. The 
thin amorphous glass layer reflects different wavelengths of the incoming light, depending 
on the thickness, and the surface appears with a rainbow of colors (Fig. 11.26). 

The test program is extended for the promising SiC/SiC composite combustion cham- 
ber, and is in operation for 90 h without indications of any damage. The unit has gone 


FIGURE 11.26 Flame tube after 10 h of operation 
(Filsinger et al., 1997). 
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FIGURE 11.27 Cross section of ceramic gas turbine (Takehara et al., 1996). 


through a number of start/stop cycles that have the potential for developing critical loads 
because of the high temperature gradients. 

A regenerative twin spool ceramic gas turbine design aims to achieve thermal efficiency 
of 42 percent at turbine inlet temperature of 1350°C. Developed by Kawasaki Heavy 
Industries (Takehara et al., 1996), the lower pollutant emission and multifuel capability gas 
turbines are to be used in cogeneration systems. Some unique features include simple- 
shaped ceramic components and stress-free structures using ceramic springs and rings. 
Figure 11.27 provides a cross-sectional layout of the engine. 
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FIGURE 11.28 Stress free support system (Takehara 
et al., 1996). 
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FIGURE 11.29 Combustor arrangement (Takehara et al., 1996). 


A single can combustor and a high-pressure ratio recuperator are conventionally 
designed. A ceramic gas generator and power turbine nozzles and scroll are supported in 
the metal engine casing by elastic ceramic parts. Piston rings, also made of ceramic, are 
used for inner and outer seals. Wave rings are designed to absorb thermal expansion and 
dynamic displacements, illustrated in Fig. 11.28. The seals and rings are made of Si,N,. 
Nozzle assemblies are produced by binding segments with SiC fibers, which are converted 
into fiber-reinforced ceramic in the form of a monolithic ring. The nozzles are capable of 
withstanding elevated temperatures, provide adequate stress characteristics, and can be 
readily installed within the engine. 

A single-stage impeller provides compression ratio of 8:1 and flow rate of 0.9 kg/s with 
an adiabatic efficiency of almost 80 percent. A channeled diffuser provides for adjustment 
of inlet angle to the impeller’s discharge angle. A schematic drawing of the combustor is 
shown in Fig. 11.29. The ceramic liner is supported by coil springs to absorb relative ther- 
mal growth between the liner and the metal case. The combustor has a bypass line with a 
valve to control the ratio of air and fuel. Endurance testing at this stage of development of 
the turbine records 19 cycles with 94 accumulated hours. 


11.12 CERAMIC COMPONENTS 
IN MS9001 ENGINE 


The advisability of implementing ceramic components in a utility-sized turbine in com- 
mercial service for power generation has been assessed by General Electric Company in 
conjunction with Tokyo Electric Power Company. The program calls for evaluating the 
performance of the ceramic combustion transition piece, stage 1 bucket, nozzle and shroud, 
and stage 2 bucket and nozzle (Grondahl and Tuschiya, 1998). A recent production 
MS9001FA gas turbine in a single-shaft advanced combined cycle mode of operation is 
specified as the baseline for the comparison. 

Primary performance evaluation study is conducted at a constant NO, emission level 
of 25 ppm in the exhaust from the turbine. Since the emissions are directly related to the 
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TABLE 11.3 Properties of SN-88, Sintered Silicon Nitride 


Temperature (°C) 


Property 25 400 800 1200 1400 
Density, g/cm? 3.52 — — — — 
Young’s modulus, GPa 300 300 300 290 280 
Shear modulus, GPa 20 120 120 116 112 
Poisson’s ratio 0.27 0.27 0.27 0.27 0.27 
Thermal expansion coeff. x 10-°/K — 27 a3 3D 3.5 
Thermal conductivity, W/m-K TEL 33.5 25.1 20.9 — 


Specific heat, J/kg-K 669 1004 1213 1297 — 


combustion reaction zone temperature, the turbine inlet temperature (at the exit plane of the 
transition piece) is held constant in the analyses. Baseline compressor airflow is also main- 
tained constant. But the pressure drop in the combustion system and cooling air extraction 
from the compressor discharge are decreased with ceramic components, causing increased 
airflow through the combustor. This results in reduced fuel-to-air ratio, lower flame tem- 
perature, and less NO,. Hence, fuel flow and firing temperature are increased as necessary 
to maintain the level of temperature at the turbine inlet. 

The materials considered in the study are limited to monolithic ceramics. Monolithic 
silicon-nitride, SN-88, is the primary candidate for all the components, with its physical 
properties shown in Table 11.3, and a fracture map of the material strength capability pro- 
vided in Fig. 11.30. The peak application temperature of the ceramic is limited from oxi- 
dation considerations to 1315°C. 

The ceramic transition piece is placed in an outer metal casing, and has provision for 
impingement cooling. The metal shell supports the pressure difference between the 
inside and the outside of the system, and minimizes the leakage at the ceramic liner tiles. 
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FIGURE 11.30 Fracture mechanism map of SN-88 (Grondahl and Tuschiya, 1998). 
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The attachment of the ceramic segments permits exchange of heat radiation between the 
outer shell and the ceramic. The exit seal leakage area is similar to a conventional design. 

The stage 1 shroud is cooled by air from the compressor discharge, and is subject to max- 
imum gas-path temperature below the lower-limit oxidation temperature limit of 1204°C for 
SN-88. The stage 1 nozzle uses film cooling from a number of holes in the airfoil and side- 
walls to efficiently reduce heat transfer to the metal by reducing the film temperature at the 
surface (Tsuchiya et al., 1995). The vanes also require impingement cooling. The vanes have 
sidewall thickness between 5 and 6 mm. The stage-2 nozzle uses cooling air from the com- 
pressor 13th stage. The first- and second-stage buckets are convectively cooled by air 
extracted from the 17th stage of the compressor. The bucket design is described by Terama 
et al. (1994), together with a discussion of the associated development effort. 

The gross combined cycle efficiency and improvement in the output relative to the base- 
line engine are shown in Fig. 11.31, using the minimum oxidation limit values for the 
ceramic as shown in Fig. 11.30. The results include benefits from the increased fuel flow 
and the firing temperature needed to maintain turbine inlet temperature and NO, emissions 
constant. Maximum gain is obtained from the first-stage nozzle vane and bucket, mostly 
because of the reduced cooling airflow with the ceramic design and the consequent increase 
in the flow through the combustor. Maintaining the fuel-to-air ratio for constant NO, also 
results in the large increment in the firing temperature. 
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FIGURE 11.31 Cumulative performance benefits with ceramic components (Grondahl 
and Tuschiya, 1998). 
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CHAPTER 12 
MANUFACTURING METHODS 


12.1 INTRODUCTION 


The evolution of modern aircraft and industrial gas turbine engines has coincided with the 
evolution of superalloys and means to cast, cut, machine, and join them into finished prod- 
ucts. The toughness required of the materials for withstanding exceptionally high temper- 
atures at stress levels approaching their elastic limits translates into difficult conditions for 
cutting, forming, machining, and joining the parts. Dimensional instabilities arise from 
residual stresses and metallurgical alterations introduced by the manufacturing processes. 
The primary and secondary procedures lead to changes in the surface layer such as plastic 
deformation, which affect the surface integrity and stability of the dimensions. 

A nearly net shape can be obtained from many different casting methods of superalloys. 
Alloying of wrought superalloys must be restricted to preserve their hot workability char- 
acteristics. Cast superalloy compositions are not so confined, and alloys with much greater 
strengths consistent with restraints are possible. Mechanical properties such as creep and 
rupture are maximized by the casting and heat-treating processes. Ductility and fatigue 
properties in the castings are generally not as good as their wrought counterparts, but refin- 
ing the grain size alleviates many of the defects associated with casting. Production of hol- 
low airfoils for turbine blades and vanes with an intricate system for cooling passages is 
aided by the “lost-wax” or the investment casting process. The shapes are developed when 
the mold slurry flows around the wax pattern defining the part shape. Use of preformed 
ceramic cores adds to the capability to produce hollow airfoils. 

High-performance aerospace components are also produced economically using the 
powder metallurgy technology. Powder-based alloys are used when cast or wrought com- 
ponents cannot meet the requirements of the application. Failure in conventionally cast and 
wrought parts often arises from segregation, resulting in inconsistent and reduced thermo- 
mechanical response. The powder-based process is then employed when cast or wrought 
components are not suitable. Some intrinsic attributes of powder materials make them 
appropriate for turbine components. A high rate of solidification results in smaller inter- 
metallic particles and reduces the spacing between the particles, and is a feature that can- 
not be duplicated in casting. High levels of mechanical properties can be realized with the 
forgeable microstructures. Their unique structure has the ability to provide for special envi- 
ronments, such as strengthening from oxide dispersion. Broader application of powder met- 
allurgy is hampered by performance limitations and cost. The alloys are sensitive to 
contamination, especially in highly stressed parts that may be critical from fracture and 
fatigue considerations. Thermomechanical processing is essential for neutralizing the ensu- 
ing defects. The powders are required to have a very fine size. 

The magnitude of the stress and metallurgical alterations during machining depend on 
machining parameters such as feed, speed, depth of cut, cutting tool material, part geometry, 
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and cutting fluid. Normal industry process calls for relieving the thermal stresses to reduce 
the effects on dimensional instability at the machining stage. But there is no stress- 
relieving cycle, for example for the Inconel 718 alloy, other than solutioning method that 
can change the mechanical properties and hardness. Also, only a limited aging process is 
permitted for this material to avoid degradation. This metallurgical restriction compels con- 
trol of the residual stresses by substantially altering the machining parameters. 

Welding plays a major role in the fabrication of parts for aircraft engines and industrial 
gas turbines. The procedure permits economical fabrication of subcomponents without 
adding weight or cost. Welded joints do not suffer from problems related to deteriorated 
service capabilities. Cracks and fissures can develop in the welds and represent a major 
drawback of the process. The welding may also cause reduction in the material properties 
in the region, mostly in the form of reduced ductility because the structure of the solidified 
weld material is segregated and is less ductile than an equivalent wrought structure. This 
aspect is also responsible for deteriorated oxidation resistance. When elements with a high 
vacancy of electrons segregate, o and other embrittling phases may precipitate during 
welding and even after placement in operational service. Thus, the alloys must be individ- 
ually checked for degradation in properties as a consequence of welding. Reinforcement of 
the weld in the form of over- and underbeads must be eliminated when fatigue is identified 
as the primary mode of failure. 

Curvic couplings provide a precise method for connecting, centering, and improving the 
load-carrying capacity of turbine shafts and disks. Their design calls for a high level of 
accuracy in the positioning and indexing of the teeth on the disk face. The concave and con- 
vex tooth profiles are generated by using the outside and inside surfaces of a cylindrical 
grinder, with a conical machining surface of the grinder. 

Diffusion and overlay protective coatings are used for gas turbine components to enable 
them to withstand a severe environment. The corrosion and oxidation resistance provided 
by the coatings extend the component’s operating life. Diffusion coats provide a surface 
enriched with aluminum, chromium, or silicon. In earlier production the electron beam 
physical vapor deposition (EB-PVD) was used, but because of the high capital cost in set- 
ting up a commercial plant, plasma-spraying systems are preferred. Air plasma spraying 
(APS) is a widely accepted procedure, in particular the argon-shrouded and the vacuum 
methods. An inert gas or a vacuum allows application of the low-oxygen-content coating. 
Another recent innovation is the high-velocity oxygen fuel system in open air, and has been 
established for production of coatings with a low-oxide content, low porosity, and high 
bonding strength. MCrAIY coatings may be applied with this procedure in open air and still 
achieve near chamber quality, mostly because of the higher particle velocity when com- 
pared with other thermal spraying systems. Thicker coats can also be applied with this tech- 
nique for improving the residual stress. Cracking and delamination of the sprayed coat is 
mostly a consequence of the residual stresses. 


12.2 CENTRIFUGALLY SPUN ALLOY 
STEEL CASTING 


As the name implies, the essential features of the centrifugal casting process consist of sub- 
jecting molten metal to centrifugal pressure created in a rapidly rotating mold in such a 
manner that the metal is directed to assume the shape of the mold. All extraneous non- 
metallic material, being less dense than steel, is retained at the surface of the bore together 
with the microporosity formed by the directional solidification. The inner surface is then 
removed by machining to provide a sound and more homogeneous casting. 
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The cleanliness and convenience of this process is attractive for aircraft engine and 
industrial gas turbine manufacturers (Nixon, 1987). Production of vertical and horizontal 
die castings ranging from 6- to 60-in diameter has been achieved. Over the past several 
years, centrifugal castings have been perfected by casting into refractory molds to give 
diameters up to 120 in and weighing 10,000 Ib. 

Two distinct forms of centrifugal casting machines are employed, one with the axis of 
rotation oriented horizontally, the other being vertical (Fig. 12.1). The suitability of a pre- 
ferred direction is based on the shape of the casting. When the diameter exceeds the length, 
the direction is generally vertical, and is horizontal if the length is greater than the diame- 
ter. In the former process the die spins at a low rate when compared with the horizontal 
method, and the metal flows through an open top lid into an inclined injector, which trans- 
fers the melt on to the wall of the die at a tangent in the direction of rotation. In the hori- 
zontal method the die rotates on twin rolls, and the molten metal is introduced through an 
open end plate at one end of the die and moves along the die to give a casting of uniform 
thickness along its length. 

The values for a number of parameters must be carefully selected to obtain the dimen- 
sions required for the finished part. In the horizontal method of production the outside 
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FIGURE 12.1 Centrifugal spinning operation for castings. 
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FIGURE 12.2 Measurements on a split outer casing 
(Nixon, 1987). 


diameter controls the metal die. The outside diameter is dictated by the finished diameter, 
with an allowance for surface roughness contraction and the thickness of the refractory 
coating inside the die. The inner diameter requires an allowance for the unsound material 
to be removed in the bore, a peculiarity of this process. From these dimensions the quan- 
tity of metal required to produce the casting is computed. Accurate digital scales located 
above the ladle ensure the exact amount of metal is poured into the die. 

Production by the vertical method can be obtained with metal die or refractory shaped 
molds. Metallic molds are simpler in configuration, but to produce a shaped outer diame- 
ter calls for a corresponding cavity in the die. As an example, stiffening rings may be 
located on the outer surface. But this adds to the cost of the tooling, and can be warranted 
only when the production run is large. Conventional sand castings, on the other hand, incur 
the cost of making patterns, molding, and drying. Large castings with flanges at the top and 
bottom ends and on the split line are more conveniently produced by this process. The 
process also has the added advantage of giving a good finish on the outer face. Typical split 
outer casings are shown in Figs. 12.2 to 12.5. 

The shaped outer diameter on a centrifugal casting can save considerable amount of 
time during machining and grinding. Centrifugally spun castings also offer some distinct 


FIGURE 12.3 Centrifugal spun casing with shaped outer cast pro- 
file (Nixon, 1987). 
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FIGURE 12.4 Centrifugal spun casting after final machining 
(Nixon, 1987). 


advantages over the nonrotating, or static, process. Progressive solidification occurs when 
the die is spinning. Commencing at the inner wall, whether metallic or refractory, the solid- 
ification progresses radially from the outer edge toward the axis of rotation. Foreign bod- 
ies and lighter inclusions are directed toward the bore initially by the centrifugal force, and 
then by progressive solidification of the metal. Columnar grains grow continually from the 
outer wall to the bore to give an unacceptable layer in the inner narrow zone, which is sub- 
sequently machined away. With the conventional sand casting method, cooling proceeds 
from two faces, accompanied by the formation of columnar grains meeting toward the cen- 
ter of the wall of the casting. All the unsoundness arising from shrinkage, tears, and inclu- 
sions remains in the region, and is carried into the finished component. In general, a metal 
die centrifugal casting meets ASTM E446 Class I radiography criteria, and a refractory 
shape centrifugal casting falls in Class II, but in many circumstances the latter can qualify 
to be in Class I. 

As with all fabrication procedures, the centrifugal casting requires good control on the 
shop floor. Control starts with the metal to be melted. The charge for the melt is selectively 
controlled with both quality and economy in mind. The castings generally undergo exten- 
sive machining operation, which at the end of the operation must yield high percentage 
returns in turnings. After chipping and degreasing, the turnings are returned to the furnace for 
reuse in another melt. Prior to this, it is essential to segregate the materials to avoid contami- 
nation. In the preparation of the die a mandatory requirement is to avoid lapped surfaces, 


= 

= 
FIGURE 12.5 Compressor casing: as cast (left), machined, 
assembled, bladed (right) (Nixon, 1987). 
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cracks, and hot tears. This calls for the dies to be sprayed with a refractory slurry after an 
initial preheat to 400°C in a stove. The slurry aids in the flow of the metal along the surface 
of the die and in preventing fusion with the die. Refractory molds also similarly need the 
right mix of refractories and accurate control of the pattern and during molding. Pouring of 
precise quantity of the metal into the casting is important. If the quantity exceeds the 
requirements, the excess amount must be machined to the detriment of the cost of produc- 
tion. Insufficient metal into the die, on the other hand, produces an unsound casing, since 
there is not enough material at the bore to satisfy the feeding requirements. 

Once the casting is extracted from the die, it is stamped to identify the cast number, 
material, and machine number on which it is cast. The identifying numbers remain on the 
part throughout its life and into the customer’s records. There’s also an accompanying card 
with the casting details information on heat treatment, cast and machined size and weight, 
dies used, spinning speed, and other related details. Emphasis on the correct spinning speed 
is placed because the castings tend to be unsound when the centrifugal force is insufficient, 
causing deleterious inclusions to accumulate at the bore. 

Inspection segregates scrap castings before any work is performed on them. Final 
inspection of gas turbine engine components is routinely done by the red dye procedure, 
although the fluorescent dye line is more sensitive. The dye line is in the shape of a horse- 
shoe, is split into seven stations, and can accommodate castings up to 120-in diameter. 
Defects are noted and compared with the requirements laid down by the industry, which in 
the case of aircraft engines are near perfection. A high proportion of castings is subjected 
to radiographic examination, particularly for aircraft engines. 


12.3. INVESTMENT CASTINGS 


The investment casting process has retained most of its features over the centuries in the 
making of items of jewelry, with innovations introduced in applications for gas turbine 
components made of superalloys. A precise replica of the part is first produced in wax or a 
plastic polymer. Compensation due to shrinkage of the component dimensions during the 
sequence of processing must be provided (Sims, Stoloff, and Hagel, 1987). 

Where cooling channels are parts of the design, a preformed ceramic core of the same con- 
figuration is placed inside the cavity around which pattern material is injected. For smaller 
components, the pattern may be duplicated and assembled into a cluster, with the cavities held 
together and connected by a system of ducts through which liquid metal flows into individ- 
ual cavities. The assembly of connected patterns is then dipped in a slurry of aqueous ceramic 
material. The fragile shell pattern is coated with a granular form of ceramic material to pro- 
vide a semblance of rigidity, and the steps may be repeated for this purpose. The mold is then 
dried to eliminate all moisture content, followed by melting of the wax. The mold is fired in 
a furnace for further strengthening. Prior to casting, the configuration is wrapped in an insu- 
lation blanket to reduce loss of heat and to obtain a controlled rate of solidification. After the 
casting is cooled, the shell and the core are separated from the metal parts mechanically and 
chemically, and also split from the cluster at the connecting ducts. The parts then go through 
inspections, heat treatment, or densification by the hot isostatic press (HIP) method. 

The pattern for the preparation of the mold must precisely duplicate all the finer features 
of the component to be cast, and hence a complex configuration such as a turbine airfoil 
will require a special pattern. The pattern must also have stable dimensions, have a smooth 
surface, and permit its easy removal from the ceramic shell. Urea-based compounds, poly- 
styrene, and synthetic wax combined with various resins are generally used for making pat- 
terns. Strength, compatibility with ceramic shells and cores, little expansion or contraction, 
and economy are some factors in the selection of the material. Patterns made from wax may 
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be produced by the low-temperature liquid injection process, while plastic patterns are made 
by the injection molding method. The patterns thus obtained often need to be reformed because 
of thin walls by making small adjustments. 

Internal cooling passages and other features in hollow components are created with 
cores made of silica-based or alumina ceramics. The core is fixed inside the wax pattern 
during the injection according to engineering requirements. Room for relative thermal 
growth between the shell and the core restricts attachment between the two at a single point. 
Molten metal is poured into the cavity formed after the wax is melted around the core. The 
outer shell and the inner core are then separated from the casting. 

The core must have adequate strength to withstand the pressures of the flowing wax and 
molten metal, be chemically resistant to the melt at a high temperature and be refractory to 
retain its configuration during the full cycle. Larger and less complex ceramic cores are made 
by the injection molding method. The ceramic is mixed with a thermoplastic material, heated 
in the barrel of the injection-molding machine, and forced into the core-shaped cavity of the 
die. The binder material hardens over a short time period, the machine ram retracts and the part 
is removed from the die. The binder separates during baking at a low temperature, and the core 
is sintered. The transfer molding method uses a thermosetting form of binding material and 
yields a more durable green core, so more complex shapes can be handled by this procedure. 

The core is subjected to a thermal shock, and must not crack or deform during the cast- 
ing. The core is removed from the casting either mechanically or chemically. Cores made 
of materials with a high silica content enjoy the advantage of leaching by bases such as 
sodium hydroxide and potassium hydroxide. Acids may also be used if the alloy is not 
affected. To avoid the bases from attacking the intergranular region, the container material, 
caustic chemistry, and process parameters must be strictly controlled. Larger cores may be 
separated by air blasting with sand or glass beads. 

With adequate precautions to ensure the core does not shift or warp, cast parts can have 
wall thickness as low as 0.015 in and holes of 0.020-in diameter. The length of the core may 
exceed 15 in (Fig. 12.6). 

The shell of the mold is exposed to mechanical and thermal loads during the casting oper- 
ation, but must not be excessively durable to make it difficult to separate the shell and cause 
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FIGURE 12.6 Ceramic core and cut section of 
turbine blade with cooling passages (Sims, Stoloff, 
and Hagel, 1987). 
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fracture of the casting as the metal freezes and shrinks. Mismatch in the thermal growth 
between the metal and the ceramic shell during solidification and cooling can affect the qual- 
ity. The mold shell is subjected to elevated temperatures in processes calling for directional 
solidification of the metal for a period of time, and must avoid consequent distortion. 

A ceramic slurry made of a finely grained refractory material and a binder of silica and 
a dry refractory grain are used to make the mold shell. The slurry and the dry grain are alter- 
nately applied to the wax pattern. The assembly is first dipped in the slurry than immersed 
in a fluidized bed of the particles. The binder then cures by chemical reaction for further 
applications. The rate at which drying occurs must be controlled to avoid distortion. A typ- 
ical shell mold may be coated 5 to 10 times to develop thickness and strength. The ceramic 
slurry is made of a finer grain then the subsequent particles. 

Beside grain configuration, microstructural features and freedom from inclusions, a 
sound casting requires controlled solidification, with sufficient time to permit the molten 
metal to flow into the geometry. Increased melt and mold temperatures reduce the rate of 
solidification, and this in turn improves the quality of the casting. Localized hot spots 
where the metal impinges on the shell walls result in porosity on the surface, and must be 
avoided by redirecting the flow. The melt enters the turbine airfoil castings through the root 
attachment. Blades with a tip shroud have a separate gating to achieve the right form at the 
junction of the airfoil and the shroud. Larger turbine blades may also need a gate for local 
feeding, but may not be advisable due to its impact on the surface finish and possible alter- 
ation of the airfoil’s dimensions. Microshrinkage of the castings cannot be avoided as the 
material solidifies, but if it can be restricted to the region around the centerline of the part 
then the HIP process may be able to eliminate it. 

A vacuum avoids the risk of oxidation of the reactive elements during the casting for 
most superalloys. Some cobalt base alloys are cast in induction or indirect arc furnaces in the 
presence of air. Zirconia crucibles lined with silica are generally used with the preweighed 
charge, introduced through a one-way device. The temperature measured during the melt- 
ing is above that of the liquidus, and is critical in obtaining the proper grain size and orien- 
tation. The melt is then poured at a controlled rate into the preheated mold and transferred 
to the evacuated main furnace. 

Directionally solidified single or polycrystal castings are produced in special equip- 
ment, where the mold is kept at a higher temperature than the liquidus of the alloy to be 
cast. The mold, open at the bottom, is placed on a chilling plate to obtain the proper ther- 
mal gradient, and is then retracted from the heater at a controlled rate. The procedure results 
in the formation of a continuous grain. 

A finer size of the grain produced by a relatively rapid rate of solidification results in 
improvement in the tensile, fatigue, and creep properties at medium temperatures. On the 
other hand, high-temperature rupture performance calls for slower solidification, and cool- 
ing rates aid in coarsening the grain size. In turbine blades the airfoil operating at high tem- 
peratures require a coarse grain, but the heavier dovetail section are less rupture dependent 
and need a fine-grain microstructure. The problem may be tackled by adding a gate at the 
edges of the airfoil for the melt to enter, and deliberately set up hot spots in the region to 
slow the solidification rate. This practice may also be followed to delete the formation of 
columnar grains at the edges. 

Casting defects appear in the form of inclusions, hot tears, and peculiar microstructural 
features, and are of special interest if they cannot be identified by nondestructive methods 
(Fig. 12.7). Nonmetallic inclusions are easier to identify on thinner sections, and may be 
caused during the manufacture of the alloy or during casting. Inadequate level of vacuum dur- 
ing remelting and casting and improper operating practice at the furnace can cause dross to 
adhere to the crucible wall prior to pouring. Certain alloys such as INCO 718 require filtering 
through reticulated ceramic foam to alleviate the problem. Hot tears appear when high tem- 
peratures in the casting lead to plastic strains, causing the just solidified material to split in 
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FIGURE 12.7 Examples of inclusions in alloy 
castings (Koul, 1985). 


regions where the wall thickness changes suddenly. The tears are more likely to appear below 
the surface, making their detection by nondestructive methods difficult. Two flowing fronts of 
liquid metal may not be able to combine because of a thin film of oxide at the interface, and this 
can result in a cold shut. The problem can only be avoided by changing the casting procedure. 


12.4 POWDER METALLURGY PROCESS 


Compressor and turbine disks operating in the 1000 to 1400°F temperature range benefit 
from the powder metallurgy technique. The components are made from prealloyed atom- 
izing powder, consolidated by the hot isostatic pressing or by hot extrusion, and then 
forged. The process is also used for stator vanes. 
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The reactive nature of alloying elements in superalloy powders requires the process to 
be performed in an inert atmosphere or in a vacuum to obtain proper bonding between the 
particles (Reichman and Smythe, 1970). The powders usually are spherical, and filtered 
through a fine mesh to reduce contamination. Methods such as atomization by inert and sol- 
uble gas, the rotating electrode process, and centrifugal atomization are found to be practical 
for commercial production of the parts. In the gas atomization method, the vacuum-refined 
alloy is remelted under an inert gas and poured and metered, with a nozzle delivering a 
continuous and rotating stream of gas at a high pressure. This causes the liquid metal to 
break into spherical particles under the action of the cyclone gas stream. After a controlled 
rate of cooling, the powder is collected in an atomization chamber (Sims, Stoloff, and 
Hagel, 1987). 

In the solution gas method, the atomization is directed upward from a crucible heated 
by induction, as shown in Fig. 12.8. A pressurized atmosphere of air and a gas such as 
hydrogen (soluble in the alloy) is used in the vessel containing the crucible. A ceramic tube 
is immersed in the liquid metal, with the other end attached to the evacuated atomization 
chamber located above. The molten metal flows through the tube to the upper chamber, 
where the abrupt change in pressure causes the metal to atomize. The powder is then cooled 
at a controlled rate. 


=> To vacuum pumps 
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FIGURE 12.8 Production of superalloy powder by soluble gas atomization (Sims, 
Stoloff, and Hagel, 1987). 
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A nonconsumable electrode rotates at a high speed in an inert chamber in the rotating 
electrode method, striking an arc against the alloy surface. The melting metal at the surface 
is skimmed by the centrifugal action of the rotating electrode, and is split into atomized par- 
ticles in the chamber. A plasma arc may also be used instead of the electrode. The common 
feature of all the methods is to provide for atomization of the melted alloy into a powder 
form free of contaminants. 

The size of the average particle obtained from the rotating method tends to be larger 
than from the atomizing method, mostly due to differences in the physical aspects of the 
procedures. The presence of oxidized particles developed during the atomization has reper- 
cussions on physical properties such as ductility and low-cycle fatigue life. Leakage of air 
into the system is primarily responsible, and even low levels of incidence tend to reduce the 
minimum properties. Hollow particles may also develop mostly from trapped gas or from 
shrinkage during solidification. Consolidation of the powder may help to close the pores, 
but the entrapped gas may expand during high-temperature operations. Change in density 
after exposure to elevated temperatures helps in determining the level of porosity, and the 
density change must be limited to a certain ratio. 

Contamination of the alloy powder, mostly from oxidation and from organic elements, 
can be quantified by mixing a sample of the alloy powder in deionized water. Particles hav- 
ing lower density can then be separated, characterized, and counted, with acceptability 
determined from the type and amount of the contaminants. Contamination from other 
alloys produced in the same facility also may be responsible in the deterioration of mechan- 
ical properties, especially if the cross contamination is from a lower hardness alloy. 

Compaction of the powder alloy into a consolidated form relies on hot isostatic press- 
ing to its nearly full density, followed by hot extrusion. Increasing the density of the mate- 
rial calls for packing the powder into a metallic container or a closed die after it is evacuated 
of air, which is then sealed. All forms of extraneous materials must be kept away from the 
powder. During the HIP procedure, the powder in the container is heated either to a tem- 
perature above the y’ solvus or below it, depending on the required size of the grain in the 
final product. External pressure to the tune of 15,000 psi is applied, and the combined tem- 
perature and pressure consolidates the powder to a fully dense product. Time, in addition 
to adequate temperature and pressure levels, also plays a role in determining the success 
of the procedure (Tien, Kissinger, and Nair, 1984). The mechanism for compaction is 
influenced by plastic deformation and by creep, and time, temperature, and pressure are 
the controlling factors. Many components can be used after the HIP and the subsequent 
heat treatment process. 

Extrusion following the hot compaction procedure is a more predominant method for 
producing powder metallurgy components. After the HIP process, the consolidated powder 
has achieved about 95 percent of its rated density. Hot extrusion obtains a fully dense bil- 
let, and possesses a recrystallized structure with nearly complete elimination of the left over 
boundaries and dendritic formations (Shamblen, Allen, and Walker, 1975). The extruded 
bar may be used after heat treatment or further worked by forging. The final step may be in 
the form of directional recrystallization that yields exceptionally stable grains. The grains 
may be several inches in length, and impart substantial strength to the material by deleting 
the transverse grain boundaries (Cockell and Boyce, 1985). 

Thermomechanical processing aims to neutralize the intrinsic and extrinsic defects aris- 
ing from contamination. Intrinsic defects occur during the powder making process from the 
argon pores and oxidized particles. Extrinsic effects may occur from handling of the pow- 
der and during fabrication. Improvement in the properties of the consolidated alloy pow- 
ders is hard to come by through the thermomechanical processing, since the properties are 
already high. Forging is mostly conducted at isothermal conditions to break up defect struc- 
tures through the flow of metal, with the tooling and the metal at the same temperature. 
Rene 95 alloy powder, for example, may be consolidated to the 2 to 5 um range grain size, 
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TABLE 12.1 Mechanical Properties of Selected Powder Metallurgy Superalloys 


Tensile Stress rupture 


Temperature UTS 0.2% YS Elongation R/A Temperature Stress Life 


Alloy (°F) (Ksi) (Ksi) (%) (%) (°F) (Ksi) h) 
U-700* 1400 149 148.0 20.0 28.0 1400 85 25 
IN-100* 1300 184 154.5 20.0 21.0 1400 95 35 
Rene 95% 1200 218 165.0 13.5 14.9 1200 15054 
Astroloy’ 1200 192 142.0 25.6 25.9 1400 92 89 


“HIP + heat treat. 

*Minus 100 mesh, extruded, gatorized. 

*Minus 150 mesh, 2050°F, HIP, heat treat. 

SHIP at 1150°F, 4 h/1975°F oil quench + 24 h/1200°F air cool + 8h/1400°F air cool. 
Abbreviations: UTS = ultimate tensile strength; YS = yield strength; R/A = reduction of area. 


and exhibits superplastic behavior. Thus, after reaching peak stress as a consequence of 
deformation, the flow softens with increasing strain at a constant rate of strain. 

Monotonic properties of powder metallurgy materials such as tensile, creep, and stress 
rupture are governed by the chemical composition and grain structure. Data from the Metal 
Powder Report (1980) are provided in Table 12.1. 


12.5 WELDING METHODS 


Welding may be conducted by many different methods, and some commonly used tech- 
niques for superalloys such as shielded-metal arc, gas-tungsten arc, gas-metal arc; resis- 
tance and electron beam are shown schematically in Fig. 12.9 (Sims, Stoloff, and Hagel, 
1987; Kearns, 1984). Welding requires generation of heat and melting in a local region 
where two metals meet, and in the process cause them to bond. The main feature distin- 
guishing the various processes is the generation of heat in the selected area. In aircraft 
engine components, wall thickness of the components is small, so the objective is to mini- 
mize the amount of external heat provided to eliminate warping and cracking. 

The shielded-metal arc process is based on the formation of an electric arc between an 
electrode and the metal component. Essentially a metal rod of selected diameter coated 
with a flux material, the electrode’s metal core fuses to fill the crevice between the mating 
components, with the coating also melting to cover the weld beads and prevent oxidation. 
Being mostly a manual procedure, it does not find much usage for welding of turboma- 
chinery components because of the difficulty in scraping the flux and the need for precision 
of the path and the size of the weld. 

The gas tungsten arc welding method relies on an arc between a tungsten electrode and 
the component, with an inert gas (argon or helium) shielding the welding region. If a filler 
material is required in the joint, it is fed from a different source during the process. A rela- 
tively clean procedure, the method is adaptable to joining thin metal sections. A plasma 
needle arc (Patented Welding Process) may be substituted for a lesser electric current for 
welding thin sections (0.010-in thick) in airfoils. Filler wires may be made from nickel-, 
cobalt-, or iron-based materials. The procedure can be automated to enhance precision. 
Except for the substitution of the consumable metal electrode instead of tungsten, the gas- 
metal arc method is similar to the shielded metal arc process. 


MANUFACTURING METHODS 487 


Welding 
machine 


Shielded metal arc method 


Tungsten electrode 


ne 


Shielding 
gas \, 


Electron beam 


Evacuated chamber 


Gas metal are method Electron beam method 
FIGURE 12.9 Welding methods. 


Resistance welding relies on the generation of heat at the joint by a discharge of a high- 
density current at a low voltage through the interface. Application of force prior to, during, 
and following the process to maintain a continuing circuit achieves temperatures above the 
melting point of the metal, and is essential for obtaining the bonding. In dispersion- 
strengthened alloys, however, agglomeration of the dispersion may be encountered at high 
temperature. 

If contamination is a problem, an evacuated chamber provides the solution. An electron 
beam generating and focusing equipment and the job pieces are placed in the chamber. The 
electron-beam-welding method is known for its superior quality, especially where the joint 
is narrow (~0.060 in), and deep penetration (0.050 in) is a requirement. Dissimilarity in the 
thickness and the material composition of the two components does not pose a problem in 
this approach. The capital equipment requirement is high, but the payoff comes from the 
ability to weld complex structures in relatively inaccessible locations, low levels of thermal 
distortion, and potential for automation. 
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FIGURE 12.10 Welding regions (Savage, 1969). 


A welding has two distinct parts, the metal fusion region and the zone affected by the 
process heat (Savage, 1969). In the former, the stirring of the filler and the base materials 
results in the modification of the chemical composition. An unmixed layer persists in the 
end region of the weld metal, where the base metals solidify without being affected by the 
filler. A solidified substructure exists at the surface around the region where complete melt- 
ing occurs. Partially melted base metal ranging from 0 to 100 percent occurs just outside 
the weld surface. Changes in the microstructure in the solid condition as a consequence of the 
welding take place in the heat-affected zone (Fig. 12.10). 

The occurrence of cracks in a welding may caused for scrapping of the part. In produc- 
tion environments, the welding and its inspection are done prior to expensive machining and 
finishing processes. Sensitivity to cracking may be obtained on a mockup of the part where 
the critical features are duplicated. A number of cracking test procedures are available for 
developing stress during the welding (Vagi, Meister, and Randal, 1968). The stress level at 
which the cracks initiate then provides the guidelines for restraining the component during 
the welding. Strains developed during the procedure may then be changed in incremental 
amounts. Metallurgical changes during the welding can be observed through hot ductility 
tests in the region adjacent to an arc weld. The work specimen is held in a high-speed ten- 
sile testing machine. Tensile strength and ductility are measured at several temperature 
points during the simulated weld thermal cycle. Zero ductility and strength define the corre- 
sponding temperature points when the two parameters assume zero value. The test parame- 
ters can considerably affect the hot-ductility response and hence the sensitivity to cracking. 
As an example, variations in the peak temperature in the weld heat region of Hastelloy X are 
shown in Fig. 12.11 (Duvall and Owczarski, 1967). Increased distance from the weld inter- 
face causes the maximum temperature to reduce. Hence, a point located 0.010 in from the 
weld interface is at 2200°F, and experiences little overall change in ductility because the loss 
during the heating phase is recovered during cooling. At 0.006 in the temperature is at 
2300°F, ductility reduces to practically nothing at 2250°F and does not recover until the tem- 
perature falls off considerably. The length of the zero ductility range (ZDR) is an important 
indicator from considerations of sensitivity to cracking. Thus, a crack-sensitive alloy has a 
larger range, while an alloy less prone to cracks has a smaller ZDR. The peak temperature 
during the tests also affects this value, being longer at higher temperatures. 

Changes in phase and precipitation hardening reactions do not occur in solution hard- 
ened nickel and cobalt base alloys, making them easier to weld. But cracks and fissures may 
develop because of the range from liquidus to solidus. Sulfur, phosphorous and other minor 
elements in appreciable quantity are also known to increase the severity of the problem, 
mostly because of the increase in ZDR. The effects tend to be additive if more than one 
of the elements exist. Welding of nickel-based superalloys is good if the titanium and 
aluminum are present in low levels (Prager and Shira, 1968), as indicated in Fig. 12.12. 
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FIGURE 12.11 Effects of peak weld temperature on ductility of Hastelloy X (Duvall and Owczarski, 1967). 
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FIGURE 12.12 Welding characteristics of y’ strengthened alloys (Prager and 
Shira, 1968). 


489 


490 MATERIALS AND MANUFACTURE 


Rene 41 and Waspalloy may present difficulties because of cracks during postweld heat 
treatment. Casting alloys with high aluminum and titanium (713C and IN-100) are not good 
candidates for welding because of their low ductility at all temperatures. 


12.6 BRAZING FOR JOINING NICKEL-BASED 
AND COBALT-BASED COMPONENTS 


The high-strength characteristics of many superalloys and unacceptable distortion in com- 
ponents with complex geometry are not conducive for welding operations. Many modified 
wide-gap brazing processes have been developed where welding is not practical, such as 
General Electric’s activated diffusion healing method (Demo and Ferrigno, 1992) and 
Howmet’s effective structural repair procedure (Wustman and Smith, 1996). Improvements 
can be achieved by using the powder metallurgy process for repairing and joining of nickel 
and cobalt base alloys. 

The brazing process by the Liburdi powder metallurgy method has been used for the hot 
section components of aero and industrial engines (Sparling and Liburdi, 2002). The pro- 
cedure has been found useful for repairing casting defects, remanufacture of shroud seg- 
ments, and reinforcement of mount brackets. The process requires application of layers of 
high- and low-melting nickel- or cobalt-alloy powders. The material may be applied in the 
form of a tape, paint, or paste to the substrate. Addition of components such as boron or sil- 
icon aids in depressing the melting point. The mixture is heated to a temperature between 
the melting points of the two powders. Solid- and liquid-phase sintering takes place during the 
heating, accompanied by diffusion bonding and subsequent solidification. 

The powder metallurgy process requires a low content of boron for good ductility char- 
acteristics, with a wide-gap braze having around 1.25 percent by weight. Since boron has 
an atomic mass of 11 compared with 59 for nickel, a small change in weight percentage 
translates into a large percentage by atoms. The composition of some typical powder met- 
allurgy materials are compared with the nominal content of Mar M-247 in Table 12.2, 
together with its wide-gap form. 

Physical properties of bars subjected to the brazing process are determined by tests on 
superalloy specimens with slots cut in the middle. Mar M 247-3 and Mar M 247-7 materi- 
als are used as filler during the brazing (Fig. 12.13). The heat-treated test specimens are 


TABLE 12.2 Composition of Powder Metallurgy Material for Brazing 


Element Mar M-247 alloy Mar M247-7 Mar M247-3 Mar M247 wide gap IN 738 PM 


Ni 59.9 65.26 58.13 65.20 63.32 
Cr 08.5 10.11 11.95 11.00 15.40 
Co 10.0 07.52 13.00 09.75 08.95 
Mo 00.6 00.45 00.42 00.30 01.23 
WwW 10.0 07.52 07.00 05.00 01.82 
Ta 03.0 02.26 03.00 01.50 01.98 
Hf 01.5 01.13 01.05 00.75 00.00 
Al 05.5 04.14 03.85 04.75 03.43 
Ti 01.0 00.75 00.70 00.50 02.38 
Nb 00.0 00.00 00.00 00.00 00.63 
Y 00.0 00.00 00.00 00.00 00.06 


B 00.0 00.87 00.90 01.25 00.81 


MANUFACTURING METHODS 491 


FIGURE 12.13 Test specimen with butt joint (Sparling and Liburdi, 
2002). 


checked for stress rupture and tension. The ultimate tensile strength of the brazed butt joints 
is comparable to that of common superalloy repair materials, but the presence of boride par- 
ticles tends to slightly lower ductility and tensile strength. With Mar M 247-3, the ultimate 
tensile strength is determined to be 770 MPa at 21°C, reducing to 340 MPa at 927°C. The 
values with Mar M 247-7 are 640 MPa at 21°C, reducing to 510 MPa at 871°C. 

Stress rupture tests are conducted according to ASTM E319 guidelines. Stress, time, 
and temperature are varied to obtain a broad range of Larson-Miller parameters. The results 
are shown in Fig. 12.14. The finer equiaxed grain structure of powder metallurgy material 
tends to lower the creep properties when compared with large-grained high-strength super- 
alloys. But the materials exhibit superior properties than IN 625, a commonly used filler 
material for nickel-based superalloys. 

Some examples of brazing with powder metallurgy materials indicate the effectiveness 
of the procedure. The nozzle vanes of the first row on a Frame 7 turbine required repair after 
48,000 h of operation. The vanes, made from ECY 768 cobalt-based alloy, experienced 
extensive thermomechanical fatigue at the leading edge fillet with the inner and outer walls, 
together with oxidation damage of the alloy. Minor impact damage was also noticed on the 
surfaces. Trailing edges of the vanes suffered thinning during the service, resulting in 
reduced performance and possible harmonic imbalance due to the increased throat area. 
After blending and grinding the defect areas in preparation for the repair, Mar M 247-7 
powder material is applied in the form of putty. The claylike consistency of the material 
permits sculpting to fit the repair geometry. The thinned trailing edges and larger areas of 
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FIGURE 12.14 Stress rupture data (Sparling and Liburdi, 2002). 
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FIGURE 12.15 Nozzle vane repair with powder metallurgy mater- 
ial (Sparling and Liburdi, 2002). 


oxidation damage are repaired with the tape form of the material, requiring buildup of up 
to 1.5 mm in thickness. After heat treatment the nozzles are ground back to nominal con- 
tours, and the throat areas are restored to nominal dimensions. Figure 12.15 shows the com- 
ponent after the repair procedure, with darker areas representing the area where the powder 
metallurgy material is applied. 

The procedure is also used for closure of the casting holes on the row 1 and row 2 blades 
of Siemens-Westinghouse W501G turbine engine during original manufacture. 

Made from Mar M 247 nickel base, the holes are required to maintain position of the 
casting core. Their larger size precludes closing by welding because of cracking at the 


FIGURE 12.16 W501 G blade tip casting holes (upper); after clo- 
sure (lower) (Sparling and Liburdi, 2002). 
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directionally solidified grain boundaries. The 6 mm x 25 mm holes are also difficult to 
close by the conventional wide-gap brazing procedure. The powder metallurgy procedure 
also offers advantages of low porosity and good creep properties. Figure 12.16 shows the 
tip of the blade before and after the closure of the holes. 


12.7 LASER-WELDING TECHNIQUES 


Repair of gas turbine blades is mostly limited to the upper portion of the airfoil (tip, angel 
wings, and, to a limited extent, down the leading and trailing edges), where operating 
stresses are generally low. Precipitation strengthening elements that give superalloys their 
high-temperature strength are also fundamentally responsible for the difficulties experi- 
enced during weld repair. The limitation is predicated upon the use of low-strength weld- 
ing filler materials and the use of high-energy welding processes, such as gas tungsten arc 
welding (GTAW) and plasma transfer arc welding (PTAW). Solid solution strengthened 
filler materials are employed to assure that sufficient ductility is achieved, and that cracks 
and microfissures from the welding and subsequent heat treatment are minimized. The 
most commonly employed filler material for repair of IN 738 and GTD 111 blades is IN 
625. When the damage is in regions where the stresses are high, the blades are often 
scrapped or replaced. 

A review of various welding technologies indicates that low-energy processes, such as 
laser beam welding (LBW), have the potential for repair work in superalloy turbine blades 
for aircraft engines (Gandy and Stover, 1998). Welding by laser offers the advantage of low 
heat input, and this promotes shallow penetration, low distortion, and minimal residual 
stress when compared with conventional arc-welding processes. Powder filler materials are 
typically used with the laser process due to the small weld profile (width of bead), but the 
product is available in forms such as small diameter solid wire. The equipment includes a 
CO, or Nd:YAG laser system, delivery of the beam by hard optics or fiber optic cable, laser 
welding head to redirect and focus and a filler feed system. The powder is fed with the 
assistance of a carrier gas through the weld head into the path of the laser beam. The method 
premelts the powder before it is introduced into the molten puddle created on the surface 
of the substrate by the laser beam. Powder mesh size is selected to assure complete melt- 
ing and consistent powder flow rate through the feed tubes. The composition and charac- 
teristics of the powder must be consistent with the precipitation-strengthened substrate 
alloy. IN 738 and Rene 80 filler materials are selected for the tests. 

Development of the procedure calls for evaluation of different welding techniques and 
parameters to obtain sound weld deposits (Frederick, Gandy, and Stover, 2002). The weld 
coupons, prepared according to ASTM E139 guidelines, are conditioned by HIP and solu- 
tion anneal. The shape of the joints (a modified 45° V-groove with overlay buildup) allows 
for interface between the weld metal and the substrate to be centered. The coupons are sec- 
tioned from blades that have logged various service time and operating conditions. A test 
matrix of travel speed, powder feed rate, shielding, and laser power level are used for the 
evaluation. The weld deposits are screened for lack of fusion, porosity, and hot cracking of 
the weld metal and underbead cracking by metallographic inspection. The parameters are 
adjusted with each weld trial to minimize or eliminate the weld defects. An example of 
porosity and hot cracks in the weld is shown in Fig. 12.17, and of underbead cracking in 
Fig. 12.18. 

The pattern of the weld and placement of the bead for various joint configurations must 
be checked during the procedure. The welds comprise multiple layers of 0.015—0.020 in 
thickness, and are applied in a controlled manner to obtain an overall level of 1.0 in for the 
overlay joint and 0.25 in for the v-grooved configuration. The coupons are held stationary 


494 MATERIALS AND MANUFACTURE 


Tee 


FIGURE 12.17 Porosity and hot cracks in weld 
(Frederick, Gandy, and Stover, 2002). 


in the flat position as the laser head is maneuvered in the horizontal plane to develop the 
desired weld pattern. After each pass, the laser head is retracted and offset by a set distance 
to avoid stacking of the beads and the potential for inadequate fusion. A final seal weld with 
a solid solutioning material is intended to cover microcracks that may open at the surface. 
Postweld heat treatment includes HIP to optimize the material properties by healing the 
weld material. The coupons are then sectioned into test specimens for stress rupture and 
high-temperature tensile tests. 

Room temperature tensile strength of the GTD111 laser-welded coupons ranges 
between 136.2 and 155.2 ksi, 0.2 percent offset yield strength is between 127.3 and 130.7 ksi, 
and elongation ranges between 5.3 and 7.1 percent. Stress rupture life at 1600°F and 45 ksi 
for four specimens is between a minimum of 36.5 h and a maximum of 49.7 h. Based on 


FIGURE 12.18 Underbead cracking in weld (Frederick, Gandy, and 
Stover, 2002). 


MANUFACTURING METHODS 495 


É 
À 


FIGURE 12.19 Laser-welded shroud ring assembly 
(Cantello, Ricciardi, and Gobbi, 1996). 


these results, the selected test conditions may be aggressive. The method, with minor mod- 
ifications, holds promise for successful repairing of gas turbine blades. 

In another example, a shroud ring for a helicopter engine is made of four parts (Cantello, 
Ricciardi, and Gobbi, 1996). The basic ring support made of IN 718 is attached to 0.7 mm 
thick strips made out of Incoloy 909 and also to a flange made of IN 718. The circular strips 
are initially welded by the electron beam welding method. The project is intended to eval- 
uate the opportunity for manufacturing cost while fulfilling the quality specifications. A 1-kW 
solid state Nd:YAG pulsed laser equipped with optical fiber is used for the investigation. 
The strip at one end of the support ring is welded first, followed by the second ring using 
the beam incidence angle of 60°, and the flange is welded last. An accurate overlap is 
required between the strip and the substrate, as also the correct gap between the front ends 
of the strips. The joining cycle sequence called for spot tacking, continuous tacking, and 
deep welding. Total penetration is 1.3 mm for the strip rings and 3.5 mm for the flange. An 
advantage of the procedure is that the joining of the two strips to the shroud ring is con- 
ducted at the same station, representing a reduction in the cost. The final component assem- 
bly of the shroud ring is shown in Fig. 12.19. 


12.8 GENERATING A FIVE-AXIS CUTTER PATH 


The production of centrifugal compressor and fan stages with complex and overlapping sur- 
faces requires five-axis numerically controlled machine tools to perform point-milling. The 
geometry of a typical component is mostly composed of sculptured, ruled, and blending sur- 
faces. The desired precision calls for development of correct cutter contact data from the 
scallop height, overcutting, and local gouging of the part surfaces. The possibility of tool 
interference requires careful checking to determine the right cutter location and tool path. 

Figure 12.20 schematically illustrates the procedure of five-axis machining. The method 
is extended to the machining of an impeller to demonstrate its effectiveness (Tsay, Yan, and 
Ho, 2001). The cutter is first guided to touch a prescribed contact point r on the surface of 
the workpiece (Fig. 12.21). If R is the radius of the cylindrical ball-end cutter and P at its 
center then r may be defined by p =r + Rn, where n is the unit normal vector to r. Also, 
cutter location L = (b, u), where b is the position of the cutter tip and u is the unit vector 
along the cutter axis. Hence b = r + R(n — u). 
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FIGURE 12.20 Schematic illustration of five-axis machining (Tsay, Yan, and 
Ho, 2001). 


An admissible direction of the cutter axis without encountering interference may be 
determined as follows. The contact point coordinates on the workpiece are rotated about the 
z-axis through @, and then tilted about the x-axis through @. The transformation may be 
expressed in matrix form. 


[Ra] = [Repl [Rio] (12.1) 


An identical result is obtained by tilting the workpiece through 0 about the x-axis, fol- 
lowed by rotation about the z’-axis through angle @. The transformation for this step is given 
by 


[R1 = [RØR] (12.2) 


An interference-free tool path can be obtained by placing the cutter’s ball end at an off- 
set equal to the radius of the cutter at a specified orientation. The trajectory of the contact 
points must then lie outside the flank of the cutter. Surface roughness also requires consid- 
eration. Two types of roughness are shown in Fig. 12.22, where the scallop height and 
chordal deviation must be taken into account. r(u) is the cutter’s contact point on an 
isoparametric tool path in the primary direction u of the machined surface. Chord vector c 
denotes the bounds between r(0) and r(1). The perpendicular vector d from the chord to the 
point r(u) of the curve may be written as 


d=r(u)—r(0)—Ac (12.3) 


where A = {[r(u) — r(0)]-c}/c?. The maximum chordal deviation occurs when the tangent 
vector dr/dt is perpendicular to d, or d-(dr/dt) = 0, reaching a maximum when (d’r/dt*)-d < 0. 
Under the maximum tolerant chordal deviation condition, the isoparametric step length u 
in the primary direction can be determined. 

The second component of the surface roughness is along the cross direction v of the 
machined surface, representing the height of the scallop between two adjacent tool paths of 
a ball-nosed cutter. Both the convex and concave portions are of interest. The diagrams of 
Fig. 12.23 provide the geometric relationships of the two contours. 
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FIGURE 12.21 Interference between cutter and workpiece (Tsay, Yan, and Ho, 2001). 


r(0) 


FIGURE 12.22 Surface roughness composition: components (left); chordal deviation (right) (Tsay, 
Yan, and Ho, 2001). 
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V(R + p} - (8/2) 


VR? = (9/2 


FIGURE 12.23 Scallop height: convex surface (upper); concave surface 
(lower) (Tsay, Yan, and Ho, 2001). 


For a given ball-nose cutter of radius R, the step length s in the convex portion is given 
by 


1/2 
E 2Rp - 5? -28p | aa 
saa [AEP] (12.4) 


where dis the scallop height and p the radius of curvature of the contour. Similarly, the step 
in the concave portion is 


1/2 
n] po _[ 260-62-2Rp] 
vale ee ate (12.5) 


The usefulness and reliability of the approach is demonstrated in the five-axis milling 
of a centrifugal compressor stage with 15 blades, shown in Fig. 12.24. Based on the devel- 
oped algorithm, an interactive computer code in C language is written on a personal com- 
puter to implement the procedure. Definition of the geometry is obtained from ruled and 
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FIGURE 12.24 Machined impeller (Tsay, Yan, and 
Ho, 2001). 


camber surfaces. A camber surface is used to form the pressure and suction side surfaces, with 
offsets applied on both sides. The camber surface is a ruled surface, and is constructed by lin- 
early interpolating between two known boundary curves on the hub and shroud camber-lines. 
Thus, by extension the pressure and suction surfaces are also ruled surfaces. The hub sur- 
face is developed by rotating the hub’s camber-line about the axis of the impeller. A con- 
stant-radius blending technique (Choi, 1991) is used to construct blends at the root between 
the blades and the disk on both sides. The blank, made of aluminum alloy 7075, is 118 mm 
in diameter and 75 mm in thickness. Minimal gap between adjacent blades is 9 mm. The 
diameter of the selected cylindrical ball-ended cutter is 4 mm. For the given conditions, the 
angle @ is selected to be 12°. A range of values is used for the tilting angle 0 without expe- 
riencing interference, although it is limited to a small zone. Generally, the direction of the 
cutter’s axis should not be collinear with the normal at its contact point, since the tool 
often leaves marks on the hub surface of the impeller, as shown in Fig. 12.25 (upper). 
Improvement in the situation is seen in the lower picture by following this guideline. 


Æ 


FIGURE 12.25 Tool marks on hub surface (upper); 
improved surface (lower) (Tsay, Yan, and Ho, 2001). 
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12.9 MACHINING METHODS AND IMPELLER 
PERFORMANCE 


Computer numerical control (CNC) milling of compressor impellers is a mature technol- 
ogy, is ideal for rapid prototyping and low-quantity preproduction, and may sometimes 
be economical for larger production runs. Casting is cheaper for bigger quantities, but is 
inferior in accuracy, consistency, and structural integrity. Automotive turbochargers, for 
example, have been traditionally cast because of economies of scale. The cost advantage 
of cast to milled impellers is at least 1:20. For larger high-performance compressors, 
stress, fatigue, and frequency response considerations demand the use of forged billets, and 
therefore, milling. Milling assures precision and consistency in all directions, irrespective 
of the size or location. 

The manufacturing process results in an inherent surface roughness (Fig. 12.26). A sand 
grain form of finish results from the casting process, while machined surfaces display a 
cusp and a roughness from the cutter’s path. Typical blade surface finishes are in the range 
of 1.6 um, a de facto industry standard for smoothness, while hub surfaces may vary from 
0.8 to 12.5 um, but may go up to 50 um. Blades may be flank milled with the side of a cut- 
ter or point milled with the tip of a cutter, or milled by a combination of the two. Flank 
milling takes less time and produces 1.6 um finish, but is less accurate then point milling. 
The finish may be improved by light polishing by hand, but adds to the cost. Another param- 
eter of interest is the orientation of the cusps from the cutter path relative to the local flow 
velocity vector. Figure 12.27 shows examples of cutter path offset from the hub, and with 
the path oriented relative to an assumed meridional velocity. 

In addition to impeller blade coordinates, a number of critical features come into play. 
Chief among these are the fillet radius between the blade and the hub, the smallest passage 
in the impeller and the surface finish. In selecting the blade radius, a balance is struck in the 
design process between aerodynamic performance and stress and vibration resistance. A 
fixed radius fillet is easier to machine, with the radius matching that ground on the cutter. 
Variable fillet radii have a limited impact on time for parts in production. The splitter blade 
length is usually based on flow considerations. The fillet radius between the splitter and the 
adjacent full blade often defines the limit for the location of the splitter’s leading edge. If 
this fillet radius is held to an appropriate size, it adversely affects production cost, and 
should be no less than the general fillet radius around the remainder of the blade. The small- 
est distance between consecutive blades is the normal distance from one blade to another 
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FIGURE 12.26 Surface roughness examples (Childs and Noronha, 1997). 
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FIGURE 12.27 Cutter path offset from hub (left), oriented relative to flow velocity (right) (Childs and 
Noronha, 1997). 


(Childs and Noronha, 1997), and usually is not in the circumferential direction, as seen in 
Fig. 12.28. 

Most impellers are designed with straight-line elements to define the hub and the tip, 
creating ruled surfaces in the process. Flank milling requires the tool to follow the rulings 
accurately. The dynamics of the machining process introduces chatter on the surface of the 
blade along the line of contact of the tool with the blade, and may appear in the fillet region. 
The chatter is sometimes known to leave ridges running from the hub to the blade tip in a 
direction that may adversely affect the flow. Flank milling also requires accurate tools. 
Tool inaccuracy, deflection, and machine dynamics commonly leave behind striations 
on blades along curves parallel to the hub line, and may be large enough to impede the 
flow. Because flank milling employs straight-line elements to machine a curved surface, 


Circumferential distance 


Throat distance between main and splitter blades may 
limit location of splitter leading edge 


FIGURE 12.28 Spacing between impeller main and splitter 
blades (Childs and Noronha, 1997). 
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significant errors are introduced on large impellers and on impellers with considerable twist 
in the blade. 

Point-milled blades offer several advantages. Smaller machines of less power may be 
used, and the cutting force applied is a small fraction of that employed in flank milling. 
Thus, tool deflection and machining inaccuracy is limited. With such positives going for it, 
the bad news about higher cutting time may be challenged. 

The prediction of compressor performance variation due to surface roughness is based 
on the friction factor for flow in the impeller channel. In one formulation the efficiency is 
based on Reynolds number (Wiesner, 1979). 


-n 7 Re, m 
a =a+(1 a | (12.6) 


t 


where 17 is the efficiency to be determined at Reynolds number Re, 77, is a measured effi- 
ciency at a test Reynolds number Re,, constant a accounts for other losses, and m is an 
empirical constant. Difficulties may be encountered in establishing reliable values for the 
two constants. Simon and Bulskamper (1984) suggest an equation based on relative surface 
roughness. 


l-n _a+(l-a)X flf) (12.7) 
l-n, a+(l-a)XfI fa) 


where efficiency n is to be determined for the friction factor f, 7, is a measured efficiency 
for the friction factor f, f is the friction factor for a fully turbulent condition, and a is an 
empirical constant. The friction factor is given by 


(12.8) 


2R, 18.7 


1 
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FIGURE 12.29 Compressor efficiency variation with blade surface roughness (Childs and 
Noronha, 1997). 
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where fis the friction factor, R, is surface roughness, b, is impeller exit width, and Re is the 
impeller Reynolds number. The equation requires iteration, or successive substitution, to 
calculate the friction factor for a given Reynolds number. Casey (1985) proposed another 
technique: 


An=-—-Af (12.9) 


where Aq is the change in efficiency resulting from changes in flow or surface conditions, 
c is semiempirical constant related to compressor width ratio b,/D, 4, is a work coefficient, 
and Af is the associated change in the friction factor. 

Charts for practical use of the procedure are shown in Fig. 12.29. Baseline efficiency for 
a compressor of known blade surface roughness must be available. In this figure the curves 
are plotted for surface roughness of 6.3 um. Operating condition Reynolds number must be 
computed. The change in efficiency due to a change in the surface may then be obtained 
for the Reynolds number. 


12.10 DIMENSIONAL INSTABILITY 
IN MACHINING SUPERALLOYS 


The dimensional instability phenomenon is basically a change in dimension with time, 
unaccompanied by further work on the component. Two probable causes are residual 
stresses and metallurgical alterations introduced by the machining process. The problem 
can be controlled by understanding the metallurgy of the material and its plastic deforma- 
tion characteristics, by controlling the machining parameters and by the effect of process 
variables on the machined surface and subsurface. 

Highly localized shear stress or strain and temperature in machining of many superal- 
loys has been observed to produce shear instability (Komanduri and Schroeder, 1986). The 
general effect of microstructural changes is to introduce various mechanisms by which the 
material may undergo dimensional changes as a result of internal changes (Marschall and 
Maringer, 1971). 

Plastic deformation characteristics of Inconel 718 and the effects of process variables 
on a machined surface and dimensional stability in machined jet engine components has 
been investigated by Subhas et al., 1998. Experimental studies are conducted on ring- 
shaped specimens from compressor disks made of Inconel 718 in a fully heat-treated con- 
dition. Similar test specimens are also machined out of Ti-6A1-4V alloy and mild steel at 
identical machining conditions. Dimensional changes are then measured at time intervals 
up to 220 h after machining. Titanium alloys are more prone to dimensional instability due 
to their lower modulus of elasticity. 

The ring-shaped specimens have an inner diameter of 55 mm and an outer diameter of 
76 mm, and are stress-relieved and aged to hardness 44 HRC. The experiments are con- 
ducted in two steps. In the first step the machining for the experiment is carried out on a 
horizontal lathe for studying the effect of machining parameters on plastic deformation 
characteristics. The test piece is held in a mandrel to avoid clamping pressure. Kennametal- 
brazed carbide tools are used, and the cutting fluid is a soluble oil (1:20). The chips are col- 
lected, and optical micrographs of the machined surface and the longitudinal midsection of 
the chips are obtained. The dimensions are measured on the outer diameter at a predeter- 
mined distance on a three-dimensional coordinate measuring machine. Tool flank wear 
and contact length at the chip-tool interface are measured with a toolmaker’s microscope. 
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A portable perthometer measures the surface finish. Cutting forces are determined with the 
aid of a component tool force dynamometer. 

In the second step, a hole drilling strain gauge experiment is conducted for determin- 
ing the residual stresses according to ASTM standard test method E 837. A three-element 
strain gauge rosette is attached to the machined surface. The gauge grid is connected to 
a static strain indicator through a switch and balance unit. A precision milling guide is 
accurately centered over the drilling target on the rosette. After zero balancing the gauge 
circuit, a shallow hole is drilled through the center of the rosette with a carbide cutter 
powered by a high-speed air turbine unit. Relaxed strains are read for each predetermined 
incremental depth. 

Optical microscopic examination of the longitudinal midsection of the chips produced 
at speeds ranging between 10 and 38 m/min indicates considerable deformation twinning 
in the Inconel 718. The effect is observed on the machined surface also, a form that is not 
generally prevalent in machining other conventional steels and high-temperature alloys. 
Shear instability studies in the machining of the Inconel 718 and Ti-6A1-4V show that the 
role of limited slip in the latter alloy can be considered to be that of precipitates in the for- 
mer material. The high resistance to deformation of Inconel 718 probably balances the 
slightly poor thermal properties of Ti-6A1-4V alloy. The results confirm that the primary 
deformation mechanism of the two materials is similar, and hence their dimensional sta- 
bility aspects are also similar. 

The results pertaining to the impact of machining parameters on plastic deformation 
causing residual stresses display some interesting trends. A negative rake angle increases 
residual stress, while a positive rake angle decreases it. These observations are logically 
correct, because as the rake angle increases, the shear angle increases, the shear plane 
length decreases, cutting force decreases, and as a consequence the shear stress and 
strain decrease. Thus, the residual stresses decrease. The chip tool contact length is also 
of interest. The cutting force decreases as the contact length decreases, and hence 
reduces the plastic strain and the residual stress. It is also clear that residual stresses in 
the cutting direction are more tensile than those in the longitudinal direction. At low 
feeds the surface residual stresses are compressive, but at high feeds they are tensile. 
The depth of the cut also plays a role, since a larger cut causes a bigger volume of mate- 
rial to be removed. Therefore, the residual stresses at the surface increase with the depth 
of the cut. 

The plastic deformation aspects of Inconel 718 indicate that the machining parameters 
significantly influence the magnitude of residual stresses, and residual stresses are pri- 
marily responsible for the variations in dimensions. Optimization of the machining param- 
eters should be able to control the dimensional stability problem to a manageable level, 
and hence a procedure is needed to establish the parameter limits. In the design of the sta- 
tistical experiment, the equations for response functions such as residual stress, tool life, 
surface finish, and dimensional stability, and their relation with the machining parameters 
are needed. 

Since many of the critical gas turbine components are symmetric about the engine axis 
in geometry, the turning process is suitable. Here the speed, feed, depth of cut, rake angle, 
tool nose radius, side cutting edge angle, cutting tool material, and cutting fluid have vary- 
ing degrees of influence on the residual stress. Of these, only the first five play a major role. 
It may be assumed that the influence of the process variables on the response properties is 
linear, and hence it suffices to study each variable at two levels only. A half factorial design 
then leads to 16 experiments. 

The effect of the machining parameters on the response functions (residual stress, tool 
life, dimensional instability, surface finish, and material removal rate) is established by 
multiple regression analysis. The fitted equation is of a first order, with linear functional 
relationship. The two levels of independent variables are coded for convenience as —1 (low) 
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and +1 (high) in the transforming equations. Typical transforming expressions for the vari- 
ables v are of the form 


2v — (Vmax +Vmin) (12.10) 
(Vmax ~ Vmin) 
2(nv= IV ipa) 1 (12.11) 


(In Vimax 7 In Vinin ) 


Equation (12.10) is used for the independent variables when the prediction equations are 
required in a polynomial form, and Eq. (12.11) for the exponential form. The transforma- 
tion is executed in the computer program to obtain the following equations: 


0,. = —30.12 + 4.49v + 1477.34f + 76.23d — 10.55œ + 2.714r (12.12) 
0, = 2.24 + 0.31v + 1055f+ 6.988d — 0.86a + 0.676r (12.13) 


where œ = rake angle (degrees), d = depth of cut (mm), f = feed (mm/rev), r = tool nose 
radius (mm), ©, = circumferential residual stress (MPa), o, = longitudinal residual stress 
(MPa), and v = cutting speed (m/min). Material removal rate is 1000 x v x fx d. In the eval- 
uation, the ratio of lock of fit mean square to pure error mean square at the midpoint of the 
range is to be determined and compared with the ratio for static conditions. 

The method of simultaneous optimization of several variables proposed by Derringer 
and Suich (1980) is used to optimize the machining parameters such as dimensional stabil- 
ity, residual stress, surface finish, tool life, and material removal rate. The corresponding 
independent variables v, f, d, œ, and r may then be used for experimental verification and 
ready application. In simultaneous optimization, the dependent variables are converted into 
individual desirability functions, which are then combined using the geometric mean to 
assess the combined desirability of the response. 

The tolerance band of modern jet engines is generally classified as shown in Table 12.3 
for turning operations. Group I (5-10 um) is used mostly for jig borings. The tolerance 
groups decide the maximum and minimum acceptable constraints on the dimensional insta- 
bility. Similar constraints on the other dependent variables are based on practical experi- 
ence. The independent variables are increased in discreet steps. Values for the optimized 
parameters are shown in Table 12.3. 


TABLE 12.3 Optimized Machining Parameters 


Acceptable 


Independent parameters Dependent parameters 
dimensional Composite 
instability (44) v f d a r O, 0; T MRR desirability 
Group II: 10 14 004 04 6 04 62.6 8.54 10.2 196 0.296 
to 20 
Group II:20 20 0.04 0.5 6 04 99.9 10.9 08.4 360 0.312 
to 30 
Group IV:30 26 0.04 08 6 04 152.4 14.8 07.2 780 0.262 


to 50 
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Tests are conducted for the tolerance range of 10 to 20 um, and measured response vari- 
ables are compared with predicted values. The inspection data indicates that dimensional 
changes are well within calculated limits. Repeated tests using the same parameters mea- 
sure a scatter of 5 percent in the values. Hence, the experiment validates the reliability of 
the selected independent parameters. Figure 12.30 shows the effects on nonoptimized and 
optimized parameters on dimensional changes. By using the optimized values for the inde- 
pendent parameters, the 400 (+0.02, 0.00) mm locating diameter is machined. Immediately 
following the machining the dimension measures 400 (+0.010, 0.00) mm. After 360 h, the 
same dimension measures 400 (+0.015, 0.00) mm. 


Immediately after machining 200 h after machining 


Dimensions from nonoptimized machining parameters 


SSA 


SSS 


Immediately after machining 360 h after machining 


Dimensions from optimized machining parameters 


FIGURE 12.30 Effects of machining parameters on dimensional stability (Subhas et al., 
1998). 
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12.11 CURVIC COUPLING FOR TURBINE ROTOR 


Curvic couplings are used to connect rotating disks and shafts of gas turbine engines for pro- 
viding precision centering of the components and high load carrying capacity. Considerable 
disengaging forces develop in the coupling both during steady operations and during 
startup and shutdown. Besides accuracy in positioning, the curvic is required to have good 
indexing capability and high indexing stiffness. Figure 12.31 shows their location on the 
disk of a turbine rotor assembly and details of the tooth profile on the mating disks (Tsai 
and Hsu, 2002). 

The concave and convex tooth profiles are generated by using the outside and inside sur- 
faces of a cylindrical grinding wheel. The machining surface of the grinder is conical, and 
hence the tooth profiles can be described by parametric equations for the surface of a cone. 
Since the cone surface is quadric, its generalized form is 


A D F Gfx 
D B EH 
She SAAR y z le e e i 
G H J Kil 
= Ax? + By? + Cz? +2Dxy + 2Eyz+2Fxz+2Gx+2Hy+2Jz+K (12.14) 


=0 


In the above equation, if A = B = 1, D = E = F = G = H = J = 0, and C = —m? (m = tan œ, 
a being the half cone angle) then the equation degenerates to the form 


vr+y—m=0 (12.15) 


Concave tooth Convex tooth 


FIGURE 12.31 Curvic coupling in turbine rotor (upper); tooth profile 
(lower) (Tsai and Hsu, 2002). 
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In the parametric form the cone surface can be described using parameters t and 0 by 


mt Cos@ 
LSG, Olya =|" ~ (12.16) 


1 


where the definition of m remains the same. Geometrically the above two equations indi- 
cate that the vertex of the cone is located on the origin, and the base circle is along the 
z-axis. But in practice the cone may be anywhere in space, hence a coordinate transforma- 
tion is required to broadly define the cone’s curved surface. The transformation matrix is 
given by 


y (12.17) 


Here the 7,, to T;; represent rotations about the fixed axes and 6,, 6,, and 6, describe the 
translations along the fixed axis. Following the coordinate transformation, the generalized 
and parametric forms of the cone’s surface are 


Slien = NOTY {x} = 0 (12.18) 
[SV par = (T) (S) par (12.19) 


The mathematical model for the machining of the curvic coupling is thus obtained. The 
manufacturing process is shown in Fig. 12.32. In the following example, the coordinate 
system origin is located in the center of the curvic coupling, the z-axis faces up and the 
x-axis lies in the same direction as the coupling center relative to the center of the grinder. 
The y-axis is obtained from the right-hand rule, and the x-y plane coincides with the pitch 
plane of the coupling. 


Blank Grinder 


FIGURE 12.32 Manufacture of curvic coupling (Tsai and Hsu, 
2002). 
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If the inner and outer diameters (d,, d,) of the blank, total number of teeth (N), number 
of covering teeth (n), and pressure angle (@, generally 30°) are known, the parameters of 
the grinding wheel can be determined. Some other points deserve attention: 


e On the circle plane formed by the grinder the width of both the convex and concave teeth 
are the same. On the pitch plane, the blank can then be divided into 2N teeth. 


° The angle covered by the grinder is defined by 0= (2n — 1)a/N. 


e The circle section of the grinder must be tangential to the section of the tooth profile on 
the pitch plane. The radius of the grinder is R, = R x Tan(6,/2), and the center of the 
grinder is atd=R /Cos(6,/2). 


average 


average’ 


The machining surface of the grinder acts as an important control point. The x, y, and z 
data points on the concave tooth surface can be determined from the generalized and para- 
metric cone surface equations. The contact pattern of the teeth can be predicted by solving 
for the intersection of the tooth profile. 


12.12 VAPOR DEPOSITION OF THERMAL 
BARRIER COATING 


Thermal barrier coatings (TBC) are applied to separate the hot gases in the turbine from 
the metal substrate of the components so that the material is subjected to lower tempera- 
tures. APS and EB-PVD processes are well established for the deposition of TBC in air- 
craft engines and industrial gas turbines. 

In the EB-PVD method, the coating is made from yttria stabilized zirconia (YSZ) that 
has a columnar structure. This coating material has a long operating life even under severe 
cycling conditions, when compared with the porous APS coating. Both processes are of the 
“line-of-sight” type, meaning that the application of the coating is limited to simple-shaped 
components, unless complex robotic motions are used. Deposition on shadowed regions, for 
instance on nozzles, poses considerable difficulties. Also, the equipment for EB-PVD is 
capital-intensive, which has hindered the spread of this technology for industrial gas turbines. 

The chemical vapor deposition (CVD) procedure for the deposition of YSZ layers has 
been developed under a European Commission’ s Britell/Euram research program for turbine 
blades and vanes. The lab-scale equipment consists of an evaporator, a deposition reactor 
and a vacuum system, as shown schematically in Fig. 12.33. A hot-wall reactor with a three- 
zone resistance furnace is required. The reactor is provided with a stagnation flow arrange- 
ment with a quartz tube, with a substrate holder placed in it. Temperature of the deposition 
is directly measured on the substrate. The system is designed to obtain a homogeneous mass 
transport to the substrate during the diffusion control portion of the process. The vaporized 
precursor with the carrier gas is fed through a nozzle into the reactor. Inside the nozzle, a 
thermocouple monitors the gas temperature outside the deposition zone. Preheated oxygen 
is admitted into the nozzle. The precursors are evaporated separately in a crucible placed in 
hollow steel blocks with heating cartridges to guarantee quick and uniform heating. The 
evaporation temperature is recorded. To avoid condensation of the compounds the pipes 
between the evaporator and the reactor are heated above the evaporation temperature. 

The B-diketonates Zr and Y are used as source materials for the deposition of YSZ. 
The two compounds are well suited for the CVD process because of their high vapor pres- 
sure at temperatures below 250°C and their stability in the gas phase. Preparation of the 
source materials calls for conversion of the metal or metal halide into an intermediate alkox- 
ide species, followed by the formation of the desired product. The final compound is isolated 
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FIGURE 12.33 Equipment for chemical vapor deposition (Wahl et al., 2000). 


by filtration and subsequent trace solvent removal in a vacuum. The purity of the batch is 
assessed by nuclear magnetic resonance to check for organic components and by induc- 
tively coupled plasma for metallic impurities. 

Chemical vapor deposition is a process in which the metal-organic precursors are vapor- 
ized into a gaseous phase. The gases then react on the surface of the substrate to gradually 
build up an outer layer. The decomposition of the vaporized compound takes place in the 
hot zone of the furnace. Deposition temperature is typically in the range of 850 to1200 K. 
The CVD process occurs under a reduced pressure between 500 and 1000 Pa (Hitchman 
and Jensen, 1993). Gaseous byproducts flow out of the reaction zone through the cooling 
trap after deabsorption from the surface of the substrate. The overall process may be split 
into substeps: 


. Production of vaporized reactants 
. Convective mass transport to the diffusion boundary layer of the substrate 


. Homogeneous reactions in the gas phase to produce gaseous and solid byproducts 


1 

2 

3 

4. Deabsorption of the gaseous reaction products 

5. Diffusion of the gaseous reaction product through the boundary layer 
6 


. Convective discharge of the by-products from the reactor zone 


The benefits of the CVD process over EB-PVD and plasma spraying arise from its supe- 
rior shooting power, so it is possible to coat large and complex-shaped parts in large batches 
with good uniformity (Stolle, 1997). The evaporation behavior of the precursors is mea- 
sured in a microbalance equipment (Pulver et al., 1993). The activation energy of Zr is 
around 1000 kJ/mol and of Y 117 kJ/mol. The evaporation rate in the stagnation flow 
equipment is determined by measuring the weight of the precursor before and after the 
experiment. Concentration level of the gas is important for the structure of the layer and for 
the rate of deposition. Higher concentration levels increase the deposition rate, reaching up 
to 100 um/h. However, the initial columnar grain structure subsequently disappears because 
of poor adherence of the latter layers to the substrate. At temperatures below 970 K the depo- 
sition is controlled by the kinetics of thermal decomposition of the precursors. At higher 
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temperatures, the deposition rate is practically independent of the temperature. Hence, dif- 
fusion through the gas phase becomes a rate-determined process. 

On samples produced by the simultaneous deposition of ZrO, and Y,O3, the main phase 
detected by X-ray diffraction is cubic. A degree of tetragonal formations is detected. One 
concern with the CVD process is that at relatively low temperatures the conditions may not 
be right to form the T’ phase. Nevertheless, given a sufficiently high Y,O, content, forma- 
tion of the T’ phase should still be possible. The yttrium composition of the coatings, deter- 
mined by wavelength dispersion analysis ranged from 2 to 24 percent by weight. At low 
temperature, when both Y,O, and ZrO, are deposited, the columnar grains are generally 
shorter and uniform in thickness, have a smooth surface and are pure white in color. With 
the increased deposition temperature, the deposition rate increases and the diameter of the 
columns also increases. But discrete columns extending from the inner to the outer surfaces 
of the coating are not present. Continuing the increase in deposition temperature results in 
a growth of discrete columns with a rough outer surface. 


12.13 VACUUM-PLASMA-SPRAYED COATINGS 


High-velocity oxygen-fuel (HVOF) spraying is capable of providing clean and dense coat- 
ings for turbine components. The sprayed MCrAIY (where M represents Fe, Ni, and/or Co) 
coatings may be applied to provide resistance against oxidation and corrosion in the hot 
components. Diffusion coatings rely on surface enrichment in the form of a layer of oxides 
of aluminum, chromium, and silicon. Overlay coatings, on the other hand, are specifically 
designed oxidation and corrosion resistant alloys deposited on the substrate. The application 
of the chemical compositions in many overlay processes requires an inert gas atmosphere in 
an evacuated chamber. The HVOF procedure, however, is carried out in open air to deliver 
low oxide content, low porosity, and high bonding strength (Parker and Kunter, 1994). 

Several investigations report achieving near-chamber quality sprayed MCrAIY coatings 
with HVOF systems in open air (Irons and Zanchuk, 1993). The superior coating perfor- 
mance is primarily a result of the higher particle velocities. Research also indicates that the 
thicker coatings can be sprayed for improving the residual stress when compared with other 
thermal spraying systems, although the basic properties such as mechanical properties of 
HVOF coatings have not been clarified. The properties have been investigated in a research 
program at Toshiba Corporation (Itoh, Saitoh, and Tamura, 2000), and compared with the 
vacuum plasma spray (VPS) method. 

A cast nickel-based superalloy (IN738LC) is used as a substrate for spraying three com- 
mercially available powders: CoCrAlY, CoNiCrAIY, and NiCoCrAl1Y. The chemical com- 
position of the substrate and the powders is shown in Table 12.4. The spraying powders are 


TABLE 12.4 Chemical Composition of Substrate and Spraying Powders 


Chemical composition (by mass, %) 


Material Cr Al Y WwW Mo Nb Ta Fe Ti Co Ni 
IN738 LC 15.8 3.33 — 2.52 1.62 0.99 1.65 0.06 3.32 8.24 Bal. 
CoCrAlY 28.9 5.84 0.35 Bal. 0.05 
CoNiCrAlY 20.6 7.90 0.40 Bal. 32.5 


NiCoCrAlY 17.2 12.6 0.65 21.7 Bal. 
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Spraying sequence 


Thermocouple 


100 


Unit: mm 


FIGURE 12.34 Testing apparatus (upper); test specimen (lower) (Itoh, Saitoh, and Tamura, 
2000). 


produced by the rapid cooling solidification method using argon as gas atomizer. The par- 
ticles are mostly spherical, with substantial precipitation of fine metallic compounds. 

The procedure does not require preheating. Kerosene is used as the fuel, with combus- 
tion taking place at 483 kPa, 703 kPa, and 896 kPa. Spraying distance is 400 mm and tra- 
verse speed is set at 500 mm/s. The VPS coating requires preheating to 843 K, and the 
spraying distance is 270 mm in an argon gas atmosphere maintained at 6 kPa. The substrate 
is roughened by grit blasting after degreasing, and sprayed coating thickness is 2 mm. The 
bending test specimens are machined out of diffusion heat-treated material (1392 K for 2 h, 
1116 K for 24 h, and argon gas cooled). Mechanical properties such as Young’s modulus, 
Poisson’s ratio, bending strength and Vicker’s hardness are measured by the four-point bend- 
ing test using a strain gauge method under a cross-head speed of 0.1 mm/min. Figure 12.34 
shows the testing apparatus and the test specimen. 

One end of the strip-shaped substrate is fixed, and deflection at its center on the rear face 
is measured during the thermal spray with a dial gauge. Changes in temperature at the sur- 
face are also measured by a thermocouple during the process. Displacement 6 and coating 
and substrate thickness A, and h, permit the calculation of average residual stress by the 
equation (Kuroda and Clyne, 1991). 


Op = El xh? x3 XP xh.) (12.20) 


TABLE 12.5 Mechanical Properties of Coatings 


Bending strength Young’s modulus Poisson’s Vickers hardness 


Coating Method (Gpa) (Gpa) ratio (HV300) 
CoCrAlY HVOF 2.01 155 0.30 719 
CoCrAlY VPS 1.85 208 0.26 456 
NiCoCrAlY HVOF 1.63 138 0.33 475 


NiCoCrAlY VPS 1.43 163 0.29 387 
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OF CoNiCrAlY 
oating thickness .44 mm 
Gas pressure 896 kF 


pressure 


Temperature, K 
Displacement, mm 


m, 708 kPa 


"4 mite 484 Wea 


0 10 20 30 
Number of spraying passes Number of spraying passes 


FIGURE 12.35 Effect of spraying passes on temperature (lefi), deflection (right) (Itoh, Saitoh, and 
Tamura, 2000). 


where E; = E,/(1 — v,), E, and v, are Young’s modulus and Poisson’s ratio of the substrate, 
and / is the length of the specimen. Following the thermal spray, the longitudinal residual 
stress in the coating is measured with X-ray stress measurement equipment. The mechani- 
cal properties of the CoCrAlY and NiCoCrAlY coatings using the two methods of appli- 
cation are shown in Table 12.5. The bending specimens failed in a brittle mode, with the 
load versus deflection virtually straight until failure. The failures occur due to the forma- 
tion of aluminum metallic compounds inside the coating. The strength of the HVOF coat- 
ings is improved by the diffusion heat treatment, mostly because of the melted metal 
particles filling the cracklike pores. The same trend is noted for the Young’s modulus. The 
Young’s modulus of the coating with the HVOF method is inferior by 25 to 30 percent 
when compared with the VPS procedure. But the Vickers hardness is substantially higher 
with the HVOF system. Figure 12.35 (left) shows the effect of number of spraying passes 
and combustion gas pressure for the two spraying methods on the surface temperature, and 
Fig. 12.35 (right) shows the effect on the displacement of the substrate. The temperatures 
and displacements increase with increasing gas pressure, which equates to the sprayed par- 
ticle velocity. Figure 12.36 shows the macrostructure of the HVOF coating for various 
combustion gas pressures. 

Residual stresses computed with the aid of Eq. (12.20) and the elastic constants 
shown in Table 12.5 are valid for the final exterior coating layer, but the plastic defor- 
mation of the substrate and the layer immediately next to it is not taken into account. The 
residual stress Op is represented by the sum of the shrinkage stress 0, and the thermal 
stress Op induced by the difference of temperature and material constants between the 
coating and the substrate. The shrinkage stress arises from the solidification of the 
sprayed particles on the substrate, as shown in Fig. 12.37. In an HVOF system, almost all 
the sprayed particles dash against the substrate in a poorly melted state. Consequently, 
compressive stresses —Op are induced by the peening effect in the substrate and the layer 
next to it. The residual stress in the coating is then determined from O= 0, + Op — Op. 
This effect causes the residual stresses in HVOF coatings to be lower than in the VPS 
method. 
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Combustion gas pressure: 483 kPa Combustion gas pressure: 703 kPa 
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FIGURE 12.36 Macrostructure of HVOF coating with different gas pressure (Itoh, Saitoh, and 
Tamura, 2000). 


A Shrinkage by 
Q) Sprayed particle solidification 


and cooling 
Diffusion zone 


(a) VPS process 


O Sprayed particle Surface expansion 
| by peening 


(b) HVOF process 


FIGURE 12.37 Residual stress generating mechanism during thermal 
spraying (Itoh, Saitoh, and Tamura, 2000). 
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A-286, 436, 442, 443 
AYR ratio, 131-132 
ABB Turbo Systems, 280 
Abrams Main Battle Tank, 113 
Acoustic oscillations damaged transition piece, 
352 
Acoustic resonance 
combustion system, 351-355 
multistage compressors, 177—181 
Acoustic signals (cyclic thermal shock loading), 
462 
Activated diffusion healing method, 490 
Activated forge joining, 248 
Active clearance control system, 42 
Active combustion instability control, 355-359 
Active stall control, 159-167 
Active tip-clearance control, 399, 400 
ADLARF, 197-198 
Aero-damping, 283 
Aerodynamic airfoil shapes, 68 
Aerodynamic excitation, 280 
Aerodynamic fan test rig, 188 
Aerodynamic processes, 318 
Aerodynamic rotating instability, 156 
Aeroelastic stability (turbine blade), 277 
Afterburning, 7 
Air charge density, 126 
Air-cooled blade, 301, 302 
Air-cooled ceramic nozzle vane, 305-308 
Air cooling, 87, 297-302 
Air plasma spraying (APS), 476, 509 
Air-to-liquid heat exchanger, 127—128 
Aircraft landing/engine shutdown, 270 
Aircraft power plant, 15-59 
attachment of aircraft engines, 8, 48-50 
bearings, 18 
boundary layer, 28 
combat aircraft, 50-52 


component and spool match, 33-35 

compressor, 30-32 

compressor section, 35-39 

compressor/turbine efficiencies, 26, 30-33 

cooling methods, 40-41 

crashes. See Aircraft crashes/incidents 

creep, 55 

cycle analysis trend, 19-27 

derivative engines, 103. See also Derivative 
engines 

engine installation at rear of fuselage, 50 

engine-operating parameters and costs, 43 

fan blades, 39, 40 

fan pressure ratio, 22—27 

fan temperature ratio, 22 

fatigue, 53-55 

fighter aircraft, 50-52 

gas turbine engine, 16-17 

high-bypass turbofan engine, 18-19 

historical overview, 6-8 

hypersonic flight, 45-47 

inlet/diffuser, 28—30 

integrating engine with aircraft, 8, 48-50 

LARZAC turbofan engine, 45, 46 

life prediction, 52-55 

losses, 26-27 

low-cycle fatigue, 54-55 

Mach number, 23-24, 28 

major considerations, 17—18 

matching of components, 33-34 

matching of spools, 34-35 

metal fatigue, 53-54 

modified Goodman diagram, 53, 54 

nacelle design concepts, 42-45 

operating life, 52-55 

passage walls, 27 

performance evaluation, 27-33 

propeller blade separation incident, 55-58 
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Aircraft power plant (Cont.): 
pylon and mount, 44—45 
seals, 41-42 
shock waves, 27 
stagnation pressure, 19-21 
stagnation temperature, 19-21 
supercharging, 118 
tangential Mach number, 30, 31 
thermal fatigue/shock, 55 
three-spool engines, 18 
turbine, 31-33 
turbine module, 39-42 
two-spool engines, 18 
underwing installation, 48-50 
variable geometry intake, 45—47 
viscous shear, 26 
weight requirement, 17-18 
Aircraft takeoff/engine startup, 269 
Airflow deflection curves, 149 
Airfoil parameter identification, 149 
Airfoil sections, 142. See also Fan and 
compressor airfoils 
Airplane crashes/incidents 
compressor disk failure, 259-263 
DC-9 (June/95), 259-263 
Embraer - Atlanta - August/95, 55-58 
fracture of fan hub, 256-259 
MD-88 (July/96), 256-259 
propeller blade separation incident, 55-58 
AISI 52100, 391 
AISI M-50, 391 
Al and Ni oxides, 465 
ALO, scales, 454 
Alabama Electric Cooperative, 82 
Allison J33 engine, 7 
Alloys. See Superalloys 
Aluminide coatings, 454 
Aluminide MDC-210, 457 
Aluminum, 438, 452, 453, 457 
Aluminum alloy 7075, 499 
Ammonia, 338 
Ammonium chloride (NH,Cl), 457 
AMS 5749, 391 
AMS 5900, 391 
Angular contact ball bearing, 381, 387 
Annular combustor, 327, 328 
Annular seal, 415 
Annulus, 141 
Antifriction bearings, 412. See also Roller 
element bearings 
APS, 476, 509 
Armengoud, R., 5 
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Artificial dissipation, 150 

Astroloy, 445 

Atmospheric pressure, 124 

Atomization of liquid fuels, 319 

Augmented damping of low aspect ratio fans 
(ADLARF), 197-198 

Austenite, 434, 437 

Austenitic stainless steels, 76 

Autoignition, 325 

Automobile engines, 118 

Automotive engine turbochargers. See Diesel 
and automotive engine turbochargers 

Avrami type rate equation, 463 

Axial blade, 223 

Axial compressor, 35-38, 190-193 

Axial compressor rotor and stator, 89 

Axial flow steam turbine, 73 

Axial gap, 295 

Axial groove bearing, 377, 383 

Axial-staged Pratt and Whitney combustion 
system, 340 

Axial staging, 340 

Axial turbines, 39 

Axisymmetric diffuser designs, 29 

Azimuthal modes, 355, 357 


b.m.e.p., 124 
Backward curved impeller blade, 93, 94 
Balance drum, 410 
Baldwin-Lomax turbulence model, 288 
Ball bearings, 371, 387-392, 396-398 
Barber, J., 5 
Bearings and seals, 371-429 
aircraft, 18 
axial groove bearing, 377, 383 
ball bearings, 371, 387-392, 396-398 
circular bearings, 372 
cylindrical bearing, 377-378, 381 
deformation (ball bearing), 396-398 
elliptical bearings, 377, 378, 384 
flexible support, 405—409 
fluid film bearing, 373-376 
hardness, 372 
ISFD catcher bearing system, 401, 402 
journal bearings, 373, 377-380 
magnetic bearings, 392, 399—405 
pressure bearings, 372 
rolling element bearings, 371-372, 387-392 
seals, 409-417. See also Seal 
squeeze film damper, 412, 417-422 
stiffness and damping characteristics, 380-385 
three-lobe bearing, 377, 378 


thrust bearing, 385-387 
tilting pad bearing, 377-380, 385 
tip clearance actuation, 399-405 
vapor phase lubrication, 392-396 
Biconvex blades, 142 
Blade. See also Turbine blade and vane 
aeroelastic stability, 277 
aircraft, 38 
axial, 223 
biconvex, 142 
cantilever, 204 
fan. See Fan blade 
fouling, 107-108 
impeller, 93-94 
individual blade vibration, 274-277 
integrity evaluation, 280-284 
low aspect ratio, 191 
splitter, 224 
steam turbine, 75-77 
Blade excitation, 177, 270 
Blade peak tensile hoop stress, 209 
Blade resonant amplitudes, 286 
Blade retainers, 38 
Blade roots, 38, 75-78 
Blade shrouds, 41—42 
Blade stimuli, 277 
Blade tip clearance, 399 
Blade tip seal, 42 
Blade tuning, 273 
Bladed disk. See Impeller and bladed disk; 
Turbine blade and vane 
Blisk, 195 
Blisk construction, 51 
Blockage, 174-175 
Boeing 727, 8, 50 
Boost pressure ratio, 126 
Bore reciprocating engines, 103 
Bore sizing, 39 
Borides, 435 
Boron, 434, 439 
Boundary conditions, 150 
Boundary layer, 28 
Brake mean effective pressure 
(b.m.e.p.), 124 
Branca, Giovanni, 4 
Brayton cycle, 3, 63, 117 
Brayton-Rankine cycle, 80 
Brazing, 490-493 
Brown, Charles E. L., 4, 5 
Brown-Boveri Company, 4, 5 
Brown Boveri Comprex pressure wave type 
supercharger, 119 
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Brush seal, 411 

Bucket tip leakage control mechanisms, 79 
Burst failures, 252 

Burst margin test, 249 

Butane, 322 

Bypass passageways, 132 

Bypass ratio, 19 

Bypass turbofan engine, 18-19 


C-5 Galaxy transport aircraft, 7 
C-5A Galaxy transport aircraft, 19, 23 
Ca(NO,), 340 
California Air Resources Board, 62 
Campbell diagram 
cycle symmetry structural analysis, 200 
integrity evaluation of blade, 284 
propeller blade, 57 
stage-1 rotating blade, 192 
tip clearance actuation, 404 
turbine blade, 275 
Cantilever blades, 204, 206 
Carbides, 435, 439, 440, 443 
Carbon, 434, 443 
Carbon monoxide (CO), 336-339 
Carbon steel, 84 
Carnot cycle, 117 
Cascade flutter analysis, 167—170 
Cascade profiles, 287 
Cast cobalt alloys, 441 
Catalytic combustion system, 330-332, 
349-351 
Catalytic combustion test rig, 349 
Catcher bearing, 401, 402 
CbC, 443 
Centrifugal compressor stage, 92 
Centrifugal compressor stages, 223, 224 
Centrifugally spun alloy steel casting, 476-480 
Centrifuges, 324 
Ceramic catalytic materials, 350 
Ceramic coatings, 458 
Ceramic components (MS9001 engine), 
469-471 
Ceramic flame tube construction, 466 
Ceramic gas turbine, 468 
Ceramic matrix composite (CMC), 247 
Ceramic matrix composite lines, 332-335 
CF6, 22, 327 
CF6-6 engine fan disk, 39, 40 
CF6-6 turbofan engine, 8 
CF6-50 blade cracks, 457 
CF6-50 engine, 327, 328, 456, 457 
CF6-80C, 456, 457 
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CF6-80C turbofan engine, 170 
CF6-80C2, 10, 83, 194, 458 
CFD. See Computation fluid dynamics (CFD) 
CFM56-5B aircraft engine, 339 
CG6-80C, 42 
Charge density, 126 
Chemical vapor deposition (CVD), 456-457, 
509-511 
Choked nozzle, 33 
Chromium, 434, 440, 453 
Chromium overlay coatings, 455 
Chromium steel, 190 
Circular bearings, 372 
Circumferential bias, 163 
Clocking, 294-297, 298 
CMC, 247 
CMSX-3, 454 
CNC milling, 500 
CO, 336-339 
Co-29Cr-6AI1-0.3Y, 455 
Coal, 9, 61-62. See also Industrial gas and 
steam turbines 
Coating. See Protective coatings 
Cobalt base alloys, 440-442 
CoCrAlY, 511-513 
Cogeneration, 86, 87 
Columbium, 435, 443 
Columnar grain alloys, 446-452 
Combat aircraft, 50-52 
Combined cycle mode, 80-85 
Combined gas and steam cycle plant, 80 
Combustion instability, 355-359 
Combustion noise, 351 
Combustion principles, 324-327 
Combustion system, 317—370 
acoustic resonance, 351-355 
aerodynamic processes, 318 
catalytic combustion system, 330-332, 
349-351 
ceramic matrix composite lines, 332-335 
combustion instability, 355-359 
combustion principles, 324-327 
deflagration regime of combustion, 317 
design, 317-318, 327-335 
dry low NO, system, 345-349 
dynamic pressure, structural design, 361-364 
flame types, 317 
fuels, 319-324 
industrial combustion turbine, 67—71 
lean head nad combustor, 329, 330 
liner. See Combustor liner 
NO, emissions. See NO, emissions 


pollutants. See Pollutants 
primary objective, 318 
specific gravity, 323-324 
staged combustion, 318 
swirl, 342-345 
Combustion turbine, 67—71 
Combustor exit temperature distribution factor, 
351 
Combustor liner 
ceramic matrix composite material, 332-335 
cylindrical, 328 
fiber-enforced ceramics, 465—469 
materials, 319 
mechanical stresses, 319 
thermal protection, 359-361 
Combustor liner forming angle, 333 
Compatibility equations, 251 
Compensated mean temperature maps, 343, 344 
Complex stiffness coefficients, 408 
Component design 
bearings and seals, 371-429 
combustion system, 317—370 
fan and compressor airfoils, 141-221 
impeller and bladed disk, 223-268 
turbine blade and vane, 269-315 
Compression ignition concept, 119 
Compression stroke, 117 
Compressor. See also Fan and compressor 
airfoils 
aircraft, 30-32 
industrial combustion turbine, 68, 70 
industrial gas and steam turbines, 89—94 
Compressor blade fouling, 107—108 
Compressor cylinder and nozzle diaphragms, 93 
Compressor disk failure (DC-9 - June/95), 
259-265 
Compressor inlet variable (guide vane), 70 
Compressor performance map, 32, 99 
Compressor rotor (during assembly), 191 
Compressor rotor and stator, 89-94 
Compressor rotor assembly, 91 
Comprex pressure wave type supercharger, 119 
Computation fluid dynamics (CFD) 
flamelet model, 340 
integrity evaluation of turbine blade, 280-284 
steam path technology, 78 
Computer numerical control (CNC) milling, 500 
CoNi, 459 
Constant pressure (impulse) turbine, 273 
Contact shear stress, 210 
Contact stress, 208—210 
Contoured sidewalls, 79 


Cooled ceramic nozzle vane, 305-308 
Cooling 
air, 87, 297-302 
aircraft, 31, 40-41 
combined cycle mode, 85 
combustor liner, 360 
dust particles, 40, 41 
effusion, 360 
film, 95 
impingement, 95, 302-304 
industrial gas/steam turbine, 95 
intake air cooling system, 87 
steam, 83, 297-302 
turbine blade and vane, 271, 297-304 
turbochargers, 126-128 
Cooling by convection, 95 
Coral Princess, 10 
Coriolis forces, 187 
Cornell University, 3 
Corrosion pits, 58 
Corten-Dolan damage theory, 279 
Coswirling map, 343 
Coulomb’s law of friction, 207 
Counterswirling flame, 343 
Crack growth testing, 249 
Crack initiation, 280, 463 
Crack propagation, 280, 441, 458 
Crashes. See Airplane crashes/incidents 
Creep 
aircraft, 55 
austenitic alloys, 437 
industrial gas/steam turbine, 94-95 
nickel base alloys, 439 
_ particle, 451 
Crossfire tubes, 363 
Crusader armored vehicle, 10 
Crusader self-propelled howitzer, 113 
Cumulative damage theory, 277-280 
Curvic coupling, 507-509 
Cutter path, five-axis, 495-499 
CVD, 509-511 
Cycle pressure ratio, 68 
Cyclic laser irradiation, 463 
Cyclic symmetry, 202 
Cyclic symmetry structural analysis, 198 
Cylinder b.m.e.p., 124 
Cylinder scavenging, 131 
Cylindrical bearing, 377-378, 381 
Cylindrical combustor liner, 328 


D-10 steam turbine, 83 
da Vinci, Leonardo, 4 
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Damage theory, 277-280 
Damping, 269. See Seal; Squeeze film damper 
Dassault Ouragan fighter, 7 
DC-9 airplane - compressor disk failure, 
259-263 
DD(X) multimission destroyer, 10 
de Havilland Vampire fighter, 7 
de Laval, Patrick, 4, 71 
Deep groove ball bearings, 371 
Deflagration regime of combustion, 317 
Deformation (ball bearing), 396-398 
Demineralized water, 107 
Demulsifiers, 324 
Derivative engines, 103-116 
benefits, 105 
diesel engines, 106-107 
heavy military vehicles, 113-115 
LM2500 engine, 111-113 
pipeline pumping, 109-111 
ship propulsion plant, 105-109 
uses, 103—104 
Determinant search, 186 
Deverson compressor, 175 
Diesel and automotive engine turbochargers, 
117-137 
fluid flow and thermodynamics 
considerations, 123 
intensity of supercharge, 124 
intercooler, 126-128 
mixed turbine, 133—134 
pulsating conditions, 133-137 
supercharging, 117, 118, 119-123 
turbocharger mechanism, 128-132 
turbocharging, 117-118 
Diesel cycle, 117 
Diesel engine, 106-107, 119 
Diffuser 
aircraft, 28-30 
axisymmetric, 29 
industrial gas turbine, 228-230 
parallel tongue, 131 
scroll, 130-131 
vaned, 224, 235-239 
vaneless, 224, 228 
vaneless scroll, 130 
wedge-vaned, 235-238 
Diffusion Alloys, 457 
Diffusion aluminide coats, 454 
Diffusion factor, 226 
Diffusion flame, 317 
Diffusion flame combustors, 329 
Dihedral, 186 
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Dilute nitric acid (HNO;), 340 

Dimensional instability, 503-506 

Direct catalytic combustion, 349 

Directionally solidified airfoil technology, 
446-452 

Disk burst, 250-253 

Disk with twin webs, 247-250 

Distillate fuel combustion, 323 

Distortion flow pattern, 47 

Disturbance energy, 47 

DN value, 388 

Double concentric burner outlet region, 343 

Double linear damage rule, 280 

Double-swirler-staged combustor, 345-348 

Double T root, 75, 76 

Dovetail attachments, 206-210 

DRA compressor, 159, 160 

Dry low NO, combustion system, 299, 345-349 

Dual orifice atomizers, 319 

DURAD 620B lubricant, 393, 395 

Dust particles, 40 

Dynamic amplification, 364 

Dynamic compressors, 119 

Dynamic loads, 4, 63 

Dynamic pressure (combustion system), 361-364 


E? compressor, 153 

EB-PVD, 476, 509 

ECY 768 cobalt-based alloy, 490 

Eddy viscosity models, 187 

Eddy viscosity principle, 253 

Edison, Thomas A., 4 

EDM, 360 

Effective structural repair procedure, 490 

Effusion cooling, 360 

Eigen frequency veerings, 204 

Eigenvalue loops, 169 

Eigenvalue problem, 186 

Eight-noded parametric element, 182 

8E (eight times) rotor frequency, 273 

Elastic modulus, 448, 449 

Elasticity equilibrium equations, 251 

Elastomer O-rings, 420 

Electrical discharge machining (EDM), 360 

Electron beam physical vapor deposition 
(EB-PVD), 476, 509 

Electron beam welding, 487 

Electronic Speckle Pattern Interferometry, 276 

Electrostatic systems, 324 

11th International Standard Configuration, 151 

Elliptical bearings, 377, 378, 384 

Embraer aircraft - propeller blade separation 
incident, 55-58 


End-wall blockage, 173-177 

End wall losses, 288, 289 

Energy dispersive spectroscopy, 463 
Energy losses. See Losses 

Engine fan hub, 257 

Engine speed, 118 

Engine Structural Integrity Program, 53 
Environmental pollutants. See Pollutants 
Environmental Protection Agency (EPA), 62 
EPA, 62 

Equiaxed grains and freckles, 448 
Equivalence ratio, 318, 339 

Equivalent vibratory strain, 363 

Ethane, 321 

Euler equation, 197 
Euler/Navier-Stokes solver, 281 

Euler’s turbine equation, 186 

European airbus A340, 49 

Excitation pulse, 283 

Excited modes (combustion chamber), 356 
Exhaust gas bypass passage, 132 
External compression inlet, 30 

External friction drag, 43 

External virtual work, 185 

Extrusion process, 445 

Eye-packing seal, 410 


F-16 fighter plane, 50 
F-80, 7 
F series, 9, 83 
F110 engine, 50-51 
F110-GE-129 IPE current augmentor, 52 
F110-GE-132 engine, 50 
F110-GE-132 radial augmentor, 52 
F118-GE-110 engine, 51 
F120, 52 
F404-400, 53 
F414, 52 
Fail-safe suspension system, 401 
Failure 
crashes. See Airplane crashes/incidents 
creep. See Creep 
cumulative damage theory, 277-280 
fatigue, See Fatigue 
losses. See Losses 
stress. See Stress 
Fan and compressor airfoils, 141-221. See also 
Compressor 
acoustic resonance, 177-181 
active stall control, 159-167 
ADLARF, 197-198 
airfoil design considerations, 146-149 
axial compressor, 190-193 
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cascade flutter analysis, 167—170 
dovetail attachments, 206-210 
end-wall blockage, 173-177 Fe-Co-Cr-Mo, 438 
fault identification—variable stator vanes, FeCrAlY heating elements, 452 
170-173 Feedback control loop, 355 
finite element method—blade vibrations, Fiber-reinforced ceramics (combustor liner), 
181-186 465-469 
flow characteristics at stall inception, 152 Field prototype testing, 94 
forced response, 197—202 Fighter aircraft, 50-52 
LM 2500+ engine, 193-196 Filament winding method, 332 
random blade mistuning, 202 Fillet radius, 500 
rotating instability, 156-159 Fillets, 223 
stall. See Stall Film cooling, 95 
surging, 143-145 Film cooling of liner (impingement jets), 360 
swept fan blades, 186-190 Finite element method 
unsteady viscous flow, 150-151 blade vibrations, 181—186 
zero staging, 193-196 ceramic matrix composite liner, 333, 334 
Fan blade. See also Blade disk burst, 250 
aircraft, 39, 40 dynamic pressure (combustor), 361, 362 
circumferential tilt, 186 fracture mechanism of coats, 459 
fighter plane, 51-52 individual blade vibration, 276 
forward skew, 186 integrity evaluation of turbine blades, 282 
skewed, 186 random blade mistuning, 203, 204 
swept, 186-190 seal stiffness, 362 
turbofan engine, 7, 8 twin disk mistuning, 203, 204 
wide chord, 143 twin disk web, 248 
Fan blisks, 51 Finite element techniques, 17 
Fan hub fractures (MD-88 - July/96), Fir tree serrated root, 75, 76 
256-259 First law of thermodynamics, 81, 146 
Fan pressure ratio, 22-27 First-stage turbine blades, 456 
Fan stage performance map, 31 Fish mouthing, 248 
Fan temperature ratio, 22 Five-axis cutter path, 495-499 
Fast Fourier transformation, 47 Five-axis machining, 495, 496 
Fatigue Five-pad tilting pad bearing, 379, 380 


Favre-averaged Navier-Stokes equation, 150, 
341. See also Navier-Stokes equation 


aircraft, 40, 53-55 

aircraft takeoff/landing, 269-270 
bearings, 372, 388-389 

bladed disk assemblies, 277 
coating, 465 

dovetail attachment, 210 
dynamic pressure (combustor), 363 
fan blades, 197 

forced response, 197 

high-cycle, 197, 210, 277 

hoop stress, 210 

Lio parameter, 372, 388 
low-cycle, 40-41, 210 
Manson-Coffin law, 40 

thermal, 41 

thermal fatigue strain, 451 

twin web disk, 248—249 


Fault identification—variable stator vanes, 


170-173 


Five-pass serpentine passage, 301 
Fixed arc bearings, 372 
Flamelet model, 340-341 
Flank milling, 500, 501 

Flash point, 323 

Flashback, 325 

Flexible support, 405—409 
Floating contact seal, 411-412 
Flocculants, 324 

Flow field calculations, 341 
Flow loss control, 284—289 
Flow visualization tools, 78 
Fluid dynamic forces, 253 
Fluid film bearing, 373-376 
Fluid film journal bearing, 374 
Flutter, 167—170 

Forced response, 197—202 
Forge joining, 248 

Forging, 445, 485 
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Forty-inch titanium last-stage buckets, 80 
Forward curved impeller blade, 93, 94 
Forward-swept blades, 190 

Fouling resistant coating, 107 

Four-point bending test, 512 
Four-stroke-cycle engine, 117 
Four-stroke piston engine, 17 

480 MW H system gas turbine, 9 

Fourier decomposition, 281, 283, 291 
Fracture mechanics theory, 279, 458-465 
Frequencies of integral order vibration, 277 
Frequency response function (FRF), 406 
Fretting, 207 

FRF, 406 

Friction coefficient, 362 

Friction factor, 502 

Front-end stalling, 162-163, 165 

Frontal housekeeping algorithm, 186 
Frozen turbulence, 150 

Fuel-blending system, 321 

Fuel flow rate, 357 

Fuel-rich pocket, 353 


y’-strengthened nickel alloys, 440 

Gas atomization method, 484 

Gas fuel injection, 320 

Gas fuel nozzle, 328 

Gas gathering, 109 

Gas metal arc welding, 487 

Gas reinjection application, 109 

Gas transport applications, 109 

Gas tungsten arc welding, 486, 487 

Gas turbine, 8—9. See Industrial gas and steam 
turbines 

Gas turbine cogeneration, 86 

Gas turbine driven compression systems, 109 

Gas turbine engine, 16-17 

Gas turbine liquid fuels, 319 

Gaseous fuels, 320 

Gatts damage theory, 280 

GE frame 6 first-stage turbine, 456 

GE gas turbine rotor (during assembly), 83 

GE79 turbine rotor, 41 

GE90, 327 

GE90 engine combustor, 360 

General Electric, 3, 469 

Generalized Reynolds equation, 373 

Gloster/Metcor fighter, 7 

Gottingen airfoil no. 265, 5 

Grain boundaries, 446-448 

Growling form of noise, 353 

GTD 111 blades, 493 
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Guide vane 
compressor inlet variable, 70 
compressor rotor and stator, 92 
IGV, 98, 162 
OGV, 19 
variable inlet system, 299 

Guri dam, 61 

Gust response, 283 


finn Ee 

H series, 9 

H turbine, 83 

Hafnium, 439 

Hamilton Standard 14 RF-9, 56 

Hamilton’s equation, 185 

Hammer test, 284 

Hardening, 435-437 

Hardness, 372, 389 

Hastelloy X, 319, 350, 443, 445, 489 

HCF, 197, 210, 277. See also Fatigue 

Heat exchanger, 127-128 

Heat recovery steam generator (HRSG), 87-89 

Heat recovery systems, 84 

Heat release, 353 

Heavy military vehicles, 113-115 

Heinkel He-178 aircraft, 6 

Henry’s damage theory, 279-280 

Hero of Alexandria, 4, 71 

Hertz theory, 209 

Hexahedral three-dimensional elements, 181 

High-bypass turbofan engine, 18—19 

High chromium overlay coatings, 455 

High-cycle fatigue, 55, 197, 210 

High-cycle fatigue (HCF), 197, 210, 277. See 
also Fatigue 

High-pressure steam cooled vane, 299 

High-velocity oxygen-fuel (HVOF) coating, 
511-514 

HIP, 480, 482, 485, 494 

Hir’s friction factor, 415-416 

Historical overview, 4—8 

HNO,, 340 

Holzwarth principle, 5 

Honeycomb catalyst, 332 

Honeycomb materials, 42 

Honeycomb seal, 410, 411, 412-414 

Hooke’s law, 251 

Hoop stress, 209-210, 244 

Horseshoe vortex, 78, 79, 287 

Hot corrosion, 452-453 

Hot isostatic press (HIP), 480, 482, 485, 494 

HRSG, 87-89 
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HS 188, 319, 441 

Hub end-wall contours, 51 

HVOF coating, 511-514 

Hybrid air blast injector, 353 
Hydraulic diameter, 359 
Hydrodynamic fluid film bearings, 18 
Hydrodynamic journal bearings, 18 
Hydroelectric projects, 61 
Hypersonic flight, 45—47 
Hypocycloidal curve, 121 


Ignition energy, 325 
IGV, 98, 162 
Ilyushin IL-28 jet bombers, 7 
Impedance, 355 
Impeller and bladed disk, 223-268 
compressor disk failure (DC-9 - June/95), 
259-265 
diffuser for industrial gas turbine, 228—230 
diffusion factor, 226 
disk burst, 250-253 
fan hub fractures (MD-88 - July/96), 256-259 
impeller blades, 93-94 
impeller design features, 224—227 
machining methods and impeller 
performance, 500-503 
radial inflow turbine, 238-244 
slip factor, 227 
stresses in rotating disk, 244-247 
twin web disk, 247-250 
vaned diffuser, 235-238 
volute-impeller interaction, 230-235 
whirling impeller, 253-256 
Impeller blades, 93-94 
Impingement cooling, 95, 302-304 
Impingement jets, 360 
Impulse axial flow steam turbine, 73 
Impulse turbine, 273 
IN 100, 490 
IN 617, 459 
IN 625, 493 
IN 718, 53, 54, 495 
IN 738, 451, 456, 493 
IN 738 LC, 511 
IN 939 alloy, 68 
Incidents. See Airplane crashes/incidents 
INCO 718, 446, 482 
Incoloy 706, 442 
Incoloy 901, 442, 444 
Incoloy 903, 442, 443 
Incoloy 909, 495 
Inconel 718, 442, 444, 476, 503, 504 


Indexing, 294 
Individual blade vibrations, 274—277 
Individual vane mistuning, 170, 171 
Industrial combustion turbine, 67-71 
Industrial gas and steam turbines, 61—102 
Brayton cycle, 63 
cogeneration, 86, 87 
combined cycle mode, 80-85 
compressor rotor and stator, 89-94 
cooling methods, 95-96 
creep, 94-95 
diesel engines, compared, 106-107 
diffuser, 228—230 
HRSG, 87-89 
industrial combustion turbine, 67—71 
performance upgrade, 97-101 
single-cycle gas turbine, 63—66 
steam turbine, 71—80. See also Steam turbine 
turbine construction, 94-97 
zero staging, 99-100 
Inlet, 28-30 
Inlet axial velocity, 154, 156 
Inlet bellmouth and support frame, 91—92 
Inlet guide vane (IGV), 98, 162 
Inlet temperature, 433 
Intake air cooling system, 87 
Intake stroke, 117 
Integral centering spring squeeze film damper, 
421 
Integral squeeze film damper (ISFD), 401, 402 
Integrated High Performance Turbine Engine 
Technology program, 114 
Intensity of supercharge, 124 
Interblade phase angle, 204 
Intercooler heat exchanger, 127-128 
Interdiffusion, 453 
Intermediate pressure steam cooled vane, 300 
Internal combustion turbine, 16 
Internal compression inlet, 29, 30 
Internal virtual work, 185 
Interstage seal, 42 
Inversed sound pressure oscillations, 355-356 
Investigation of incidents. See Aircraft 
crashes/incidents 
Investment casting processing, 480-483 
ISFD, 401, 402 


J79 engine, 19, 37 

Jacobi iterations, 197 

Jet effectiveness, 302 

Journal bearings, 373, 377-380 
JP-4, 319 
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JP-5, 319 

JP-7, 319 

JP-8, 319 

JT-9D, 22 

JT3D, 36 

JT8D-9A turbofan engines, 259 
JT8D-219 turbofan engines, 256 
JT9D, 327 

Jumo 004A engine, 7 

Jump phenomenon, 418—419 


k-€ procedure, 187 

k-e turbulence model, 253 
Kawasaki Heavy Industries, 468 
Kennametal-brazed carbide tools, 503 
Kentucky, 61 

Kerosene, 512 

Kinematic cyclic constraints, 281 
KLM Airlines, 457 

Kulite pressure transducers, 236 
Kulite sensor, 157 

Kulite transducer, 180 


Lo rating life, 372, 388 

L-605, 441 

Labyrinth seal, 41, 42, 410, 412-414 

Laminar flame, 317 

Laminar flow nacelle (aircraft power plant), 43 

Land-based first-stage turbine blades, 456 

Large natural gas engines, 118 

LARZAC turbofan engine, 45, 46 

Las Vegas Cogeneration, 83 

Laser beam welding (LBW), 493-495 

Laser Doppler anemometry system, 156 

Laser Doppler velocimetry system, 134 

Laser drilling, 359-360 

Laser shot peen technology, 51 

Laser-welded shroud ring assembly, 495 

Last-stage bucket, 79, 80 

Lateral degree of freedom, 373 

Laws of conservation, 146 

Laws of thermodynamics, 146 

LBW, 493-495 

LCF, 40-41, 210, 54-55, 248. See also 
Fatigue 

Leading edge bulb (end wall area), 289 

Lean blow-off, 322 

Lean blow-out, 327, 339 

Lean burner combustion efficiency, 327 

Lean burner injection system assembly, 326 

Lean head nad combustor, 329, 330 

Lean premix combustors, 352 
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Lean premixed combustion, 320, 325, 342 
Lemale, C., 5 
Liburdi powder metallurgy method, 490 
Life prediction 

aircraft, 52-55 

turbine blade and vane, 277-280 
Line-of-sight type, 509 
Linear eight-noded brick elements, 362 
Linearized Euler method, 150 
Liquid-fueled low NO, combustors, 358 
LM2500 engine, 106, 111-113, 456 
LM2500+ engine, 10, 193-196 
LM6000, 10 
LM6000 gas turbine, 83 
Lockheed P-80 Shooting Star, 7 
Lockheed Tristar, 50 
Long-chord blisk fan, 51 
Lord Rayleigh’s criterion, 352, 353 
Losses 

aircraft, 26-27 

end wall, 288, 289 

secondary flow, 284-289 

steam turbine, 73, 77—78 

swirl, 343 

vaned diffusers, 224 
Lost-wax (investment casting) processing, 

480-483 
Low aspect ratio blades, 191 
Low-cycle fatigue (LCF), 40-41, 54-55, 210, 
248. See also Fatigue 

Low-pressure compressor map, 47, 48 
Low-pressure steam turbine blade, 75 
Low-pressure (LP) turbine, 9 
LP compressor map, 47, 48 
LP steam turbine blade, 75 
Lubeck, 4 
Lubricant viscosity, 373, 378, 389 
LV 100 recuperated turbine engine, 113, 114 


MI1A2 Abrams main battle tank, 10 
Mach 1.5-plus Joint Strike Fighter, 7 
Mach number 

aircraft, 23—24, 28 

clocking, 296, 297 

fan and compressor airfoils, 142 

impeller, 226 

impingement cooling, 302 

radial compressor stages, 223 

steam turbine, 73 

unsteady viscous flow, 151, 152 
Machining methods and impeller performance, 

500-503 
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Machining superalloys (dimensional instability), 
503-506 
Magnesium, 439, 443 
Magnetic bearing servo actuator, 399, 403, 404 
Magnetic bearings, 392, 399-405 
Manganese, 440, 443, 452 
Manson-Coffin law, 54 
Manufacturing methods, 475-516 
brazing, 490-493 
centrifugally spun alloy steel casting, 
476-480 
curvic coupling, 507-509 
dimensional instability, 503-506 
five-axis cutter path, 495-499 
high-velocity oxygen-fuel (HVOF) coating, 
511-514 
investment casting process, 480-483 
machining methods and impeller 
performance, 500-503 
powder metallurgy process, 483-486, 
490-493 
vacuum-plasma-sprayed (VPS) coating, 
511-514 
vapor deposition of thermal barrier coating, 
509-511 
welding. See Welding 
MAR-M 200, 440, 451 
MAR-M 200 single crystals, 437 
MAR M-246, 451 
MAR M 247, 440, 492 
MAR M 247-3, 490 
MAR M 247-7, 490 
Marco-Starkey damage theory, 277-278 
Marine vessels, 10, 105-109 
Marin’s damage theory, 279 
Mass matrix, 184, 186 
Mass of charge, 124 
Material creep, 55 
Materials. See Superalloys 
MCrAIX, 455 
MCrAIY, 454—455, 459, 476, 511 
MD-88—fan hub fracture, 256-259 
Mechanical excitation, 270 
Messerscchmitt Me-262 twin-engined fighter, 7 
Metal fatigue, 53-54 
Metal tiles, 360, 361 
Methane, 321, 322 
Microturbines, 62 
Midspan shrouds, 39 
MIG-15 fighters, 7 
MIL-STD-1783 (USAF), 53 
Military vehicles, 113-115 


Millennium, 10 
Milling 
CNC, 500 
flank, 500, 501 
point, 495, 500, 502 
Miner’s rule, 277, 278, 280 
Minimum film thickness, 388 
Mistuning 
blade, 202-206 
effect of, 203 
individual vane, 170, 171 
Mitsubishi Heavy Industries, 9 
Mixed flow turbine performance test, 134 
Mixed flow turbine rotor, 133 
Mixed turbine, 133-134 
MM-S509, 441 
Modal analysis 
combustion instability, 355 
dynamic pressure (combustor), 361, 364 
flexible support, 405 
individual blade vibration, 276 
Modal stall, 152, 160-165 
Modified Goodman diagram, 53, 54 
Modified high-flow compressor performance 
map, 99 
Modified inlet leading edge configuration, 133 
Modulation of fuel flow rate, 357 
Molybdenum, 434, 437, 438 
Molybdenum alloy TZM, 446 
Monte Carlo simulation, 203 
MS3002, 327 
MS5002, 327, 329 
MS7001F gas turbine, 337 
MS9001 engine, 469-471 
MS9001E gas turbine, 349 
MS9001FA gas turbine, 469 
MSC/NASTRAN cyclic symmetry routines, 203 
MT30 marine gas turbine, 10 
MTU compressor, 159, 160 
Multi-finger pinned root, 76 
Multicell front-end stall, 162-163, 165 
Multicompression train, 110 
Multiple regression analysis, 504 


N,O,, 340 

NACA 65-series airfoils, 195 

Nacelle aerodynamic technology, 42-45 
NASA high-speed single-stage compressor rig, 
401 

NASA Stage 37 test compressor, 399 

Natural gas, 62, 319, 320, 322. See also 
Industrial gas and steam turbines 
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Natural gas engines, 118 
Naval vessels, 105—108 
Navier-Stokes equation 
flow field calculations, 341 
forced response, 197 
swept fan blades, 187 
unsteady viscous flow, 146 
volute-impeller interaction, 230 
whirling impeller, 253 
Nd:YAG laser, 458-459 
Negative swirl flow injection, 412 
Newmark-8 method, 197 
NH,Cl, 457 
Ni-aluminide coat, 463 
Ni and Al oxides, 465 
Ni-Co-Cr-Mo, 438 
Ni-Co-Cr-Re, 438 
Ni-Co-Cr-W, 438 
Ni-Cr-Al-Y, 361 
Ni-Fe-Cr-Mo, 438 
Ni,Al, 435 
Ni,Al solid-solution field, 439 
NiAl, 454, 456 
Nickel-aluminum-titanium y’ alloys, 436 
Nickel base alloys, 437-440, 463 


Nickel-chromium-aluminium y types of alloys, 
436 

Nickel-iron alloys, 442—443 

NiCoCrAlY, 454, 511-513 

NiCrMoV turbine disks, 68 

Nimonic 75, 319 

Nimonic 80A, 436, 439 

Nimonic PE16, 436 

Nitrogen oxides. See NO, emissions 
Nitrogen pentoxide (N,0;), 340 

No. 8 bearing, 393, 394 

Nodal circles, 204 

Nodal diameters, 204, 284, 285 

Nominal contact stress, 208 

Noncooled SiC ceramic nozzle vanes, 308 
Nonlinear gap conditions, 361 

Nonlinear transient dynamic analysis, 364 
Nonlinear transient finite element analytical 
procedures, 361 

Nonpositive displacement compressors, 119 
Nonuniformity, 342 

Normal temperature and pressure (NTP), 126 
NO, emissions 

catalytic combustor, 350 

combustion system, 336-340 

dry low NO, combustion system, 345-349 


Nickel-based alloys classified by mismatch, 436 
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formation of, 340-341 
fuel droplet, 337 
O,, 340 
reaction temperature, 325 
SCR, 338 
Nozzle vane, 304-308 
compressor rotor and stator, 89 
noncooled SiC ceramic, 308 
stationary, 75 
NTP, 126 
Numerical analysis, 288 
Nusselt number, 303, 304 


O;, 336, 340 

O-ring-supported damper, 420 

Offset bearing, 377 

Offshore oil production platform, 103, 104 

OGVs, 19 

Ohain, Hans von, 7 

Once-through steam generator (OTSG), 
83, 84 

1F/3EO crossing, 198, 201, 202 

1T/8EO crossing, 198, 201 

Oscillating spiral displacer compressor, 
122-123 

OTSG, 83, 84 

Otto, August, 117 

Otto cycle, 117 

Outlet guide vanes (OGVs), 19 

Oven conditioning, 462 

Overlay coatings, 454 

Oxidation and corrosion resistance, 452-453 

Oxides of nitrogen. See NO, emissions 

Ozone (O;), 336, 340 


Pack cementation process, 456 
Pack diffusion coats, 455 
Palladium oxide, 350 
Palmgren-Miner damage theory, 54, 277, 279 
Parallel tongue diffuser, 131 
Parsons, Sir Charles, 71 
Parsons turbines, 73 
Partial arc admission, 73 
Partial arc bearing, 377 
Passage walls, 27 
Passive cooling systems, 42 
PD-AI,0,-cordierite, 332 
Peak circumferential stress, 333 
Peak contact stress, 209 
Performance curves 
combined cycle plant, 81 
supercharged engine, 125 


Performance map 
axial compressor, 191 
compressor (aircraft), 32 
compressor (gas/steam turbine), 99 
fan stage (aircraft), 31 
industrial combustion turbine, 68—71 
simple-cycle gas turbine, 65, 66 
turbine (aircraft), 32 
Performance upgrade (gas/steam turbine), 
97-101 
Petroleum distillate fuels, 323 
Phase diagram metallurgy, 434 
Piezo-resistive transducers, 46 
Pignone, Nuovo, 190 
Pilot gas flow, 356 
Pipeline pumping, 109-111 
Piston engine, 17 
Plain cylindrical bearing stiffness/damping 
coefficients, 381 
Plasma flame spraying, 361 
Plasma-spraying systems, 476, 511-514 
Plasma transfer arc welding (PTAW), 493 
Platinum-aluminide, 454, 455 
Platinum modified MDC-150L, 457 
Point milling, 495, 500, 502 
Point-relaxation procedure, 197 
Pollutants 
CO, 336-339 
combustion system, 318, 336-340 
lean premixed combustion, 320 
NO,, 325, 336-340. See also NO, emissions 
O;, 336, 340 
UHCs, 336-339 
Polycarbosilane, 333 
Polycrystalline B2-NiAl, 463 
Polycrystalline NiCrAlY coatings, 452 
Poppet valve waste gate, 132 
Positive displacement compressors, 119 
Positive whirl, 253 
Pour point, 323 
Powder metallurgy process, 483-486, 490-493 
Power Cooperative, 61 
Power density loading (turbines), 273 
Power generation overview, 8—9 
Power spectral density (2nd harmonic spatial 
Fourier transformation), 47, 48 
Power stroke, 117 
Prandtl, L., 6 
Prandtl number, 302 
Pratt & Whitney, 7 
Preburner, 349 
Preburner exit temperature nonuniformity, 351 
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Precipitation-hardened nickel-based superalloys, 


435 
Preload, 379 
Premixed combustion systems, 320, 325, 
342 
Premixed flame, 317 
Pressure bearings, 372 
Pressure loading, 363 
Pressure ratio, 126 
Pressure-swirl atomizers, 319 
Prestrain undercreep condition, 437 
Prethrottling the slide valve, 237 
Principle of virtual work, 184-185 
Propane, 321, 322 
Propeller blade Campbell diagram, 57 
Propeller blade design, 56 
Propeller blade separation incident, 55-58 
Propulsion system (hypersonic aircraft), 46 
Protective coatings, 453-465 
aluminide coatings, 454 
ceramic coatings, 458 
CVD, 456-457 
fatigue life, 465 
fracture mechanism, 458-465 
high chromium overlay coatings, 455 
HVOF, 511-514 
overlay coatings, 454 
pack cementation process, 456 
pack diffusion coats, 455 
selecting a coating, 453-454 
TBC. See Thermal barrier coating (TBC) 
uncoated passages, 456, 457 
VPS, 511-514 
ZrO, 455, 459-461 
PTAW, 493 
PWA- 1480 single crystal alloy creep rupture 
life, 450 
PWA-1480 single crystal alloy yield strength, 
449 
Pylon, 44—45, 49-50 


Queen Elizabeth II, 4 


R142, 457, 458 

Racing engines, 118 

Radial centrifugal compressor, 35, 37 
Radial clearances, 42 

Radial compressor stages, 223 

Radial flow compressor stages, 92 
Radial gap, 235, 238 

Radial impeller blade, 93, 94 

Radial inflow turbine, 238-244 
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Radial-staged General Electric combustion 
system, 339 
Radial staging, 339 
Radial stress, 251-253 
Radial swirlers, 355 
Radially directed movement, 141 
Rake angle, 504 
Ramp acceleration/deceleration, 111, 112 
Random blade mistuning, 202 
Rankine cycle, 71 
Rayleigh dissipation model, 283 
Rayleigh’s criterion, 352, 353 
RB211, 327 
Reaction turbine, 273 
Reaction (Parsons) turbines, 73 
Reciprocating engines, 16, 117 
Recrystallized grains, 448 
Recuperated cycle, 113 
Recuperative heat exchangers, 65 
Redial augmentor, 52 
Reduced-order model (ROM), 203, 206 
Refractory bricks, 360 
Regenerative-reheat steam turbine plant 
schematic, 72 
Regenerative-reheat steam turbine 
temperature/entropy diagram, 72 
Regenerative systems, 65 
Reheat cycle, 65 
Relative leakage flow velocity vectors, 241 
Rene 41, 440, 490 
Rene 80, 440, 454, 457, 458, 493 
Rene 80H, 456 
Rene 95, 446, 485 
Rene 125, 454 
Resistance welding, 487 
Resonant acoustic feature 
combustion system, 351-355 
multistage compressors, 177—181 
Reynolds averaged Navier-Stokes equation, 
187, 253. See also Navier-Stokes 
equation 
Reynolds number 
aircraft, 29 
bearings and seals, 373, 383 
combustor liner, 359 
compressor behavior, 165 
fluid film bearing, 373 
impeller performance, 502 
impingement cooling, 302 
unsteady viscous flow, 151 
rms noise level, 351 
Rockwell hardness, 389 
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Rolling element bearing, 371-372, 387-392 

Rolling element bearing stiffness calculations, 
392 

Rolls Royce Viper, 159, 160 

ROM, 203, 206 

Root-mean-square (rms) noise level, 351 

Roots rotating lobe blower, 121, 122 

Rotating instability, 156-159 

Rotating stall, 152-153, 174, 399 

Rotor blades, 38 

Rotor trailing edge shock, 294 

Rotor wakes, 294 


S/N, 53, 54 
Saab 29 Tunaan, 7 
Sand bags, 50 
Sand castings, 478 
Scale adhesion, 452 
Scaling, 97 
Scallop height, 498 
Scalloped flanges, 252-253 
Scavenge stroke, 117 
Scavenging, 131 
SCR, 338 
Screw-type supercharger, 121—122 
Scroll diffuser, 130-131 
Seal, 409-417 
annular, 415 
brush, 411 
damping seal dynamic characteristics, 
415-417 
dynamic pressure (combustor), 362-363 
eye-packing, 410 
floating contact, 411-412 
honeycomb, 410, 412-414 
labyrinth, 410, 412-414 
Seal fretting tests, 363 
Seal stiffness, 362 
Seal test rig, 416 
Second law of thermodynamics, 146 
Secondary flow, 78, 79, 284-285 
Secondary flow loss control, 284-289 
Secondary flow vortices, 286 
Seippel, C., 5 
Selective catalytic reduction (SCR), 338 
Semiarticulating sliding vane supercharger, 
121 
Semistructured mesh, 197, 198, 199 
Series 2000 high bypass turbofan engine, 20 
Sermatech International, 107 
Seven-bladed impeller model, 254 
713C, 490 
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17-4 PH steel, 190 Soak back, 395 
Shaft order perturbations, 164 Solar Turbine Company, 98, 100 
Shaft seal labyrinth, 410 Soluble gas atomization, 484 
Shear instability, 504 Sommerfeld number, 383—385 
Shear stress, 208-210 Spark ignition engines, 118, 119 
Shell theory, 181 Spatial disturbances, 47 
Shielded-metal arc welding, 486, 487 Spatial flow angles, 288 
Ship propulsion plant, 105-109 Spatial Fourier transformation, 47 
Shipboard prime movers, 103, 106-107 Specific gravity, 323-324 
Shock waves, 27 Spectral map, 409 
Short-scale stalling, 154 Spey gas turbines, 106 
Shot peening, 51, 53 Spike form of stalling, 152, 160-165 
Shrinkage stress, 513 Spin demonstrator program, 249 
Shroud Spinning drum valve, 357 
blade, 41-42 Spiral lobe Roots blower, 121, 122 
individual blade vibration, 276 Split outer casings, 478 
midspan, 39 Splitter blades, 223 
no. 8 bearing, 393 Spontaneous ignition, 325 
Z-shaped, 276 Spraying powders, 511 
Shroud ring assembly, 495 Squeeze film damper, 412, 417-422 
Shrouded blade system, 269 Squirrel-cage-supported damper, 421 
Shunt injection, 412-413 SRR99, 463 
Si,N,, 305, 434 Stability map, 409 
SiC, 305, 434 Stage matching, 160 
Siemens, 457 Stage tracking method, 170 
Siemens, Werner von, 4 Stage velocity diagram, 147 
Siemens Power Generation, 9 Staged combustion, 318, 339 
Signal generator, 359 Stagnation pressure, 19-21 
Silicon, 440, 453 Stagnation temperature, 19-21 
Silicon carbide (SiC), 305, 434 Stall 
Silicon nitride (Si,N,), 305, 434 active control, 159-167 
Simple-cycle gas turbine, 63—66 blade tip clearance, 399 
Simple-cycle gas turbine performance map, 65, centrifugal stages, 223 
66 fan and compressor airfoils, 143-145 
Simplex atomizer, 319 front-end, 162 
Simply cycle gas turbine, 8 modal, 152, 160-165 
Sine sweep excitation, 407 other forms, 166 
Single crystal alloys, 447, 448, 451 rotating, 152-153, 174, 399 
Single-cycle gas turbine, 63—66 short-scale, 154 
Single-engine fighter plane, 50 spike, 152, 160-165 
Single flow HP turbine, 9 Stationary nozzle vanes, 75 
Single-phase crystalline solids, 437 Stator clocking, 294 
Single-stage centrifugal compressor, 35, 37 Stator vortex street, 291 
Single T root, 75, 76 Stator wake passing, 291 
Single tooth dovetail attachments, 206 Steady-state creep resistance, 437 
Single web geometry disks, 247 Steady-state performance, 135 
Skewed blades, 186-190 Steady-state synchronous vibration, 
Sliding vane type compressor, 119-121 418 
Slip factor, 227 Steam-cooled vane, 300, 301 
SN88M, 241 Steam cooling, 83, 297-302 
SN91, 241 Steam injection techniques, 329 


SNECMA compressor, 159, 160 Steam path technology, 77-80 
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Steam turbine, 9, 71-77. See also Industrial gas 
and steam turbines 
advantages, 77 
blade root forms, 77, 78 
blades, 75-77 
classification, 73 
compound flow unit, 73, 74 
last-stage bucket, 79, 80 
losses, 73, 77-78 
regenerative and reheat arrangement, 72 
rotor and casing configurations, 73, 74 
steam path technology, 77-80 
types of power plants, 71 
Steam turbine buckets, 272 
Steam turbine configurations, 74 
Steam turbine diaphragm, 76 
Steam turbine rotor, 272 
Step unloading, 112 
Stiffness and damping characteristics (bearings), 
380-385 
Stiffness matrix, 184, 186, 203 
Stoichiometric flame temperature, 329 
Stolze, F., 5 
Straddle T root, 75, 76 
Streamlining of pylon, 44 
Street versus number of cycles (S/N), 53, 54 
Strengthening methods, 435-437. See also 
Protective coatings 
Stress 
ceramic matrix composite liner, 333 
combustor liner, 319 
contact, 208-210 
disk burst, 250-253 
dynamic pressure (combustor), 361 
Hooke’s law, 251 
hoop, 209, 210 
Palmgren-Miner theory, 277 
radial, 251-253 
rake angle, 504 
rotating disk, 244-247 
shear, 208-210 
shear instability, 504 
shrinkage, 513 
sum and difference method, 250 
tangential, 251-253 
VPS coating, 513 
ZrO, coating, 461 
Stress free support system, 468 
Stribeck (1907) equation, 396 
Strouhal number 
acoustic resonance, 179, 181 
frequency of vibration, 89 
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HRSG, 89 
volute-impeller interaction, 234 
wake-wake interaction, 291 
Subsynchronous rotor instabilities, 418 
Sum and difference method, 251, 252 
Superalloys, 433-474 
aircraft, 53 
ceramic components (MS9001 engine), 
469-471 
cobalt base alloys, 440-442 
columnar grain alloys, 446-452 
combustor liner, 361 
directionally solidified airfoil technology, 
446-452 
fiber-reinforced ceramics (combustor liner), 
465-469 
hardening, 435—437 
hot corrosion, 452—453 
machining (dimensional instability), 
503-506 
nickel base alloys, 437—440, 463 
nickel-iron alloys, 442—443 
oxidation and corrosion resistance, 452—453 
protective and thermal barrier coatings, 
453—465. See also Protective coatings 
strengthening methods, 435—437 
turbine blade and vane, 271, 273 
wrought alloys, 443—446 
Supercharged engine performance curves, 125 
Supercharger, 119 
Supercharging, 117, 118, 119-123 
Supersonic diffusion, 142 
Supplementary fired HRSG, 88 
Support structure (bearings), 405—409 
Surface roughness, 496, 497, 500, 502 
Surge 
blade tip clearance, 399 
defined, 399 
fan and compressor airfoils, 143—145 
vaned diffuser, 237 
Surge point, 89 
Sustained oscillating phenomena, 351 
Swept-back blades, 190 
Swept-back impeller blade, 93, 94 
Swept fan blades, 186—190 
Swept-forward impeller blade, 93, 94 
Swinging-flap type waste gate, 132 
Swirl, 342-345 
Swirl-stabilized premixed flame, 343 
Swirlers, 354-355 
Synchronous whirl, 253 
System Rateau, 5 
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Taaa S12 Tokyo Electric Power Company, 304, 469 
T1-6Al-4V, 503, 504 Tokyo Gas, 345 
T33 jet trainer, 7 Tornado gas turbine, 171 
T63-700 turboshaft engine, 393 Toshiba Corporation, 297 
T106, 287-289 Transonic airfoil design principles, 195 
T106/1, 287, 288 Transonic case separation bubble, 152 
T106/2, 287-289 Traveling wave energy, 47 
TAC factor, 388 Tungsten, 437, 438 
Tangential Mach number, 30, 31 Turbine 
Tangential stress, 251-253 aircraft, 39-42 
Tangential struts, 97 blade. See Blade; Turbine blade and vane 
Taurus 60 engine, 98, 100 industrial. See Industrial gas and steam 
TBC. See Thermal barrier coating (TBC) turbines 
Tensile hoop stress, 209, 210 radial inflow, 238-248 
Tensile stress properties, 449 simple-cycle gas, 63—66 
TF-39, 23 steam, 71-80 
TF41 military aviation engine, 106 Turbine blade and vane, 269-315. See also 
Thermal barrier coating, 40 Blade 
Thermal barrier coating (TBC), 372, 455 air cooling, 297-302 
combustor liner, 361 aircraft landing/engine shutdown, 270 
cooling, 300 aircraft takeoff/engine startup, 269 
nozzle vane, 305 clocking, 294-297, 298 
vapor deposition, 509-511 cooling, 271, 297-304 
Thermal coefficient of expansion, 244 cumulative damage theory, 277-280 
Thermal fatigue, 55 damping, 269 
Thermal fatigue strain, 451 design aspects, 273 
Thermal shock, 55 excitation, 270 
Thermal stress analysis model, 333, 334 impingement cooling, 302-304 
Thermal upgrade (gas/steam turbine), 97-101 individual blade vibrations, 274—277 
Thermo-paint coating, 335 integrity evaluation of turbine blade, 280-284 
Thermodynamic Brayton cycle, 3, 63 life prediction, 277-280 
Thermomechanical processing, 485 nozzle vane, 304—308 
THM 1304 gas turbine, 228 secondary flow loss control, 284-289 
Three-dimensional viscous computational fluid shrouds, 269 
dynamics code, 187 steam cooling, 297-302 
Three Gorges Dam, 61 stress and temperature distribution, 270 
Three-lobe bearing, 377, 378 superalloys, 271, 273 
Three-pad tilting pad bearing, 380 theories, 271, 277-280 
Three-pass serpentine, 301 wake-wake interaction, 289—294 
360° casing, 42 Turbine blade Campbell diagram, 273 
Thrust bearing, 385-387 Turbine inlet temperature, 271, 433 
Thrust reverser, 44 Turbine inlet temperatures, 8 
TiAl, 333 Turbine performance map, 32 
TiC carbides, 443 Turbine rotor, exhaust end, and support system, 
Tilting pad bearing, 377-380, 385 96 
Tilting pad thrust bearing, 386 Turbine row | blade cooling scheme, 70 
Time lag, 353 Turbine row 1 vane cooling scheme, 69 
Tip clearance actuation, 399-405 Turbine test facility, 295 
Titan 130 engine, 104 Turbocharger, 117-118, 128-132. See also 
Titanium, 39, 435 Diesel and automotive engine 
Titanium alloys, 503 turbochargers 


Tohuku Electric Power, 297 Turbocharger lag, 131 
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Turbocharger overspeeding/overheating, 132 Variable area fan nozzle and thrust reverser, 44 
Turbofan engine Variable geometry intake, 45—47 
aircraft, 18-19, 33 Variable inlet guide vane system, 299 
creating, 33 Variable pitch propellers, 57 
fan blade, 7, 8 Variable stator vanes, 38, 170-173 
fan tip velocity, 142 Variable viscosity, 373 
LARZAC, 45, 46 Velocity diagram (axial compressor), 90 
Turbofan engine layout, 16 Velox boiler, 5 
Turbojet engine, 15, 19 Virtual work, 184-185 
Turboprop engine, 17, 23 Viscosity, 323, 373, 378, 389 
Turboprop engine design (1944), 6 Viscous Euler code, 78 
Turboshaft engine, 15 Viscous flux, 150 
Turbulent flame, 317 Viscous shear, 26 
Twin spool ceramic gas turbine, 468 Volume fraction, 436—437 
Twin web disk, 247—250 Volume-to-shaft horsepower (shp) ratio, 114 
Two-dimensional Navier-Stokes simulations, Volute-impeller interaction, 230-235 
289 Von Karman expression of vortex center speed, 
Two-dimensional potential flow theory, 253 294 
2F/8EO crossing, 198, 201 Vortex street, 291-294 
2S/8EO crossing, 198, 201 Vorticity, 292, 293 
Two-spool rotating system, 19 VPS coating, 511-514 
Two-stroke engine, 117 
W,» 373 
U-700 crystals, 437 W501F compressor and turbine components 
UHCs, 336-339 (single shaft), 66 
Unbalance response analysis, 405—408 W501F row-1 turbine blades, 452 
Unburned hydrocarbons (UHCs), 336-339 W501G, 451 
Uncoated passages, 456, 457 W501G blade tip casting holes, 492 
Underwing installation of bypass turbofan W501G combustion turbine, 67—68 
engine, 48-50 Wake-wake interaction, 289-294 
Unsteady flow performance, 136 Waspaloy, 445, 446, 490 
Unsteady viscous flow, 150-151 Waste gate, 132 
U.S. Army, 3 Waste heat boiler (WHB), 86 
U.S. Navy, 111 Wedge-vaned diffuser, 235-238 
Weight-to-power ratio, 4, 17 
V84.3 gas turbine, 355, 356, 371 Welding, 486—490, 493—495 
Vacuum-plasma-sprayed (VPS) coating, 511-514 cracks, 488 
Vanadium, 443 electron beam method, 487 
Vane. See also Turbine blade and vane gas metal arc method, 487 
guide. See Guide vane gas tungsten arc method, 486, 487 
high-pressure steam cooled, 299 laser beam method, 493—495 
individual vane mistuning, 170, 171 parts/regions, 488 
intermediate pressure steam cooled, 300 resistance method, 487 
nozzle. See Nozzle vane shielded-metal arc method, 486, 487 
steam-cooled, 300, 301 Welding regions, 488 
variable stator, 38, 170-173 Westinghouse W501F row-1 turbine blades, 452 
Vaned diffuser, 224, 235-239 Westinghouse W501G combustion turbine, 
Vaneless diffuser, 224, 228 67-68 
Vaneless scroll diffuser, 130 WHB, 86 
Vapor deposition of thermal barrier coating, Whirl frequency ratio, 414, 417 
509-511 Whirl inducing frequency, 373 


Vapor phase lubrication (bearings), 392-396 Whirling impeller, 253-256 


Whittle, Frank, 6 
Whittle Laboratory 

acoustic resonance, 178 

end-wall blockage, 175 

stall- aircraft engine compressors, 159 
Wide chord fan blade, 143 
Wide-gap brazing processes, 490 
Wrought alloys, 443-446 


Y,0;, 509 

Young’s modulus 
four-point bending process, 512 
materials and manufacturing process, 361 
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nozzle vane design, 308 

random blade mistuning, 204 

stresses in rotating disk, 244 

vacuum-plasma-sprayed coatings, 512, 513 
Yttria stabilized zirconia (YSZ), 509 


Z-shaped shrouds, 276 

Zero ductility range (ZDR), 488 

Zero staging, 193-196 

Zirconia crucibles, 482 

Zirconium, 434, 439 

Zirconium oxide (ZrO,), 455, 459-461, 
511 
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